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PREFACE
Sandwich materials and structures have an increasing relevance in engineering, in
various industrial applications.
This volume of proceedings contains 4 keynote lectures, and 80 contributed papers
presented at the 8th International Conference on Sandwich Structures held on 6-8
May 2008 in Porto, Portugal.
The conference provided an international forum for discussion and dissemination of
recent advances in sandwich structures science and technology and its industrial
applications. The papers presented at the conference cover a wide spectrum of
topics and were contributed from 20 countries around the world. They report the
current state-of-the-art and point to future directions of research of this promising
and exciting area.
The organization of such a conference would not have been possible without the
support and contributions of many individuals and organizations. The conference
was supported by The Office of Naval Research, USA, with Dr. Yapa D. S.
Rajapakse as the program manager, by the Rector of the University of Porto,
Portugal, by INEGI, Portugal, by the industrial companies ALCAN Composites,
Switzerland and Evonik – Rohm, Germany, and finally by the FCT – Portuguese
Foundation for Science and Technology. The conference received the kind
endorsement of the American Society for Composites, the International Committee
for Composite Materials, the Society of Plastics Engineers Europe and the
Portuguese Association for Theoretical, Applied and Computational Mechanics. I
am indebted to Professor Ole Thybo Thomsen of Aalborg University, Denmark for
continuous discussion and assistance during the organization of this conference. I
am also indebted to Professor António Torres Marques for the organization of the
Advanced School on Sandwich Structures, held just before the ICSS8 conference.
The support of all members of the Scientific Committee in the review of abstracts is
highly appreciated. In particular the support of Professor Jack Vinson will provide
authors the opportunity to submit extended versions of their papers for review and
potential publication at the Journal of Sandwich Structures and Materials. This
conference would not have its success without the kind support of Dr. Yapa D. S.
Rajapakse, organizer of ONR special sessions on marine applications.
Thanks to all contributions for their careful preparation of the manuscripts and all
the Plenary Speakers for their special support.
I would like to thank my colleagues Paulo Neves, Ana Neves, and Carla Roque for
their patience in helping the organization.
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RESEARCH IN SANDWICH STRUCTURES AT ONR
Yapa D. S. Rajapakse
Office of Naval Research
Arlington, VA 22203-1995, USA
e-mail: Yapa.Rajapakse@navy.mil

Summary. The design and effective utilization of advanced marine structures, with enhanced
performance characteristics and reduced life-cycle costs, provides many significant challenges
to the engineering community. These structures operate in severe environments, and are
designed to withstand complex multi-axial loading conditions, including highly transient
loads. The unique and hostile marine environment requires us to account for the presence of
sea water and moisture, temperature extremes, time-dependent three-dimensional loading due
to wave/hull slamming and high sea states, hydrostatic pressure, and other factors. Additional
requirements on Naval structures include the ability to withstand extreme dynamic loading,
due to weapons impact, or to air or underwater explosions and implosions.
The Solid Mechanics Research Program of the Office of Naval Research (ONR) provides the
scientific basis for the effective design of affordable and reliable Naval structures, and for the
assessment of structural integrity. The current focus is on mechanics of marine composite
materials and composite sandwich structures. The program deals with understanding and
modelling the physical processes involved in the response of glass-fiber and carbon-fiber
reinforced composite materials and composite sandwich structures to static, cyclic, and
dynamic, multi-axial loading conditions, in severe environments. The establishment of these
models, with predictive capabilities, require multi-scale, multi-physics analysis. Avenues for
enhancing the performance of marine composite structures through the introduction of
nanoparticles (and nanotubes), and through the incorporation of novel design concepts, are
also being explored. Research on multifunctional composites seeks to enhance performance
through the incorporation of additional beneficial attributes, without compromising on the
mechanical properties.
Recent achievements of the leading researchers in mechanics of composite materials and
sandwich structures, supported by the ONR Solid Mechanics Program, will be summarized.
Topics covered include: sea water effects on marine composites, long term durability,
size/scale effects, impact damage, fatigue and failure theories, strain rate effects, interfacial
failure, interactions of multiple delaminations, failure and fatigue of foam core, fluid-structure
interaction effects, and concepts for the mitigation of damage. Future directions of research
include greater emphasis on shock/blast effects, implosions, and hull slamming.
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THE DYNAMIC PERFORMANCE OF SANDWICH BEAMS WITH
LATTICE CORES
Norman A. Fleck *
*

Cambridge University Engineering Dept.,
Trumpington St., Cambridge, CB2 1PZ, UK

Summary. A combined experimental and numerical study has been performed to assess the
potential of sandwich structures in resisting shock loading. The sensitivity of static and
dynamic core strength to core topology is explored, and the effects of fluid-structure
interaction is included in the finite element analysis. Experiments are performed on clamped
beams and panels, using metal foam projectiles as a means of imposing the shock loading: the
pressure-time transient is similar to that imposed by an underwater blast. The core topologies
investigated include the corrugated core, Y-core, square honeycomb, diamond core and
prismatic core. We take as specific examples here the dynamic response of the corrugated
and Y-core.
The dynamic response of fully clamped, monolithic and sandwich plates of equal areal mass
has been measured by loading rectangular plates over a central patch with metal foam
projectiles. All plates are made from AISI 304 stainless steel, and the sandwich topologies
comprise two identical face-sheets and either Y-frame or corrugated cores. The resistance to
shock loading is quantified by the permanent transverse deflection at mid-span of the plates as
a function of projectile momentum. At low levels of projectile momentum both types of
sandwich plate deflect less than monolithic plates of equal areal mass. However, at higher
levels of projectile momentum, the sandwich plates tear while the monolithic plates remain
intact. Three-dimensional finite element (FE) calculations adequately predict the measured
responses, prior to the onset of tearing. These calculations reveal that the accumulated plastic
strains in the front face of the sandwich plates exceed those in the monolithic plates. These
high plastic strains lead to failure of the front face sheets of the sandwich plates at lower
values of projectile momentum than for the equivalent monolithic plates.

4

Norman A. Fleck

(a)

(b)

(c)

Sketch of the (a) Y-frame and (b) corrugated sandwich cores as used in ship hull construction.
The core is sandwiched between the inner and outer hulls of the ship. (c) Sketch of the
clamped sandwich plate geometry and the loading arrangement. The cross-section is also
shown for each topology. All dimensions are in mm.

Comparison of the measured normalized permanent rear-face deflections at mid-span of the
dynamically loaded Y-frame and corrugated core sandwich structures, as a function of the
foam projectile momentum I0. The rear-face deflection of the sandwich structure is
normalized with the rear-face deflection of the corresponding monolithic structure of the same
mass.
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SANDWICH STRUCTURES IN ROTOR BLADES FOR WIND
TURBINES
Torben K. Jacobsen
R&D Department
LM Glasfiber A/S
Rolles Møllevej 1
DK-6640 Lunderskov
tkj@lmglasfiber.com

Introduction
Rotor blades for wind turbines have grown in length with approximately 3-5 m per year
during the last decade. Today, the typical length of a blade is 35-45 m and three blades are
used to create a 1.5 to 3 MW turbine. One of the largest blades in the world is produced by
LM Glasfiber, see Figure 1. It is 61.5 m long and mounted on a 5 MW turbine. The
development trend has been towards light-weight blades and the use of sandwich structures in
blades have thus been increasing. Today, sandwich structures constitute a large part of the
materials used in a blade.

Figure 1: LM Glasfiber’s 61.5 m long blade next to the F-16 military fighter.
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At LM Glasfiber the main processing technique for producing blades is the vacuum assisted
resin transfer moulding process (VARTM). Therefore, we will focus on the sandwich
structures that go hand in hand with this processing technique and the necessary advances in
technology that would lead to even more competitive blade designs.
Sandwich structures in rotor blades
The sandwich structures are created in-situ during the infusion process and the core materials
are thus also used as processing media. Typical this is done by making grid-scoring patterns
in the bulk core material to create highly flexible cores that can follow double curved
surfaces. The saw cuts enable resin flow during the vacuum infusion process. The two most
commonly used core materials are PVC foam and balsa wood.
In the shells the primary function of the sandwich structures is to distribute the shear forces
from the surface air pressure (lift) between the edge- and the flap-wise primary structure. The
stability of the two shells is managed by one or more shear webs connecting the two shells.
The shear webs are flat sandwich structures, where there is no need for drapability. Besides
this there is a minor use of sandwich structures as e.g. bulk heads to make local
reinforcements (e.g. lifting points) or as platforms and covers inside the blade.
Requirements to core materials for rotor blades
In this section we will outline the issues that have to be considered when choosing and
designing a core material for sandwich structures in rotor blades for wind turbines.
Mechanical properties
A high specific out-of-plane shear modulus and strength is the main mechanical property of
the core material itself to enable the sandwich structure to carry large shear loads and restrict
buckling. Besides this it is desirable that the following properties are as high as possible:
• Yield shear stress within a temperature range of (-50 C to +60 C).
• Interfacial shear strength between glass fibre skin and core material
• Fatigue resistance that prevents shear failure in core and interfacial delaminations
developing from small processing defects.
Processing properties
The core material has to be an integrated part of the vacuum infusion of the composite
structure and thus assist in distributing the resin to impregnate the glass fibre skins. The resin
uptake in the core material should be kept at a minimum. Low density foams usually have
larger cells and the amount of resin uptake therefore increase. Coatings are usually applied to
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balsa wood to reduce the resin uptake within the wood structure. To enable the cores to follow
the double curvature geometry of a rotor blade it is state of art to cut or saw the cores into
small blocks and glue these blocks on e.g. a thin glass fibre mesh. The space between the
blocks acts as fast resin transportation lanes. The resin mesh created in between the core
blocks also adds additional shear stiffness to the core. However, the additional resin increases
the weight of the sandwich structure and today it is not common to include the additional
stiffness of the resin mesh in the calculations of the structure. The reason is that the stiffness
contribution will depend heavily on the geometry of the blade i.e. how much the rectangular
blocks separate from each other.
The core materials must also be suitable for machining and be tough enough such that e.g.
thin sections at the end of a tapering core do not break off during handling and layup of the
cores in the mould. Dimensional stability is also a pre-requisite for a successful fit in the
mould.
During the curing of thermoset resins a high temperature of 60-120 C is usually needed to
speed up the production throughput. The temperature can be created by either heating the
mould, take advantage of exo-thermic curing or combinations thereof. The high temperature
exposure takes usually around 1 to 6 hours. The core must not release gasses entrapped during
foaming or release moisture as this can create air-voids and interfacial delaminations.
Environmental impact
Core materials must be recyclable to protect the environment and lower the cost of disposal.
Challenges
New core developments arising are mostly focused on matching the properties of either PVC
or balsa wood and thus act as sources of alternative supply (substitution materials).
Furthermore, the market for PVC foam and balsa wood is largely controlled by a few large
players. The large growth within the composites industry has led to shortage in supply of core
materials with significant cost increases as a result.
The future challenge is therefore to develop a “game-changer” type of core material for
industrial applications. In particular, this material must fulfill the following requirements:
• Large reduction in cost of specific shear modulus.
• Materials can be locally sourced, produced world-wide and thus exhibit short lead times.
• Low variation in properties.
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FUTURE NEEDS FOR SANDWICH STRUCTURES RESEARCH AND
DEVELOPMENT
Dan Zenkert*
*

Department of Aeronautical and Vehicle Engineering
Kungliga Tekniska Högskolan
SE-10044 Stockholm, Sweden
e-mail: danz@kth.se, web page: http://www.ave.kth.se

The advantages of sandwich structures are commonly claimed to be that not only can one
design a structure with very high stiffness and strength to weight ratio, but also that one
inherently obtains a number of added functions. Those functions are for example thermal
insulation, good sound reduction, high specific energy absorption, and particularly that one
has a wide choice of materials to select from. That one can obtain high stiffness and strength
is not arguable, but one can debate whether all the integrated functions are really possible.
This depends on the material selection, the design and the application.
In some areas of applications sandwich structures have been used for quite some time,
mainly due to the above advantages, or combinations thereof. In Naval structures for example,
the development has lead to designs that further enables integration of functions, resulting in
even more efficient structures. This development has by no means slowed down and future
hull structures are being developed for which the requirements are even more demanding. To
enable this, new materials, material combinations and structural concepts are being
investigated.
In other areas of applications sandwich structures are not used much. There are many
reasons for that, for example structural integrity issues, damage tolerance, sound and
vibration, joining, or manufacturing. A not uncommon problem for the further and wider use
of sandwich structure is the lack of experience among engineers. Another is the cost of
materials and completely new manufacturing methods (compared to traditional metals
structure manufacturing). In some sense, the sandwich “community” is faced with a
pedagogical problem trying to convince the industry of the potential advantages of using
sandwich structures. Low weight alone is usually not enough as an argument.
The theory of sandwich structures has over the years evolved and today the engineer has a
wide range of available tools to design sandwich structures. There is still need however for
more research work into issues like damage tolerance, sound absorption, etc. One of the next
major hurdles is to further develop efficient manufacturing methods, both in terms of making
sandwich panels but also in the joining of complete structures and fastening of equipment.
A more generic problem is that of multi-disciplinary design. Although we have (most of)
the tools required to design a sandwich structure for high structural efficiency or, for example,
for good acoustic properties, these designs are commonly not compatible meaning that the
best structure for carrying load is not necessarily the best one for acoustics, and vice versa.
The “sub-optimization” for individual requirements often leads to higher cost and higher
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weight. This creates a need for integrated design. Since most of the costs and weight are
assigned during the preliminary design phase of a structure, such integrated design processes
are particularly suited for that phase. Optimization procedures are nowadays more frequently
used for this purpose, for example for minimizing structural weight given certain design
constraints. Integrated design using optimization, or multi-disciplinary design optimization
(MDO), which couples many different constraints is something that holds great potential in
the future, particularly for sandwich structures. MDO would include structural constraints, as
well as acoustical, manufacturing, dynamics, etc. aiming at finding better overall structural
solutions. Potentially also materials selection could be included.
Since low weight is the main driver for sandwich structures one needs to find arguments
for the exploitation of that. One option is to assign a cost on weight. If so, one can compare
different concepts on an equal basis. For example, is a higher manufacturing cost or the use of
more expensive materials balanced against lower weight? This requires a more long-term
strategy from the end-users of structures. One way of estimating the cost of weight for a
vehicle is simply to calculate the life-time fuel burn cost per unit structural weight. This cost
would differ between different applications. A commercial airliner or passenger ferry will
have a fairly high cost since the total energy consumption over the life-time will be high,
while for example a car will have a much lower cost. Another important issue in this
discussion is that different people will have different views being a vehicle manufacturer or
an end-user.
An interesting possible future scenario is to use life cycle cost (LCC) as an objective for
multi-disciplinary design optimization. What does the structure look like that gives the lowest
life cycle cost? Another potentially very influential driver towards more high-performing
structural concepts that could dramatically increase the use of light-weight sandwich
structures is the threatening climate chance. It will very likely in the near future increase the
price of fuels and possibly also force a wide introduction of CO2-emission taxes. This will
undoubtedly increase the cost of weight allowing for the introduction of light weight materials
and structures in a much wider range of applications.
Although the environmental concerns are a great challenge, it also provides opportunities
both for academia and industry. Future vehicles will have to be more fuel efficient and thus
lighter enforcing the use of high performing materials and structures. One obvious route
towards that is an extended use of sandwich structures and materials.
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EFFECT OF SEA WATER ON MECHANICAL PROPERTIES OF
POLYMERIC FOAM AND SANDWICH COMPOISTES
Akawat Siriruk*, Dayakar Penumadu+ and Y. Jack Weitsmanº
*

+

Graduate Student
Professor and Joint Institute for Advanced materials (JIAM) Chair of Excellence
ºProfessor Emeritus and Distinguished Scientist
Department of Civil and Environmental Engineering, 223 Perkins Hall
University of Tennessee, Knoxville, TN 37996-2010, USA
E-mail: dpenumadu@utk.edu

Key words: Sandwich structures, Sea water effects, Modeling, Environmental degradation
Summary. This article provides an up-to-date review of research findings concerning the
effects of sea water on closed cell polymeric foams and sandwich structures. Those foams, as
well as the carbon/vinyl ester composite facings, were studied individually and in their
sandwiched combination. The investigations considered the processes of water ingress, water
induced damage, wet and dry material properties and expansional deformations.
Experimental results were supported by appropriate analytical models.

1 INTRODUCTION
The utilization of polymeric composite based sandwich structures in naval craft is of
current interest to US and several European navies. Their lightweight lowers the center of
gravity of the naval vessels, when incorporated in the super structure, and similarly increase
the buoyancy of submersibles.
Exposure to sea ambience induces environmental effects into both polymeric facings and
polymeric foams. It was established in earlier works that the ingress of sea water is essentially
confined to the outer, exposed, facing of the sandwich structure and to just a few adjacent
cells of the foam core. Similarly, it was found that the effect of exposure to external
temperature remain delimited to the outer facings for a significant time due to the high
thermal insulation provided by the PVC foam and polymeric resin in the facing.
Consequently, both foregoing environmental effects induce an essentially one-sided
expansion into the sandwich structure that tends to distort its shape.
Sea water tends to swell and reduce the mechanical properties of both foam and facing
components of the sandwich lay-up. The above reduction, which is most pronounced within
the cellular foam, was investigated experimentally by means of custom made shear apparatus
and test specimens and supported by analysis.
The aforementioned findings, which were obtained in several previous works [1,2,3,4,5,6],
are discussed in this article.
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2 SEA WATER EFFECTS ON CLOSED CELL POLYMERIC FOAMS
2.1 Water ingress and water induced damage
Weight gain data were obtained by immersing flat foam samples of several thicknesses and
recording results against immersion time up to saturation. Results for the saturated weight
gains of H-100 foams are shown in Figure 1 vs. sample thickness [1].

Figure 1: Typical relative weight gain of H100 PVC foam

The results, which could be approximated by M = 1/h (M denoting % weight-gain at
saturation and h sample thickness) suggested that sea water is confined to within thin layers of
fixed dimensions near the exposed boundaries.
The above proposition was confirmed by detailed observations, such as shown in Figure 2,
demonstrating that sea water was indeed confined to within the outer, exposed, cells [2].
Additional verification of the above observation was obtained by the immersion of a 25
mm thick slab of foam up to saturation, then slicing it into 2 mm thin layers parallel to its
exposed surface and recording weight losses. Results are shown in Figure 3, where most of
the weight-loss was recorded for the outer layer.
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Figure 2: Photo of water confinement to outer cells

Figure 3: Weight loss data for 2 mm thin slices cut from the outer and interior layers of a (25 mm)3 H100 foam

Note that the 0.6% weight loss from the inner layers is consistent with experimental data,
not included herein, that some water enters the foam due to its permeability.
It was established, by means of confocal microscopy, that sea water damages the cell’s
walls by deforming them into what appears to be buckled shapes and puncturing them as well.
Microscopic observations are shown in figures 4a and 4b [1].
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Figure 4a: Sea water causes swelling of foam cell walls, 4b Confocal microscope photograph shows damage
(pits and breakage of cell walls) inside the core, 1.78 mm below the surface

A mechanics based model was generated for the purpose of explaining the three
paramount issues associated with the aforementioned data, namely, what is the mechanism of
water ingress, why is it time dependent, and why does it stop. The basic premises of the
above model are that water ingress is caused by the sequential buckling of cellular walls –
where sea water induced swelling within the outer layers is inhabited by the dry, inner core of
the foam. The buckling process is time dependents because of the viscoelastic relaxation of
the walls’ moduli as they absorb water, and the process comes to a halt when the water-filled
cells are bounded by short walls that resist further buckling. Typical model predictions are
shown in Figures 5 and 6. While Figure 5a demonstrates the time-dependent configurations
of wet/dry boundaries for a specific cellular configuration, Figure 5b exhibits the scatter in
weight-gain predictions in several randomly selected such configurations.

Figure 5(a, b): Sequential water ingress into a Voronoi cell representation of foam. Progressive ‘‘equilibrium’’
configurations at increasing time are shown in Fig 5a for a specific random choice of cellular configuration
Figure 5b shows predicted weight gain vs. time for five random configurations
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2.2 Material properties
Dry values of tensile and shear moduli were obtained by means of specially designed test
specimens and test fixures shown below in Figures 6 and 7, resulting in E = 60 MPa and G ~
25 Mpa.

Figure 6a: Specimen shape and dimensions, 6b: Loading system in tension

Figure 7: Shear modulus experimental set up
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In view of the aforementioned information that the presence of sea water was confined to
the outer layer of the test specimen, it was decided to measure its effect on the degradation of
the shear modulus by means of torsional shear tests. Results are shown in Figure 8, indicating
a 20 % reduction in the overall shear stiffness of the saturated sample within the linear range [3].

Figure 8: Torque vs. rotation angle for dry (---) and saturated (̛) samples

Since the depth į of the saturated layer could be inferred from previous data (į = 0.145
mm) this information, together with the knowledge of the specimen’s cross-sectional
dimensions and the value of G within the dry inner core, yielded a value of
G w ~ 0.28G 7.3 MPa, which matched the above overall experimental reduction of 20 %.
Considering the incompressibility of the water filled saturated layer, it followed that
E w ~ 22 MPa [3].
2.3 Expansional strains and fracture toughness
The expansional strains caused by sea water were recorded during the drying of saturated
foam samples by means of extensometer, resulting in İH = 2200 μİ. Thermal conductivity
was recorded means of a one sided heating imposed on a 25 mm thick foam slab and a careful
recording of temperatures across its thickness vs. time. Thermal expansion was recorded by
means of an extensometer. The resulting was İT = 70 μİ/1˚C.
Mode I fracture toughness was recorded in five dry cases by splitting a pre-cracked
sandwich sample across its mid-plane under displacement control. The crack was channeled
to stay within the mid-plane by means of side notches that were cut along the sample’s length.
The value of GI was obtained from the standard load/unload data for intermittent values of
crack length. For dry foam, this resulted in Average GI = 770 J/m2 (STD ~ 100 J/m2).
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3 FACINGS
The facing material consisted of a symmetrical lay-up of woven cross-ply pairs of
graphite/vinyl ester polymeric composite with total thickness of 2.7 mm. The modulus of this
material along the 0˚ direction was recorded to be 80 GPa, with minimal reduction when
saturated in sea water.
Saturation upon immersion at 40˚C was achieved within
approximately three months, with a weight gain of about 0.4 %. Thermal and sea water
induced expansions were recorded in the same manner reported above, resulting in Į = 10
μİ/1˚C and İH = 450 μİ per 1 % weight gain at saturation. The latter test is being repeated at
present.

4 SANDWICH SAMPLES
4.1 Wet and dry interfacial debonding
Wet and dry debonding toughnesses were recorded by means of a custom-made testing
set-up, employing 250 mm long specimens measuring 29 mm in height and 25 mm in width,
and containing an interfacial pre-crack 25 mm long away from the location of load
application, as shown in Figures 9 and 10 below [4,5].

Figure 9: Delamination testing setup using 0.44 kN load cell
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Figure 10: Typical delamination cracks (Dry and Wet sample)

Testing was done under displacement control, resulting in intermittent crack growth and
yielding load/unload data for various crack lengths. It should be noted that in the “wet” case
it was necessary to re-soak the specimen in sea water for approximately two weeks after each
unloading step to ascertain the presence of a wet crack-tip prior to re-loading. These tests
yielded a substantial data scatter, whereby Gc in the dry case varied between 541 and 963,
while the saturated case resulted in values ranging between 432 and 632 all in J/m2.
Obviously, the exposure to sea water resulted in about 30% reduction in the interfacial Gc.
With both wet and dry material properties available at hand, it was possible to calculate the
corresponding values of Gc for the tested debonding geometry. These computations yielded
values of Gc = 780-890 for the dry case, and Gc = 522-588 for the wet case (all in J/m2), thus
agreeing reasonably well with experimental data.

22

Akawut Siriruk, Dayakar Penumadu, and Y. Jack Weitsman

4.2 Sea water induced deflection. Load-expansion analogy
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Figure 11: Configuration for tensile loading on bottom facing “3”

Consider the sandwich configuration shown in Figure 11. When this lay-up is subjected to
tensile stresses ıo acting on the bottom facing, a straightforward application of the shear-lag
model yields the following expressions for the stresses the top and bottom facings.
V o § cosh D x ·
V1,V 3
(1)
¨1 #
¸
2 © cosh D L ¹
2G
where D 2
hHE
In addition, the above loading causes bending, with maximal deflection ǻ at x = 0, given
by equation (2):
k2
'  2 cosh D L  1
(2)

D

where k 2

Vo
EH cosh D L

(V 1 , V 3 )
can be readily validated
E
experimentally for the test set-up shown in Figure 11, it is rather complicated to perform an
analogous experiment under a one sided exposure to sea water and temperature.
It is therefore worthwhile to note the existence of a complete analogy, whereby for a
uniformly distributed expansional strain eo along the bottom facing, expressions (1) and (2)

Note that while the accompanying strain (H1 , H 3 )

remain valid with V o replaced by Eeo .

5 CONCLUDING REMARK
A range of experimental methods, some utilizing custom made testing devices and
specifically designed test specimens, were employed to characterize the properties and
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response of sandwich components. When combined with analytical considerations, the
resulting data yield the following values.
Property

Facing

Foam

Dimension

Coefficient of thermal expansion (Į)

10

70

μİ/˚C

Moisture expansinal strain at saturation (İH)

450

2200

μİ at saturation

Longitudinal modulus (Dry)

80

0.060

GPa

Longitudinal modulus (Wet)

80

0.022

GPa

Shear modulus (Dry)

-

25

MPa

Shear modulus (Wet)

-

7.3

MPa

Delamination toughness (Dry)

780-890

J/m2

Delamination toughness (Wet)

522-588

J/m2

Table 1: Summary of experimental results
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Summary The strength of a sandwich construction is affected by the strength of its individual
components, namely, the skin, core and their interface properties. The present study focuses
on understanding the role of these individual components in the overall strength and failure
behavior of a sandwich composite construction. A carbon fiber vinyl ester skin material, and
balsa core material, were studied under controlled blast loading conditions. Experimental
results from these components and their sandwich construction (carbon fiber – balsa
sandwich) are presented. Rectangular plate elements of these skin, core and sandwich
materials were subjected to highly transient loading conditions in a shock tube. Damage
modes and failure behavior of the individual elements and the sandwich construction were
analyzed using real time and visual post impact observations. A high speed camera was
utilized for recording the deformation response of the plate specimens. It was observed that
balsa wood could not sustain even low levels of blast loading (0.36 MPa) and can not be
utilized as a structural material in itself for blast resistance. As expected, the carbon fiber
composite plates sustained higher levels of blast loadings (1 MPa) than balsa wood. When
these components were combined to form a sandwich construction, they could sustain blast
levels up to 3.5 MPa without any considerable damage to them. It was observed that the
failure initiation in the components occurs at lower pressure levels than it occurs in sandwich
construction.
1 INTRODUCTION
The response of composite plates to blast loading conditions is an area of interest owing to
applications of these composites in several structures including naval and aerospace
architecture. With the need to reduce weight in these structures without any reduction in
strength, the design and utilization of sandwic h construction is considered an efficient option.
Several researchers have studied sandwich composites under quasi-static and low velocity
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impact loading conditions. Steeves et al [1] studied the collapse mechanisms in sandwich
composite when loaded in quasi-static three point bending. Using beam theory, they
identified and developed critical loads for some of the major failure modes such as
indentation, core shear, micro-buckling and face wrinkling of skin components. In general,
the response and failu re of metallic foam core based sandwich composites, under quasi-static
loadings and low velocity impact type are studied in literature [2-5]. The utilization of balsa
wood and PVC foam as core materials is gaining significance in the recent times. The
individual properties of these core materials are also studied in several research works, both in
quasi-static and dynamic regimes [6-10]. Carbon fiber composite and E-glass fiber
composites are the most widely utilized composite materials in naval applications, due to their
superior advantages suited for ship building. The effect of in-plane loading on these materials
is well studied and known. The effect of transverse loading on the response of these
composites needs to be understood, for their efficient utilization in structural applications.
Naik et al. [11] studied the response of carbon fiber based composite plates under quasi-static
transverse loadings. They found that laminated composite damage in the transverse direction
can be attributed to delamination initiation and propagation and in-plane failure of different
layers which leads to the subsequent loss of strength and stiffness. But in a wide variety of
applications, particularly in marine and aerospace, composite structures are subjected to
intense and distributed transient loadings, particularly in the transverse direction. The effect
of shock loading, particularly experimental studies on effect of air and water blast on
composite structures are lacking. The current study utilizes a circular shock tube to impart air
blast loading on sandwich composite plate structures. Also, the ratio of loading area to the
area of the sandwich composite exposed to the blast is large in this study, which is typical of
far field blast loading experienced by naval structures. The construction, design and
calibration of the shock tube can be found in Le Blanc et al [12]. Tekalur et al [13-14] have
investigated the effect of highly transient blast loading on failure of fully clamped composite
plates and simply supported layered composite plates. The damage mechanisms in such
materials under transient loadings are shown to be dependent on the material composition and
boundary conditions. The response of sandwich composite plates to highly transient loadings
is presented in the current study. The primary objectives of the experimental study are
(1) To understand the failure mechanisms in the components of a sandwich composite by
subjecting them to high intensity air blast loadings.
(2) To understand the failure mechanisms in these components while being subjected to
air blast loadings as a sandwich composite
(3) To quantify the dynamic deformation of the skin component while being utilized as a
stand alone structure or sandwich structure.

2 MATERIALS
Rectangular sections of sandwich composites were used in the present analysis. The
skin material, namely the Carbon fiber vinyl ester plate s were each 0.254 m x 0.102 m
(10”x4”). The carbon composite plate was 3.94 mm (0.155”) thick and consisted of 10 layers,
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symmetrically arranged with a layup of [0/0/45/90/-45]s (0 and 90's are woven, 45's are
stitched).
The fibers were T700Sc/12k/FOE with Derakane 510A -40 resin. The smeared
elastic properties for the carbon laminate are: E x=Ey=39.64 GPa, G xy = 3.36 GPa ?xy=0.24.
The specimens of the core material, namely Balsa wood, were rectangular plates
measuring 0.254 m x 0.102 m (10”x4”) and were 50.8 mm (2”) thick. From the
manufacturer’s data, the density of the balsa core was 155 kg/m3. The compressive strength
and modulus of the core were given as 12.7 MPa and 4.1 GPa respectively. The shear
strength and modulus were 3 MPa and 0.166 GPa respectively.
The Carbon fiber – Balsa wood sandwich construction comprised of two plates of
carbon fiber s kin material with a balsa wood core in between. The dimension of the sandwich
construction was 0.254 m x 0.102 m (10”x4”) with a 58.67 mm (2.31”) thickness.
3 EXPERIMENTAL CONDITIONS
3.1 Loading – Shock Tube Apparatus
The controlled blast loading was produced using a circular shock tube. The shock tube
used consisted of a driver and driven section separated by a Mylar diaphragm. The driver
section was filled with an inert gas until the diaphragm ruptures producing a shock wave that
propagated into the driven side, while an expansion wave traveled in the driver side.
Controlling the pressure at which the diaphragm bursts controlled the strength and speed of
shock wave. Detailed description of the shock tube and its operation can be found in [12].
The length of the driver section of the shock tube was 1.83 m and had a diameter of 0.15 m.
The intermediate and convergent section spanned 4.27 m and finally the driven section was
1.83 m long with a diameter of 76.2 mm, with an opening at the end through which the shock
wave exits. Two dynamic press ure sensors (PCB Piezotronics A123) were mounted at a
distance of 17.78 mm (0.7”) and 170.18 mm (6.7”) from the shock wave exit, which measured
the shock wave reflected pressure history and the shock wave velocity. The shock tube has
been calibrated for operations up till 17 MPa (2500 Psi) corresponding to a reflected pressure
of 22 MPa (3200 Psi). The maximum shock velocity that can be obtained in the shock tube is
1020 m/s (Mach 3). Calibration of the shock tube has shown that pressures between tests are
reproducible to a high degree of accuracy.
3.2 Boundary Conditions
The experimented specimens were held under simply supported conditions. This was
done to keep minimum constraints on the composites and minimize the damage due to
gripping and clamping boundary conditions. The span of the simply supported plate was 152
mm (6”) and the overhangs measured 50.8 mm (2”) from along each end. The center of the
specimen was kept in line with the center of the shock tube. The ratio of the loading diameter
to the span was 0.5. The specimen was loaded from the exit of the shock tube and was simply
supported as illustrated in Fig 1.
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Pressure Sensors

Simply -supported
conditions

17.78 mm (0.7”)

170.18 mm (6.7”)
Direction of
shock wave

Driven section of Shock Tube

Trigger mechanism

Rear Face

50.8 mm (2”)

76.2 mm (3”)
Specimen

Fig 1. Schematic showing the experimental conditions and different components

An ultra high speed digital camera (IMACON 200) was used to capture real time
images of the specimen due to the dynamic blast loading. The camera was triggered using a
trigger mechanism which activated when the shock wave arrived at the exit of the shock tube.
Subsequently, real time images were captured in intervals ranging from 70-200 microseconds,
set as per the experimental conditions.
4 RESULTS AND DISCUSSIONS
4.1 Skin Material – Carbon Fiber Vinyl Ester Composite Plate
A series of eight experiments were performed on the carbon fiber skin material. These
experiments were performed under three different reflected pressures and hence three
different levels of imparted impulse on the plate specimens.
The different levels were
repeated at least twice to ensure repeatability of the data points collected. It was observed that
the pressure and deflections observed in the plates were repeatable to a high degree of
confidence. The velocity of the impinged shock wave on the plates were measured in all the

Fig 2. Real time High speed images of Carbon Fiber composite under mild blast loading of 0.9 MPa
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experiments and ranged from Mach 2 to Mach 3.
Fig. 2 depicts a typical real time event in the dynamic deflection of carbon composite
plate when subjected to controlled blast loading. Under dynamic loading conditions, the
energy dissipation in the skin material can be attributed to three major stages, based on the
input energy, namely,
(1) Elasto-dynamic bending of the plate
(2) Failure initiation and accumulation in the plate beyond the elastic limits and
subsequent increase in the plate deflections – depending on the properties of the
composite, these deflections may lead to permanent deformations or interlaminar
failure
(3) Rigid body motion of the plate beyond the above mechanisms, under very high input
energy levels (This can be observed as “tearing” in clamped boundary conditions)
In carbon fiber composites subjected to a mild shock of 0.9 MPa, the elastic bending of the
plate is observed in the real time observations as seen in Fig. 2. When the pressure is
subsequently increased, the failure in the plate occurs predominantly in the form of
interlaminar delaminations (observed from post mortem), owing to strong in-plane properties
compared to the interlaminar shear strength of these composites. The occurrence of this
failure leads to overall weakening of the structure and initiates rigid body motion of the plate
itself.
10
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Fig 3. Real time plots of deflection per unit thickness of composite plates under
applied blast loadings
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Fig. 3 plots the real time deflection per unit thickness of the carbon composite plates
under the three different levels of blast loadings. The deflection plots depict three different
response regimes, namely elastic regime, transition regime and inelastic regime. In these
three regimes, the macroscopic deflection of the plate and the damage observed are
proportional. When the deflection is less than three times the plate thickness, the plate
behaves in a predominantly elastic manner with damage beginning to occur only on the strike
face of the plate. On application of blast loadings higher than this level, the damage
propagates from the strike face to the rear face. The internal damages are expected to initiate
at time frames that are difficult to capture given the macroscopic level of imaging techniques
and microscopic initiations of damage. A quantitative estimate of these initiation points can
be obtained by examining the semi-log plots of the deflections , as seen in Fig. 4. The semilog plots show a distinct point at whic h the slope of these curves change. For plates that
behaved in near elastic response and had minimal damage, the curve changes to a line which
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Fig 4. Semi-log plots of real time deflections

indicates no furt her change in the slope. For plates that were subjected to higher loadings,
where extensive da mage was observed, a distinct point or region of slope change can be
observed. At the intermediate pressure of 1.8 MPa, the slope change occurs at 300
microsecond and at the high blast pressure loading, the change occurs at 200 microsecond
(these points a re marked with a dotted line arrow in the Fig 4). These can also be deduced
from deflection-time plots (Fig. 3) where the plate deflection are 3 times their thickness at
earlier time points as the blast loading is increased.
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Failure Initiation

0.9 MPa

1.8 MPa

2.4 MPa

Fig 5. Progressive failure in the carbon composite under increasing blast loading. (Zoom of the area in box is
shown in Fig 6)

Failure initiation

Strike Face

Failure Propagation
15mm

Rear Face
Fig 6. Initiation of Interlaminar shear in carbon composite from the strike face – Through thickness
view
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In the post mortem evaluation of these composites, the failure mechanisms are further
understood. Fig. 5 depicts the damage progression in carbon fiber composite plates after
being subjected to blast loadings of increasing intensities. The damage mechanism in these
composites was dominated by interlaminar failure. Under the lowest applied blast pressure,
the initiation of fiber shear (in-plane) on the strike face and delamination close to the strike
face was visible, as highlighted in Fig 6. This failure accounts for the initial loss of strength
in the strike face leading to subsequent failure in one of the layers of lamina as shown in the
figure. Upon increasing the applied blast, the extent and the number of lamina failing also
increases. The failure initiates at the strike face, which is under compressive loading due to
plate bending. It can be deduced that the combination of in -plane and interlaminar shear in
the first lamina facing the shock leads to progressive failure of the composite plate structure.
The effect of in-plane stresses on the failure mechanisms like fiber breakage, fiber buckling
and matrix cracking was evident only after the initiation of these shear failure points. Again,
the strong dependence of failure initiation in carbon composites on shear properties can be
attributed to their inherently strong tensile and compressive failure strengths and weaker shear
failure strength.
4.2 Core Material – Balsa Wood
As with the skin material, the core material was subjected in a series of experiments to
three different shock loading intensities. The bending axis of the specimen was perpendicular
to the grain direction in the balsa wood. It was observed from the real time images that the
major failure mechanism evident in this component is fracture failure. Based on the

Fig 7. Real time High speed images of Balsa wood under low intensity blast loading of 0.36 MPa

magnitude of the input energy, single or multiple cracks emanate in the specimen, always
along the rear side (the side in tension, as expected). Fig 7 and Fig 8 show a selected series of
real-time images of balsa wood under blast loading. When subjected to the low intensity blast
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of 0.36 MPa, there is no evident macroscopic bending or failure in the plate till t = 800 μs .
The initiation of the crack along the center (and along the grain) of the specimen is observed
at t = 900 μs . The propagation of this crack leads to overall reduction in the strength of the
core specimen and hence complete breakage occurs at the end of the blast loading event
( t = 1100 μ s ). The velocity of this crack propagation can be calc ulated from the above and is
approximately 254 m/s.

Fig 8. Real time High speed images of Balsa wood under high intensity blast loading of 1.17 MPa

It can be observed that catastrophic damage occurs in balsa wood at much lower reflected
pressures than that of the skin materials. The crack propagation in the balsa wood can be
characterized by a sin gle central crack under low pressure (low applied input energy). As the
loading is progressively increased, the excess energy available for the plate is dissipated
through multiple cracks, running close the central crack, as evident in Fig 8. Under the blast
of 1.17 MPa, multiple cracks have initiated at t = 40 μs , and the indentation of the supports in
to the specimen can be observed at t = 280 μs . At the same time instant, cracks in the strike
face also emanate and lead to cata strophic failure.
Post mortem evaluation of the core element reveals clean failure along the center line
and visible in dentation of the support lines. The real time images combined with the postmortem shows that under the dynamic loading, the fracture of the core resembled a brittle
fracture process.
4.3 Sandwich Construction – Carbon fiber - Balsa wood
The deformation and damage behavior of sandwich composites was different from the
mechanism observed in its individual components. The balsa core in itself showed fracture
behavior like a brittle material with initiation at single crack tip, preferably at the center of the
specimen initiating from the rear side. When sandwiched between stiff skins, the number and
initiation of these cracks were different and were dependent on the applied blast loading. The
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Fig 9. Real time High speed images of Carbon Fiber - Balsa wood under intermediate blast loading
of 5.85 MPa

blast loading to initiate failure in the sandwich is considerably higher than the individual
components and when the failure does occur, core shear is the major mode, as seen in the real
time observations and explained below.
Under low blast pressures (<2.8 MPa), any macroscopic crack initiation phenomenon
were not observed. The observed maximum deflections in the front and rear skin of the
sandwich were negligible and were almost less than or equal to their thicknesses (4 mm). The
overall damage to the sandwich is minimal and hence is intact for structural purposes. As the
blast pressure is increased to 5.8 MPa, the observed deflections were quantitatively higher and
in the order of 4-5 times the thickness of the skin components. A real time deformation event
of the sandwich composite when subjected to such a blast loading is shown in Fig 9. The
deformation and failure mechanism in this blast regime was dominated by the interface failure
between the strike face skin and the balsa core. Until t = 200 μs , there is no macroscopic
damage observed and deflections are less than skin thickness (4 mm). At t = 300 μs , the
initiation of core-front skin debond can be observed. This debond further propagates with
time and progressive failure of the sandwich through core shear and interface debond can be
observed. At t = 400 μs , debond between the core and the back skin and hinging of the
sandwich about the support points can be observed. The two important aspects of failure
observed in real time are :
1. Shear cracks in the core
These cracks initiate very close to the boundary region, travel progressively
towards center, failing layers of balsa wood as the loading progresses. All these cracks are
along the grain direction of balsa.
2. Skin – Core debond
The shear failure of the core leads to subsequent debonding between the core
and the skin components. As explained above, the first sign of debond is observed
between the core and the front skin and this progresses towards the rear skin with the
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applied blast loading. At t = 900 μs , several debond regions can be observed in the real
time image. The overall strengthening mechanism of a sandwich composite is lost at this
time and the response is dominated by the flexural strength of the skin components alone.
The post mortem analysis of this sandwich composite reveals that the front skin had
suffered interlayer delaminations and minimal shear cracks on the surface. The core suffered
shear crack along the grain direction and are inclined along the loading direction. The debond
failure between the core and the front skin is predominantly seen in the post mortem,
particularly in regions closer to the loading area and confined to the span of the specimen. At
the same time, interlaminar delaminations (in the skin) are much more severe near the
boundaries (stronger interface between the core and composite) as compared to the central
region, with possible initiation of these delaminations at the boundary regions of the plate and
traveling towards the center of the specimen. The rear skin showed relatively lower damage
in the form of interlayer delaminations.
Under higher blast loadings (7.6 MPa), the overall mechanism of failure seen in real
time is similar to the mechanism observed before. But the quantitative measure of deflections
is higher and is achieved at earlier time instants than before. The initiation of the skin-core
debond can be observed at t = 200 μs and at the same instant the core shear failures can also
be observed. After the initial damage mechanism of interface failure sets in, the center of the
front skin was observed to be hinged at several points on the balsa core ( t = 500 μs ). These
regions are subjected to the transient wave loadings. At the same time, the fragments of balsa
displaced by the shear failure transfer load to the rear skin of the sandwich in a progressive
fashion, starting from the loading region to the boundaries. At t = 1100 μs , several shear
cracks in the core and macroscopic large bending of the skins are observed. Post mortem
evaluation of these sandwich composites reveals that the front skin had suffered extensive
failure in the form of complete interlayer separations and fiber fracture. The core does
disintegrate under this high blast loading and the adhesion between the back skin and the
remnant core is still maintained. It can be concluded that at this level of blast loading, the
structural integrity of this sandwich is completely lost.
5 CONCLUSIONS
Carbon fiber vinyl ester skin material, balsa wood core material and sandwich
composite fabricated from these were studied under highly transient blast loading conditions.
Balsa wood could not sustain even low levels of blast loading (0.36 MPa) and can not be
utilized as a structural material in itself for blast resistance. As expected, the carbon fiber
composite plates sustained higher levels of blast loadings (1 MPa) than balsa wood. When
these components were combined to form a sandwich construction, they could sustain blast
levels up to 3.5 MPa without any considerable damage in them. For each of these materials,
major failure modes and mechanisms were identified.

35

Arun Shukla and Srinivasan Arjun Tekalur

3

def/thickness

2.5
2
1.5
1
0.5
0
0

1

2

3

4

5

6

Reflected Blast Pressure (Max)
Carbon Fiber

Front Skin

7

8

9

(MPa)

Back Skin

Fig 10. Ratio of deflection to thickness of the component (4 mm) at a specific time frame t=200 microsecond for
the skin component alone and while present in the sandwich

Deflection of the skin component was utilized as a parameter for comparison of bla st
resistance. Fig. 10 plots such a response of the carbon fiber component (normalized with its
thickness) at a specified time frame, t = 200 μs , while subjected to blast loading as a stand
alone component and while present in the sandwich composite. It was observed that the
failure initiation in the component occurs at lower pressure levels than while the skin is
present in sandwich construction. The presence of balsa wood as a core reduced the overall
deflection of each of the skin compone nts and conversely the skin components eliminated the
failure of balsa itself through brittle fracture. The overall strength of the sandwich though
was dependent on the shear failure of the balsa core. Though the sandwich construction
weighed approximate ly twice more than the laminated composite skin alone, it needed more
than 300% of reflected pressure to cause the same damage as of that in a skin composite. The
overall benefits of sandwich construction have been understood by analysis of each
component failure.
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Summary. Analytical solutions were derived for the transient response of a foam-core
composite sandwich panel subjected to blast loading. The panel response consisted of two
consecutive phases: (1) a through-thickness wave propagation phase leading to permanent
core crushing deformations and (2) a transverse shear wave propagation phase resulting in
global panel deflections. The predicted transient deformation of the sandwich panel was
within 7% of FEA results using ABAQUS Explicit.
1 INTRODUCTION
There is growing interest in using lightweight composite sandwich panels for construction
of naval ships, which can be exposed to blast and impact during combat. Tagarielli et al. [1]
have recently demonstrated that glass fiber vinyl sandwich beams with PVC foam cores and
balsa wood have higher ballistic resistance than monolithic beams of equal weight. While
there has been much research concerning localized projectile impact damage of composite
sandwich panels, very little work has been done to address damage of composite sandwich
panels under distributed pressure pulse loading, such as that caused by an underwater or air
blast. Several recent articles have dealt with the blast resistance of metal sandwich panels
with metallic foam, honeycomb, truss and wide variety of metal sandwich core topologies [25] but none of these can be directly applied to a composite sandwich panel made of
anisotropic elastic facesheets and polymeric foam or balsa wood cores. The purpose of this
paper is to present an analytical model that can be used to determine the blast performance of
a composite sandwich panel. The paper specifically provides an analytical model for
predicting the transient response and failure of a composite sandwich panel subjected to
pressure pulse or impulsive loading, i.e., load durations are on the order of the throughthickness wave travel time and are short compared to the time associated with overall
bending/shear panel deformation.
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2 PROBLEM FORMULATION
Consider a fully clamped, composite sandwich panel of radius a, as shown in Fig. 1. The
facesheets consist of orthotropic composite plates of thickness h, and the core is crushable
polymeric foam of thickness H. Assume for simplicity that the panel is subjected to a
uniformly distributed pressure pulse
 §
t·
0 d t dW
° po ¨1  ¸,
pt ® © W¹
(1)
°0,
t tW
¯
where po is the peak pressure and W is the load duration. Other pressure transients can be used
to more accurately simulate underwater and air explosions [6,7]; they will produce similar
impulsive sandwich response as the triangular pressure pulse in Eq. (1).
a

p(t)

Ø

x
r

y
z

h
H
h

Figure 1: Composite sandwich panel subjected to uniformly distributed, pressure pulse.

Provided no failure has occurred to the panel during the blast, the response of the
composite sandwich panel may be described by the three phases of motion shown in Fig. 2.
In Phase I, a through-thickness stress wave propagates from the incident facesheet to the rear
facesheet. In this phase the sandwich panel experiences local core crushing and local
facesheet deformation, while an impulsive transverse shear reaction force is induced at the
clamped boundaries. At the end of Phase I, kinetic energy is transferred globally to the panel
and the impulsive transverse shear reaction force propagates from the clamped boundaries
towards the panel center. Phase II consists of the propagation of an elastic unloading
transverse shear wave. The pressure pulse has already ended and momentum is transferred to
the sandwich panel, with reduced core thickness from Phase I. The transverse shear stress
wave due to the reaction forces at the clamped boundary propagates from the clamped
boundary towards the center of the panel. This transverse stress wave is an unloading wave,
causing bending and shear deformations to develop behind the wave front. The elastic
unloading transverse shear wave brings the panel to maximum deflection. At the end of
Phase II, the panel rebounds and vibrates. Elastic vibrations take place in Phase III.
During Phase I, high intensity transverse shear stresses are developed at the clamped

39

Michelle S. Hoo Fatt and Leelaprasad Palla.

boundary and these may cause transverse shear fracture at the clamped boundaries of the
panel. Transverse shear fracture is usually avoided by using reinforcements at boundaries.
The second mode of failure that can occur during blasts is tensile fracture in the center of the
panel when bending strains are at a maximum at the end of Phase II. These two failure modes
in addition to permanent deformation were first observed on impulsively loaded aluminum
beams by Menkes and Opat [8] and later on aluminum plates by Teeling-Smith and Nurick
[9]. They have also been experimentally observed on composite plates by Franz et al. [10].
(a) Phase I: Through-thickness wave
propagation
(b) Phase II: Transverse wave
propagation

(c) Phase III: Vibration

Figure 2: Three phases of blast response: (a) Phase I: Through-thickness wave propagation,
(b) Phase II: Transverse wave propagation and (c) Phase III: Vibration.

This paper focuses on the first two phases of blast response described in Fig. 2 because
they are relevant to the failure of the composite sandwich panel subjected to blast effects. The
analytical solutions presented for the panel response is to be distinguished from previous
models in which the Phase II was treated as the forced modal response of sandwich panels
[11]. In this paper, Phase II is taken as an initial-value problem since the load duration is
short compared to the transverse wave propagation time and the natural period of vibration in
Phase III.
3 PHASE I – THROUGH-THICKNESS WAVE PROPAGATION
In most blast situations the load duration is short compared to the natural period of the
global sandwich response and the pressure pulse can be realized as an impulsive loading to
the sandwich. However, the wave speed in polymeric foam is low and a thick composite
sandwich panel with a polymeric foam core is likely to undergo transient local facesheet
indentation and core crushing while the pressure pulse is still acting. Take for example, H100
PVC foam core with a density of 100 kg/m3 and a compressive elastic modulus of 35 MPa.
Elastic waves propagate through a 25 mm thick core made of H100 PVC foam in 0.04 ms.
Blast pressure pulse durations of this magnitude are not uncommon for naval composite
sandwich ships subjected to underwater and air blast explosions [6,7]. Thus one can assume
that permanent plastic deformations of the core will take place from a transient event, i.e.,
during the load application.
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3.1 Transmission and reflection at interfaces
The transmission and reflection of plane strain stress waves through the multi-layered
composite sandwich panel is shown in Fig. 3. Stress waves are transmitted from the incident
facesheet to the foam at Interface 1 and from the foam to the distal facesheet at Interface 2.
When the incident stress V I first reaches Interface 1, the transmitted stress V T1 and the
reflected stress V R1 are given as follows:

VT

 k T1 p (t  t1 )u t  t1 ,

k T1

2U c Cc
U f C f  U c Cc

(2)

VR

 k R1 p (t  t1 )u t  t1 ,

k R1

U c Cc  U f C f
U f C f  U c Cc

(3)

1

and
1

where t1

h / C f is the wave transit time through the facesheet, C f and C c are the wave

speeds in the facesheet and core, respectively; U f and U c are the density of the facesheet and
core, respectively; and u
in plane strain is given by
Cf

is the unit step function. The wave speed in an orthotropic plate

>1  Q 12

E33 1  Q 12
 Q 32 Q 13  Q 23 @U f

(4)

where Eij andQ ij are elastic modulus and Poisson’s ratio of the orthotropic facesheet. The
wave speed in the foam will be discussed in the following section.
The reflected wave in the incident facesheet is tensile because U f C f !! U c C c . This
reflected wave is again reflected, but as a compressive stress wave, when it reaches the outer
surface of the incident facesheet. The process of reflection and transmission of waves at
Interface 1 repeats itself over and over again at intervals 2t1 . Thus the transmitted stress in the
foam at Interface 1 is given as

VT

1

k T1 p (t  t1 )u t  t1  k T1 k R1 p (t  3t1 )u t  3t1  k T1 k R2 1 p (t  5t1 )u t  5t1
...   1

n 1

k T1 k Rn 1 p(t  2n  1 t1 )u t  2n  1 t1

(5)

where n is the number of reflections up to that time.
The transmitted stress wave in the foam V T1 will reflect back as a compressive wave into
the foam and be transmitted as a compressive stress wave in the distal facesheet when it first
reaches Interface 2. The transmitted stress in the distal facesheet V T2 is further reflected as a
tensile stress wave from the outer surface of the distal facesheet. This reflected stress waves
will then be transmitted as tensile stress wave in the foam and reflected back as compressive
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stress wave into the facesheet. The part that is transmitted to the foam will add to the
reflected stress waves in the foam V R2 . This process repeats itself indefinitely so that the
reflected stress wave at any time is given by
V R2 k R2 p(t  t1  t 2 )u t  t1  t 2  kT2 k T1 p (t  3t1  t 2 )u t  3t1  t 2 
 kT2 kT1 k R1 p (t  5t1  t 2 )u t  5t1  t 2  kT2 kT1 k R2 1 p (t  7t1  t 2 )u t  7t1  t 2
...   1

where t 2

H / C c , kT

n 1

(6)

k T2 k T1 k Rn 1 p (t  2n  1 t1  t 2 )u t  2n  1 t1  t 2
2U f C f

and k R

U f C f  U c Cc
.
U f C f  U c Cc

The reflected stress is a
U f C f  U c Cc
tensile unloading elastic stress wave. Permanent plastic strains or local indentation of the
foam results after elastic unloading.
2

2

1
R2
1

R1

R2

R1

2
1
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R2

Incident
Facesheet

Distal
Facesheet

Foam

Interface 1

Interface 2

Figure 3: Transmission of stress waves through facesheets and foam of sandwich panel.

3.2 Elastic and plastic stress waves in polymeric foam

The facesheets are very stiff and remain elastic during wave transmissions but the
polymeric foam core is elastic-plastic with a compressive stress-strain characteristic as shown
in Fig. 4 [12]. The foam is linear elastic with a compressive modulus of E c until yielding at a
flow stress q . Rapid compaction of cells causes the density to change during the plateau
region until full densification has occurred at H D . The stress rises to a maximum plastic
stress V p at the densification strain.
Elastic and plastic waves could therefore be generated in the foam during Phase I. The
E c U c and the plastic wave speed is given
elastic wave speed in the foam is given by C e
by C p

Vp q
[13], where V p is the stress in the densification region (see Fig. 4). Elastic
U cH D

waves propagated first in the core and are later followed by plastic waves, as shown in Fig. 5.
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The densification strain is related to particle velocities in the elastic and plastic regions, Ve
and V p , respectively, by

HD

V p  Ve

(7)

Cp

p

Plateau

Densification

q
Ec

Elastic

Figure 4: Compressive stress-strain curve of polymeric foam.

p

q

Vp

Ve

D

Facesheet
Foam

c

Cp

Ce

Plastic
Elastic
wave front wave front
Figure 5: Elastic and plastic wave fronts in foam.

The particle velocity in the plastic region is in turn related to the plastic stress V p and density
of foam after densification U D :
Vp

Vp
U DC p

(8)

Uc
q
. Similarly, Ve
. Expressing C p in terms of V p and combining
1 H D
U c Ce
Eqs. (7) and (8) give the following quadratic equation that can be solved for V p :
where U D
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¹
¬ Uc © Uc

· Ve2 U D2 q º
U D2 q 2 Ve2 U D2 q
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» p
U cH D
U c2
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(9)

3.3 Local indentation

Permanent plastic strains arise when the elastic unloading wave reaches the plastic wave
front. The local indentation is given by

G

H D C p 'T

(10)

where 'T is the time from the start of transmission of V p to the time when the elastic
unloading wave reaches the plastic wave front. A simple expression for 'T is
'T

2 H / C e  3t1  t p

(11)

1  C p / Ce

where t p is the start time of transmission of V p at Interface 1.
4 PHASE II– GLOBAL SHEAR/BENDING

Subsequent to Phase I, the load has ended and the core has crushed permanently to a height
H c H  G . Momentum is transferred to the sandwich panel, which has become impulsively
loaded with a uniformly distributed velocity field (see Figs. 6 (a) and (b)). Conservation of
momentum gives the initial velocity of the panel as
p oW
(12)
vi
2 U c H  2U f h
Denote the distance from the center of the panel to the wave front of the transverse shear
wave as [ . A transverse shear elastic unloading wave propagates from the clamped
boundaries with velocity [ . This unloading wave instantaneously brings the plate to rest
behind the wave front. As the plate is brought to rest, it undergoes shear and bending
deformations as exemplified in Fig. 6(a).
4.1 System Lagrangian

Dynamic equilibrium of the complete sandwich can be expressed in terms of the maximum
deflection at the center, ' , and an equivalent shear angle, D o . These two degrees of freedom
have associated velocities, vi and : , respectively. The kinetic energy for the sandwich is
1
1
thus T
meff vi2  I eff : 2 , where meff S[ 2 2 U f h  U c H is the effective sandwich mass
2
2
and I eq is the effective sandwich rotary inertia. The elastic potential energy of the system is

>

@

equivalent to the bending/shear strain energy of the sandwich, 3
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whole model is L

T  3. For dynamic equilibrium,
w § wL · wL
wU
¨¨
¸¸ 
2S[[ 2 U f h  U c H vi 
wt © wvi ¹ w'
w'

>

@

(13)

0

and
w § wL · wL
¸
¨
wt © w: ¹ wD o
a

:

wI eff
wt

 I eff

w: wU

wt wD o

0

a

a

(14)

a
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a

(a) Deformation profiles.

a

(b) Velocity fields.

Figure 6: Global panel bending/shear response: (a) Deformation profiles and (b) Velocity fields.

4.2 Bending/shear strain energy
Assume in-plane deformations are negligible compared to the transverse deformation. The elastic
strain energy of the symmetric sandwich panel with orthotropic facesheet is then given as
2
2
s
°Ds § wD ·2
ªD 2
ww 1 § ww· º
s § wE ·§ wD · D22 § wE ·
11
¨¨ ¸¸  A55s « D  ¨ ¸ »
U 4 ³ ³ ® ¨ ¸  D12¨¨ ¸¸¨ ¸ 
2 © wx ¹
wx 2 © wx ¹ »¼
«¬ 2
© wy ¹© wx ¹ 2 © wy ¹
0 [ °̄

S/2 a

(15)

2
2
2
ª 2
ww 1 § ww· º s ª1 § wD · wD wE 1 § wE · º½°
s E
 A44 «  E  ¨¨ ¸¸ » D66 « ¨¨ ¸¸ 
 ¨ ¸ »¾rdr dT
wy 2 © wy ¹ »
2 © wy ¹ wy wx 2 ¨© wx ¸¹ »°
«
«¬ 2
¼
¬
¼¿
where w is the transverse deflections, D and E are shear angles associated with the x- and y-directions,
s
s
and A55
are the transverse shear
respectively, Dijs is the sandwich bending stiffness matrix, and A44

stiffnesses. The superscript “s” is used to denote the sandwich. Derivatives with respect to x and y
can be transformed to polar coordinates before evaluating the above-mentioned integral expression.
Finite element analysis using ABAQUS Explicit indicates that the transverse deformation, w ,
and the shear rotations with respect to the radial direction D are of the following forms:
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wr

0r [
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2 2
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(16)

[ ra

and

0r [
0,
°
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(17)
r [ a  r
4Į
,
[

r

a
o
2
°
a [
¯
a  [ / 2. Substituting derivatives of
where ' is the global deflection and D o is the rotation at r
the expressions in Eqs. (16) and (17) into Eq. (15) gives the following expression for the strain energy:
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4.3 Equations of motion
Assume the rate of angular rotation is similar to the shear rotation field in Eq. (17):

D r

0 r [

0,
°
®4: r  [ a  r ,
2
°
a [
¯

(19)

[ ra
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15
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and '
t
12
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Then, the effective rotary inertia for the sándwich is I eff

~
I

3

¦U
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z k3  z k31
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one gets the following coupled equations of motion from Eqs. (13) and (14):
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where D o (0)

0 and D o (0)

0.

5 AN EXAMPLE

As an example consider a fully clamped, sandwich panel made of E-glass vinyl ester
facesheets and H100 foam core, with a radius 250 mm, facesheet thickness 2 mm, and core
thickness 25 mm. Material properties for the E-glass vinyl ester and H100 are given in
Table 1. Let the sandwich panel be subject to a uniformly distributed pressure pulse of the
form given in Eq. (1), where p o 10 MPa and W 0.05 ms.
Table 1 : Facesheet and foam material properties.

Density (kg/m3)
Thickness (mm)
E11 (+) (GPa)
E22 (+) (GPa)
E33 (+) (GPa)
E11 (-) (GPa)
E22 (-) (GPa)
E33 (-) (GPa)
Q12
Q13
Q23
G12=G21 (GPa)
G23=G32 (GPa)
G13=G31 (GPa)
q (MPa)
HD

E-Glass/Vinyl Ester
1391.3
2
17
17
8.5
17
17
8.5
0.13
0.28
0.28
4.0
4.2
4.2
---

Divinycell H100
100
25
0.126
0.126
0.126
0.035
0.035
0.035
0
0
0
0.0175
0.0175
0.0175
1.66
0.8

This problem was modeled in 2D assuming plane strain conditions for Phase I response
and in full 3D for both Phase I and II responses using ABAQUS Explicit. The H100 foam
was modeled as an elastomeric foam with volumetric hardening. Additional foam properties,
such as the plastic hardening curve were taken from Ref. [14].
5.1 Local core crushing: Phase I response

The transmitted stress transient at Interface 1, Eq. (5), and the same stress transient from
FEA are shown in Fig. 7. The highest transmitted stress was calculated from Eq. (9) as
V p 2.42 MPa, which occurs at t p 0.037 ms from Fig. 7. This was about 10% higher than

the maximum compressive stress of 2.2 MPa found from FEA. From the calculated values of
V p and t p , local core crushing was estimated as 3.2 mm from Eqs. (10) and (11).
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Figure 7: Transmitted stress at Interface 1 up to peak stress.

5.2 Global bending /shear: Phase II response

The initial global panel velocity was determined from Eq. (12) as vi 31 m/s. The
sandwich bending and shear stiffness were evaluated with a reduced core
thickness H c 21.8 mm. A MATLAB program was written to solve Eqs. (20) and (21)
for [ and D o . As shown in Fig. 8, the predicted transient deformation profiles compared very
well to FEA results; the predicted value for [ was within 7% of FEA.
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Figure 8: Transient deflection profiles of composite sandwich.
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6 CONCLUDING REMARKS

Analytical solutions for the blast response of a foam-core composite sandwich panel were
derived considering two phases: (a) core crushing during through-thickness wave propagation
and (b) global panel bending/shear during transverse shear wave propagation. Global
equilibrium equations of motion were used to obtain transverse deflection and shear rotations.
The predicted transient deformation of the sandwich panel was within 7% of FEA results
using ABAQUS Explicit.
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Summary. This paper addresses the transient dynamic behavior of sandwich plates subjected
to transverse impulsive loading. A high order shear core theory, which was ﬁrst proposed for
shells by the authors [1] has been further developed for sandwich plates in [2]. This high order
core theory is employed currently to investigate the transient response of sandwich plates under a typical sinusoidally distributed blast loading exerted on the top face sheet of the plates.
Numerical results for the inﬂuences of the material properties and the geometrical parameters
such as the ratio of face sheet thickness and core thickness of the sandwich plate on the transverse deformation and stress distribution in the core are presented. This work and method can
be further extended to study the energy absorption capability and the dynamic buckling of a
sandwich plate under sudden loading.
1

Introduction

A typical sandwich plate consists of two stiff metallic or composites thin face sheets separated by a soft honeycomb or foam thick core of low density. This conﬁguration gives the
sandwich material system the integrity of high stiffness and strength with little resultant weight
penalty and high-energy absorption capability with regard to the application of sandwich structures in the construction of aerospace vehicles, submarines and civil infrastructure. Most of the
studies in sandwich composites neglect the transverse deformation of the core [2]. The core of
a sandwich structure is treated as inﬁnitely rigid in the thickness direction and only its shear
stresses are taken into account. This assumption may work well in the analysis of sandwich
structures subject to a static or dynamic loading of long-duration. Although, the two transversely compressive core models [3,4] are available, transverse strain of the core is assumed
linear and constant respectively. However, several studies [5, 6, 1] have shown that the core
transverse deformation/strain in a sandwich structure subject to impulsive loading is highly
non-linear with regard to the variable in the thickness direction. Therefore, in this paper we
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will extend this non-linear core model developed in the authors’ previous work for shells [1] to
study effects from the material properties and structural parameters on the transverse displacement and stress distributions in the cores of composite sandwich plates under a typical blast
loading.
Because of the core compressibility, the displacements of the top and bottom face sheets
are not equal. We shall employ the following assumptions: (1) The face sheets satisfy the
Kirchhoff-Love assumption and the thicknesses are small compared with the overall thickness
of the sandwich section. Moreover, in the current study, the two face sheets are assumed to
have an identical thickness. (2) The core is compressible in the transverse direction, that is, its
thickness may change. (3) The bonding between the face sheets and the core is assumed perfect.
(4) The top face sheet is subjected to a sinusoidally distributed shock wave pressure.
2
2.1

Formulation
Kinematic relations

Let a coordinate system (x, y, z) be located at the middle plane of the face sheets with z
as outward normal direction and (u, v, w) as the corresponding displacements. For thin face
sheets, the displacements in ﬁrst approximation can be expressed as:
t,b
ut,b(x, y, z, t) = ut,b
(x, y, t) − zw,x
(x, y, t)
o

(1)

t,b
(x, y, t)
v t,b(x, y, z, t) = vot,b(x, y, t) − zw,y
hf
hf
≤z≤
−
wt,b(x, y, z, t) = wt,b (x, y, t),
2
2

where hf is the face sheet thickness; the uo and vo are the middle plane displacements in x and y
directions; superscript t and b denote the corresponding values in top face sheet and bottom face
sheet, respectively; subscript , denotes differentiation with respect to corresponding variables.
Omitting the superscripts t and b , the non-linear strain-displacement relations for top and
bottom face sheets can take the following forms:
⎛ ⎞
⎛ o
⎞
x ± zkx
x
[] = ⎝ y ⎠ = [o] ± z[k] = ⎝ oy ± zky ⎠
(2)
o
γxy
γxy ± zkxy
in which the ± sign in variable z are for the top and bottom face sheets, respectively. For
sandwich plate, the middle surface strain [o ] can be given by
⎛ o ⎞ ⎛
⎞
2
x
uo,x + 12 w,x
2
⎠
vo,y + 12 w,y
[o ] = ⎝ oy ⎠ = ⎝
(3)
o
γxy
uo,y + vo,x + w,x w,y
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L
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hc
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Figure 1: A composites sandwich plate subject to blast impact loading

and [k] is the curvature,
⎛

⎞ ⎛
⎞
kx
−w,xx
[k] = ⎝ ky ⎠ = ⎝ −w,yy ⎠
kxy
−2w,xy
2.2

(4)

The high order shear core theory

During the impulsive loading process, the core may undergo large deformation in transverse
direction. Therefore, the compressibility of the core in a sandwich plate should be considered
when dealing with the transient response of the plate subject to blast loading. The complete
derivation of a high order shear core theory is presented in [2] and a summary is as follows:
2z 2 8z 4 c
− 4 ]wo (x, y, t)
h2c
hc
2
4
2z
8z
z
4z 3
+ [ 2 + 4 ]w̌(x, y, t) − [ + 3 ]w̄(x, y, t),
hc
hc
hc
hc

wc (x, y, z, t) = [1 −

(5)
−

hc
hc
≤z≤ ,
2
2

is the transverse displacement of the core; and
hf c
z
ū(x, y, t) + z w,x
(x, y, z, t)
hc /2
hc
hf c
z
v̄(x, y, t) + z w,y
(x, y, z, y)
v c (x, y, z, t) = v̌(x, y, t) −
hc /2
hc
uc (x, y, z, t) = ǔ(x, y, t) −
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is the in-plane displacements of the core. In the above equations, hc is the core thickness,
woc (x, y, t) is the transverse displacements of the initial middle surface of the core, w̌(x, y, t),
w̄(x, y, t), ǔ(x, y, t), ū(x, y, t) and v̌(x, y, t), v̄(x, y, t) are deﬁned as:
1
w̌(x, y, t) = [wt (x, y, t) + wb (x, y, t)],
2
1 t
ǔ(x, y, t) = [uo (x, y, t) + ubo (x, y, t)],
2
1 t
v̌(x, y, t) = [vo (x, y, t) + vob(x, y, t)],
2

1
w̄(x, y, t) = [wt(x, y, t) − wb (x, y, t)]
2
1 t
ū(x, y, t) = [uo (x, y, t) − ubo (x, y, t)]
2
1 t
v̄(x, y, t) = [vo (x, y, t) − vob(x, y, t)]
2

(7)

The strain-displacement relation in the core can be obtained from equations (5) and (6). It reads
as:
1
2z 6z 2 16z 3
4z 32z 3
+ 2 − 3 + 4 )wt (x, y, t) − ( 2 + 4 )woc (x, y, t)
2hc hc
hc
hc
hc
hc
2
3
1
2z 6z
16z
+(
+ 2 + 3 + 4 )wb (x, y, t)
2hc hc
hc
hc
2
t
c
b
= − ū(x, y, t) + Γ1 (z)w,x
(x, y, t) + Γ2 (z)wo,x
(x, y, t) + Γ3 (z)w,x
(x, y, t)
hc
2
t
c
b
= − v̄(x, y, t) + Γ1 (z)w,y
(x, y, t) + Γ2 (z)wo,y
(x, y, t) + Γ3 (z)w,y
(x, y, t)
hc

cz = (−

c
γxz
c
γyz

(8)

in which,
hf z
1
hf z 2
hf z 3
hf z 4
Γ1 (z) = − (1 + 2 ) + (1 + 3 ) 2 − 2(1 + 4 ) 3 + 4(1 + 5 ) 4
2
hc hc
hc hc
hc hc
hc hc
2
4
hf
3hf z
5hf z
Γ2 (z) = (1 + ) − 2(1 +
) 2 − 8(1 +
)
hc
hc hc
hc h4c
hf z
1
hf z 2
hf z 3
hf z 4
Γ3 (z) = (1 + 2 ) + (1 + 3 ) 2 + 2(1 + 4 ) 3 + 4(1 + 5 ) 4
2
hc hc
hc hc
hc hc
hc hc

(9)

The core is considered undergoing large rotation with a small displacement, and the in-plane
strains could be neglected.
2.3

Constitutive relations

We will assume the face sheets are made of orthotropic laminated composites and the core
is also orthotropic. The constitutive equations based on classic laminated composite theory for
the face sheets can be written as:
⎛
⎞ ⎛
⎞⎛ o ⎞ ⎛
⎞⎛ ⎞
Nx
A11 A12 A16
x
B11 B12 B16
kx
⎝ Ny ⎠ = ⎝A12 A22 A26⎠ ⎝ oy ⎠ + ⎝B12 B22 B26⎠ ⎝ ky ⎠
(10)
o
Nxy
A16 A26 A66
γxy
B16 B26 B66
kxy
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for resultant force, and
⎞ ⎛
⎞⎛ o ⎞ ⎛
⎞⎛ ⎞
⎛
x
B11 B12 B16
D11 D12 D16
kx
Mx
⎝ My ⎠ = ⎝B12 B22 B26⎠ ⎝ oy ⎠ + ⎝D12 D22 D26 ⎠ ⎝ ky ⎠
o
Mxy
B16 B26 B66
γxy
D16 D26 D66
kxy

(11)

for resultant moment. The extensional A, B coupling and D bending stiffness matrices are
respectively deﬁned as,
 hc /2+h
f
Qij × [1, z, z 2 ]dz, for top face
hc /2

i, j = 1, 2, 6 (12)
[Aij , Bij , Dij ] =
−hc /2
Qij × [1, z, z 2]dz, for bottom face
−hc /2−hf
The stress-strain relations for the orthotropic core are as follows:
σzc = E c cz ,
2.4

c
σxz = Gcxz γxz
,

c
c
σyz
= Gcyz γyz

(13)

Equations of motion

The governing equations and appropriate boundary conditions can be derived using Hamilton’s principle. The sandwich plate is assumed subject to impulsive transverse loading q(x, y, t)
on the top face sheet. Let T be the kinetic energy, U be the strain energy, W be external potential, then the variational principle states,

in which,
 t
δT =
0


+

−hc /2

+

c

0

a/2
−a/2

c


[

−hc /2

−hc /2−hf

c

c

(14)

ρf (u̇tδ u̇t + v̇ tδ v̇ t + ẇt δ ẇt )dz

(15)

c

c



c

ρ (u̇ δ u̇ + v̇ δ v̇ + ẇ δ ẇ )dz +

 t





−b/2

hc /2

δU =

b/2

δ[T − (U − W )] = 0

b/2
−b/2

hc /2
−hc /2



a/2
−a/2

(σzc δcz

+


[

−hc /2
−hc /2−hf

c
c
σxz
δγxz

+

δW =

hc /2+hf
hc /2

ρf (u̇b δ u̇b + v̇ b δ v̇ b + ẇb δ ẇb )dz]dxdydt

t
t
(σxt δtx + σyt δty + σxy
δγxy
)dz
c
c
σyz
δγyz
)dz

 t
0

b/2
−b/2




+

hc /2+hf
hc /2

a/2

−a/2

b
b
(σxb δbxσyb δby + σxy
δγxy
)dz]dxdydt

q(x, y, t)δwtdxdydt
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The equations of motion and the boundary conditions can be obtained by substituting the constitutive relations into (15) and (16), then into (14) and employing integration by parts. The
equations for the top face sheet can be written as:
1
ρc hc hf
ρc hc b
t
b
t
t
δuto : (ρf hf + ρc hc )üto −
(23ẅ,x
üo − Nx,x
+ 17ẅoc,x − 5ẅ,x
)+
− Nxy,y
(18)
3
420
6
1
11
t
b
+ w,x
)] = 0
− Gcxz [− (uto − ubo ) + woc,x + α0 (w,x
hc
15
1
ρc hc hf
ρc hc b
t
b
t
t
(23ẅ,y
v̈ − Nxy,x
δvot : (ρf hf + ρc hc )v̈ot −
+ 17ẅoc,y − 5ẅ,y
)+
− Ny,y
3
420
6 o
1
11
t
b
+ w,y
)] = 0
− Gcyz [− (vot − vob ) + woc,y + α0 (w,y
hc
15
δwot :

(19)

23 c
29 c
19 c
37 c
ρ hc hf (üto,x + v̈ot,y ) + (ρt hf +
ρ hc −
ρ hc h2f 2 )ẅt + (
ρ hc
(20)
420
315
1155
630
1
11 c
61 c
119 c
ρ hc h2f 2 )ẅoc + ρc hc hf (übo,x + v̈ob,y ) + (−
ρ hc +
ρ hc h2f 2 )ẅb
−
27720
84
630
27720
t
t
t
t
t
t
t
t
t
− [Mx,xx
+ 2Mxy,xy
+ My,yy
+ (Nxt w,x
),x + (Nxy
w,x
),y + (Nyx
w,y
),x + (Nyt w,y
),y ]
t
t
+ Gcyz w,yy
) − α2 hc (Gcxz woc,xx + Gcyz woc,yy )
− α1hc (Gcxz w,xx
b
b
+ Gcyz w,yy
) + α0 [Gcxz (uto,x − ubo,x ) + Gcyz (vot,y − vob,y )]
+ α3 hc (Gcxz w,xx
53 b
E c 61 t 358 c
wo +
w ) − q(x, y, t) = 0,
( w −
+
hc 21
105
105

Similar equations can be obtained for the bottom face sheet. The equations for the compressive
core read as
17 c
37 c
199 c
ρ hc hf (üto,x + v̈ot,y ) + (
ρ hc −
ρ hc h2f 2 )(ẅt + ẅb )
δwoc :
(21)
420
630
27720
181 c
17 c
194 c
ρ hc −
ρ hc h2f 2 )ẅoc −
ρ hc hf (übo,x + v̈ob,y )
+(
315
6930
420
11
11
358 E c
(2woc − wt − wb ) + Gcxz (uto,x − ubo,x ) + Gcyz (vot,y − vob,y )
105 hc
15
15
c
t
b
c
t
b
− α2hc [Gxz (w,xx + w,xx ) + Gyz (w,yy + w,yy )] − α4 hc (Gcxz woc,xx + Gcyz woc,yy ) = 0,
The constants αi (i = 0...4) in the above equations relate to the ratio of face thickness and
core thickness which are deﬁned as:
373 hf
29
247 hf 2
+
( ) ,
+
315 630 hc
252 hc

α0 =

hf
2
+
,
15 2hc

α3 =

11 hf
11
23 hf 2
+
( ) ,
−
630 630 hc
180 hc

α1 =

37 hf
37
383 hf 2
+
( ) ,
−
630 630 hc
630 hc
(22)
194 194 hf
383 hf 2
+
( )
α4 =
+
315 315 hc
315 hc
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The corresponding boundary conditions x = 0,a read as follows:
uto = ut or Nxt = Nxt

(23)

t
t
vot = v t or Nxy
= Nxy
t
t
t
t
t
wt = wt or Nxt w,x
+ Mx,x
+ Nxy
w,y
+ 2Mxy,x
t
b
+ Gcxz [α0 (ubo − uto ) + α1hc w,x
+ α2hc woc,x − α3hc w,x
] = Qtx
t
t
w,x
= w,x
or Mxt = Mxt

woc = woc or

11 b
t
b
(u − uto ) + α2 hc w,x
+ α4 hc woc,x + α2 hc w,x
= Qc
15 o

ubo = ub or Nxb = Nxb

(24)

(25)

b
b
vob = v b or Nxy
= Nxy
b
b
b
b
b
wb = wb or Nxb w,x
+ Mx,x
+ Nxy
w,y
+ 2Mxy,x
t
b
+ Gcxz [α0 (ubo − uto ) − α3 hc w,x
+ α2 hc woc,x + α1hc w,x
] = Qtx
b
b
w,x
= w,x
or Mxb = Mxb

where, superscript denotes the known external boundary values. Similar equations can be
written for y = 0,b.
For the sandwich plates made of orthotropic materials, one can rewrite the equations for the
top face sheet as:
1 c
ρc hc hf
ρc hc b
t
t
c
b
(23ẅ,x + 17ẅo ,x − 5ẅ,x ) +
ü
(26)
(ρ hf + ρ hc )üo −
3
420
6 o
Gc
∂ 2 vot
∂2
∂2
11
t
− Gcxz α0 w,x
− [At11 2 + At66 2 − xz ]uto − (At12 + At66)
− Gcxz woc,x
∂x
∂y
hc
∂x∂y
15
c
G
b
− xz ubo − Gcxz α0 w,x
= F̂1t
hc
f

1
ρc hc hf
ρc hc b
∂2 t
t
b
(23ẅ,y
v̈o − (At21 + At66)
u
(ρf hf + ρc hc )v̈ot −
+ 17ẅoc,y − 5ẅ,y
)+
3
420
6
∂xy o
2
2
Gcyz t
11
t ∂
t ∂
t
]vo − Gcyz α0 w,y
− Gcyz woc,y
− [A66 2 + A22 2 −
∂x
∂y
hc
15
Gcyz b
b
−
vo − Gcyz α0 w,y
= F̂2t
hc
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29 c
19 c
37 c
23 c
ρ hc hf (üto,x + v̈ot,y ) + (ρt hf +
ρ hc −
ρ hc h2f 2 )ẅt + (
ρ hc
(28)
420
315
1155
630
1
11 c
61 c
119 c
ρ hc h2f 2 )ẅoc + ρc hc hf (übo,x + v̈ob,y ) − (
ρ hc +
ρ hc h2f 2 )ẅb
−
27720
84
630
27720
4
4
2
2
∂4
61 E c
t ∂
t
t
t ∂
c ∂
c ∂
[D11
+
2(D
+
2D
)
+
D
+
−
α
h
(G
+
G
)]wt
1
c
12
66
22
xz
yz
4
2
2
4
2
2
∂x
∂x y
∂y
21 hc
∂x
∂y
c
2
2
c
2
358 E
53 E
∂
∂
∂
∂2
−[
+ α2 hc (Gcxz 2 + Gcyz 2 )]woc + [
+ α3 hc (Gcxz 2 + Gcyz 2 )]wb
105 hc
∂x
∂y
105 hc
∂x
∂y
∂
∂
+ α0 Gcxz (uto − ubo ) + α0 Gcyz (vot − vob ) = q(x, y, t) + F̂3t
∂x
∂y
in which,
t
t
t
t
t
t
F̂1t = A11w,x
w,xx
+ (A12 + A66)w,y
w,xy
+ A66w,x
w,yy
Fˆt 2 = (A21 + A66)wt wt + A66wt wt − A22wt wt
,x

,xy

,xx

,y

,y

(29)

,yy

t
t
t
t
t
t
),x + (Nxy
w,x
),y + (Nyx
w,y
),x + (Nyt w,y
),y
Fˆt 3 = (Nxt w,x

Similar equations can be obtained for the bottom face sheet. One can also recast the equations
for the core as follows:
37 c
199 c
17 c
ρ hc hf (üto,x + v̈ot,y ) + (
ρ hc −
ρ hc h2f 2 )(ẅt + ẅb )
(30)
420
630
27720
181 c
17 c
194 c
ρ hc −
ρ hc h2f 2 )ẅoc −
ρ hc hf (übo,x + v̈ob,y )
+(
315
6930
420
11
11
358 E c
∂
∂
∂2
∂2
+ Gcxz (ut − ub ) + Gcyz (v t − v b) − [
+ α2 hc (Gcxz 2 + Gcyz 2 )]wt
15
∂x
15
∂y
105 hc
∂x
∂y
c
2
2
c
2
716 E
358 E
∂
∂
∂
∂2
+[
− α4hc (Gcxz 2 + Gcyz 2 )]woc − [
+ α2 hc (Gcxz 2 + Gcyz 2 )]wb = 0
105 hc
∂x
∂y
105 hc
∂x
∂y
3

Solution procedure

The solution procedure for the response of sandwich plates will be demonstrated through the
study of simply supported case under transversely applied loading. The boundary conditions
along the x = 0, a and y = 0, b (Figure 1) read as:
uto = 0, ubo = 0;

vot = 0, vob = 0;

wt = 0, wc = 0, wb = 0

(31)

t
b
Mxx
= 0, Mxx
=0

for x = 0, a

(32)

t
Myy

for y = 0, b

and

= 0,

b
Myy

=0
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The displacements can be expressed in a series form:
uto =

t
Umn
(t)cos(mπx/a)sin(nπy/b),

vot =

m,n
b

m,n
b
Umn
(t)cos(mπx/a)sin(nπy/b),

uo =

b

m,n
t
Wmn
(t)sin(mπx/a)sin(nπy/b),

wb =

m,n

wc =

b
Vmn
(t)sin(mπx/a)cos(nπy/b)

vo =

m,n

wt =

t
Vmn
(t)sin(mπx/a)cos(nπy/b) (33)

b
Wmn
(t)sin(mπx/a)sin(nπy/b)
m,n

c
Wmn
(t)sin(mπx/a)sin(nπy/b)
m,n

t
t
b
b
t
b
c
where Umn
, Vmn
, Umn
, Vmn
, Wmn
, Wmn
, and Wmn
are unknown constants. Substituting Eq.
(33) into equations of motion with applied loading q(x, y) being expressed as:

q(x, y) =

Q̂mn sin(mπx/a)sin(nπy/b)

(34)

mn

one can obtain sets of nonlinear equations in matrix form:
Mmn Ümn + Cmn U̇mn + κmn Umn = Fmn

(35)

t
t
t
c
b
where the displacement vector Umn is deﬁned as Umn = [Umn
, Vmn
, Wmn
, Wmn
, Umn
,
b
b T
Vmn , Wmn ] and the loading vector Fmn is a non-linear function vector of Umn . To solve the
0
set of non-linear equations, one ﬁrst ﬁnds the solution with the initial loading vector Fmn
=
[0, 0, Q̂mn , 0, 0, 0, 0]. The next approximate values of displacements can be obtained by
solving equation (35) with the updated loading vector. This procedure is continued until a series
of approximate solutions for in-plane and transverse displacements are determined by the nth
iteration with convergent tolerance , such as  ≤ 10−5 between two consecutive solutions.

4

Numerical Results and Discussions

In this section, we shall present numerical results for typical sandwich plates with orthotropic
phases. The face sheets are made of orthotropic Graphite/Epoxy composite materials and the
core is made of orthotropic honeycomb. Since the sandwich structures consist of orthotropic
phases, the relationship for Poisson’s ratios as: νij = νji Ei /Ej will be applied. In the following
study, two face sheets of each sandwich plate are assumed identical with thickness hf . Its core
thickness is ten times of that of the face sheet, i.e. hc = 10hf . The total thickness of a plate
is deﬁned as Htot = 2hf + hc . Let us consider Graphite/Epoxy faces with elastic constants
(in GPa): E1f = 40.0, E2f = 10.0, E3f = 10.0, Gf12 = 4.5, Gf23 = 3.5, Gf31 = 4.5; Poisson’s
f
f
f
ratios: ν12
= 0.065, ν31
= 0.260, ν23
= 0.400. The core is made of orthotropic honeycomb
material with elastic constants (in GPa): E1c = E2c = 0.032, E3c = Ezc = 0.30, Gc12 = 0.013,
c
c
c
= ν31
= ν32
= 0.25. The top face of the
Gc31 = 0.048, Gc23 = 0.048; Poisson’s ratios: ν12
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sandwich plate is assumed to be blasted by the following sinusoidally distributed impulsive
loading:
p(x, y) = p0 (t) sin(πx/a) sin(πy/b),

0 ≤ x ≤ a, 0 ≤ y ≤ b

(36)

Using expression (34) one can write the loading (36) in transformed space as:
Q̂mn = δm1δn1 p0 (t)

(37)

where δmn is the Kronecker delta function. Plotted in Figure 2 is the distribution of the normal-

Wtop/Ht, Wmid−core/Ht, Wbottom/Ht

3

2.5

Time t = 0.1 ms

Top face

2
Middle plane
of the Core

1.5

Bottom face
1

0.5

0
0

hc = 20 mm, hf = 3 mm, Ht = hc + 2 hf
a = 25 Ht, b = 50 Ht

0.2

0.4

0.6

0.8

1

Y/b
Figure 2: Transverse displacements the sandwich plate as function of y at time 0.1 ms & x = 0.5 a

ized transverse displacements as functions of y for the face sheets and middle plane of the core
at x = a/2 when time t = 0.1 ms. It clearly shows that the displacements of top face and bottom
face are not identical. Because the maximum intensity of blast loading is in the center point
of the plate, the maximum values of the displacements can be observed at (x=a/2, y=b/2), the
center of the face sheets and middle plane of the core. The differences among these displacements justify this advanced sandwich model which can capture the compressibility of the core,
and this in turn implies that the transverse stress in the core may not be constant as assumed
by the classical sandwich model. Figure 3 are the stress proﬁles in the core following the blast
during different time period: 2.5ms ≤ t ≤ 2.7ms; 5ms ≤ t ≤ 5.2ms; 10ms ≤ t ≤ 10.2ms. The
following three observations can be made from the results plotted here: (1) the maximum compressive stress occurs at the interface between the core and top face on which the blast loading is
applied and the stress on this interface is always negative, i.e. compressive. (2) the stress at the
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Figure 3: Stress proﬁles in the core following the blast

interface between the core and the bottom face sheet can be negative (compressive) or positive
as shown in Fig. 3-b. The positive stress is induced by the shock wave pressure inside the core,
a phenomenon which has been explained in [1]. (3) the stresses are attenuated as time goes by
as demonstrated from Fig. 3-a, Fig. 3-c to Fig. 3-d. These observations agree with physical
intuition. The results presented in Figure 4 and Figure 5 show the effects from the variation of
geometrical parameters on the response of the sandwich plates subject to blast loading.
Table 1: Maximum values of the displacements in Fig. 4

hf/hc
M ax.
Wtop

1.5/20
2/20
2.5/20
3/20
26.8 mm 23.7 mm 21.9 mm 20.5 mm

It can be seen from Fig. 4 and Table 1 that when the ratio of the thickness of the face sheet and
the core increases, the maximum value of the transverse displacement of the top face decreases
at the very early stage of blast loading . One can see that after t = 20 ms, the displacements of
the plate with hf /hc = 2/20, 2.5/20 and 3/20 are very close to each other. It can also be seen
that the increase on the maximum value is relatively small when hf /hc changes from 3/20 to
2.5/20. This may imply that the optimum ratio of the hf /hc is around 2.5/20 for this sandwich
combination with regard to a design criterion in term of displacement. The effects from variation
of the ratio of hf /hc on the stress distribution in the core are demonstrated in Fig. 5. One may
see that the stress distribution proﬁles are different for different values of hf /hc . However, the
maximum compressive (negative) stress occurs at the interface between the core and the top
face and the maximum extension (positive) stress occurs at the surface between the core and
the bottom face sheet for different values of hf /hc . The observations from the results in Fig. 5
suggest that damage or crushing of the core could be initiated from the interface between the
core and the top face on which the blast loading is exerted.
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Figure 4: Inﬂuence of the ratio of face sheet thickness over core thickness on the displacements of top faces

5

Conclusions and future work

In the current work the response of a composite sandwich plate under blast loading is investigated using a high order compressible core theory. The results show that the displacements of
the two face sheets are not identical under blast loading. The maximum compressive stress in
the core occurs at the interface between the core and the face where the blast loading is applied.
The thickness ratio between the face sheet and the core inﬂuences the maximum value of the
transverse displacement of the sandwich plate. There exists an optimum value for this ratio with
reference to displacement constraints. The geometrical parameters also have an inﬂuence on the
stress distribution in the core. The current work can be extended to study failure modes such
the core crushing, face sheet/core debonding, local and global buckling of sandwich plates, and
analyze the overall resistance of plates to blast/impact loading.
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THE INFLUENCE OF CORE PROPERTIES ON FAILURE OF
COMPOSITE SANDWICH BEAMS
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Summary. The various failure modes occurring in composite sandwich beams are described
and their relationship to the relevant core properties is explained and discussed.
Experimental mechanics methods are used to illustrate the failure modes and verify analytical
predictions.
1 INTRODUCTION
The overall performance of sandwich structures depends in general on the properties of
the facesheets, the core, the adhesive bonding the core to the skins, as well as geometrical
dimensions. Sandwich beams under general bending, shear and in-plane loading display
various failure modes. Their initiation, propagation and interaction depend on the constituent
material properties, geometry, and type of loading. Failure modes and their initiation can be
predicted by conducting a thorough stress analysis and applying appropriate failure criteria in
the critical regions of the beam. This analysis is difficult because of the nonlinear and
inelastic behavior of the constituent materials and the complex interactions of failure modes.
Possible failure modes include tensile or compressive failure of the facesheets, debonding at
the core/facesheet interface, indentation failure under localized loading, core failure,
wrinkling of the compression facesheet, and global buckling. Following initiation of a
particular failure mode, this mode may trigger and interact with other modes and final failure
may follow a different failure path. A general review of failure modes in composite sandwich
beams was given by Daniel et al. [1]. Individual failure modes in sandwich columns and
beams have been discussed by Gdoutos et al. [2, 4] and Abot et al. [3]. Of all the factors
influencing failure initiation and mode, the properties of the core material are the most
predominant.
Commonly used materials for facesheets are composite laminates and metals, while cores
are made of metallic and non-metallic honeycombs, cellular foams, balsa wood, or trusses.
The facesheets carry almost all of the bending and in-plane loads while the core helps to
stabilize the facesheets and defines the flexural stiffness and out-of-plane shear and
compressive behavior. A number of core materials, including aluminum honeycomb, various
types of closed-cell PVC foams, a polyurethane foam, foam-filled honeycomb and balsa
wood, were characterized under uniaxial and biaxial states of stress.
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In the present work, failure modes were investigated experimentally in axially loaded
composite sandwich columns and sandwich beams under bending. Failure modes observed
and studied include indentation failure, core failures, and facesheet wrinkling. The transition
from one failure mode to another for varying loading or state of stress and beam dimensions
was discussed. Experimental results were compared with analytical predictions.
2 CHARACTERIZATION OF CORE MATERIALS
The core materials characterized were four types of a closed-cell PVC foam (Divinycell
H80, H100, H160 and H250, with densities of 80, 100, 160 and 250 kg/m3, respectively), an
aluminum honeycomb (PAMG 8.1-3/16 001-P-5052, Plascore Co.), a polyurethane foam, a
foam-filled honeycomb, and balsa wood. All core materials were characterized in uniaxial
tension, compression and shear along the in-plane and through-the-thickness directions.
Typical stress-strain curves are shown in Figs. 1 and 2. Some of their characteristic properties
are tabulated in Table 1. The core materials (honeycomb or foam) were provided in the form
of 25.4 mm (1 in.) thick plates. The honeycomb core was bonded to the top and bottom
faceshees with FM73 M film adhesive and the assembly was cured under pressure in an oven
following the recommended curing cycle for the adhesive. The foam cores were bonded to
the facesheets using a commercially available epoxy adhesive (Hysol EA 9430) (Daniel and
Abot [5]). Beam specimens 25.4 mm (1 in.) wide and of various lengths were cut from the
sandwich plates.
Property
Density, Ukg/m3

Divinycell Divinycell Divinycell Divinycell
H80
H100
H160
H250

Balsa Wood
CK57

Aluminum
Honeycomb
PAMG 5052

Foam Filled
Honeycomb
Style 20

Polyurethane
FR-3708

80

100

160

250

150

130

128

128

77

95

140

255

110

8.3

25

38

77

95

140

245

110

6.0

7.6

38

Out of plane modulus,
E3, MPa

110

117

250

360

4600

2200

240

110

Transverse shear modulus,
G13, MPa

18

25

26

73

60

580

8.7

10

In-plane compressive
strength, F1c, MPa

1.0

1.4

2.5

4.5

0.8

0.2

0.4

1.2

In-plane tensile strength,
F1t, MPa

2.3

2.7

3.7

7.2

1.2

1.2

0.5

1.1

In-plane compressive
strength, F2c, MPa

1.0

1.4

2.5

4.5

0.8

0.2

0.3

1.1

Out of plane compressive
strength, F3c, MPa

1.4

1.6

3.6

5.6

9.7

11.8

1.4

1.8

Transverse shear strength,
F5, MPa

1.1

1.4

2.8

4.9

3.7

3.5

0.75

1.4

In-plane modulus,
E1, MPa
In-plane modulus,
E2, MPa

Table 1. Properties of sandwich core materials

64

Isaac M. Daniel

8
25.4 x 25.4

6

Divinycell H250

75

0.8
0.6

4

Divinycell H160
0.4

2

Divinycell H100

Stress, V3 (ksi)

Stress, V3 (MPa)

1

0.2

Divinycell H80
0

0
0

2

4

6

8

10

Strain, H3 (%)
Figure 1: Stress-strain curves of PVC foam cores under compression in the through-thickness direction
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Figure 2: Shear stress-strain curves of PVC foam cores under through-thickness shear
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Two core materials, Divinycell H100 and H250 were fully characterized under multiaxial
stress conditions [6]. A series of biaxial tests were conducted including constrained strip
specimens in tension and compression with the strip axis along the through-thickness and inplane directions; constrained thin-wall ring specimens in compression and torsion; thin-wall
tube specimens in tension and torsion; and thin-wall tube specimens under axial tension,
torsion and internal pressure. From these tests and uniaxial results in tension, compression
and shear, failure envelopes were constructed. It was shown that the failure envelopes were
described well by the Tsai-Wu criterion as shown in Fig.3 [7].
The Tsai-Wu criterion for a general two-dimensional state of stress on the 1-3 plane is
expressed as follows
f1 V 1  f 3 V 3  f11 V 12  f 33 V 32  2 f13 V 1 V 3  f 55 W 52 1

(1)

where

f1

f11

1
, f 33
F1t F1c

1
1
1
1

, f3

F1t
F1c
F3t
F3c
1
1
, f13 
f11 f 33 1 / 2 , f 55
F3t F3c
2

1

F52
F1t , F1c , F3t , F3c = tensile and compressive strengths in the in-plane (1,2) and out-ofplane (3) directions
F5 shear strength on the 1-3 plane
Setting W 5

k F5 , Eq. (1) is rewritten as
f1 V 1  f 3 V 3  f11 V 12  f 33 V 32  2 f13 V 1 V 3

1 k 2

(2)

It was assumed that the failure behavior of all core materials can be described by the TsaiWu criterion. Failure envelopes of all core materials constructed from the values of F1t, F1c
and F5 are shown in Fig. 4. Note that the failure envelopes of all Divinycell foams are
elongated along the V1-axis, which indicates that these materials are stronger under normal
longitudinal stress than in-plane shear stress. Aluminum honeycomb and balsa wood show
the opposite behavior. For all materials, the most critical combinations of shear and normal
stress fall in the second and third quadrants (the failure envelopes are symmetrical with
respect to the V1-axis).
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10 MPa

-4.6 MPa

W5 (MPa)

Figure 3: Failure envelopes predicted by the Tsai-Wu failure criterion for PVC foam
(Divinycell H250) for k=0, 0.8 and 1, and experimental results (k = W13/F13 = W5/F5)
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Figure 4: Failure envelopes for various core materials based on the Tsai-Wu
failure criterion for interaction of normal and shear stress
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3 CORE FAILURES

The deformation and failure mechanisms in the core of sandwich beams have been studied
by means of moiré gratings and photoelastic coatings. Figure 5 shows photoelastic coating
fringe patterns for a beam under three-point bending for various values of applied load P. The
fringe pattern for a low applied load (2.3 kN) is nearly uniform, indicating that the shear strain
(stress) in the core is constant. This pattern remains uniform up to an applied load of 3.3 kN
which corresponds to an average shear stress in the core of 2.55 MPa. This is close to the
proportional limit of the shear stress-strain curve of the core material (Fig. 2). For higher
loads, the core begins to yield and the shear strain becomes highly nonuniform peaking at the
center and causing plastic flow. The onset of core failue in beams is directly related to the
core yield stress in the thickness direction. A critical condition for the core occurs at points
where shear stress is combined with compressive stress.
P

Birefringent coating

Birefringent coating

38 cm

Ȗ

• Uniform shear at low loads

P = 2.3 kN (510 lb)

• Nonlinear shear as core yields

Ȗ
P = 4.0 kN (890 lb)

Ȗ

• Core yielding precipitates facesheet
wrinkling

P = 5.3 kN (1182 lb)

Figure 5: Isochromatic fringe patterns in birefringent coating of sandwich beam
under three-point bending (Divinycell H250 core)

The deformation and failure of the core is obviously dependent on its properties and
especially its anisotropy. Honeycomb and balsa wood cores are highly anisotropic with much
higher stiffness and strength in the thickness direction, a desirable property. Figure 6 shows
isochromatic fringe patterns in the photoelastic coating and the corresponding load deflection
curve for a composite sandwich beam under three-point bending. The beam consists of
glass/vinylester facesheets and balsa wood core. The fringe patterns indicate that the shear
deformation in the core is initially nearly uniform, but it becomes nonuniform and
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concentrated in a region between the support and the load at a distance of approximately one
beam depth from the support. The pattern at the highest load shown is indicative of a vertical
crack along the cells of the balsa wood core. The loads corresponding to the fringe patterns
are marked on the load deflection curve. It is seen that the onset of nonlinear behavior
corresponds to the beginning of fringe concentration and failure initiation in the critical
region.
Figure 7 shows the damaged region of the beam. Although the fringe patterns did not
show that, it appears that a crack was initiated near the upper facesheet/core interface and
propagated parallel to it. The crack traveled for some distance and then turned downwards
along the cell walls of the core until it approached the lower interface. It then traveled parallel
to the interface towards the support point.

1

2

P = 1.56 kN

P = 1.78 kN
4

3
0.6
2

0.4

1

4

P = 2.67 kN

Load, P (kip)

3

P = 2.09 kN

Load, P (kN)

0.8

0.2

0

0
0

2

4

6

Deflection, w A (mm)

5

P = 2.71 kN

Figure 6: Isochromatic fringe patterns in photoelastic coating and load deflection curve of a composite sandwich
beam under three-point bending (glass/vinylester facesheets; balsa wood core)
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Figure 7. Cracking in balsa wood core of sandwich beam under three-point bending near support

4. INDENTATION FAILURE

Indentation failure in composite sandwich beams occurs under concentrated loads,
especially in the case of soft cores. Under such conditions, significant local deformation takes
place of the loaded facesheet into the core, causing high local stress concentrations. The
indentation response of sandwich panels was first modeled by Meyer-Piening [8] who
assumed linear elastic bending of the loaded facesheet resting on a Winkler foundation (core).
Soden modeled the core as a rigid-perfectly plastic foundation, leading to a simple expression
for the indentation failure load [9]. Thomsen and Frostig studied the local bending effects in
sandwich beams experimentally and analytically [10, 11].
For linear elastic behavior, the core is modeled as a layer of linear tension/compression
springs. The stress at the core/facesheet interface is proportional to the local deflection w

V

kw
where the foundation modulus k is given by [12]
E
k 0.64 c 3 Ec / E f
hf

(4)

(5)

and where E f and E c are the facesheet and core moduli, respectively, and h f is the
facesheet thickness. Initiation of indentation failure occurs when the core under the load starts
yielding. The load at core yielding was calculated as
Pcy

where V cy

1.70 V cy bh f 3 E f / Ec

(6)

yield stress of the core, and b = beam widthCore yielding causes local bending

of the facesheet which, combined with global bending of the beam, results in compression
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failure of the facesheet. The compressive failure stress in the facesheet is related to the
critical beam loading Pcr as follows

Vf

F fc

9 Pcr2
16b 2 h 2f Fcc



pcr L
4bh f (h f  hc )

(7)

where hc is the core thickness, L the span length, b the beam width, and Fcc , F fc the
compressive strengths of the core (in the thickness direction) and facesheet materials,
respectively. In the above equation, the first term on the right hand side is due to local
bending following core yielding and indentation and the second term is due to global bending.
The onset and progression of indentation failure is illustrated by the moiré pattern for a
sandwich beam under three-point bending (Fig. 8).
P
1 mm
Moiré Film

25.4 mm
1 mm

356 mm

P=320 N (72 lb)

P=574 N (129 lb)

P=814 N (182 lb)

P=926 N (208 lb)

P=1059 N (238 lb)

P=1081 N (242 lb)

Figure 8: Moiré fringe patterns in sandwich beam with foam core corresponding to vertical
displacements at various applied loads (11.8 lines/mm grating; carbon/epoxy facesheet; Divinycell H100 core )

Figure 9 shows load displacement curves for beams of the same dimensions but different
cores.. The displacement in these curves represents the sum of the global beam deflection and
the more dominant local indentation. Therefore, the proportional limit of the loaddisplacement curves is a good indication of initiation of indentation.
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Figure 9: Load versus deflection under load of sandwich beam under three-point bending
(carbon/epoxy facesheets, Divinycell H250 core)

The measured critical indentation loads in Fig. 9 were compared with predicted values using
Eq. (7) which can be approximated as [9]
4
Pcr # bh f F fcV cy
(8)
3
Thus, the critical indentation load is proportional to the square root of the core material yield
stress. The results obtained are compared as follows:
Indentation Load (N)

H80

H100

H160

H250

________________________________________________________________________________________

Measured
Calculated

1,050
1,370

1,250
1,500

2,150
2,000

2,900
2,380

The approximate theory with the assumption of rigid-perfectly plastic behavior overestimates
the indentation failure load for soft cores, but it underestimates it for stiff cores.

5. FACESHEET WRINKLING FAILURE
The compressive facesheet of the sandwich beam can undergo local buckling (wrinkling)
[4]. Wrinkling may be viewed as buckling of the compression facesheet supported on an
elastic foundation. An early estimate of the critical wrinkling stress was given by Hoff and
Mautner [13].
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V cr # 0.5

3

(9)

E f 1 Ec3 Gc13

where
E f 1 , E c3 = Young's moduli of facesheet and core, in the axial and through

thickness directions,respectively
Gc13 = Shear modulus of core on the 13 plane
In the relation above, the core moduli are the initial ones while the material is in the linear
range. After the core yields and its stiffnesses degrade Ecc , Gcc , it does not provide adequate
support for the facesheet, thereby precipitating facesheet wrinkling. The reduced critical
stress after core degradation is

V cr # 0.5

3

E f E cc Gcc

(11)

Sandwich beams with foam cores were tested in three-point bending and as cantilever
beams The moment-strain curves shown in Fig. 10 illustrate the onset of facesheet wrinkling.
Critical stresses obtained from the figure for the maximum moment for specimens
1 and 2 are V cr 910 and 715 MPa, respectively. The predicted value , by Eq. (9) is
V cr 945 MPa. In the case of the short beam (specimen 3), core failure preceded
wrinhkling. The formula (11) is more applicable at this time.
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Figure 10: Facesheet wrinkling failure in sandwich beams

6. CONCLUSIONS

The initiation of failure in composite sandwich beams is heavily dependent on properties
of the core material. Plastic yielding or cracking of the core occurs when the critical yield
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stress or strength (usually shear) of the core are reached. Indentation under localized loading
depends principally on the square root of the core yield stress. Available theory predicts
indentation failure approximately, overestimating it for soft cores and underestimating it for
stiffer ones. The critical stress for facesheet wrinkling is proportional to the cubic root of the
product of the core Young’s and shear moduli in the thickness direction. The ideal core
should be highly anisotropic with high stiffness and strength in the thickness direction.
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Summary. An analytical investigation of the problem of the indentation of composite
sandwich beams with partially delaminated face sheets is presented in this paper. A model
has been formulated that represents the damaged face as an elastic beam resting on an
elastic-perfectly plastic foundation. The results show the influence of the damaged area on the
behavior of the system: the indentation load is lower than that of an intact beam and the
reduction is more important on increasing the number of delaminations or their lengths; the
critical load for progressive yielding of the core is also affected by the presence of a damaged
area whose influence decreases on increasing the size of the plastic zone.

1 INTRODUCTION
Different damage and failure mechanisms control the post-elastic behavior and final
collapse of composite and sandwich structures subject to quasi-static and dynamic loading
conditions; among them are the multiple delamination of laminated skins, fiber and matrix
cracking, core crushing, fracture at the face/core interface and face wrinkling. The interaction
of these mechanisms has important effects on the mechanical response of the systems and on
key properties, such as energy absorption, damage and impact tolerance, loading capacity and
stiffness. This has been shown in [1-3] where the interaction of multiple delaminations in
composite laminates subject to static and dynamic loading conditions has been studied and
important conclusions, which are relevant to the optimal design of materials/structures, have
been drawn. In homogeneous systems, for instance, energy absorption through multiple
delamination fracture is optimized if the material is designed so that multiple delaminations
will form at equal through-thickness spacing.
Our current research deals with composite sandwich systems subject to static and dynamic
loading conditions and aims at formulating physically based models that account for the
interaction between different damage and collapse mechanisms. The study presented here
focuses on the problem of indentation, which is a likely mode of failure of sandwich beams
with thin faces and low strength cores when they are subjected to concentrated loads, derived
for instance from collisions or dropping of objects.
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Failure by indentation has been extensively studied and analytical models have been
proposed by several authors: Soden [4] adopted the schematization of an elastic beam upon a
rigid-perfectly plastic foundation and derived a simple expression for the load at which the
upper face fails. Shuaeib and Soden [5], following the analysis proposed by Zingone [6],
modeled the core as an elastic-ideally plastic foundation and obtained theoretical predictions
of the loads at which yielding of the core first occurs, the indentation load, and the upper face
fails. Steeves and Fleck [7] investigated the indentation failure of sandwich beams in threepoint bending, accounting for the overall bending of the beam and solving a stability problem.
They proposed two models: the first considers a rigid-ideally plastic foundation and leads to
an analytical expression of the failure load for local indentation; the second assumes the core
as an elastic-ideally plastic foundation and allows to study the influence of the compliance of
the core on the indentation response. Zenkert, Shipsha and Persson [8] adopted an elasticperfectly plastic model in order to study indentation and predict the load-displacement
response of sandwich beams; their study focuses on the unloading response. Gdoutos, Daniel
and Wang [9] used the model of a beam on an elastic-perfectly plastic foundation in order to
explain experimental results.
This work deals with the indentation of a sandwich beam with a homogeneous, isotropic
and elastic-perfectly plastic core, e.g. a polymeric foam, and homogeneous,
isotropic/orthotropic and elastic-brittle faces, e.g. a unidirectional composite laminate. The
upper face is assumed to be partially damaged with multiple delaminations. The face is
modeled as an elastic beam resting on an elastic-perfectly plastic foundation and analytical
expressions are obtained for the indentation load and for the load for progressive yielding of
the core; the influence of the number and the extension of the delaminations on the response
of the system is studied.
2 THEORETICAL MODEL FOR THE INDENTATION OF A SANDWICH BEAM
WITH A PARTIALLY DELAMINATED UPPER FACE
The indentation response of a sandwich beam with a partially delaminated upper face
subject to a transverse force P is considered (Fig. 1). A system of Cartesian coordinates x-y-z
is introduced with origin in the mid-point of the upper face, where the load is applied, with z
the longitudinal axis of the beam. The problem has been solved analytically under the
following assumptions:
- the sandwich beam is continuously supported by a rigid plane, so that overall bending can
be neglected;
- the upper face of the sandwich, of thickness t and width b, is modeled as an infinitely long,
linear elastic Euler Bernoulli beam, with Young’s modulus Ef, resting on an elastic (in
tension) and elastic-perfectly plastic (in compression) Winkler foundation, with elastic
modulus K and yield strength qcr =Vcr b, with Vcr the crushing strength of the core (Fig.
1c);
- the n delaminations in the upper face are equally spaced; they have equal lengths, 2a, and
are symmetrically located about the applied force; they are accounted for in the

76

77

78

Francesca Campi and Roberta Massabò

delaminations, aO, for different numbers of delaminations, n. The indentation load is strongly
affected by the presence of a damaged area. All curves in the figure show a similar trend:
there is a first sudden and important drop of the indentation load for small values of aO; on
increasing aO, the indentation load PcrDel shows a transition from the indentation load of an
intact sheet Pcr (for aO ĺ 0) to that of a fully delaminated sheet PcrLim; the curves tend to the
horizontal asymptotes:
PcrLim
Pcr

1
n 1

(6)

Both the number and the length of the delaminations strongly influence the indentation
load. In a sandwich beam with a Divinycell H100 foam core and glass fiber-epoxy face
sheets, with Young’s modulus of the core Ec = 120 MPa, Vcr = 1.45 MPa, Ef = 30 GPa, c = 20
mm and t = 4 mm, the presence of a single delamination of length 2a = 20 mm, corresponding
to aO 0.5 produces a 20% reduction of the indentation load of the intact beam; if the
number of delaminations is n = 10 the reduction is 65%; if a single delamination is longer
than 60 mm, corresponding to aO  the reduction is approximately 30% (in the
calculations, the modulus K of the foundation has been assumed K = Ecb/c).

PcrDel
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Figure 3: Dimensionless diagram of the indentation load of a partially delaminated beam normalized to the
indentation load of an undamaged beam as a function of the dimensionless length of the delaminations aOfor
different values of n.

2.2 Load for progressive yielding of the core
When the transverse displacement at the coordinate z 0 reaches the critical value wcr, a
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plastic zone forms in the foundation (Fig. 2b). In the plastic zone, of length 2s, the reactions
of the foundation are constant, q = qcr, and the governing equation becomes:
12 n  1
w 
E f

2

IV

(7)

0

for z d s , with general solution:
2

w z

z 4 n  1
z 3
z 2

 c9  c10  c11 z  c12
2 E f
6
2

(8)

where E f =Ef / Vcr.
The governing equation for s d z d a is Eq. (1) and for z t a is Eq. (2), with general
solutions (3) and (4). Besides the boundary conditions required for the solution of the elastic
portion of the beam, new conditions must be imposed on the continuity of generalized
displacements and stress resultants at the boundary z s between the plastic and the elastic
foundation.
The critical load for progressive yielding of the core PyLim, of a fully delaminated sheet (a
ĺ ), normalized with respect to the indentation load PcrLim, is given as a function of the
dimensionless half length of the plastic zone, sO n  1 , by the following equation:

PyLim
PcrLim

3

2s 3O 3 (n  1) 2  6sO n  1  6s 2O 2 (n  1)  3
.
3(1  sO n  1)2

(9)

The equation is presented in the diagram of Fig. 4. The response is strain hardening,
namely the load for progressive yielding of the core is an increasing function of the size of the
plastic zone. The limiting solution of Eq. (9) and Fig. 4 describes the response of the system
in all cases where a >> s.
In addition, for n = 0 and PcrLim = Pcr, Eq. (9) and the curve in Fig. 4 describe the load for
progressive yielding of an undamaged beam, Py, that is given by:

Py
Pcr

2s3O 3  6sO  6s 2O 2  3
3 1  sO
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2

.

(10)
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The influence on the load for progressive yielding of the core, PyDel, of a delaminated
region of finite size, with aO 0.8 , is studied in Fig. 6; PyDel is normalized with respect to the
indentation load of an undamaged beam, Pcr, and presented as a function of the dimensionless
half length of the plastic zone, sO , for n = 1 (Fig. 6a) and n = 10 (Fig. 6b). In the exemplary
beam described above, aO 0.8 would correspond to a length of the damage portion 2a = 30
mm. The responses of an undamaged beam, Eq. 10, thin solid line, and a fully delaminated
beam, Eq. 9, dashed line, are also presented in the diagrams. As expected, the curve of the
undamaged beam defines the upper threshold of the solution. The curve of the fully
delaminated beam defines the lower threshold for s < a: the load for progressive yielding of
beams with finite size damage always falls within the two limits independently of the length
of the damage and the number of delaminations. On the other hand, for s > a, the presence of
a damaged area of finite size can lead to loads for progressive yielding of the core that are
below those of a fully delaminated beam. This effect is more important if the number of
delaminations is high (Fig. 6b) and tends to disappear only for large values of sO(not shown),
when the solution for the damaged beam approaches that of an intact beam.
4 CONCLUSIONS
An analytical model has been formulated to study the problem of the indentation of a
sandwich beam with a partially delaminated upper face. The model represents the delaminated
face sheet as an Euler Bernoulli beam resting on a Winkler elastic-perfectly plastic foundation
and assumes the delaminations to be stationary. The work is preliminary to the more complex
problem of the interaction between different damage and collapse mechanisms in sandwich
systems subject to static and dynamic loading conditions.
The results of the model show that the number and lengths of the delaminations strongly
control all phases of the indentation response. In the exemplary sandwich beam considered in
the main text (Divinycell H100 foam core, glass fiber-epoxy face sheets, with Ec = 120 MPa,
Vcr = 1.45 MPa, Ef = 30 GPa, c = 20 mm and t = 4 mm), for instance, the presence of a single
delamination of length 20 mm induces a 20% reduction of the indentation load and if the
length of the delamination is longer than 60 mm the reduction grows up to 30%. If there is
more than one delaminations the effect becomes even more important.
The indentation response of the beam is strain hardening; this suggests the possibility that
modes of failures other than the yielding of the foundation can occur, e.g. the propagation of
the delaminations in the face sheets or interfacial fracture at the face/core interface. The
interaction of these damage mechanisms will be considered in future work.
The indentation response of an undamaged beam (Eq. 10) defines an upper threshold to the
solutions of damaged beams with defects of different sizes. The indentation response of a
fully delaminated beam (Fig. 9) defines a lower threshold only when the size of the plastic
zone is shorter than the damage size, for s < a. For s > a the load for progressive yielding of
the core of a beam with a finite size damage can be lower than that of a fully delaminated
beam. This effect is controlled by the number of delaminations and lasts also for s >> a.
A consideration on one of the assumptions of the model needs to be done. The sandwich
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Summary. The paper deals with deflected delaminations at core-core interfaces in sandwich
structures. The background for this is a new concept for the control of delaminations in
sandwich structures. This delamination control mechanism has previously been referred to as
a peel stopper. Special attention is drawn to the correlation between the obtainable
propagation length along a core-core interface prior to crack kinking and the core junction
angle. In order to obtain a robust functional peel stopper the risk of initiating new interface
cracks at the peel stopper-face interface after the parent delamination has been the deflected
should be minimized. This has been considered in this paper through numerical analyses, and
it is further demonstrated that experimentally measured crack propagation lengths and
results from previous studies agree very well.

1 INTRODUCTION
A numerical and experimental investigation of the kink tendency of core-core interface
cracks in sandwich structures is the focus of this paper. This particular problem is especially
interesting in relation to sandwich structures and a newly invented concept, which is called a
“Peel stopper”.
Even though the sandwich concept offers superior advantages with respect to stiffness
and strength per unit weight of structure, some drawbacks do exist. Thus, sandwich structures
are vulnerable to face sheet peeling, which is a damage mode where the face sheets
delaminate from the core, which may occur very rapidly and without prior warning. This type
of damage mode can be detrimental for the structural integrity of e.g. an air plane or a ship
structure. Due to this, the issue of prevention and delay of crack/delamination initiation and
propagation has been topics of significant interest for the past decades. Overall this is
covered by the concept of damage tolerance. A few concepts for enhancement of the
resistance against face peeling have been proposed. One such concept was suggested by J.
Grenestedt [1, 2]. In this concept certain areas/zones of the face sheets are allowed to peel
off, thus preventing the debonding/delamination to propagate beyond these allowable face
sheet areas/zones. Face stitching is another concept which has been investigated by several
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researchers [3,4]. The principal idea is to stitch the two outer face sheets together. This
method increases the interlaminar/interface strength (and interlaminar fracture toughness) of
sandwich structures by several orders of magnitude. However, both concepts involve rather
complex and costly manufacturing methods.
Another method of enhancing the debonding/delamination resistance of sandwich
structures, which may overcome the problems of the two other conceptual methods
mentioned above, is proposed by a new peel stopper concept [5,6,7]. The idea is to embed a
specially shaped component made of an appropriately chosen material into the core of a
sandwich panel. A sandwich core with inserts, edge stiffeners or other embedded appliances
is usually assembled/prepared before the face sheets are attached, and the proposed peel
stopper concept can easily be included when the sandwich core is prepared. The governing
principle behind this invention is to control the debonding/delamination progression and face
peeling by forcing the delamination crack to propagate away from the face-core interface into
a confined area within the sandwich core, which restricts further crack propagation. It has
been demonstrated experimentally that the peel stopper concept effectively reroutes and stops
propagating face/core delaminations/debonds in sandwich structures [6, 7]. However, a more
thorough physical understanding of functionality of the peel stopper is still needed. This will
be addressed in this paper.
A numerical model of a sandwich beam with a crack located at an inclined peel
stopper/core interface was analyzed with respect to the crack kinking tendency [8]. The
optimal peel stopper will not allow crack kinking out of the peel-stopper/core interface, and
therefore it is important assess/estimate under which conditions interface propagation is
favoured compared to crack kinking. Similar studies of interface cracking, kinking, and
deflection has previously been studied by He, Suo, and Hutchinson [9-12].
The objective of the paper is to characterize the conditions under which new cracks
between the peel stopper and face sheet interface may be initiated and further propagate.
Furthermore it is the objective to examine, through experimental investigations, the
correlation between core junction angle and the crack propagation length. The experimental
results are then compared with the numerical results reported in [8].
2 POSSIBILITY OF INITIATING NEW INTERFACE CRACKS
It is of vital importance for the peel stopper concept that new cracks do not initiate from
the peel stopper-face interface after the parent delamination has been deflected by the peel
stopper wedge. Special attention is drawn to the transverse normal- and shear stresses at the
interface in the vicinity of the tri-material corner (cf. Figure 1). The model is analyzed for a
core junction angel of ș=20º.
The beam model is simple supported near the edges and loaded statically with a fixed
downward displacement of 20mm in the centre. The core constituents consist of two different
density foams. The stiffer core is located near the edges and in the centre, and the compliant
core is located between the stiffer core parts. The face sheets are modelled as homogeneous
isotropic layers. This represents a simplification of the actual material from the tests described
in the next section, but it is assessed that this simplification will not qualitatively alter the
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conclusion drawn from the results presented in this section. The elastic properties used for the
modelling are given in Table 1.

Figure 1: Sketch of the analysed model. The finite element software package ABAQUS® was used to perform
the analyses. The transverse normal- and shear stresses were analysed along the bottom interface (s2) for two
crack propagation length along the core-core interface (dashed line symbolise the crack).

E-modulus Poisson’s
[MPa]
ratio
Face sheets
E= 25050
0.30
HP200 (stiff core)
E=250
0.32
H60 (compliant core)
E=42
0.32
Table 1. Elastic properties used in the FE-model.

The FE model is analyzed assuming linear elastic material properties, small nodal
displacements and plain strain conditions. Furthermore, the model has been meshed with
quadratic elements (6- and 8-node elements), with highly refined meshing along the interface
of interest (s2, see Figure 1 and Figure 2).
The distributions of the transverse normal- and shear stresses along the interface s2 are
graphically presented in Figure 3. Two scenarios have been analyzed; one where the crack has
propagated 5mm (pink curve) along the core-core interface, and another where the crack has
propagated 15mm (black curve) along the same core-core interface.
It is seen that the stress levels for the crack which has propagated 15 mm are much lower
than when the crack has propagated 5mm up along the core-core interface. Accordingly, the
”risk” of initiating new cracks (or further crack propagation) decreases as the crack tip is
moved up along the core-core interface.
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Figure 2: Zoom of finite element mesh in the vicinity of the crack tip along the bottom face-core interface.
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Figure 3: Left: Transverse normal interface stresses for two crack tip positions. Right: Interface shear stresses for
the same two crack tip positions.

3 EXPERIMENTAL SETUP
An experimental three point bending quasi static test has been conducted on several
sandwich beams with inclined core junctions. The purpose of this test series was to
investigate the correlation between the propagation length (s1) along the core junction
interface prior to kinking and the core junction angle ș (see Figure 3). The propagation length
s1 is measured between points A and B.

Figure 3: Correlation between the core junction angle (ș) and the propagation length (s1)
along the core-core interface.

Twelve specimens were manufactured in four groups with three similar specimens in each
group. The four groups differed from each other by varying the core junction angle. The
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angles studied were 10º, 20º, 30º and 40º. Illustrations of the specimen in each of the four
groups are shown in Figure 4.
The specimens had stiffer cores located at the edges and at the mid span in order to
redistribute the applied external loads. Between the stiffer core constituents a compliant core
was placed. This sequence of varying core densities is commonly seen in practice. One of the
compliant core constituents was pre-cracked in order to obtain a well defined starting point of
failure (dashed line in Figure 4). This pre-crack was made with a razor blade, which gave a
sharp crack tip and an excellent approximation to a “naturally” created crack tip. The sheets
of the sandwich beams were made from eight layers of GFRP. Starting from the outer layer at
the bottom face sheet the stacking sequence was [+45,-45,0,90]S. The zero direction was
chosen to be along the beam length direction.
The core constituents were glued to each other with and Araldite epoxy [13] and cured for
24 hours. The sandwich laminate assembly was finally manufactured using vacuum infusion
(VARTM) with an epoxy resin [14]. After the vacuum infusion process the specimens were
cured for 24 hours.

Figure 4: Four sandwich beam configurations tested quasi-statically in three point bending. The four
configurations differ from each other by having different core junction angles.
The materials used for the stiff and compliant cores were Divinycell® HP200 and H60,
respectively [15]. The estimated properties for the material constituents are given in Table 2.
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E-modulus
Poisson’s
[MPa]
ratio
GFRP [0º]
E1= 47000, E2=8000
0.34
HP200 (stiff core)
E=250
0.32
H60 (compliant core)
E=42
0.32
Table 2. Estimated elastic properties for material constituents.

4 RESULTS FROM QUASI STATIC TESTS
The response curves obtained from the tests are shown in Figure 5. The initial part of all
curves is approximately linear until the manufactured pre-crack starts to propagate. When this
happens there is a sudden load drop. The load level where the pre-crack starts to propagate
varies slightly, and an explanation to this could be small discrepancies of the actual size and
sharpness of the pre-crack among the specimens. Since this is not the major concern of this
investigation it has not been explored further.

Figure 5: Load vs. displacement curves of the tested specimens. An unintentional stop of the
data sampling occurred for specimen 12 – marked with a circular point.

Figure 6: High speed image recordings (6000 fr/sec). In all cases the propagation initiates from the left
pre-crack tip and propagates toward the tri-material corner.

The initial propagation of the pre-crack was observed to be very similar for all specimens
(see Figure 6). The initial propagation started from the left tip of the pre crack and then
propagated toward the tri-material corner, and during this event a major load drop was
observed. However, when the crack tip reached the tri-material corner, it appeared that the
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propagation momentarily stopped. The load was then partly regained, and at a certain load
level the crack then again propagated but at a much slower rate/speed.
Two types of propagation sequences were observed. The first and most often occurring
sequence is sketched in Figure 7 (A), where the right tip of the pre-crack stays at rest during
the whole event. This particular propagation sequence was observed for specimens 1 to 6 and
further for specimens 10 and 12. It can be observed from the post mortem pictures in Figure 9.
The final loss of load bearing capability occurred for propagation sequence-A when the
interface crack (crack segment-2) in Figure 7 (A) kinked out and into the stiffer core, which
created crack segments 3 and 4.

Figure 7 illustrates the two major propagations sequences observed during the experiment.
The crack path is divided into segments according to their appearance.

The second propagation sequence occurred for specimens 7 to 9 and number 11 and it is
sketched in Figure 7 (B). This propagation sequence differs from the first propagation
sequence by not forming any crack kink out of the core interface (interface between the stiff
and compliant core). Instead the propagation developed from the right tip of the pre-crack and
propagated along the top face sheet toward mid span of the beam. This furthermore led to
very large deflections (see Figure 5) for these particular specimens.
Microscopic images of those four specimens that followed propagation sequence-B
revealed that they did only propagate a very small distance up along the core-core interface
(s1) see Figure 8.
Figure 9 shows post mortem pictures demonstrating the crack formation patterns for all 12
sandwich specimens.
Representative images captured from high speed video recordings of specimens that
followed propagation sequence-A is shown in Figure 10 to Figure 12. The images clearly
demonstrate that the cracks kinks out of the interface.
The distance along the core-core interface measured from the tri-material corner to the
point where the crack kinks out is given in Table 3 (see also Figure 3). Even though the width
of the beam (30mm) was relatively small compared to the length of the beam, discrepancies
between the measured propagation lengths on the front and back sides of the specimens were
observed. Accordingly, the front- and back side measurements were averaged to obtain a
single value for each specimen.
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Figure 8. Microscopic images of the four specimens that did not kinked out of the core-core interface
(i.e. that followed propagation sequence-B).

Figure 9: Post mortem pictures of the specimens, which illustrate the crack formation. The black arrow points
out those specimens with delamination growth along the top face sheet and core (propagation sequence-B).

Figure 10: High speed images (6000fr/sec) of typical crack propagation in sandwich
beam with a 10º core junction angle (propagation sequence-A).
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Figure 11: High speed images (6000fr/sec) of typical crack propagation in sandwich
beam with a 20º core junction angle (propagation sequence-A).

Figure 12: High speed images (6000fr/sec) of typical crack propagation in sandwich
beam with a 40º core junction angle (propagation sequence-A).

It is further indicated from Table 3 that there is a correlation between the core junction
angle and the propagation length (s1). This has been presented graphically in Figure 13
together with the simulated estimates for the propagation length (s1).

Specimen No.
1
2
3
4
5
6
7*
8*
9*
10
11*
12

Core
junction
angle
[º]
10
10
10
20
20
20
30
30
30
40
40
40

Measured propagation length (s1)
Front side Back side
[mm]
[mm]
28.0
25.2
27.6
13.3
18.0
24.3
6.8
6.9
6.0
2.8
3.4
3.5

29.9
29.5
29.7
23.2
16.4
27.7
9.0
6.4
7.5
0.0
4.4
3.2

Average
[mm]
28.9
27.3
28.6
18.2
17.2
26.0
7.9
6.7
6.8
1.4
3.9
3.4

Table 3: Measured propagation length (s1) for each sandwich specimen. The propagation lengths on the front
and back sides of the specimens were measured and averaged. The specimens marked with * followed
propagation sequence-B.
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Care should be exerted in drawing definite conclusions about the propagation lengths for
the specimens that followed propagation sequence-B because the interface cracks did not kink
out. However, the estimated propagation lengths are still given in Figure 13 and Table 3 and
they should be considered as minimum values for each particular specimen.
The tendency seen from Figure 13 is that the core-core interface crack will tend to
propagate easier along a core junction interface with a low inclination angle compared to a
core junction interface with a higher inclination angle. This observation correlates very well
with the FE simulation results presented in Figure 13 (see also [8]), but it should be noticed
that the FE results presented herein are based on an interface toughness law which only has
been measured for low mode mixities and extrapolated to higher mode mixities with a
trigonometric function.
35.0
Propagation length (s1) [mm]

30.0
25.0
20.0
15.0
10.0
5.0
0.0
5

10

15

20

25

30

Core junction angle [deg]

35

40
Exp

45
FE

Figure 13: Experimental measurements of core junction angle vs. the propagation length compared with FE
simulated values. The experimental measurements marked with red are values from the specimens that followed
propagation sequence-B.

9 CONCLUSIONS & DISCUSSION
Quasi static three point bending tests of sandwich beams fabricated with inclined core
junction have been performed. Twelve specimens were manufactured and divided into four
groups, where the three specimens in each group had the same core junction angle different
from the core junction angle of the other two specimen groups. The specimens were precracked with a razor blade in order to achieve a well defined starting point of failure. The
specimens were made from Divinycell foam core and GFRP face sheets. Two different crack
propagation sequences were observed during the tests; one where the crack propagated up
along the core-core interface from where it then kinked down into the stiffer core, and a
second sequence where core-core interface crack did not kink out. For both propagation
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sequences the propagation length along the core-core interface, prior to crack kinking, was
measured. Specimens that exhibited the second propagation sequence showed larger
deflections than the specimens that followed the first propagation sequence. From the
experimental observations and measurements it was observed that a correlation exists between
the core junction angle and the crack propagation length measured along the core-core
junction interface. Thus, it has been established that the crack can propagate a longer distance
along the core-core interface without kinking away from the interface for small core junction
angles, whereas steep core junction angles lead to very short crack propagation lengths along
the core-core interface.
The experimentally obtained correlation between core junction angle and crack
propagation length along the core-core interface has been compared with predictions of finite
element analyses (FEA) [8]. The FEA analyses were based on a Linear Elastic Fracture
Mechanics approach together with a relation between the stress intensity factors of an
interface crack and a kinked crack proposed by He and Hutchinson. An excellent match
between the experimental results and the FEA results was observed, but it should be noted,
however, that the FEA results presented (see [8] for details) were based on an interface
toughness law which was only measured for low mode mixities and then extrapolated to
higher mode mixities with a trigonometric function.
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Summary: The use of sandwich construction is increasing in high speed marine craft due to
the high strength to weight capability inherent in sandwich structures. These high speed craft
can experience substantial loading at rates much higher than in other sea craft due to the
slamming of the hull in rough seas. This hull slamming loading is characterized by periodic
yet intense, transient loading. Understanding the fatigue and damage response of sandwich
composites to this intense loading is crucial for the design of safe, long lasting marine craft.
The objective of this investigation is to analyze and record the evolution of failure
mechanisms in sandwich structures due to dynamic high cycle fatigue loading conditions. An
experimental facility for simulating the hull slamming conditions has been established.
Characteristic loads imparted by a pneumatic hammer along with pulse shaping techniques
produce repeatable load pulses simulating hull slamming conditions on panels of sandwich
structures of interest such as those with fiber reinforced composite face plates and polymeric
foam cores.
1 INTRODUCTION
The development of recent marine craft has seen the emergence of light-weight designs for
high-speed seaborne structures, with novel concepts such as hybrid hulls and catamarans for
high speed and long distance missions. These high-speed marine craft could experience a
significant number of hull slamming events leading to dynamic high cycle fatigue. The
fundamental knowledge gained in this effort will be useful in developing mitigation strategies
for hull slamming. It is also anticipated that the proposed research will help in identifying the
parameters of significance in developing design rules/maps for selection of candidate
material/structural systems for application in the development of new generation of light
weight, high-speed marine structures.
High impulsive loading on bows by hull impact remains an area of concern in high-speed
ship design. Most studies that have been carried out on slamming have been performed by
either by dropping panels or wedges into water [1]. The wedge water entry problem has been
studied for many years [2] and of the theoretical pressure distributions have been calculated
for such geometries [3].
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Though such studies have provided insights concerning scaling laws for local slamming
pressures, the mechanisms of load transfer to the structure from slamming and subsequent
damage are not clearly understood. In most cases, the structure is considered to be rigid and
only limited studies have explored the deformability of the structure due to wet deck
slamming. Due to the unpredictability of hull slamming, designing bows to handle impact
loading without sacrificing the functionality of the vessel remains difficult. Since hull
slamming can lead to catastrophic damage such as complete collapse of the bow structure, we
seek to understand the deformation and failure of sandwich structures due to this impulsive
loading.
2 EXPERIMENTAL SETUP
The intent of this investigation is to characterize the damage due to repeated hull
slamming events, as well as, the influence of foam core thickness and material properties on
various failure modes. The response of structural materials used in high-speed marine craft
including composites and sandwich structures to wave slamming loads will also be
investigated. The experiments will be performed using a specially-designed impact facility
that will impart periodic loading, simulating dynamic fatigue conditions. Pulse shaping
techniques will be used to generate typical wave slamming profiles [3]. The experimental
setup shown in Fig. 1 includes a pneumatic hammer operating under high pressure, which
generates repeatable load pulses corresponding to hull slamming conditions as determined
from the experiments [4].

Fig. 1. Hull slamming simulator facility for imposing dynamic loading on sandwich structures.

The dynamic pulsatile loading will be imposed on specimens and panels of materials of
interest while being subjected to various states of in-plane stress corresponding to slamming
loads (Fig. 2). Due to the transient nature of loading and dissipation due to damage/plasticity,
the temperature may increase considerably over ambient temperature and thus affect the

98

Michael L. Silva and Guruswami Ravichandran

material properties and damage evolution. The evolution of damage will be monitored in-situ
using optical digital image correlation (DIC) [5] and thermal imaging (IR camera). We plan to
use two high resolution CCD cameras (DIC-1,2) synchronized to record images of the
deforming surface and using DIC, we will obtain the complete 3-D displacement field.
Oscillatory
loading
Specimen

Pulse
shaper

DIC-1

DIC-2
IR Camera

Fig. 2. Schematic of experimental setup
for dynamic loading to simulate hull
slamming.

Based on the experimental data (loads, deformations), 3-D criteria will be developed for
the evolution of damage and failure of materials subjected to repeated loading (dynamic
fatigue) conditions as a function of stress state, frequency and amplitude of loading. Of
particular interest are the mechanisms of damage and threshold for damage initiation.
Residual strength of the sandwich structures will be evaluated at periodic intervals over their
life time and will be correlated with the damage accumulation. The experimental will be used
to validate the models and simulations of failure due to hull slamming.
The loads representative of the hull slamming events are to be applied to the sandwich
structures and their effects evaluated using the non-contact diagnostics and as well as
embedded sensors in the structure. Our slamming simulator has been designed and fabricated
to apply a desired loading profile a frequencies up to 3 Hz. Though the actual slamming
events are of much lower frequency, the ability to rapidly apply cyclic loading provides an
opportunity to study material and structural damage in high cycle loading conditions
corresponding to hull slamming. A schematic of the setup is shown in Fig. 3. As the valve is
opened, the pressurized air is released from one side of the cylinder resulting in a force that is
imparted onto the sample. The force generated is measured by a force transducer inline with
the piston. The loading corresponding to the slamming event is applied to the structure using
an appropriately shaped impactor using the air driven cylinder, which is controlled via a
computer program. The impacted structure is monitored using both non-contact optical
techniques and strain gages mounted on the sandwich structure.
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Valve

Regulated
Lab Air

Sandwich
Structure

Fig. 3. Schematic of the hull slamming simulator

3 IMPACTOR DESIGN
Utilizing 3-D finite element modeling, the impact head is designed for emulating the
magnitude and distribution of the slamming load. Several geometries of impactors have been
studied as shown in Fig. 4 along with the resulting pressure distribution along the contact
surface. Nylon was chosen as the impactor material since it will deform under loading and
allow the pressure to be distributed. Comparing the trapezoidal to the rectangular impactor,
the peak pressure increased by a factor of three even though the contact area decreased by a
factor of two. The cylindrical impactor gave a peak pressure four times the rectangular
impactor. After additional analysis, an appropriate geometry and material combination is
chosen to form the impactor for simulating realistic hydroelastic conditions.
The stress distribution for a cylinder impactor can be seen in Fig. 5. The contact surface
between the impactor and plate is influenced both by the deformability of the material and the
stiffness of the panel. These parameters will also play a role in designing the impactor to
apply a load similar to hull slamming.
The design of the hull slamming simulator has been analyzed using displacement based
finite elements. The sandwich structure that is subjected to loading consists of two CFRP face
plates (0.127 cm thick) and a high density PVC foam core (2.5 cm thick). The load is applied
using a rectangular nylon block in the form of pressure of 4.8 MPa, which corresponds to
typical hull slamming loads experienced by the marine craft. The boundary conditions
simulated correspond to clamped boundaries on all edges. Only a quarter of the geometry is
simulated by virtue of symmetry and is highlighted in Fig. 6(a) and the mesh is shown in Fig.
6(b).
The corresponding equivalent (Mises) stress contours are shown for the top and bottom
face plate in Fig. 7(a) and (b). The top face plate has a maximum stress of 97.8 MPa while the
bottom face plate has a maximum stress of 82 MPa, both of which are well below the failure
strength of the CFRP. The locations of the maximum stress are at the edge of the plate in the
top face plate and at the center of the bottom face plate. The contours of the equivalent stress
in the PVC foam core are shown in Fig. 10. The maximum equivalent stress in the foam core
is 5.63 MPa, which occurs at the top side under the short edge of the impactor. These values
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provide insight into the potential failure sites and modes under hull slamming conditions.
Validation studies and detailed investigation are currently in progress.

Fig. 4. Pressure distributions along contact edge for various impactor geometries

Fig. 5. Equivalent (Mises) stress distribution under a static load with clamped ends.
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Fig. 6. (a) Plane view of the finite element model showing the impactor and the sandwich structure,
(b) 3-D Mesh of the impactor and the sandwich structure.

Fig. 7. Equivalent (Mises) stress contours in the (a) top face plate and (b) bottom face plate.

Fig. 8. Equivalent (Mises) stress contours in the PVC foam sandwich core.

4 EXPERIMENTAL OBSERVATIONS
Preliminary testing of a sandwich structure has been preformed and the response
monitored using strain gages bonded to the face plates. Several specimens with were
fabricated several sandwich structures with various initial debond areas [6]. A typical profile
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of the loading pulse sequence obtained using the hull slamming simulator is shown in Fig. 9.
The loading pulse consists of sharp rise and a gradual fall similar to the load profiles for hull
slamming conditions [4].

Fig. 9. Typical transient load profile obtained using a hemispherical nylon impactor.

Evolution of strains in the rear face plate was monitored using stain gages bonded to the
surface of the sandwich structure. The evolution of strains with increasing number of cycles
is shown in Fig. 10 for a sandwich structure with an initial debond (25 mm in diameter) in a
central region between the rear face plate and the core. Though the strain signals during
loading and unloading remains nearly indistinguishable with progression in the number of
loading cycles, there is a clear tendency for the residual strain to increase with time. After
loading these structures for an extended period of time, it was found that the residual strain
appears to be a good indicator and measure of the delamination.

Residual
Strain

Fig. 10. Sequences of strain profiles at the center of rear face plate in a sandwich structure with an initial debond
during hull slamming simulation studies.
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5 CONCLUSIONS
A hull slamming simulator has been constructed to study the evolution of damge in
sandwich structures under repeated dynamic transient loading conditions. By appropriate
selection of impactor material and geometry, the loading pulse can be tailored to match the
loading pulses corresponding to actual slamming conditions [4]. The hull simulator provides
a unique facility to investigate in detail, the mechanics of damage in sandwich structures
under realistic transient loading conditions. Efforts are under way to measure the full field
surface deformation of the face plates in real time by implementing the 3D digital image
correlation (DIC) technique and tracking the delamination process in-situ by imaging the zone
of increased temperature due to dissipation using a high resolution infrared thermal
camera. The delamination initiation threshold will be characterized and correlated with
damage accumulation as a function of pulse duration, frequency and amplitude. The
experimental results will be used to guide the development of models for predicting damage
under hull slamming conditions experienced by high speed marine craft.
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Summary. A lumped-mass / spring model has been developed for the simulation of fully
penetrating ballistic impact of sandwich panels idealized as an axisymmetric plate. The effect
of geometric nonlinearity has been considered in the analysis where the modes of deformation
included are: localized face-sheet stretching, core shear compliance, core compressibility and
overall bending deformation. The impactor has been idealized as a lumped mass with the
incidental velocity of the impactor, connected with the panel through contact springs. For
comparison, the model is presented with and without consideration of geometric nonlinearity,
in both cases providing temporal and spatial data on deformations and velocities associated
with the panel deformation. The simulation results are compared with measured data for
energy absorption, obtained through experiments.

1 INTRODUCTION
Sandwich structures are used extensively in different types of vehicles where the mass is a
determining factor in its design. Such vehicles in their civil use are in general exposed to
localized impact by small, hard objects like runway debris, railway ballast, hail or some other
entity traveling at a considerable relative velocity. For applications (civilian or military) in
conflict areas, blast fragments and similar threats are relevant to vehicle design. In some
cases, the velocity of the impactor is sufficient for a complete penetration of the panel, and
prediction of the penetration process is of obvious interest. Investigations have been carried
out in different ways ranging from simple empirical models to sophisticated numerical
techniques, depending on the importance and severity of the impact. In this context,
commercial codes like LS-DYNA, ABAQUS, PAMCRASH or AUTODYN are capable of
predicting the impact process with reasonable accuracy, and some investigations (e.g., [1-4])
have been carried in this direction. However none of these studies have included full
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penetration of a sandwich panel. Even for impact of monolithic composite laminates, where a
number of studies on low velocity impact have been conducted (e.g. [5-14]), a fully
penetrating impact process has been addressed by very few investigators (e.g., [15-16]).
Finite-Element simulation of this type of problem requires an extensive computational effort
due to the considerable range of discretization of the structural system for precise
representation along with other issues related to the problem. Interpretation becomes difficult,
in part due to the vast amount of data generated, but also because failure phenomena may be
attributed to several distinct physical causes. Finally, the computation time compromises the
effectiveness of a sufficiently detailed FE-representation in relation to a panel design process.
Considering these aspects, an attempt has been made to develop a relatively simple,
transparent and computationally efficient lumped mass/spring model for the simulation of the
present problem. The central idea was initiated in an earlier study [17] where the sandwich
panel was idealized as an axisymmetric panel considering only core compliance, and therefore
relying on estimates of damage energies and contact force histories. A model developed by
Hoo Fatt et al. [18] shares this conceptual basis by representing the panel structural response
by a mass-spring system. Another model by Skvortsov et al. [19] employs an analytical
scheme of solution for the overall representation of structural energy, but is otherwise similar
to the model described in [17].
The enhanced model presented in this paper includes aspects like core compressibility,
bending deformation and geometric nonlinearity due to large deformation, thereby being able
to provide a prediction of the damage energies and the force history. The impactor has been
idealized as a lumped mass with an initial velocity representing the actual impactor incident
velocity v1, connected to the sandwich panel through a number of contact/penalty springs. In
the development process, the model has accumulated different features and these may be used
in different combinations to test the validity of the modeling assumptions.
2 EXPERIMENTAL INVESTIGATION
The results obtained by the different models in the form of total energy absorption Et
have been compared with those obtained in laboratory tests, using the equipment outlined in
figure 1.
1

2

3

4

Figure 1: Test equipment : 1 : Gun support, 2 : Gun, 3 : Speed trap,
4 : Specimen support frame with ballistic pendulum
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The incidental velocity v1 of the impactor (mass M) is measured using an optical speed trap
placed in front of the gun muzzle while the residual velocity v2 is measured using a ballistic
pendulum placed behind the test panel. With the incidental and residual velocities, the total
energy absorption may be obtained as

Et

(1)

1
2
2
M v1  v2
2

A complete account of the experiments may be found in [20] and [21]. The test specimen
configuration was:
Face-sheets: Three layers of 850 g/m2 non-crimp E-glass [0/90] and one outer layer of 300
g/m2 CSM, isopolyester matrix, total thickness approximately 3 mm per face-sheet.
Core: PVC foam, 80 kg/m3, thickness 40 mm
For the present investigation, two test cases using a hemispherical tip impactor (with mass M
= 1 kg and diameter Ø = 50 mm) at two different impact velocities v1 have been selected. The
corresponding energy absorptions Et are given in Table 1.
Table 1: Experimentally measured total energy and the estimated damage energy
Test Case

v1 [m/s]

v2 [m/s]

ET [J]

I

95

68

2170

II

72

39

1820

3 NUMERICAL MODEL DESCRIPTION

In this model the discretized is made in radial as well as thickness direction as shown in
Figure 2 where the core is divided into m divisions in the thickness direction. The mass of any
cell is similarly lumped at its centroid, which is defined as node having two degrees of
freedom (movement along radial and vertical directions). In the vertical direction the adjacent
nodes are connected through core compression springs while the adjacent nodes in the
horizontal direction are connected through springs having stiffness corresponding to radial
extension and transverse core shear. Figure 4 shows a representative part of the spring/lumped
mass system of the enhanced model. The mass lumped at the typical nodes and stiffness of
different springs may be defined as
mi , j

2SRi 'U f h f

j 1, j

m2

(2)

mi , j

2SRi 'Uc H / m

j z 1, j z m  2

(3)
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kir, j
kir, j

kic, j

4SR i 'HEc / m

j 1, j

m2

(4)

kic, j

2SR i 'HEc / m

j z 1, j z m  1

(5)

2S h f E f / ln( R i1 / Ri )

2S H / m Ec / ln( R i 1/ Ri )
kis, j

kis, j

0

j 1, j

2S H / m Gc / ln( R i 1/ Ri )

j

1, j

m2

j z 1, j z m  2
m2
j z 1, j z m  2

(6)
(7)
(8)
(9)

whereGc is the core shear modulus and Ef and Ec are the elastic moduli of the face and core,
respectively. The mass for the clearance zone is proportionately distributed over the nodes
located at a distance of R1 from the centre line (Figure 2).

Figure 2: Axisymmetric model of the panel and discretization

Note that the face-sheets are represented only by extensional springs – the individual bending
stiffness of the face-sheets is disregarded. Experimental studies have demonstrated that
impact-induced delaminations are formed in the initial contact stage; this is indicated in figure
3, where delaminations along the principal directions of stiffness are visible in frames 2 and 3.
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1)

2)

3)

Figure 3: High-speed camera recording of impact on sandwich panel. Panel and impactor were similar to those
described in this paper, but at a higher impact velocity (v1 = 165 m/s). The panel grid spacing is 50 mm, the three
frames (1, 2 and 3) are recorded at an interval of 125 Ps, and frame 1 corresponds approximately to the instant of
initial contact.

In earlier modeling approaches, the impactor/panel interaction was represented by a force
history F(t). In the present model, the impactor is idealized as a rigid object and it is
represented by a node at its centroid where the mass of the impactor and its initial velocity are
assigned at the beginning of the analysis. The interaction of the impactor with the panel is
achieved through contact or penalty springs connected to the impactor node and the
surrounding nodes at the top face sheet of the panel . The stiffness of a vertical penalty spring
connected to the panel node at a radial distance of Ri is taken as follows.
ki p

2SR i 'HEc

(10)

The central clearance a is taken as much less that the radius of the impactor. Moreover, a
running check is always kept during the entire analysis to ensure contact between the
impactor node and a panel node with their vertical displacement and impactor geometry,
which helped to activate a penaty spring at any stage.
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Figure 4: A representative portion of the spring/mass system

Ballistic impact of the kind considered here is by definition localized but still produces large
deformation surrounding the impacted region. Thus the effect of geometric nonlinearity is
taken into account, based on von Karman’s hypothesis. The formulation is based on total
Lagrangian technique and the Newton-Raphson iteration technique is used to solve the
incremental system of equations as follows.

>K T @^GW `  >M @^W ` ^GF ` ^F `  ^FI `
tangent stiffness matrix and ^FI ` is internal

(11)

where >K T @ is the
force vector, which is
evaluated by multiplying secant stiffness matrix with nodal displacement vector and this is
carried out at the element level. For a typical horizontal spring having radial extension and
transverse shear stiffness the tangent stiffness matrix KTe and secant stiffness matrix K Se in
the global axis system X-Y (Figure 2) may be expressed as

> @

>K @
e
T

b
ªa
«b
cd
«
« a
b
«
¬ b  c  d
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b/2
ª a
« b/2
c/2 d
«
« a
 b/2
«
¬ b / 2  c / 2  d

>K @
e
S

where a
d

kir, j , b

kir, j ( wi 1  wi ) / ' , c

(13)

a
b/2 º
 b / 2  c / 2  d »»
a
b/2 »
»
b/2
c/2 d ¼

^

`

kir, j 1.5( wi 1 , j  wi , j ) 2 / '2  (ui 1, j  ui , j ) / '

and

kis, j . In a linear analysis the displacement dependent stiffness coefficients b and c become

> @

> @

> @

zero where KTe and K Se leads to a simple linear stiffness matrix K e . For the vertical
spring the stiffness matrix in the global axis system X-Y is as follows.

>K @ >K @ >K @
e
T

e
S

e

ª0 0
«0 e
«
«0 0
«
¬0  e

(14)

0 0º
0  e»»
0 0»
»
0 e¼

where e kic, j . This is similarly valid for penalty springs where e
vector of an element may in the global axis system be obtained as

kip . The internal force

>F @ >K @^W `
e
I

e
S

e

(15)

where the nodal displacement vector of an element is ^W e `

T

horizontal spring and ^W e `

T

>u

i, j

wi , j

u i , j 1

wi , j 1

@

>u

i, j

wi , j

u i 1, j

@

wi1, j for a

for a vertical spring. The tangent

stiffness matrix >K T @ and internal load vector ^FI ` of the system are obtained by assembling
those of all the elements, including penalty springs. Finally the strain energy Es and kinetic
energy Ek of the system are evaluated by summarizing over the spring elements and the mass
elements, respectively.
4 COMPARISON OF RESULTS

The numerical model presented above has been used to evaluate the prediction of the
penetration process under the assumptions of geometric linearity and geometric nonlinearity
(i.e. small or moderately large deformations). The predictions of total energy absorption in the
penetration process have been compared to the measured values. In the present numerical
modeling, the radius of the panel has been taken as 1.0m, which is sufficient to avoid any
interference due to reflection of the overall structural waves from the boundaries. The
material properties used for the core (H80 DIAB foam) are: E = 80 MPa, G = 30 MPa and ȡ =
80 kg/m3 while those of the GFRP face sheets are: E = 20 GPa and ȡ = 2000 kg/m3 (the model
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does not yet handle orthotropic face sheets, and is thus based on the quasi-isotropic
equivalent). The panel is discretized using 500 divisions in the radial direction and 10
divisions in the thickness direction of the core. A time step of 1 microsecond has been used
for the time integration of the equation system. The energy absorptions predicted by the
different models are presented in Table 2 along with those measured in the experiment for the
two cases. The different modes used for the simulation are defined as follows.
Model IV: Geometric linearity
Model V: Geometric nonlinearity
(Note: The models were numbered consecutively; models I, II and III were preliminary
models, based on a force-history representation of the impactor/panel interaction – these are
not treated in further detail in this paper)
Table 2: Experimental and predicted energy absorption by the different models
Test case
I

II

Sources

Absorbed energy [J]

Model IV

2237

Model V

2089

Experiment

2170

Model IV

2143

Model V

2033

Experiment

1820

In both cases, the models produce results which are within approx. 15% of the measured
values. Considering the assumptions of isotropy and the moderate sophistication of the
material models, this is satisfactory. Selected deflection results corresponding to test case I are
presented in Figures 5 and 6. The figures show the variation of deflection for the top and
bottom face-sheets along the radial direction at four different instants (0.2 ms, 0.4 ms, 0.6 ms
and 0.8 ms).
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w [mm]
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Top face-sheet
30

Bottom face-sheet
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0.8 ms
20
0.6 ms
15
0.4 ms
10
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5
r [mm]
0
0

50

100

150

200

250

300

Figure 5: Variation of face-sheet deflections, model IV (linear), at times t = 0.2, 0.4, 0.6, and 0.8 ms

In figure 5, the top face sheet deflection exhibits a pronounced (and unrealistic) peak at small
radii 5 mm < r < 10 mm. This effect illustrates the inadequacy of a geometrically linear
description near the centre of impact – the total transverse stiffness is significantly
underestimated. The region of severe core compression is approximately twice the impactor
radius. Outside this region, the compressibility of the core is insignificant.
Figure 6 shows similar results using the nonlinear formulation. Compared with the results
from the linear model (figure 5), the maximum deflections for model V are more moderate;
this is in good agreement with the expected stiffening effect caused by the membrane reaction
as described by a nonlinear model. An additional consequence of the membrane stiffness is
that the region of significant core compression extends to about three times the impactor
radius.
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Figure 6: Variation of face-sheet deflections, model V (nonlinear), at times t = 0.2, 0.4, 0.6, and 0.8 ms

5 CONCLUSIONS

The present model has been developed as a conceptually transparent supplement to
commercially available finite-element codes. The level of sophistication has deliberately been
kept moderate in order to avoid ambiguity in the interpretation of results – as such, the
predictive capabilities of the model are still inadequate. A primary aim of the study has been
identification of dominant effects, e. g. geometric nonlinearity and core compressibility. As
demonstrated, the zone of significant core compression is comparable to the impactor radius,
while the membrane effects of the face-sheets extends somewhat further (depending, of
course, on the specific parameters).
The discretization used in the specific example is much finer than necessary for convergence
– future developments will include separate discretization regions (at larger radii, for
example, core compressibility is not an issue, and structural shear and bending deformation
will adequately describe the panel response).
A key issue in the programming stage has been numerical stability. The formulation of the
contact/penalty springs was adjusted in order to obtain stability in the solution procedure.
Unfortunately, this approach renders the model incapable of representing “percussive”
impact, which may be physically reasonable under certain conditions.
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With the selected discretization, the calculation time was typically less than 10 minutes (on a
dual-core PC with 2 GB RAM), which is quite moderate compared to finite-element codes.
The model is thereby suitable for parameter studies when designing sandwich panels for
protection against penetrating impact.
The modeling of material characteristics is still quite crude, and a key aim for future
developments is representation of face-sheet orthotropy and core compression failure.
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Summary: The paper concerns the failure and fatigue associated with local effects occurring
in the vicinity of junctions between different core materials in sandwich beams subjected to
transverse shear loading. It is known from analytical and numerical modelling that these
effects display themselves by an increase of the bending stresses in the faces as well as the
core shear and transverse normal stresses at the junction between the different core
materials. However, their influence on the failure behaviour is not fully understood, and there
are indications that the present models, which are based on the assumption of linear elastic
material behaviour, overestimate the importance of the local effects with respect to failure
initiation. The present paper presents preliminary results of an ongoing experimental study
on the failure and fatigue of sandwich structures with core junctions. The local effects were
studied both under quasi-static and fatigue loading conditions for typical types of sandwich
beams with glass-fibre reinforced polymer (GFRP) face sheets and core junctions between
polymer foams of different densities and rigid aluminium. In contrast to preliminary studies
using similar specimen types and loading conditions, and to previous studies with in-plane
tensile loading, the experiments did not show an influence of the local effects on the quasistatic failure behaviour or on the fatigue failure. The observed failure was due to core shear
in areas that are supposedly unaffected by the local effects and thus not different to failure of
a sandwich beams without core junctions. However, further experiments with an increased
stiffness mismatch at the junction, different sandwich geometries and with more fatigue load
levels have to be performed before a final conclusion can be made.
1 INTRODUCTION
Sandwich structures have gained an important role in lightweight construction as they can
outperform structurally equivalent monolithic structures for most load cases. However,
difficulties arise when local effects disturb the uniform distribution of stresses in the
constituents of the sandwich structure. These local effects occur due to discontinuities such as
changes of geometry or material properties, or when localised external loads are applied. It is
well known that in the vicinity of sub-structures in sandwich panels, e.g. local to joints, core
junctions or inserts, stress concentrations are present. These may initiate local failure
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processes which lead to global failure of the whole sandwich structure [1].
In the case of local effects that are caused by the mismatch of the elastic properties of the
adjoining materials at core junctions, local face sheet bending and local tension/compression
of the core occur. This is accompanied by an increase of the in-plane stresses in the sandwich
faces and stress concentrations with respect to the shear and through-the-thickness stresses in
the adjacent cores. For the transverse shear load case these stress concentrations, which are
induced by the geometric and material discontinuities at the core junction, compete with the
inherent peak core shear stresses present in the core mid section about being the most critical
in terms of causing failure. The effect of the discontinuities on the stress distribution has been
analytically and numerically modelled for the linear elastic range, and the predicted face
deformations have been verified experimentally by taking local strain measurements [2-4].
With respect to the failure behaviour, however, it is considered that the influence of nonlinear
behaviour of the constituent materials and the high stress gradients close to the junction are
important factors.
The failure prediction concerning sandwich beams with core junctions under quasi-static
transverse shear loading conditions was addressed in [5-7]. Experiments showed that the local
stress concentrations at core junctions pose a risk of premature failure, but also that there are
difficulties in establishing appropriate criteria for assessing the role of the stress
concentrations caused by the local effects.
Under fatigue loading conditions the local effects can have an influence on the failure
behaviour as well. This was shown both for tensile in-plane loading [6] and for three-point
bending loading [8]. For the case of in-plane tensile loading it was clearly shown that core
junctions in sandwich beams can lead to accumulation of damage at the core junction and a
reduced fatigue life. For the case of three-point bending loading the experimental study in [8]
compared different types of core junctions in sandwich beams using a conventional butt
junction and optimised designs and revealed differences in their fatigue lives. However, open
questions remained, such as where the failure actually initiated, how the fatigue life of the
sandwich with core junction relates to a comparable reference sandwich panel without core
junctions, how the stiffness ratio of the cores at the junction influences the fatigue behaviour,
and whether the influence of local effects on the fatigue failure behaviour changes with the
level of the fatigue loading. Further, the number of specimens used in [8] was not sufficient to
draw definitive conclusions.
High-speed video recordings of more recent three-point bending fatigue tests with similar
sandwich beam specimens [9] showed that failure initiation occurred as core shear failure in
the weaker of the two foam cores. This is the “nominal” failure mode of a sandwich beam
without discontinuities under transverse shear loading, as described in more detail e.g. in [10]
for four-point bending loading tests. As there is no immediate physical causality between such
core shear failures and differences in fatigue life due to different core junction shapes as
reported in [8], a larger scale fatigue test series is necessary to allow for a statistical treatment
and examination of a possible correlation. Further, high-speed video recordings are used to
document the failure observed for each single fatigue test. The purpose is to seek a physical
explanation of the reported phenomena, and to relate the findings from the fatigue tests to
results from associeted quasi-static tests. The study compares various core junction designs
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and a reference sandwich without a core junction. The fatigue life is evaluated over a range of
loads to determine Wöhler-curves and to derive a fatigue damage accumulation law for the
considered sandwich configurations. The ultimate aim is to propose a generalised damage
accumulation law for sandwich structures with core junctions.
The current paper presents preliminary results of the ongoing study. The focus of the initial
experiments described in this paper was to compare the effect of different stiffness ratios of
the materials that form the core junctions on the failure and fatigue behaviour.
2 SANDWICH TEST SPECIMENS
Three sandwich beam specimen configurations have been considered in the experimental
investigation. All configurations of sandwich beams contained 2 mm thick GFRP face sheets
and a 25 mm thick core layer. The GFRP consisted of 4 layers of a bidirectional stitched non
crimp fabric with an areal weight of 650 g/m2 using a symmetric and balanced [0/90]2S layup. The core layer of configurations 1 and 2 contained two different core materials in three
sections as shown in Figure 1, forming two core junctions between the different cores.
Configuration 3 contained only one core material; this was meant as a reference specimen
type without a core junction. The width of the sandwich beams was 30 mm in all cases.

Figure 1: Schematic of a sandwich beam specimen with core junctions

The considered sandwich configurations are specified in Table 1. The table also shows the
associated stiffness ratios, i.e. the ratio of the shear moduli of the core materials that
determine the magnitude of the local effects at the junction [4].
Config.

Core material 1

Core material 2

1
2
3

Divinycell H60
Divinycell H60

Divinycell H200
Aluminium
H60

Core junction shape
Butt junction
Butt junction
No junction

Core stiffness ratio
Gcore1 / Gcore2 [MPa/MPa]
22 / 90 [11]
60 / 27000 [11-12]
(1/1)

Table 1: Considered sandwich configurations
The specimens were produced by liquid resin vacuum infusion. The lay-up of the face
sheets was placed on the laminating table, a previously manufactured core plate was placed on
the lay-up of the lower face, and the lay-up of the upper face was placed on top of the core

119

Martin Johannes, Elena Bozhevolnaya and Ole T. Thomsen.

layer. The core plate consisted of the three core materials stated in Table 1. The whole lay-up
was bagged and by a one-step vacuum infusion process a sandwich plate was produced, from
which sandwich specimens were cut and then machined to their final width.
3 EXPERIMENTAL WORK – QUASI-STATIC TESTS
Quasi-static tests to failure were carried out to assess the influence of the local effects on
the static failure behaviour and to get the relevant load levels for the fatigue tests. The tests
were carried out on a Schenck Hydropuls servohydraulic test machine using a three point
bending set-up. The set-up consisted of a lower fixture with two rollers and an upper fixture
with a loading bolt. The specimen was centred with respect to the loading bolt; the span
between the rollers was set to 440 mm. Small polymer tabs were attached to the specimen at
the support points to avoid local indentation failure. The tests were carried out on a Schenck
Hydropuls servohydraulic test machine and run in displacement-controlled mode at a constant
displacement rate of 6 mm/min. Four specimens of each configuration were tested at room
temperature. The load and crosshead displacement data were recorded and high-speed video
recordings were taken of the tests. Figure 2 shows load-displacement curves from the tests.
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Figure 2: Load displacement curves from the quasi-static tests.
Top: Typical deformation and failure behaviour (config. 3 with thick tab at central loading point).
Bottom: Failure by local indentation and face wrinkling (config. 3 with small polymer tab only).
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The top chart of Figure 2 shows a deformation behaviour that is representative for
practically all the tests. After an initial linear stage the specimen deformation continues at a
constant load until failure occurs at very high displacements. The curves were obtained with
specimen configuration 3 using a relatively thick tab of H200 foam at the central loading bolt
in addition to the small polymer tabs that were used in all other tests. Configurations 1 and 2
showed similar deformation behaviour, and there was no need for an additional thick tab due
to the relatively stiff core inserts in these configurations. The bottom chart shows the
behaviour of configuration 3 when using only the small polymer tab at the central loading
bolt. The high compressive stresses at this point lead to core crushing and subsequent face
wrinkling. Alternatively, a medium sized foam tab was used which also lead to local face
failure. It was thus decided to evaluate only those tests of configuration 3 where the thick tab
was used, and to use the same set-up also in the fatigue tests. The average maximum load
from the load-displacement curves of each specimen configuration was used as a basis to
calculate the loads for the fatigue tests.
Figure 3 shows images of the high-speed video recordings showing the failure of a
specimen of configuration 3 with only the small polymer tab (upper left), the medium sized
foam tab (lower left) and with the big foam tab (upper right), respectively, and of a specimen
of configuration 1 with an H60/H200 core junction. It can be seen that the big tab changes the
deformation behaviour, as it suppresses the local indentation at the beam centre. This raises
the question of what is the best set-up to allow for a comparison of sandwich beams without
core junction with sandwich beams with a core junction. It has to be noted that the length of
the big foam tab is smaller than the length of the stiff middle section in the beams with core
junction so that no extra stiffness is introduced relative to those beams. The video recordings
were taken at a frame rate of 1000 frame per second, and neither for configuration 1 nor for
configuration 2 there was evidence that failure was associated with the core junction. Except
for those tests of configuration 3 that were carried out without the big tab all specimens failed
in core shear.

Config. 3 without foam tab

Config. 3 with big foam tab

Config. 3 with medium foam tab

Config. 1

Figure 3: Images of typical failure behaviour in the quasi-static tests
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4 EXPERIMENTAL WORK – FATIGUE TESTS
The main objective of the fatigue tests was to examine whether it is possible to observe and
record a failure behaviour that is associated with the local effects at the core junction. Further
it should be examined if there is a change in fatigue life from a specimen without core
junction to a specimen with core junction, or from a core junction with low stiffness ratio to
one with a higher stiffness ratio, respectively.
The fatigue tests were run in load-control with the same set-up as used in the quasi-static
tests. The loading was sinusoidal with a loading ratio R=Ffat,min/Ffat,max=0.1 and a frequency of
3 Hz for all the tests. Special care was taken to ensure an approximately constant room
temperature throughout the tests by means of an air-conditioning system. It is known from
initial experiments and from literature [10] that a temperature variation of more than 5-10°C
can greatly alter the fatigue life of the Divinycell foams and specimens made thereof. Four
specimens of each configuration were tested in fatigue, and the peak and valley load and
displacement data were recorded. The high-speed video camera was set-up to be triggered
when a certain displacement limit was exceeded so that it would record the final failure of the
specimen. Several attempts were made to track also initial fatigue failure and damage
formation. However, as it is very small cracks or irregularities generally forming in the areas
of maximum shear (between the centre loading bolt and the outer support rolls) in the
centreline of the sandwich beam (the “fracture process zone”, as described in [10]), it was
impossible to correlate this initial failure to a change in displacement. In fact, the reduction in
stiffness during the test was very small until the small initial cracks form a macroscopic
horizontal crack. The final failure occurs when this crack kinks towards the face sheets and
propagates rapidly along the face/core interface. The last stage of failure from macro-crack
formation to final failure happens within a very short time (less than 5% of the fatigue life).
The high-speed video recording captures the shearing of the accumulated macro-crack and the
final failure, but the resolution is not sufficient to identify any small initial cracks. However, it
is believed that there is an indication whether there is a connection between the local effects at
the core junction and the location where the macro-crack is formed and where the crackkinking takes place.
Figure 4 shows images of the high-speed video recordings showing the typical final failure
of specimen configurations 1 to 3. The images of the final failure correspond to the failure
behaviour as described above and in more detail in [10]. The size of the fracture process zone
is related to the area of maximum shear stresses and thus dependent on the loading
conditions [10]. For the given specimen type and loading conditions it has about constant size.
It should be noted, though, that care has to be taken when measuring the size on the failed
specimens. Although not common, it can be seen in the middle picture of Figure 4 that it is
also possible that the cracks do not kink away from the end of the fracture process zone, but
from a place within, so that the length between the kinked cracks does not necessarily
correspond to the size of the fracture process zone.
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Configuration 1: H60-H200 core junction

Configuration 2: H60-aluminium core junction

Configuration 3: only H60 foam - no core junction
Figure 4: Images of typical final failure behaviour in the fatigue tests (Configs. 1-3).

Judging from the failure pictures it has to be concluded that for the examined sandwich
configurations failure was not associated with local effects at the core junctions. This means
that unlike to other tests with in-plane tensile loading [6-7] it is not apparent that the local
stress concentrations at the junctions influence the failure behaviour under the three point
bending (transverse shear) conditions investigated herein. A summary of the observed fatigue
lives is given in Table 2.
Config.
1

2
3

Load level
Ffat,max/Fstat,max
0.50
0.60
0.75 (batch 1)
0.75 (batch 2)
0.50
0.75
0.75

Average fatigue life
[cycles]
494 591
297 250
29 658
31 790
479 787
22 985
58 674

Standard deviation
[cycles]
15515 ( 3%)
32739 (11%)
7506 (25%)
11271 (35%)
84738 (18%)
6352 (28%)
11629 (20%)

Failure mode
Core shear failure
Core shear failure
Core shear failure
Core shear failure
Core shear failure
Core shear failure
Core shear failure

Table 2: Fatigue test results
Table 2 shows an interesting tendency in the recorded fatigue lives. At the same load level
Ffat,max/Fstat,max the fatigue lives of the specimens with core junction are shorter than those
recorded for the specimens without a core junction. Moreover, the recorded fatigue lives of
the specimens with a higher stiffness ratio at the core junction are lower than the ones with a
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lower stiffness ratio. This could indicate a correlation between the stress concentrations at the
core junctions and the fatigue life. However, unlike in the study where such a correlation was
proposed [8], and where optimised and thus only slightly changed core junction shapes were
examined, the change in design of the specimens in this paper also caused a change in the
overall stiffness of the specimens. A direct comparison, in particular of configurations 1 and
2, respectively, with configuration 3, is therefore not possible. A change of the set-up to a four
point bending test could improve the validity of the comparison.
In continuation of the initial stages of the study reported herein, more specimens will be
tested to allow for a thorough statistical treatment. Due to the limited amount of data it is also
omitted to construct Wöhler-curves at the current point.
An open question that has not been raised in detail in previous studies is the influence of
the specimen quality on the fatigue life. This is linked to the variability of the manufacturing
procees, which in this case was vacuum infusion. The overall specimen quality in this study
can be considered as good. However, there are still variations in the average static failure load
from one specimen batch to the other. To compensate for this, quasi-static tests were carried
out for each batch before determining the absolute fatigue load. There were two specimen
batches of configuration 1 that differed in the average static failure load by about 15%, but as
can be seen from Table 2 they yielded about the same fatigue life at the same load level. As a
further improvement of the statistical treatment the manufacture of different specimen
configurations in the same specimen batch could be an option.
5 CONCLUSIONS
This paper has presented preliminary results of an ongoing experimental study on the
failure and fatigue of sandwich structures with core junctions subjected to transverse shear
loading. The local effects were studied both under quasi-static and fatigue loading conditions
for typical types of sandwich beams with glass-fibre reinforced plastic (GFRP) face sheets
and core junctions between polymer foams of different densities and rigid aluminium. In
contrast to preliminary studies using similar specimen types and loading conditions, and to
previous studies with in-plane tensile loading, the experiments did not show an influence of
the local effects on the quasi-static failure behaviour or on the fatigue failure. The observed
failure was due to core shear in areas that are supposedly unaffected by the local effects and
thus not different to failure of a sandwich without core junctions. However, further
experiments with an increased stiffness mismatch at the core junction, different sandwich
geometries and with more fatigue load levels have to be performed before a final conclusion
about the influence of local effects on the failure and fatigue can be made.
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Summary. Debonding between core and facings is a common failure mode of sandwich
structures that can severely damage the load-carrying capacity of the structure. The objective
of this work is to study the effect of debonding in double cantilever beam specimens made of
aluminum facings and PVC foam cores. The configuration follows the standard ASTM
D5528-94a peel test. Four PVC foam core materials under the commercial name Divinycell
H with densities 60, 80, 100, and 250 kg/m3 are considered. In each case debonding is
introduced between the core and the adhesive at the loaded facing of the beam. Linear elastic
fracture mechanics is used to model interfacial crack growth and crack kinking into the core.
Due to the different mechanical properties of the adjoining materials mixed-mode loading
conditions dominate in the neighborhood of the crack tip. Results for the stress and
displacement fields are obtained using a finite element computer code. The energy release
rate and both opening- and sliding-mode stress intensity factors for interfacial and core
cracks are calculated and found that they can be approximated as linear functions of crack
length. From results of stress intensity factors in conjunction with the maximum
circumferential stress criterion it was obtained that for weak interfaces debonding grows
along the interface. On the contrary, for strong interfaces, crack kinks into the core, followed
by rapid curving. After a small initial curved depth h the crack becomes parallel to the
interface. It was obtained that h is inversely proportional to the modulus of elasticity of the
core material and independent of the core thickness.
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1. INTRODUCTION
Sandwich structures are composed of dissimilar materials and exhibit various failure modes
including facing compression or tension failure, core shear failure, compression facing
wrinkling, indentation failure and debonding between the core and the facings. Failure modes
can be caused by accidental overloads of the structure or by initial defects. Sandwich
structures offer improved stiffness and strength to weight ratios compared to monolithic
materials. Furthermore, they present excellent thermal and acoustic insulation properties.
They have found wide applications in weight-sensitive structures where the main loads are
flexural.
A thorough investigation of failure modes of composite sandwich structures made of
carbon/epoxy facings and PVC foam core materials was performed by Daniel and Gdoutos [15]. Debonding between core and facings is a serious failure mode of sandwich structures. It
can be modeled as an interface crack between dissimilar materials and studied by linear
elastic fracture mechanics (LEFM) [6, 7]. Zenkert [8] applied LEFM to analyze the facings to
core debonding in sandwich structures. Carlsson and Prasad [9 – 11] studied the mixed-mode
fracture in a sandwich plate for different loadings on the debonding sandwich facing. A
comprehensive study of the facing to core debonding was performed by Ratcliffe and
Cantwell [12]. Østergaard et al [13] measured the interface toughness in sandwich double
cantilever beams made of glass/polyester facings and PVC cores and found that it strongly
depends on the mode mixity. Berggreen et al [14] developed a numerical model based on
finite elements for the prediction of debonding between facing and core in foam core
sandwich structures. Grau et al [15] determined the interfacial fracture toughness in composite
sandwich panels made of graphite/epoxy facings and an aramid fiber/phenolic resin
honeycomb core. They found that the interfacial fracture toughness increases as much as 70%
as the shear component increases, which leads to an overestimation of the load carrying
capacity of debonded sandwich panels.
In the present work we consider a sandwich double cantilever beam (DCB) specimen made
of aluminum facing and foam core with initial debonding in the form of an interfacial crack
(Figure 1). The growth behavior of the interfacial crack is studied by a finite element analysis
coupled with failure criteria. The fundamentals of interfacial crack propagation in linear
elastic fracture mechanics (LEFM) are first presented. Then, we describe the materials and the
geometry of the sandwich DCB specimen and its discretization. From the finite element
analysis we obtain results for the strain energy release rate and the opening- and sliding-mode
stress intensity factors for the interfacial crack. These results are coupled with the maximum
circumferential stress criterion [16] to obtain the crack growth behavior in the core. Results
for the dependence of the crack growth path in the core are obtained as a function of the
stiffness of the core. It was found that for weak interfaces debonding grows along the
interface, while for strong interfaces crack kinks into the core, followed by rapid curving.
After a small initial curved depth h the crack becomes parallel to the interface. It was
obtained that h is inversely proportional to the modulus of elasticity of the core material and
independent of the core thickness.
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Figure 1: Sandwich peel test specimen.

2. INTERFACIAL CRACKS
Consider an interfacial crack between two dissimilar materials, 1 and 2 (Figure 2). We
briefly present the fundamentals of fracture mechanics of interfacial cracks [17-20]. In elastic
problems of bimaterial bodies two parameters Į and ȕ ( j  {1, 2} ), that express the mismatch of
the elastic properties of the adjoining materials, are defined by [21]:
½
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The singular normal and shear stresses, ıyy and Ĳxy, and the opening and sliding
displacements of the crack faces įx and įy, along the crack axis are given by [7]:
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In the above equation K is the complex stress intensity factor and K1 and K2 are the openingmode and sliding-mode stress intensity factors. Note that the displacement field has an
oscillatory term r iİ which leads to overlapping of the crack faces in a very small area near the
crack tip. For most practical applications ȕ is small and it can be assumed equal to zero.
Under such circumstances no overlapping of the crack faces takes place.
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Figure 2: Interfacial crack between two dissimilar materials.

Thus, the singular stress and displacement fields in the neighborhood of the interfacial crack
are proportional to [7]
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The strain energy density is given by [7]
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For similar materials ( E1 E 2 E ) Eq. (4) gives the value of the strain energy release rate for
a crack in a monolithic elastic material as:
.
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The interfacial crack may propagate along the interface or kink into one of the adjoining
materials. The angle of initial crack propagation, : , is given, according to the maximum
tangential (hoop) stress criterion [16], by:
:
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Kinking of the interfacial crack into the core occurs when the following inequality is
satisfied:
§ max G ·
§ G ·
¨ :
¸ ! ¨
¸
¨ G
¸
© I,cr ¹core © Gcr J ¹int

(7)

The critical strain energy release rate for the core material in mode I, GI,cr , and the critical
interfacial strain energy release rate , Gcr J , as function of mode mixity, are determined
experimentally. They are characteristic parameters of the core and the interface, respectively.
On the other hand, the values of energy release rate for crack growth in the core and along the
interface depend on the applied loads and the geometry of the sandwich plate, and are
determined numerically.
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3. SIMULATION OF CRACK PROPAGATIONS
We consider a sandwich double cantilever beam (DCB) specimen of length 152.4 mm (6
in) and width 25.4 mm (1 in) loaded by a concentrated load at a distance 25.4 mm (1 in) from
its end (Figure 1). The beam is made of aluminum 2024 T3 facings of thickness 1 mm and a
PVC foam (Divinycell H) core of thickness 25.4 mm (1 in). The core is bonded to the facings
by of epoxy adhesive (Araldite AV 138M paste with HV998 hardener [22]) of thickness 0.3
mm. Four different PVC core materials, H60, H80, H100, and H 250, with densities 60, 80,
100 and 250 Kg/m3 were studied [23]. Material properties are given in Table 1. All Divinycell
core materials are considered as linear elastic and isotropic. The specimen configuration
follows that proposed by Prasad and Carlsson [10, 11], which is similar to the standard ASTM
D5528-94a test [24]. An interfacial crack of length 51.1 mm is introduced between the core
and the adhesive at the loaded end of the specimen. Propagation of the interfacial crack is
studied under condition of plane strain.
Modeling and analysis is performed using a computer program developed by the Fracture
Group of Cornell University under the commercial name FRANC 2D [25]. The initial
meshing, the fracture toughness parameters ( K I,cr , Gint,cr J ) and the initial crack configuration
are first introduced. Then, as the crack propagates FRANC 2D removes automatically the
affected portions of the mesh, places a new rosette of appropriate size around the new crack
tip and performs local re-meshing semi-automatically. The elastic stress and displacement
fields and the stress intensity factors are obtained, and the preferred direction of crack
propagation is calculated based on the maximum circumferential stress criterion [16]. The
crack tip is then moved to its new location by a user-specified increment.
Table 1. Material properties.

Materials

t
(mm)

E
(GPa)

Al2024T3
AralditeAV138M
Divinycell H60
Divinycell H80
Divinycell H100
Divinycell H250

1.00
0.30
25.40
25.40
25.40
25.40

62.30
4.700
0.056
0.080
0.100
0.280

Ȟ
0.33
–0.22
0.26
0.29
0.25
0.30
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Ɯ
(GPa)
69.95
4.939
0.059
0.087
0.107
0.308

GInt,cr
GI,cr
(Nmm/mm2) (Nmm/mm2)

0.28
0.45
0.78
1.55

0.10
0.22
0.30
1.00
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Figure 3: Initial meshing.

The model of the sandwich DCB specimen is shown in Figure 3. It is composed of seven
topological regions. Each region is divided into regular and transition sub-regions. Sub-region
boundaries are then subdivided into segments of appropriate number and proportions, and
meshing is done automatically by boundary extrapolation, using Q8 and T6 elements for
regular and transition sub-regions, respectively. The initial model contains 1501 elements
(986 Q8 and 515 T6), of which 282 discretize the upper face, 114 the upper layer of adhesive,
97 the lower layer of adhesive, 97 the lower facing and 911 the core.

Figure 4: Finite element discretization and loading.

Figure 4 shows the mesh part of the specimen with the applied concentrated load and the
interfacial crack. The interfacial crack has an initial length of 25.4 mm and depth of 0.3 mm,
and is introduced between the upper layer of adhesive and the core. It is surrounded by a twolayer octagonal rosette, which is surrounded by a local T6 transition mesh. The internal layer
covers 30% of the rosette radius and is made of triangular square-root-singular elements
(degenerate quarter-point Q8, [25]), whereas the external layer covers 70% of the radius and
is made of trapezoidal Q8 elements. The ability of FRANC 2D to work with square-rootsingular elements is of major importance since it can model the inverse square root singularity
in the neighborhood of the crack tip.
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The initial model is analyzed based on Eq. (3) (for ȕ = İ = 0) to obtain the initial stress
intensity factors (SIFs) by means of the displacement correlation method, which works
correctly both for interfacial and core cracks. In the case of three-noded edges of square-root
singular elements, the stress intensity factor is given by [26]:
K

K IIe1  K Ie2

2S E
4'u1/ 4  'u1
4 l

(8)

where 'u is the vector of relative crack flank displacements. On the basis of the SIFs
obtained, FRANC 2D identifies the three directions of propagation (along the interface, into
the core, or into the adhesive) and computes the associated energy release rates. Then Eq. (7)
is used to determine whether the crack will propagate in the facing, the adhesive or the core.
The PVC-foam core is porous and has very strong chemical affinity with the epoxy
adhesive. Thus, the critical interfacial energy release rate, Gint,cr , is expected to be greater than
the that for crack propagation in the core, GI,cr . In fact, experimental values reported in [27]
suggest Gint,cr  2GI,cr (Table 1), so that for any initial interfacial length, the crack kinks into the
core. In view of these observations, we consider two sequences of configurations (trajectories)
for each model:

Figure 5. Curved interfacial crack propagation in the core.

x a natural trajectory, where the crack kinks into the core (subsequent propagation according
to the maximum circumferential stress criterion), and
x an artificial trajectory, where the crack is forced to stay on the interface, by introducing
artificially low values for Gint,cr .
The natural trajectory near the kink is followed in very small crack increments, since it
exhibits high curvature. In both cases the crack is simulated for values of the distance from
the crack tip, x, up to 25.4 mm (1 in), where x is measured from the lower re-entrant corner as
shown in Figure 5.The results obtained for the artificial trajectory serve as reference values
and a basis for comparisons.
4. NUMERICAL RESULTS AND DISCUSSION
For the prediction of the crack trajectory we use the interface toughness values for normal
adhesion (Table 1). It is obtained that first the interfacial crack kinks into the core and then
curves back toward the interface (Figure 6). For intermediate values of the distance x from the
crack tip (3 mm< x <30 mm), we obtain the following results:
x the crack after a at a small depth

hf becomes

parallel to the interface (as shown in Figure 5)
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x

K I,int , K II,int ,

7), and
x Gint and
8).

and

Gcore

K I,core

vary linearly with the distance x from the crack tip linear in x (Figure

vary linearly with x and are almost independent of the core properties (Figure

Figure 6: Initial crack path trajectory.

Regarding the sub-interfacial crack propagation into the core we observe that the crack
becomes parallel to the interface at a constant depth hf . An explanation of the constant value
of hf and the linear variation of stress intensity factors with the distance from the crack tip x
can be obtained by noting that the debonded part of the specimen (above the crack) can be
considered as a thin cantilever beam ( l d  25 ), elastically supported by the foam core, and
subjected to a dominant bending moment varying linearly with x and to a relatively small
(constant) shear force. Thus, the near-tip stress field is linearly proportional to x and, hence,
the crack propagates in a self-similar manner parallel to the interface. The strain energy
release rate can be determined by differentiating the work of the applied load with respect to
the distance from the crack tip and is constant during crack propagation.
The core stiffness appears to be the main factor that influences the value of the asymptotic
depth hf . Indeed, it can be obtained from Table 2 that the product Ehf is almost constant and
equal to 60 N/mm for the three PVC foam materials H60, H80 and H250. For H100 it takes
the value 70 N/mm. Thus, the depth hf is inversely proportional to the modulus of elasticity of
the core material.
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Figure 7: Dependence of the SIFs on the distance from the crack tip.
Table 2. Values of critical distance hũ and strain energy release rates.
E

H 60
H 80
H 100
H 250

(GPa)
0.059
0.087
0.107
0.308

hf

Ehf

Gcore x  ] 0  ] 1 x  ] 2 x 2

(mm) (N/mm) ] 0 10
1.01
59.6
9.4
0.70
60.9
8.0
0.65
69.6
8.0
0.20
61.6
6.7

2

] 1 10

5.4
5.1
5.1
4.8

3

] 2 10

7.7
8.1
8.1
8.7

5

Gcore
Gint

3mm

2.3
2.3
2.5
2.0

Gcore
Gint

30 mm

2.3
2.3
2.4
2.0

5. CONCLUSIONS
An investigation of the debonding of the facing from the core in sandwich structures with
relatively soft brittle core materials (PVC foams) and stiff facings (aluminum) under a
concentrated load pertaining to the standard “peel test” (ASTM D5528-94a) was undertaken.
Under such conditions and for a critical applied load, debonding propagates along the
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interface only when the adhesion between the interface and the core is weak. Otherwise, the
crack kinks into the core and after a small initial curved path it propagates parallel to the
interface at a depth hf . The value of hf is inversely proportional to the modulus of elasticity
of the core. This behavior is independent of the core thickness, which is an order of
magnitude larger than the thickness of the facing and the adhesive. Away from boundary
effects (e.g., concentrated loads, beam supports, crack kinking, etc.) both stress intensity
factors and strain energy release rate can be approximated as linear functions of the crack
length.
0.3

0.2

G
2

(N mm/mm )

0.1

0.0
0

10

20

30

x (mm)
Interface H60
Volume H60

Interface H80
Volume H80

Interface H100
Volume H100

Interface H250
Volume H250

Figure 8: Dependence of the energy release rates on the distance x from the crack tip.
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Summary: Local effects at core junctions in sandwich structure are assessed experimentally
using thermoelastic stress analysis. It is shown that non-adiabatic effects have significant
effects on the thermoelastic response from thin aluminium face sheets. It is demonstrated that
an experimental model can be constructed that eliminates the non-adiabatic behaviour. It is
shown that TSA can obtain accurate data from a sandwich beam loaded in transverse shear
via three point bending.
1 INTRODUCTION
Sandwich structures are designed so that the face sheets are loaded in a membrane stress
state and the core carries the shear stresses. Difficulties arise when local effects disturb the
uniform distribution of stresses. The local effects occur because of discontinuities in the
structure such as changes of geometry or material properties, or when localised external loads
are applied. It is well-known that in the vicinity of sandwich sub-structures, e.g. joints,
stiffeners or inserts, stress concentrations are present. These may initiate local failure
processes which lead to global failure of the whole structure [1]. In this paper the substructure
is represented simply by junctions of cores with different stiffness. Here the local effects are
caused by the mismatch of the elastic properties of the adjoining materials at the core
junctions; local bending of the face sheets is induced, along with local tension or compression
of the adjacent cores. Depending on the loading this is accompanied by an increase of the inplane stresses in the sandwich faces sheets and a variation of the shear and through the
thickness stresses in the adjacent cores. The effect of such a discontinuity on the stress
distribution has been the object of previous research [2-4], and analytical and numerical
models are available for the linear elastic range. The present paper investigates discontinuities
in aluminium and glass-fibre reinforced polymer (GFRP) face sheet foam core sandwich
construction using a full-field non-contact experimental analysis technique known as
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thermoelastic stress analysis (TSA) [5]. The paper focuses on the stresses developed in the
face sheets when the sandwich structure is subjected to a transverse shear loading.
A detailed description of TSA and its application is provided in the following section of
the paper. TSA was chosen primarily for this work as it can provide high resolution stress
data directly from the component under investigation. The technique employs a sensitive
infra-red photon detector that can measure the small temperature change induced by an elastic
stress change in the structure. High resolution data collection is particularly important in this
application, as the discontinuity in the core material causes sharp changes in the stresses in the
face sheets, which are localised over a small area close to the core junction. Furthermore with
TSA there is no need to attach sensors or apply coatings which may modify the behaviour of
the sandwich material. Previous work [6] has shown that TSA was unable to detect with any
accuracy the stress change that occurred in an aluminium alloy face sheet in the
neighbourhood of a core junction. In developing the theory for TSA it is assumed that the
small temperature change occurs adiabatically. This assumption breaks down in materials
with relatively high thermal conductivity, particularly in areas of high stress gradient such as
in the vicinity of the core junctions in the aluminium alloy face sheets. As TSA is a useful
tool it was decided that an experimental model should be constructed that eliminates the nonadiabatic behaviour. The design of the experimental model and the considerations that were
required to accurately model the aluminium alloy structure are described and validated using
FEA. The calibration techniques for the face sheet materials that facilitate quantitative TSA
are provided along with a description of the experimental arrangements to obtain the TSA
from the face sheets. The results show that it is possible to accurately model the structure, and
that TSA can be used to accurately determine the stresses induced in the neighbourhood of
core junctions.
2 THERMOELASTIC STRESS ANALYSIS -THEORY
Thermoelastic Stress Analysis (TSA) is a well established technique for the evaluation of
stresses in engineering components. Most quantitative studies have concentrated on isotropic
materials and the underlying theory has been reviewed and discussed in many reference
sources. Essentially an infra-red detector is used to measure the small temperature change
associated with the thermoelastic effect and is related to the changes in the sum of the
principal stresses on the surface of the material, '(V 1  V 2 ) , as follows:
DT
'T  0 '(V 1  V 2 )
(1)
UC p
where D is the coefficient of linear thermal expansion, T0 is the absolute temperature, U is the
density, Cp is the specific heat at constant pressure and the subscripts 1 and 2 denote the
directions of the principal stresses.
The quantity D/UCp given in equation (1) is known as the thermoelastic constant. The
output from the detector is termed the ‘thermoelastic signal’, S, and is related to the changes
in the sum of the principal stresses on the surface of the material using the following
expression:
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'(V 1  V 2 )

AS

(2)

where A is a calibration constant dependent on the thermoelastic constant of the material.
Equation (2) is valid for any linear elastic, isotropic, homogeneous material, assuming that
the thermoelastic temperature change takes place under adiabatic conditions, which are
achieved by the application of a cyclic load. Techniques for obtaining the calibration constant
for isotropic materials are well established; some common approaches have been described
and assessed in [7]. These involve either measuring the surface strains and relating them to
the stresses or using a calibration test specimen with a known stress field. The simple
thermoelastic theory devised for an isotropic body is not valid for orthotropic composite
materials when the following equation is used [8]:
(D 1 'V 1  D 2 'V 2 )

A* S

(3)

where A* is a further calibration constant and here the subscripts 1 and 2 denote the principal
material directions of the surface lamina.
In practice, heat diffusion will occur and limit the validity of the assumption of adiabatic
conditions, particularly in components with regions containing high stress gradients, such as
those found local to the core junctions. The likelihood of non-adiabatic behaviour is increased
in materials with a high thermal conductivity, e.g. metallic materials. To examine the effect of
heat conduction in TSA a generalised form of the heat conduction equation can be used. This
can be written in terms of the first stress invariant, ıI, for an isotropic material as follows [9]:
wV I
1 ª
wT
º
DT0
 k 2T »

(4)
«
UC p ¬
wt
wt
¼
where k is the thermal conductivity, and T is the absolute temperature at a point in time, t.
Equation (4) is a function of the material properties and the cyclic loading frequency (i.e.
time). The first term in the bracket on the right side of equation (4) corresponds to the locally
generated heat due to the temporal change of stress. The second term is the local heat
conduction due to a spatial change in temperature resulting from a stress gradient in the
component. Clearly in situations where the thermal conductivity is zero or there is no
temperature (stress) gradient, adiabatic conditions can be achieved. In other cases if the cyclic
loading frequency is such that the first term is large in comparison with the second then
practically adiabatic behaviour can be obtained. In this case equation (4) can be integrated
over the period of the stress change to give the relationship in equation (1). However, in
studies where  2T and/or k are significant, adiabatic conditions may not be achieved at
practical loading frequencies. From some simple calculations based on heat conduction alone
it was concluded that to achieve adiabatic behaviour in specimens with aluminium face sheets
the loading frequency would have to be set to such a high level that would not be achievable
in practice with a standard servo-hydraulic test machine. Therefore it was considered
necessary to construct an experimental model made from low conductivity polymers to enable
the application of TSA to sandwich structures with high conductivity face sheets.
Most of the previously reported TSA work used either the SPATE or the Deltatherm
systems. In the current work a Silver 480M system, fitted with a 27 mm lens, manufactured
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by Cedip Infrared Systems, is used. This system contains two overlaid 320 x 256 detector
element indium antimonide (InSb) infra-red detector arrays and two corresponding sets of
internal buffers that enable sequential data storage; the arrays are used alternately, one
capturing data while the other transfers data to its internal buffer. The maximum frame rate is
383 Hz, which is dictated by the data transfer and processing chain. Each detector element
voltage output is digitised independently by a designated processor housed in the camera unit
and then sent to the computer as a digital signal and output in units of ‘digital level’ (DL).
The routine used by the Cedip system for processing the DL thermal data into S, the
thermoelastic signal (see equations (2) and (3)), uses a reference signal from the load cell of
the test machine and a fast Fourier transform to obtain the magnitude and phase angle of the
DL output of each detector element with respect to the reference signal. Regions of tension or
compression can be identified from the phase data by comparing the phase of a region of
interest with that of a region of known tension or compression. To manipulate the raw data
into stress data where positive and negative regions are identified, the data were exported and
processed independently using Matlab.
3 EXPERIMENTAL MODEL

In the experimental work four types of sandwich specimens are studied. These types are
identified by the face sheet materials as follows: (1) aluminium alloy, (2) PMMA, (3) GFRPCSM (chopped strand mat), (4) GRFP-NCF (non-crimp fabric in quasi isotropic
configuration). All four types have various configurations of core materials consisting of
aluminium alloy, PMMA, two densities of polymer foam and polyurethane rubber foam. The
type 2 and type 3 specimens are used primarily to model the type 1, and type 4 is used to
provide realistic examples with GRFP face sheets. The specimens contained five core sections
arranged in a symmetric manner, as shown in Figure 1. Two different core junctions are
formed between the core sections. For specimen types 1 and 4 the length of core 1 was
90 mm, for specimen types 2 and 3 it was 100 mm. The face thickness, tf, varied depending on
the face sheet material; the thickness of the core, tc, was 25 mm for all sandwich types.

Figure 1: Schematic of a sandwich beam specimen
(specimen is symmetrical about centre line so only half is shown)

To develop an effective experimental model for the sandwich type 1 with aluminium face
sheets, it is essential that the material modular ratios between the core materials and the face
sheets are of the order of those of the original structure, as these determine the extent of the
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local effects [2-4]. Therefore a variety of materials were considered to produce the model.
The candidate sandwich constituent materials and their properties are listed in Table 1. GFRPCSM denotes glass-fibre reinforced plastic comprising an epoxy resin reinforced with
chopped strand mat; GRFP-NCF also comprises an epoxy resin but is reinforced with a noncrimp fabric in quasi isotropic configuration as indicated in Table 1. The Rohacell 51WF and
200WF are PMI polymer foams of different densities and hence different mechanical
properties, the Dynathane material is a very compliant closed cell PU rubber foam. As
accurate Young’s modulus values are essential for developing the experimental model they
were measured in tensile tests using a long gauge extensometer according to ISO 527. A
summary of the materials used to produce the four specimen types is given in Table 2.
Material
Young’s modulus [MPa] Poisson’s ratio
Aluminium alloy 7075-T6
71700
0.32
PMMA (Degussa Plexiglas XT)
3100
0.41
GFRP-CSM
13000
0.30
19200
0.29
GFRP-NCF, [0/+45/90/-45 / +45/90/-45/0]2
Rohacell 51WF
75 [10]
0.32 [11]
Rohacell 200WF
350 [10]
0.38 [11]
Dynathane 1000 (PU rubber foam)
5.5
0.22

Table 1: Material properties of the sandwich constituents
Type
1
2
3
4

Face Material
tf [mm] width [mm]
Aluminium alloy
1.0
45.6
PMMA
1.5
47.2
GFRP-CSM
1.2
46.8
GFRP-NCF
2.8
49.0

Core Material 1
Aluminium alloy
PMMA
PMMA
Aluminium alloy

Core Material 2
Rohacell 51WF
Dynathane 1000
Dynathane 1000
Rohacell 51WF

Core Material 3
Rohacell 200WF
Rohacell 51WF
Rohacell 51WF
Rohacell 200WF

Table 2: Specimen configurations
To produce an experimental model of the sandwich specimen with aluminium face sheets,
PMMA was used to model the face sheets, as PMMA has a low thermal conductivity. The
PMMA also has a smooth surface and a relatively high thermoelastic constant, so it will
provide a high and relatively noise free thermoelastic signal. Moreover PMMA is readily
available and easy to machine to the desired shape. In combination with solid PMMA for
core 1, PU rubber foam for core 2 and Rohacell 51WF foam for core 3 this yields a model
specimen with stiffness ratios as given in Table 3. Eface/Ecore1 is identical and a trivial matter
to achieve. However identifying materials for core 2 and core 3 that give the exact modular
ratios between the face sheet and the core is not straightforward. To achieve a modular ratio
of 956 between the face sheet and core 2 a material with a Young’s modulus of 3.24 MPa
would be required. Such materials exist but were not readily available in the form necessary
to produce the sandwich core. Also at these low modulus values material properties cannot be
guaranteed and it was considered that the Dynathane 1000 with a modulus of 5.5 MPa was a
good compromise. Similar consideration was given to the modular ratio between the core 3
and the face sheet. Here it was decided to use Rohacell 51WF which gave an Eface/Ecore3 ratio
of 41 as compared to a required value of 205. To achieve the correct modular ratio, a Young’s
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modulus of 15.1 MPa would be required and there was not a material available in an
appropriate form with this modulus; in fact the Rohacell 51WF was the material with the
lowest modulus in the appropriate form. These compromises also produce similar mismatch
in the modular ratios of the core materials.
Type
1
2
3
4

Eface/Ecore1
1
1
4.2
0.3

Eface/Ecore2
956
564
2364
256

Eface/Ecore3
205
41
173
55

Ecore1/Ecore2
956
564
564
956

Ecore3/Ecore2
4.7
14
14
4.7

Table 3: Modular ratios of face sheet and core materials
To assess the influence of the face sheet surface structure on the TSA signal quality and
the achievable spatial resolution, specimens using GFRP-CSM and GFRP-NCF face sheets
were designed. As with the PMMA face sheet material non-adiabatic behaviour will not have
a significant effect in the sandwich structures with GFRP face sheets. Specimen type 3
represents a second model and permits a comparison with types 1 and 2 with respect to the
thermoelastic signal from different materials and surfaces. In this case making core 1 from the
same material as the face sheets was not considered, as controlling the resin cure and
achieving sufficient infiltration of a thick laminate to produce identical material properties to
that of a thin laminate during an infusion process is not viable. Therefore it was decided to use
the PMMA as core 1. The Dynathane was chosen as the core 2 material to produce an
Eface/Ecore2 that was 40% greater than that required compared to 40% less in specimen type 2.
For this specimen type the use of Rohacell 51WF as the core 3 material produced an
Eface/Ecore3 much closer to that of specimen type 1a than that of specimen type 2. Type 4 was
chosen to model stiffness ratios resembling those of commonly used sandwich structures
where a stiffer core section or insert is used for a local increase of stiffness and strength, e.g.
in order to introduce a load. Following the discussions in the previous section, non-adiabatic
behaviour will not have a significant effect in the sandwich structures with GFRP face sheets;
here it is the peculiarities of the non-homogenous surface of the composite face sheet that is
of interest.
Two techniques were employed to manufacture the sandwich specimens. For type 1 and 2,
aluminium or PMMA strips, respectively, were bonded to previously manufactured core
layers consisting of the three core materials as described in Table 2. For all bonds, an
Araldite® 2011 epoxy adhesive was used. To bond the face sheet strips to the core layer, the
specimens were stacked and a uniform pressure applied to all specimens simultaneously.
After curing of the resin, the specimens were brought to their final shape by machining them
along the edges to their final width, which is provided in Table 2. The type 3 and 4 specimens
were produced by liquid resin vacuum infusion. The lay-up of the face sheets in type 3
consisted of 3 layers of chopped strand mat with an areal weight of 300 g/m2. Additionally,
four extra layers of a very fine chopped strand mat with an areal weight of 30 g/m2 were used
on top to create a smoother surface. The lay-up of the face sheets in type 4 consisted of
4 layers of a quadric-directional quasi-isotropic stitched non-crimp fabric with an areal weight
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of 850 g/m2. A previously manufactured core plate was placed on the lay-up of the lower face,
and the lay-up of the upper face was placed on top of the core layer. The core plate consisted
of the three core materials stated in Table 2. The whole lay-up was bagged and by a one-step
vacuum infusion process a sandwich plate was produced, from which sandwich specimens
were cut and then machined to their final width as given in Table 2.
4 LOADING ARRANGEMENTS

A transverse shear loading was realised using a three point bending jig as shown in
Figure 2. The specimens were simply positioned on rollers and a central load applied via a
third roller. In this configuration, with the test rig mounted on the bed of an Instron 8800
series servo-hydraulic test machine equipped with a 10 kN load cell it was impossible to view
the face sheet directly with the infra-red detector as there was simply insufficient space.
Therefore it was necessary to employ a mirror tilted at 45o to the face sheet and mounted on
the test machine bed as shown in Figure 2. This set-up permitted observation of the lower face
sheet. Any signal attenuation as a result of using the mirror was accounted for by including
the mirror in the calibration procedure (see below) and was minimised by using a front coated
mirror.

Figure 2: Test set-up for the TSA of the transverse shear loading

5 VERIFICATION OF EXPERIMENTAL MODEL

Prior to manufacturing the test specimens, FEA was used to reassure that the chosen
sandwich configurations given in Table 2 were suitable experimental models. The basis of the
assessment was that the sandwich model configurations 2 and 3 produce a local stress
magnitude and spatial extension, which is similar to that with the aluminium face sheets. An
idealised two dimensional finite element model of a sandwich beam with core junctions was
used to calculate the global and local stresses numerically. The FEA was carried out using
ANSYS. The FEA model has been used in previous studies [6] and proven to provide
accurate results for the face sheet deformations, validated with strain gauge measurements [3].
The material properties used in the FEA are given in Table 1. All materials were assumed to
be isotropic and linear elastic. The isotropic assumption of is fully valid for the aluminium
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and the PMMA and approximately valid for the polymer foams. It is a simplification for the
GFRP face sheets, but considered as reasonable with respect to the nominal membrane stress
state in the sandwich face sheets and the quasi-isotropic lay-up of the composite. The finite
element calculations were based on the assumption of plane stress. A comparison of the FEA
data from the face sheet surface and the interface between the face sheet and the core at the
core junctions for sandwich types 1, 2 and 3 is given in Figure 3. Here the stress in the
‘x-direction’ is plotted, which is along the length of the specimen with the origin at the left
end as shown in Figure 1. It can be seen that the magnitude and spatial extension of the local
effects of the model specimens are very similar to those of type 1. Specimen type 2 gives
practically identical stresses to type 1. This shows that the specimen 2 makes a reasonable
experimental model for specimen type 1. Specimen 3 does not provide a good model but will
be studied experimentally to assess the effect of surface finish on the TSA data.
3
2
1

4

1 - surface
1 - interface
2 - surface
2 - interface
3 - surface
3 - interface

Face stress Vx [MPa]
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Figure 3: FEA of sandwich specimen; left: junction 1; right: junction 2

6 THERMOELASTIC CALIBRATION OF FACE SHEET MATERIALS

To convert the thermoelastic signal, S, into stress data it is necessary to define the
calibration constants A and A*, as given in equations (2) and (3). The standard procedure is to
determine A and A* experimentally. Therefore a set of calibration test specimens was used for
obtaining the calibration constant of each of the face sheet materials in the form of rectangular
plane coupons of 500 mm long x 30 mm wide and of the same thickness as the face sheets.
The coupons were then gripped directly in the jaws of an Instron 8800 servo-hydraulic test
machine and subjected to a cyclic tension-tension loading. In this loading mode V2 is
eliminated in the face sheet materials for specimen types 1, 2 and 3, as these materials are
isotropic. In specimen type 4 with the NCF face sheet with quasi-isotropic lay-up, where
equation (3) applies, there is the possibility that V2 (the stress in the surface ply transverse to
the 0q fibre orientation) is finite. It is considered that the Poisson’s ratio effects will be small
because of the quasi-isotropic lay-up and it is reasonable to assume that the second bracketed
term in equation (3) can be neglected. Therefore it is possible to determine the quantity
A*/D1=A** experimentally, and to use this as a calibration constant. To assess the effect of
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using the mirror in the experimental set up the calibration constants were derived with and
without the mirror.
Table 4 gives the mean stress, stress range and loading frequencies used in the calibration
tests. Two specimens of each set were used for the calibration and the different mean stresses,
stress ranges and loading frequencies were used to obtain a calibration constant value. In
Table 4 A and AM denote the calibration constant without and with the mirror, respectively.
The values of A, A**, AM and AM** were obtained by taking the area mean of the thermoelastic
signal in each data set. The derived calibration constants showed no dependence on the mean
stress, stress amplitude or frequency within the range of parameters given in Table 4.
Therefore a mean of the values derived from each test was obtained to give the A, A**, AM and
AM** given in Table 4. The associated coefficients of variation are given in brackets in the
table and show that the maximum variation was given by the NCF material. It should be
noted, though, that as each value for the calibration constant is a mean of all the calibration
tests carried out (either with or without the mirror) for that particular material, any scatter
resulting from a non-homogeneous surface will not be reflected in the coefficients of variation
given in Table 4. It should also be noted that the stresses for the GFRP are the overall average
stresses in the specimen and not the surface layer stress; this complies with the FEA, as the
face sheets were modelled as a homogeneous material. The use of the mirror has little effect
on the calibration, although remarkably in one case it provides a lower calibration constant
than direct viewing; this could be attributed to small variations in the specimen and mirror
temperature. This was not regarded as an important influencing factor so the AM and AM**
values were used to calibrate the data obtained from the test on the sandwich structure
described in the next section.
Material
Aluminium alloy
PMMA
GFRP-NCF
GFRP-CSM

Mean stress
[MPa]
20.0, 40.0
5.4, 10.8
10.0, 20.0
10.0, 20.0

Stress range
[MPa]
10.0, 20.0
3.2, 6.4
5.0, 10.0
5.0, 10.0

Frequency
[Hz]
10, 30, 50
6, 10
6, 10
6, 10

A, A*
[MPa/DL]
6.06 ( 5.3%)
1.31 ( 6.1%)
5.63 (11.2%)
3.74 ( 3.7%)

AM, AM**
[MPa/DL]
6.45 (2.5%)
1.33 (3.8%)
5.35 (9.9%)
3.87 (6.7%)

Table 4: Calibration constants
7 THERMOELASTIC STRESS ANALYSIS-RESULTS

In this section of the work the TSA data collected using the set-up shown in Figure 2 is
compared with FEA data produced in the same manner as that described in section 5. In
comparing the FEA results with the TSA, the normal stress in the x-direction, Vx, on the
surface of the face sheets obtained from the FEA is practically identical to the first stress
invariant, i.e. (V1 + V2) = (Vx + Vy) obtained from the TSA, where V1, V2 are the principal
stresses on the surface. This is because a plane stress state exists on the surface and the out-ofplane normal stress component, Vz, is zero. In the 2D model the y-direction normal stress, Vy,
is zero. In the experimental work this may be non-zero, but can be assumed to be negligible,
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apart from some minor Poisson’s ratio effects which are not taken into account in the FEA.
Therefore the FEA results for Vx are in a form practical for comparison to the TSA results.
The type 1 specimens were loaded at a level of 200±100 N with frequencies of 10, 40 and
60 Hz. Specimen type 2 was loaded at a level of 40±25 N with a frequency of 6 Hz, specimen
type 3 was loaded at a level of 50±25 N with a frequency of 10 Hz, and specimen type 4 was
loaded at a level of 200±150 N with a frequency of 10 Hz. Full-field thermoelastic data were
obtained using the Silver 480M system using a frame rate of 269 Hz with each data set
containing 1000 frames, which corresponds to a recording time of about 3.7s. As the camera
had to be moved to collect data sets from the vicinity of each core junction, marks on the
specimen provided points of reference to create scaling vectors that allowed the two data sets
to be joined accurately. The full-field data were interrogated to provide line plots along the xaxes of the specimen. To reduce noise an averaging procedure was developed so that the data
from the entire evaluation area shown could be used. As the data across the width of the
specimen is uniform, individual pixel data were averaged and these average values plotted to
give a single averaged value at each x position in the evaluation area. After this the calibration
constants derived in the previous section were applied as appropriate to the data. Figure 4
shows the TSA line data from the face sheets through the two core junctions along with the
results from the FEA.
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Figure 4: TSA and FEA results obtained for the 4 specimen types;
top left: type 1; top right: type 2; bottom left: type 3; bottom right: type 4
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For the type 1 specimen with the aluminium face sheets Figure 4 shows that the TSA and
the FEA show reasonably good correspondence in the areas away from the discontinuities.
However, the local effects predicted by the FEA for the face surface are not captured by the
TSA. There is a peak in the stresses from TSA at both junctions, but the shape of the stress
variation does not match the FEA and there is a difference in magnitude. A comparison of
Figure 4 and with Figure 3 shows that the TSA data rather follow the FEA data from the
face/core interface. The effect is apparent at the three loading frequencies but is changing.
This is a clear sign that adiabatic conditions have not been achieved. Moreover the
corresponding phase data showed a non-uniform profile also indicating that adiabatic
conditions had not been achieved and hence justifying the requirement for an experimental
model. For specimen type 2 with the PMMA face sheet the TSA data show excellent
agreement with the FEA data. The peak stresses at both the core junctions correspond exactly
with the TSA. The distribution of the stresses is practically identical. However, the agreement
on either side of the core junctions is not as exact. For the type 3 specimen the FEA and TSA
are in practically perfect agreement. Here some influence of the inhomogeneous surface can
be seen as noise in the data. However, for the transverse shear loading there is virtually no inplane specimen movement, and any variations in the surface finish would have little effect.
For the type 4 specimen with NCF face sheets the agreement between TSA and FEA is
excellent, as with specimens 2 and 3. Here the scatter in the data is more than that for the
specimen with the CSM face sheets, possibly caused by the undulating surface of the NCF,
resulting from the stitching of the fabric layers.
8 CONCLUSIONS

The work in this paper has shown that TSA can be applied in a quantitative manner to
sandwich structures. The purpose of the work was to examine the effect of discontinuities in
the stress field using the technique in the sandwich face sheets at core junctions. The
experimental work showed that non-adiabatic effects pose a major obstacle when examining
the stress variations in thin metal sandwich face sheets (aluminium in particular) where large
stress gradients are present. It was shown that non-adiabatic effects do not occur for materials
of low thermal conductivity as for example plastics or glass fibre reinforced plastics. A model
sandwich specimen with comparable stress concentrations using PMMA face sheets was used
to demonstrate that high stress gradients can be detected using TSA. For a range of sandwich
types with GFRP face sheets it was demonstrated that TSA can be used successfully to assess
the stress field at core junctions.
ACKNOWLEDGEMENTS

The work presented was supported by the Innovation Consortium “Integrated Design and
Processing of Lightweight Composite and Sandwich Structures” (abbreviated
“KOMPOSAND”) funded by the Danish Ministry of Science, Technology and Innovation and
the industrial partners Composhield A/S, DIAB ApS (DIAB Group), Fiberline Composites
A/S, LM Glasfiber A/S and Vestas Wind Systems A/S.

148

M. Johannes, J. M. Dulieu-Barton E. Bozhevolnaya, O.T. Thomsen

Moreover, the work was supported by the US Navy, Office of Naval Research (ONR),
Grant/Award No. N000140710227: “Influence of Local Effects in Sandwich Structures under
General Loading Conditions & Ballistic Impact on Advanced Composite and Sandwich
Structures”. The ONR program manager was Dr. Yapa Rajapakse.
The polymer foam core materials used in the experimental work were provided by Röhm
GmbH & Co. KG. The support received is gratefully acknowledged.
The experimental work presented herein was conducted during the period of a 6 month
stay of the first author with the Fluid Structure Interactions Group at the School of
Engineering Sciences, University of Southampton, UK. The kind hospitality of the School of
Engineering Sciences and access to its experimental facilities is gratefully acknowledged.
REFERENCES

[1]

Zenkert, D., An Introduction to Sandwich Construction, 1997 (EMAS, London).

[2]

Bozhevolnaya, E., Thomsen, O.T., Kildegaard, A. and Skvortsov, V., Local effects
across core junctions in sandwich panels, Composites. Part B: Engineering, 34, 509517 (2003).

[3]

Bozhevolnaya, E., Lyckegaard, A. and Thomsen, O.T., Localized effects across core
junctions in sandwich beams subjected to in-plane and out-of-plane loading, Applied
Composite Materials, 12, 135-147 (2005).

[4]

Bozhevolnaya, E. and Lyckegaard, A., Local effects at core junctions of sandwich
structures under different types of loads, Journal of Composite Structures, 73(1), 2432 (2006).

[5]

Dulieu-Barton, J. and Stanley, P., Development and applications of thermoelastic
stress analysis, Journal of Strain Analysis for Engineering Design, 33, 93-104 (1998).

[6]

Johannes, M., Dulieu-Barton, J.M., Bozhevolnaya, E. and Thomsen, O.T.,
Thermoelastic stress analysis of sandwich structures with core junctions, Proceedings
of 13th International Conference on Experimental Mechanics, Alexandroupolis,
Greece, 8pp on CD, (2007).

[7]

Dulieu-Smith, J.M., Alternative calibration techniques for quantitative thermoelastic
stress analysis, Strain, 1995, 31, 9-16 (1995).

[8]

Stanley P. and Chan W.K., The application of thermoelastic stress analysis to
composite materials, Journal of Strain Analysis for Engineering Design, 23, 137-142
(1988).

[9]

Biot, M.A., Thermoelasticity and irreversible thermodynamics, Journal of Applied
Physics, 27, 240-253 (1956).

[10]

Degussa, Röhm GmbH & Co. KG, Rohacell Data CD, 2006.

[11]

Personal communication with Degussa, Röhm GmbH & Co. KG, Germany.

149

8th International Conference on Sandwich Structures
ICSS 8
A. M. Ferreira (Editor)
 FEUP, Porto, 2008

AUXETIC PVC FOAM AS A CORE MATERIAL FOR SANDWICH
PANELS
Fu-pen Chiang1, Gunes Uzer2
1

SUNY Distinguished Professor& Chair,
2
Graduate Student
Dept. of Mechanical Engineering
Stony Brook University
Stony Brook, NY 11794-2300
Fu-Pen.Chiang@sunysb.edu

Key words: Auxetic Material, Speckle Photography, Full-field Measurement, Foam
Composite
Summary. An auxetic material has the unusual property of having a negative Poisson’s
ratio. Thus when loaded in uniaxial tension, it expands rather than shrinks laterally.
Manmade auxetic material was first manufactured by Lakes in 1987. In this paper we present
the process of converting an ordinary PVC foam into an auxetic foam. We then proceed to
characterize the mechanical properties of the resulting material. Auxeticity can be one
dimensional or multidimensional. And the degree of auxeticity is a function of the volumetric
reduction from the original material. The larger the volumetric reduction, the larger the
negative Poisson's ratio. Compared with the original foam, an auxetic foam will have a larger
strain to failure but a smaller stiffness in direction of compression.
1 INTRODUCTION
Poisson's ratio is defined as the ratio of the transverse normal strain divided by the
longitudinal strain for a uniaxial loaded specimen. In general materials shrink transversely
when stretched; therefore the Poisson's ratios of these materials are positive. However, a
novel material which was named negative Poisson’s ratio foam (also called auxetic foam,
anti-rubber, dilatational, etc.) was manufactured by Lakes [1]. When loaded in uniaxial
tension, it expands rather than shrinks laterally. An auxetic material has many advantages
over the conventional as a possible ship building material. An auxetic thin plate deflects much
less than a conventional plate for a given load [2]. It reduces acoustic noise due to its lower
cut-off frequency [3]. It resists better indentation and low velocity impact damages [4, 5].
When bent it deforms synclastically rather than anticlastically thus rendering it ideally
suitable for forming into convex-convex surfaces [6]. Furthermore it resists shear failure due
to the resulting large shear.
This interesting behavior of auxetic cellular solids results from the unusual
microscopic characteristics called “re-entrant structure”, as illustrated in Fig.1 (From No.1 to
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No.4, the specimen was sequentially loaded). Once the specimen is stretched, these re-entrant
structures will unfold in all directions, hence the specimen will expand laterally.

Fig.1. Microscopic Images of Auxetic Foam

2 DIGITAL SPECKLE PHOTOGRAPHY
The technique we use [7-9], while it is similar in principle to digital image correlation
(DIC) scheme, the algorithm is quite different. We use a two-step Fourier transformation
process to yield the displacement vector distribution of a cluster of digitized speckles via FFT
(Fast Fourier Transform). The digital speckle patterns are first divided into subimages with
32x32 pixel arrays or other pixel arrays. Let h1 ( x, y ) and h2 ( x, y ) be the complex amplitudes
of the light disturbance of a generic speckle subimage pair, before and after deformation,
respectively, and
(1)
h2 ( x, y ) h1 > x  u ( x, y ), y  v( x, y )@ ,
where u and v are the displacement components, averaged over the subimage area, along the x
and y directions respectively. A first step FFT is applied to both h1 and h2 resulting
(2)
H1 ( f x , f y ) {h1 ( x, y )},
H2 ( fx , f y )

{h2 ( x, y )}.

151

Fu-pen Chiang, Gunes Uzer

Then, a numerical “interference” between the two speckle patterns is performed at the spectral
domain, i.e.
H ( f , f )H ( f , f )
(3)
exp{ j[I ( f , f )  I ( f , f )]}
F( f , f )
*

1

x

y

x

y

2

x

y

1

H1 ( f x , f y ) H 2 ( f x , f y )

x

y

2

x

y

I (f , f )
I (f , f )
H (f , f )
H (f , f )
where 1 x y and 2 x y ) are the phases of 1 x y and 2 x y , respectively. It
is seen that
(4)
I1 ( f x , f y )  I 2 ( f x , f y ) 2S (uf x  vf y )
Finally, the halo function is obtained by another FFT resulting
G ([ ,K ) {F ( f x , f y )} G ([  u ,K  v)

(5)

which is an expanded impulse function located at (u, v). By detecting the crest via computer
search of this impulse function, the displacement vector is determined. Every subimage pair is
“compared” this way resulting in an array of displacement vector map. From which strains
can be calculated using an appropriate strain displacement relation
3 EXPERIMENTS AND RESULTS
To demonstrate and study this unusual material, an auxetic foam was fabricated from a
conventional PVC foam (H45-Blue). A 50x85x95 mm foam block with 44.4 kg/m3 density
was first cut and then compressed in all 3 dimensions using an aluminum mold. After that, the
aluminum mold was heated up slightly above the softening point (approximately150oC) and
kept at this temperature for about 15 minutes. Finally, the aluminum mold was cooled down
to the ambient temperature and the auxetic foam was made. Fig. 1 shows the manufacturing
scheme and the microstructures of the foam as-received and after processing.
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Fig.2. Microscopic images of foam material (a) as-received, (b) after processing (c) schematic of the
manufacturing process of auxetic foam

As illustrated in Fig. 2(b), after compression and heat treatment, the foam cells become
smaller and crushed inward. Density of the processed specimen was 105 kg/m3 as compared
to the original 44 kg/m3. Global reduction of the fabricated foams was about 45%. Using the
current design, compressing the specimens evenly and simultaneously in all directions was
not possible. We compressed the specimens sequentially in all three directions (x, y, and z,
respectively) with incremental amounts of compression. The macro deformations of the
specimens were determined by employing a 10mm x 10mm grid printed onto specimen
surface before the compression process. Local volume change varies from ~ 47 to 82%.
Volume change is higher on the faces of the block and becomes smaller towards the middle.
A thin layer of material at all faces that were in contact with the mold tends to be denser.
These layers were shaved off. The core then was cut into coupon specimens for uniaxial
loading as shown in Fig. 3. A digital optical microscope (VHX-100) was used to record the
speckle pattern as the load is being applied by a servo controlled stage at a constant rate of
displacement. Fig. 3 depicts the basic test setup and viewing area under microscope.
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Fig.3. Auxetic foam specimen: (a) Dimensions of the coupon. (b) Microscopic picture of the specimen surface at
20x.

The resulting specklegrams were analyzed with the CASI (Computer Aided Speckle
Interferometry) algorithm as described in the previous section. Fig. 4 shows a typical
specimen and resulting displacement fields. It can be seen clearly from the vector field that
with increasing load, specimen expands in both directions without much rotation and assumes
auxetic behavior.

154

Fu-pen Chiang, Gunes Uzer

Fig.4. An example of displacement fields obtained by CASI. (a) v field, (b) u field, (c) total
displacement vector.
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Fig.5. Stress-strain curve of a typical specimen.

The stress- strain curve ( using the average strain of the entire specimen) was plotted
as shown in Fig.5. It is seen that under the uniaxial tensile load, the transverse strain is
positive rather than negative, demonstrating the auxetic behavior.
Poisson’s ratio values are not constant values. As shown in Fig.6 as the tensile strain
increases the Poisson’s ratio value become smaller. We also found that degree of auxeticity is
related to the volumetric compression of the material. The larger the volumetric compression
the larger the Poisson’s ratio. Fig. 7 depicts the obtained Poisson’s ratio values versus
volumetric change. The values on the plots are the average Poisson’s ratio values for the
specimens.

Fig.6. The resulting Poisson’s ratio values.
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Fig.7. Poisson’s ratio as a function of volumetric change.

4 CONCLUSIONS
We have successfully converted by sequential triaxial compression and heating an
ordinary PVC (H45-Blue) foam (with the original Poisson’s ratio 0.3) into an auxetic foam
with Poisson’s ratio chnages up to -0.6. The Digital Speckle Photography (DSP) Technique
can be efficiently applied to map full-field deformation of foam material. We find that the
Poisson’s ratio decreases in absolute volume when the stress increases. Furthermore the
degree of auxeticity is a function of volumetric reduction of the original material. The larger
the volumetric reduction of the original material, the larger the auxeticity of the resulting
foam.
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Summary. The influence of damage on waves propagating in sandwich structures is investigated through a numerical model formulated by combining Spectral Finite Elements and Perturbation Techniques. The dynamic behavior of sandwich beams is described based on Mead
and Markus assumptions. Damage is modeled as a small, localized reduction of one face sheet
thickness which allows the application of perturbation theory. Numerical examples in the time
domain are presented to illustrate the model capabilities.
1 INTRODUCTION
The first step in deriving models for damage detection in structures is the study of the damage
influence on structures characteristics. Because sandwich structures offer several advantages
over other continuous or laminated plate structures, it is important to develop models that describes the effect of damages such as cracks, delaminations and disbands on structures features.
Guided waves, such as Lamb waves, show sensitivity to a variety of damage types and have
the ability to travel relatively long distances within the structure under investigation. For this
reason, Guided Ultrasonic Waves (GUWs) are particularly suitable for Structural Health Monitoring (SHM) applications, which may employ a built-in sensor/actuator network to interrogate
and assess the state of health of the structure [1, 2, 3]. Alternatively, full wavefield measurements can be obtained through scanning Laser Vibrometers, which allow the implementation
of strain energy-based damage measures [4], and of frequency/wavenumber filtering techniques
for improved damage visualization [5].
Cellular materials with constant or continuously varying density or pore size (porosity) are a
class of materials that can be used as core in sandwich structures. Recently, engineered cellular
materials are made using polymers, metals, and ceramics. They are widely used as thermal and
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acoustic insulations, or as absorbers of kinetic energy from impacts. The cellular/foamed materials are qualitatively and quantitatively investigated in a large number of publications. Among
those, two books are worth mentioning: Ashby et. al. [6] design guide for metal foams (contains processing techniques, characterization methods, design and applications) and Gibson and
Ashby [7], a monograph on cellular solids. Although cellular materials are highly heterogeneous, it will be useful to idealize them as continua in order to obtain closed-form solutions to
some fundamental solid mechanics problems.
Spectral Finite Element Method (SFEM), which is a very similar method with the Finite
Element Method, but it is formulated in the frequency domain, gives very accurate solution for
the dynamic analysis of structures because it is based on the exact dynamic stiffness matrix
by using the exact shape functions [8]. Consequently SFEM implementation doesn’t require
any structural discretization to improve the solution accuracy - longer and fewer elements are
needed. A review of the SFEM in structural dynamics is presented in [9].
Apetre et. al. [10] investigate the influence of damages on waves propagation in beams based
on the first order theory which couples bending and axial behavior, thus allowing the prediction
of mode conversion phenomena. This paper continues the previous work ([10]) presenting
the application of SFEM in conjunction with the perturbation analysis of damaged sandwich
beams. Damage is modeled as a thickness reduction of small extent of top face sheet, which
allows the introduction of a perturbation parameter . The application of perturbation techniques
yields a set of differential equations, corresponding to increasing orders of , which are solved
through the application of SFEM. The paper is organized as follows. The brief introduction
presented in this section is followed by the derivation of the governing equations for the notched
sandwich beam based on Hamilton principle and perturbation techniques (Section 2). Section
3 presents the methodology followed to solve the perturbation equations through SFEM, while
Section 4 presents numerical results in both time domain and frequency domain obtained from
the analysis in order to illustrate the effect of the considered type of damage on the dynamic
behavior of the beam. Finally, Section 5 summarizes the main results of the work and outlines
current and future research directions.
2 PERTURBATION EQUATIONS FOR A SANDWICH BEAM WITH A NOTCH DAM
AGE
The dynamic behavior of the notched sandwich beam shown in Figure 1 is described by
a set of governing equations derived through Hamilton principle. The defect is modeled as a
reduction in top face sheet thickness of depth hd , extending over a length Δl, placed at the
distance xd . According to Figure 1(a), x ∈ [0, L] denotes the horizontal coordinate, whereas
the vertical coordinate z varies in the following interval:
 


h2
h2
z∈ −
+ z0 + h3 ,
− z0 + h1 (1 − εγd (x)) = [−hb ht (x)]
(1)
2
2
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where h1 and h3 are the thicknesses of the face sheets, h2 is the thickness of the core, z0 is the
neutral axis location, ε = hhd1 , and where γd (x) is a damage function defined as:
γd (x) = H (x − (xd − Δl)) − H (x − xd )

(2)

with H denoting the Heaviside function.
It is assumed that the shear modulus of the face sheets material is significantly higher than
the one of the core, so Mead and Marcus theory [11] can be used. The elastic and isotropic face
sheets do not suffer shear deformation normal to the plate surface and only undergo longitudinal
strain. Normal strains in the core are neglected as it is assumed that is subject to shear strain
only. From the beam geometry of Figure 1(b), the shear strain in the core can be expressed as:
γ=

1
(u1 − u3 + hw,x )
h2

(3)

where u1 and u3 are the longitudinal deflections of the two face sheets, w ,x denotes the slope of
the deflection line, and the parameter h is defined as:
h = h2 +

z

h1 + h3
.
2

(4)

hd

h1

wx
h2/2-z0

ǻl

u3

x

h2

Ȗ

h2/2+z0
h3

u1
xd
L

w

(a)

(b)

Figure 1: Undeflected and delfected configurations of a sandwich beam

The longitudinal deflection u 2 of the core can be given in terms of the displacements, as:


1
h1 − h3
u1 + u3 +
w,x
(5)
u2 =
2
2
The strain energy of the sandwich beam includes the extension of the face sheets, the core
shear deformation and the bending of the entire cross section:




1 L
1 L
1 L
1 L
2
2
2
2
U=
E1 A1 (x)u1,x dx +
E3 A3 u3,x dx +
GA2 γ dx +
Dt (x)w,xx
dx (6)
2 0
2 0
2 0
2 0
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where Ei is the Young’s modulus of ith layer (i = 1, 2, 3), A i is cross sectional area of ith layer,
Dt is the bending rigidity of the beam and G 2 is the shear modulus of the core. Because of the
notch presence, the area of top face sheet and the bending rigidity is a function of longitudinal
coordinate, x.
The kinetic energy is:




1 L
1 L
1 L
1 L
2
2
2
T =
m1 (x)u̇1 dx +
m3 u̇3 dx +
m2 u̇2dx +
m(x)ẇ 2 dx
(7)
2 0
2 0
2 0
2 0
where mi is the mass per unit length of the ith layer, and m is the total mass per unit length of
the sandwich beam.
The work of the external forces is
 L


V =−
n1 (x, t)u1 + n3 (x, t)u3 + q(x, t)w + m̃(x, t)w,x dx
0
N

−
j=1


0

L




N1j (t)u1 + N3j (t)u3 + Qj (t)w + Mj (t)w,x δ(x − xj )dx

(8)

where, for simplicity we assume that the loads are applied along the reference planes of the face
sheets and core. Also in equation (8), ni (x, t) (i = 1, 3) and q(x, t) respectively denote axial
and transverse distributed external loads, m̃(x, t) denotes a bending moment distribution, while
Nij (t), Qj (t) and Mj (t) are external concentrated longitudinal and vertical loads, and bending
moment applied at N locations x = x j . Finally δ is the Dirac delta function.
Applying Hamilton’s principle:
 t2
δ(U − T + V )dt = 0
(9)
t1

where δ is the first variation, t denotes time and t1 , t2 define the integration time limits, the
following differential system is obtained:
M1 Ü + M2 Ü,x + M3 Ü,xx + M4 U + M5 U,x + M6 U,xx + M7 U,xxx + M8 U,xxxx = F(x, t) (10)
where U(x, t) = [u1 (x, t) u3 (x, t) w(x, t)]T and the matrices Mi are defined as:
⎡
⎤
⎡
⎤
m2
m1 (x) + m42
0
0
0
1
4
m (h (x) − h3 ) ⎣
m2
m3 + m42
0 ⎦ M2 = 2 1
0
0
1 ⎦
M1 = ⎣
4
8
m2 h1,x (x)
m2 h1,x
−1 −1 h1,x (x)
− 8
m(x)
8
(11)
⎤
1
−1 0
GA2
M4 = 2 ⎣ −1
1
0⎦
h2
−h,x (x) h,x (x) 0
⎡

⎤
h2
E1 A1 (x) GA2 2h(x) 0
1
GA2 h(x) ⎢
⎥
M5 =
⎦
⎣
0
0
−1
2
h2
−1
1 2h(x)h1,x (x)
(12)
⎡
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m2 (h1 (x) − h3 )
]
M3 = diag[0 0 −
16


GA2 h2 (x)
M6 = diag − E1 A1 (x) − E3 A3 Dt,xx (x) −
h22
M7 = diag[0 0 2Dt,x (x)]
M8 = diag[0 0 Dt (x)]
and where the force vector is:
⎫
⎧
N

⎪
⎪
⎪
⎪
⎪
⎪
n1 (x, t) +
N1j (t)δ(x − xj )
⎪
⎪
⎪
⎪
j=1
⎪
⎪
⎪
⎪
⎬
⎨
N

N3j (t)δ(x − xj )
n3 (x, t) +
F(x, t) =
⎪
⎪
j=1
⎪
⎪
⎪
⎪
⎪
⎪
N
N


⎪
⎪
⎪
⎪
⎪
(x,
t)
+
Q
(t)δ(x
−
x
)
+
M
(t)(δ(x
−
x
))
q(x,
t)
−
m̃
,x
j
j
j
j ,x ⎪
⎭
⎩
j=1

(13)

(14)

j=1

Equations (10) can be conveniently expressed in the frequency domain through the Fourier
Transform (FT) of the applied generalized loads F(x, t), which can be expressed as:
F(x, t) =

F̂k (x, ωk )eiωk t

(15)

k

√
where i = −1, and F̂k (x, ωk ) denotes the harmonic component of the generalized load at
frequency ωk [8]. Accordingly, the beam’s displacements can be written as:
Ûk (x, ωk )eiωk t

U(x, t) =

(16)

k

where Ûk (x, ωk ) are the displacements corresponding to the k-th harmonic component of the
load. For simplicity, in the remainder of the paper, the subscript k is dropped so that the following notation is adopted ω k = ω, Ûk (x, ωk ) = Û(x, ω).
Next, displacements of the sandwich beam in the reference plane are considered as perturbations (over the small parameter ε) of the displacements of the undamaged beam ([12] and
[13]):
(0)
(1)
Û(x, ω) = Û (x, ω) − εÛ (x, ω) + O(ε2 )
(17)
Also, based on the beam geometry, the thickness of the top face sheet is h 1 (x) = h1 (1 −εγd(x))
(0)
(1)
and all the system matrices can be expanded as: Mk (x) = Mk − εMk (x) for k = 1, ..., 8
Replacing (15)-(17) into the differential system (10) and collecting the coefficients of ε 0 and
ε1 yields the following set of differential equations:
 (0)
 (0)
 (0)
(0)
(0) (0)
(0)  (0)
(0)  (0)
(0)  (0)
ε0 : M8 Û,xxxx + M6 − ω 2 M3 Û,xx + M5 − ω 2M2 Û,x + M4 − ω 2 M1 Û = F̂
(18)
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 (0)
 (0)
 (0)
(1)
(0) (1)
(0)  (1)
(0)  (1)
(0)  (1)
ε1 : M8 Û,xxxx + M6 − ω 2 M3 Û,xx + M5 − ω 2M2 Û,x + M4 − ω 2 M1 Û = F̂
(19)
(0)

(1)

where F̂ (x, ω) is the applied load and F̂ (x, ω), due to the notch presence, is defined as:
 (1)
(1) (0)
(1) (0)
(1)  (0)  (1)
(1)  (0)  (1)
(1)  (0)
= −M8 Û,xxxx −M7 Û,xxx − M6 −ω 2 M3 Û,xx − M5 −ω 2 M2 Û,x − M4 −ω 2 M3 Û
(20)
Equations (18), (19) can be solved for an assigned set of loads in terms of the unknown
(0)
(1)
displacements Û (x, ω) and their first order perturbation Û (x, ω). Next section presents a
general method to solve these equations.
F̂

(1)

3 SPECTRAL FINITE ELEMENT DISCRETIZATION
The equation for the ε0 term corresponds to the governing equation for the undamaged beam,
the first order perturbation equation has the same form and features an applied generalized load
that is a function of the solution of the ε 0 equation. A common strategy for the solution of the
two equations (equations (18),(19)) deriving from the expansion of the beam’s displacements
in terms of the perturbation parameter can be adopted based on their formally identical form.
Each of the equations can in fact be written in the following matrix form:
T4 W,xxxx (x, ω) + T2 W,xx (x, ω) + T1 W,x (x, ω) + T0 W(x, ω) = F(x, ω)

(21)

We consider an element j of length Lj that connects two nodes. The behavior of each node
is described by 4 degrees of freedom, so that the element’s vector of degrees of freedom is
defined as dj (ω) = {û1(0, ω), û3 (0), ŵ(0), ŵ,x (0), û1 (Lj ), û3 (Lj ), ŵ(Lj ), ŵ,x (Lj )}T .
The displacement W(x, ω) within element j is obtained as an interpolation of the nodal degrees
of freedom dj :
W(x, ω) = Nj (x, ω)dj (ω)
(22)
where Nj (x, ω) is the matrix of the dynamic shape functions which is obtained from the solution
of the homogeneous governing equation
Nj (x, ω) = Θ(ω)G(x, ω)T−1
j (ω)

(23)

where Θ(ω) is the matrix of eigenvectors, G(x, ω) = diag[eiλk x ] is a diagonal matrix, λk is the
kth eigenvalue and where the matrix T is defined as:
⎡
⎤
Θ(ω)G(0, ω)
⎢ Θ(ω)G(0, ω),x ⎥
⎥
T=⎢
(24)
⎣ Θ(ω)G(Lj , ω) ⎦
Θ(ω)G(Lj , ω),x
The dynamic shape functions provide the exact displacement variation along the beam if the
external loads are concentrated at the nodal locations [8]. In the case considered here, it can
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be shown that the generalized load in the first order perturbation equations reduces to a concentrated nodal load if a node is placed at the damage location. Accordingly, the solution of
homogeneous beam equations and proper description of nodal loads corresponding to the presence of damage based on the formulation presented above can be used to obtain exact dynamic
shape functions and accurate representations of the beam’s displacements in the frequency range
corresponding to the applied load. This approach can also be applied when loads are generally
distributed along the element length. In this case, the dynamic shape functions do not reproduce
exactly the displacement field within the element, and some approximation is introduced. The
application of nodes at damage and load locations do not cause a dramatic increase in the computational time, and the presented modeling approach still represents an efficient tool for the
analysis of wave propagation in the considered class of damaged structures. Refinements of the
formulation, allowing the accurate representation of general load distributions and of damage
locations within the element, are under development and will be discussed in future papers.
The element’s vector of degrees of freedom dj (ω) is obtained from the following algebraic
equation:
Kj (ω)dj (ω) = fj (ω)
(25)
where K(ω)j is the element stiffness matrix at frequency ω, defined based on the weak formulation as:
 Lj 
Kj (ω) =
NTj,xx (x, ω)T4 Nj,xx(x, ω) − NTj,x(x, ω)T2 Nj,x (x, ω)
0

(26)
T
T
+ Nj (x, ω)T1 Nj,x (x, ω) + Nj (x, ω)T0 Nj (x, ω) dx
and where f is the vector of applied nodal loads:
 Lj
NTj (x, ω)F(x, ω)dx
fj (ω) =

(27)

0

4 NUMERICAL EXAMPLES
In this section, the developed technique is applied to evaluate longitudinal and transverse
wave propagation in damaged beams based on two examples. The first example considers a
clamped-free sandwich beam with a notch at xd = L/2 and a vertical load at xf = L. The
beam is modeled using 2 spectral elements as shown in Figure 2(a). The beam has length
L = 2 m, core thickness h2 = 4 × 10−3 m, face sheets thickness h1 = h3 = 3 × 10−3
m and width b = 50 × 10−3 m. The material of face sheets is aluminum (Young’s modulus
E1 = E3 = 70 GPa, density ρ1 = ρ3 = 2700 kg/m3, Poisson’s ratio ν1 = ν3 = 0.33), whereas
the mechanical properties of the core are: Young’s modulus E2 = 70 MPa, density ρ2 = 724
kg/m3, Poisson’s ratio ν2 = 0.4 The notch is of length Δl = 5 × 10−3 m and depth hd = h1 /4.
The considered excitation is a 4-cycles sinusoidal burst at 50 kHz modulated by a Hanning
window (Figure 2(c)), applied at xf in the longitudinal direction.
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(c)
Figure 2: Schematic of (a) the clamped-free beam and (b) the simply-supported beam with a load at x f , and a notch
at xd modeled using two spectral elements; (c) Modulated sinusoidal pulse load in time and frequency domain.
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The sandwich beam wavenumbers with respect to the frequencies and the Euler-Bernoulli
beam theory wavenumbers and the axial displacement wavenumbers are plotted in Figure 3:
because of the Mead and Marcus theory [11] assumptions, the wavenumbers are very similar.

Non-dimensional wavenumber, kj h

1000
800

axial

600
400

bending

200
real
0
imaginary
−200
−400
0

100

200

300
400
Frequency, [kHz]

500

600

700

(a)
Figure 3: Spectrum relation for the sandwich beam (continuous line) and for the Euler-Bernoulli beam theory
(circles) and axial displacement (squares)

Figure 4 presents 3D surfaces of the displacements (as functions of time and longitudinal
coordinate) whereas Figure 5 presents snapshots of displacements variations along the beam
length at three instants of time. The axial displacements in the face sheets are plotted in the
subplots (a) and (b) and the transversal displacement is plotted in subplot (c). A longitudinal
load causes a longitudinal wave and a transverse wave to propagate from the tip of the beam.
When the waves reach the notch (in this case at x = L/2), they are partially reflected and
partially converted. The problem is coupled both because of the sandwich beam geometry and
because of the notch presence.
In order to study the influence of boundary conditions a second example considers a simplysupported sandwich beam with a notch at xd = 0.66 and a transverse load at xf = 1.33. The
same geometry and material properties as for the previous problem are assumed. In this case
the notch depth is hd = h1 /4. As in the previous case Figure 6 presents 3D surfaces of the
displacements (as functions of time and longitudinal coordinate) whereas Figure 7 presents
snapshots of displacements variations along the beam length at three instants of time. From
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(a)

(b)

(c)
Figure 4: Displacements as function of time and longitudinal coordinate (a) Longitudinal displacement in the top
face sheet; (b) Longitudinal displacement in the bottom face sheet and (c) Transverse displacement. The length of
the notch is Δl = 0.05m.
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Figure 5: Longitudinal displacements in the face sheets as function of time and longitudinal coordinate (a) Longitudinal displacement in the top face sheet; (b) Longitudinal displacement in the bottom face sheet. The length of
the notch is Δl = 0.05m. The dotted line shows the damage location

the Figure 7 we can conclude that the transverse load produces both transverse and longitudinal
waves that are propagating and are partially reflected at the damage location.

5 CONCLUSIONS
The dynamic behavior of the sandwich beams with a notch is investigated through the perturbation techniques. The governing equations of a sandwich beam are derived using Hamilton
principle. Spectral element formulation based on the exact dynamic stiffness matrix is used to
determine the solution. The results show reflections of the waves and coupling between the
longitudinal and transversal displacements and velocities due to both sandwich beam and the
notch presence. Future work will include a model validation, a parametric study of the damage
geometry, and an extension to different types of damages (delamination, corrosion). Also a
damage indicator which locates, quantifies and classifies the damage is in progress and will be
presented in the future work.
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Figure 6: Displacements as function of time and longitudinal coordinate (a) Longitudinal displacement in the top
face sheet; (b) Longitudinal displacement in the bottom face sheet and (c) Transverse displacement. The length of
the notch is Δl = 0.01m.
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Summary. The Tilted Sandwich Debond (TSD) specimen has been recognized as a viable
candidate for characterization of the face/core fracture resistance. Analysis, however, shows
that the range of phase angles that can be realized by altering the tilt angle is quite limited. A
parametric study however shows that a way to extend the mode-mixity span of the TSD
specimen is to reinforce the loaded upper face with a stiff metal plate. In this way, the range
of phase angles is extended to a practical range. Guidelines on selection of thicknesses of the
reinforcement, and design considerations for further modifications are provided.

1 INTRODUCTION
The Tilted Sandwich Debond (TSD) specimen, shown in Fig. 1, was introduced as a
debond test for foam cored sandwich specimens in 1999 by Li and Carlsson [1]. The
specimen is tilted which means that the debonded face will be subject to an axial load, PA, in
Fig. 1, in addition to the normal load, PN (PA = P sinș , PN = P cosș). The axial load was
initially thought to promote a negative shear stress at the crack tip that would mitigate the
shear stress due to the bimaterial interface and counter the tendency for the crack to kink
down into the core, Fig. 2. Testing of foam cored sandwich specimens, however, showed that
the crack initially kinked down into the core (although the crack returned to the upper
face/core interface as the crack propagated further) [1]. Experimental test results at different
tilt angles revealed similar fracture resistance curves (R-curves) and subsequent analysis [2]
revealed that the phase angle for a typical TSD specimen remains quite unaffected by the tilt
angle.
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Figure 1: Schematic representation of the
conventional TSD specimen.

Figure 2: Illustration of crack kinking into the
core under positive shear at the crack tip.

It is generally recognized that the fracture toughness for propagation of an interface crack
between two dissimilar materials depends on the mode-mixity often expressed as a “phase
angle”, ȥ, defined by the inverse tangent of the ratio between the mode II and mode I stress
intensity factors (ȥR = arctan(KII/KI)). Pure mode I corresponds to ȥR = 0, while pure mode II
corresponds to ȥR = ±901. Consequently, a large magnitude of the phase angle indicates a
mode II dominated loading.
It should be pointed out that generally positive shear (KII > 0), associated with a positive
shear stress ahead of the crack tip, see Fig. 2, tends to promote kinking of the crack into the
core [3,4]. Conversely, a negative shear stress, Ĳ < 0, will generally promote interface growth,
although cases have been reported where negative shear leads to crack kinking into the face
sheet [5,6]. The face sheets in the specimens examined by Berggreen, et al. [5] and
Lundsgaard-Larsen, et al. [6] were composite laminates. For metal faces kinking is not
possible.
A full characterization of debond failure requires testing over a wide range of modemixities. A very intriguing test method has been devised by Sørensen et al. [7] for monolithic
composites and later applied for sandwich by Østergaard et al. [8] and modified by
Lundsgaard-Larsen, et al. [9], where the ends of a DCB specimen are loaded by moments
where the directions of the moments and their relative magnitudes can be varied. This test is
denoted “DCB-UBM” where UBM represents “unequal bending moments”. This method,
furthermore, produces stable crack growth if run under displacement control since the crack
loading does not change with crack length. Despite the many advantages with this test, it
requires a very tall test frame and quite complex fixturing and instrumentation. Hence, there is
need for a more simple mixed mode test for sandwich specimens.

1

Given here as the reduced formulation (subscript “R”), thus assuming the oscillatory index İ = 0, and
designating the stress intensity factors KI and KII with roman subscripts.
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Preliminary finite element analysis of the TSD specimen by the 1st author revealed that the
mode-mixity changed with the thickness of the upper loaded face sheet, and it was also found
that the sensitivity to tilt angle increased with increasing face thickness. This finding justified
more in-depth analysis, and it is the objective of this paper to provide analysis and guidelines
for designing a modified TSD specimen for a desired phase angle range.
2 SOLUTIONS FOR INTERFACE CRACKS

Figure 3: Face sheet (1) subject to edge loads
supported by an infinite core (2).

Figure 4: Crack flank displacements. Open
circle: point on the crack faces before loading.
Filled circles: Position of point after loading.

Linear-elastic fracture mechanics for debonding of layered materials has been considered
by several authors, see the extensive review provided by Hutchinson and Suo [10]. A “TSD
like” specimen was considered, see Fig. 3. The loading and geometry shown in Fig. 3 are
representative for a long TSD specimen with a long crack length with the face sheet subject to
an axial edge load and edge moment2. The solution for the stress intensity factors for this
specific geometry and loading may be extracted from the general analysis of beam-like
specimens presented by Hutchinson and Suo [10],

K 1  iK 2

h

 iH

§ 1D
¨¨
2
©1  E

·
¸¸
¹

1/ 2

1
2

Fh 1 / 2  i 2 3Mh 3 / 2 e iZ

(1)

where K1 and K2 are “components” of the complex stress intensity factor, and h is the
thickness of the face sheet, F is the axial load and M the pure moment acting at the edge of
the debonded face sheet. İ is the oscillatory index given for isotropic materials by

H

1 §1 E
ln¨
2S ¨© 1  E

·
¸¸
¹

(2)

where Į and ȕ are a bimaterial interface constants (Dundurs parameters [11]) and defined
together with the geometry specific parameter Ȧ in [10].

2

The transverse load at the cut subsection is here neglected.
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It is widely recognized that in most cases the stress oscillation occur in an extremely
narrow region ahead of the crack tip. Further, it is common practice to suppress the oscillating
singularity by letting Į = ȕ = 0 in the expression (1) for the stress intensity factors. With Į = ȕ
= 0, K1 and K2 mathematically retain their conventional meaning as measures of the
intensities of the tensile and shear stress fields ahead of the crack tip, i.e., K = KI + i KII.
However, in this paper we will examine the TSD specimen using both complex and
conventional stress intensity factors, and from here on designated as the full and reduced
formulation respectively.
Consequently, both a reduced (İ = 0) and full (İ  0) mode-mixity definition can be stated
in terms of phase angles,

\F

>
>

§ Im Kl iH
arctan¨¨
iH
© Re Kl

@·¸
@¸¹

\R

§K
arctan¨¨ II
© KI

·
¸¸
¹

(9a,b)

where l is defined as the characteristic length of the crack problem. For sandwich debond
problems the characteristic length is often chosen as the face thickness, however, the
characteristic length can be chosen arbitrary and will just phase-shift the phase angle. For
more details see [10].
TSD Analysis

The TSD specimen can be approximately modeled applying (1) over a range of tilt angles,
ș, with:
F  P sin T
M Pa cos T
(10a,b)
where P is the vertical force and ș is the tilt angle, see Fig. 1. Assuming the reduced
formulation (İ = ȕ = 0), equations (1) and (10) yield,
KI

1D
2h

§
·
§a·
¨¨  sin T cos Z  2 3 ¨ ¸ cos T sin Z ¸¸
©h¹
©
¹

(11a)

K II

1D
2h

§
·
§a·
¨¨  sin T sin Z  2 3 ¨ ¸ cos T cos Z ¸¸
©h¹
©
¹

(11b)

For a TSD specimen with a thin face sheet and a long crack it is noted from Eqs. (11) that
the 2nd terms will dominate the expressions for KI and KII. Hence, the phase angle, ȥR,
becomes
§K ·
(12)
\ R arctan¨¨ II ¸¸  arctan cot Z
© KI ¹
For a homogeneous TSD specimen, Hutchinson and Suo [10] found Ȧ = 52.1º. Hence, the
phase angle becomes: ȥR = –37.9º. For bimaterial specimens, Hutchinson and Suo [10]
provides results for the angle Ȧ in graphical form over the range (–0.8  Į  0.8). From the
analysis in [10] it can be noted that Ȧ is increasing, when Į is increasing (larger bimaterial
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mismatch), which will result in a smaller magnitude of the negative phase angle, hence a more
mode I dominated crack loading. It is further noted that the mode-mixity is independent of the
tilt angle and the thickness of the face sheet according to this limit analysis (a >> h).
For shorter crack lengths, however, it is not appropriate to replace the moment, M, in Eq.
(1) with the normal force component (Pcosș) times the crack length (a) as in Eq. (10b). When
the crack length to face thickness ratio (a/h) becomes smaller it becomes necessary to
consider the influence of the transverse shear component of force on the crack tip loading.
Such analysis has been presented by Ferrie et al. [12] and Li et al. [13] for delaminations in
composites and layered materials. Ferrie et al. [12] examined buckling-driven propagation of
delaminations in compression loaded columns while Li et al. [13] examined more general
loading configurations. By the Ferrie et al. and Li et al. analyses the framework developed by
Hutchinson and Suo [10] for axial load and bending moment has been extended to incorporate
shear loading. When a shear force is acting there will be an additional contribution to the
energy release rate and shear will also alter the mode-mixity. The shear force will cause
rotation near the crack tip of sections of the loaded face. Such rotations are due to shear strain
and “root rotation”, which is rotation of the crack tip in excess of the transverse shear strain.
For the geometry and loading examined by Li et al. [13] they found that reduced crack
length-to-face thickness ratio (a/h) for a transversely loaded face sheet (ș = 0 in the TSD
configuration), led to quite substantial increases in the phase angle. Hence, for the TSD
geometry, it seems plausible that a thicker face or a steel plate reinforced face may be a mean
to substantially increase the shear loading. From a practical point of view it is difficult to
increase the face thickness just for testing purposes. The most viable option to reinforce the
loaded face is using a steel plate that is adhesively bonded to the upper face. Steel is readily
available and is much stiffer than most composite face sheets. In this paper we will focus
attention to sandwich specimens with composite face sheets, but the analysis is valid also for
face sheets reinforced with the same material.
3 NUMERICAL FRACTURE MECHANICS PARAMETRIC ANALYSIS

The effect of the proposed stiffening of the loaded face sheet on the phase angle is
investigated through a limited numerical parametric study. A schematic representation of the
modified TSD-specimen can be seen in Figure 5.
The parameters that will be varied are the reinforcement thickness, hr, and the tilt angle, ș.
The chosen configuration consists of 2 mm face sheets made of E-glass woven rovings with
epoxy resin and a 25 mm Divinycell H100 foam core. The reinforcement material, glued to
the upper face sheet, is steel. Furthermore, in order to maximize the effect of the transverse
shear effect a short crack length relative to the specimen length is chosen. Geometrical and
mechanical properties applied in the parametric analysis can be found in Table 1 and 2
respectively.
In order to determine fracture mechanical properties, i.e. energy release rate and modemixity, for the various configurations of the modified TSD specimen, a J-integral calculation
and the Crack Surface Extrapolation (CSDE) method was applied through relative crack flank
displacements by means of a finite element analysis.
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Figure 5: Schematic representation of the modified plain TSD specimen.

Geometrical Properties
Specimen length (mm)
Face thickness (mm)
Core thickness (mm)
Crack length(mm)
Reinforcement thicknesses (mm)
Tilt angles ( ˚)

L

hf
hc
a
hr

ș

200
2
25
25
1, 2, 4, 8, 12
-85, -75, -60, -30, 0, 30, 60, 75, 85

Table 1 : Geometrical properties in the parametric analysis.

Mechanical Properties
Face
In-plane Young's modulus (GPa)
Out-of-plane Young's modulus (GPa)
In-plane shear modulus (GPa)
Out-of-plane shear modulus (GPa)
In-plane Poisson's ratio (-)
Out-of-plane Poisson's ratio (-)

E1, E2
E3
G12
G13, G23
Ȟ12
Ȟ 13, Ȟ 23

20.6
9.9
3.1
2.9
0.12
0.37

Core
Young's modulus (MPa)
Shear modulus (MPa)
Poisson's ratio (-)
Steel
Young's modulus (GPa)
Poisson's ratio (-)

Ec
Gc
Ȟc

130
35
0.32

Es
Ȟs

210
0.3

Table 2 : Mechanical properties applied in the parametric analysis.

The CSDE-method was presented earlier by Berggreen [5] in combination with a 2D finite
element model similar to the one applied in the present parametric analysis. Energy release
rate and mode-mixity expressions as function of relative crack flank opening and shearing
displacements (see Figure 4) can be found together with further details in [5].
The finite element model applied in the parametric analysis consists of 4 and 8 noded isoparametric plane elements. In order to capture relative crack flank displacements a highly
densified mesh is applied in a region close to the crack tip. Furthermore, the dense mesh
region is divided into element rings which are used for individual J-integral calculations
which are then averaged into a final value to be compared with the energy release rate
achieved through relative crack flank displacements and the CSDE-method. The mesh
densities applied in the finite element model can be seen in Figure 6.
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Figure 6: Finite element mesh applied in parametric analysis of the modified plain TSD specimen (hr = 12 mm).
(a) global mesh and (b) near tip mesh region. Min. element size is 3.33 ȝm.

The TSD loading configuration is applied by restricting all DOF’s at the bottom surface of
the lower face sheet. Axial, PA, and normal, PN, loads are applied at the upper left corner of
the reinforcement layer according to the tilt angle, ș.

PA

P sin T

P cos T

PN

(13a,b)

The finite element analysis is geometrically linear, and the load is increased for all
specimen configurations until an energy release rate level of 400 J/m2 has been reached,
which is comparable to the fracture toughness, GIc, of the H100 foam core [14].
Figure 7 shows the phase angle calculated according to the reduced formulation (İ = 0) as
a function of the tilt angle for various reinforcement thicknesses. First it can be seen that for
the traditional TSD specimen with no reinforcement of the upper face sheet (hr = 0) the
mode-mixity is almost constant over a span of tilt angles between ș = -75˚ to ș = 75˚,
confirming the earlier analyses and testing by Li and Carlsson [2]. However, as it also can be
seen in Figure 7, the effect of reinforcing the upper face sheet with a stiff steel layer results as
expected in an increased range of phase angles. With a reinforcement thickness of 12 mm the
variability of the phase angle range is increased to about ȥR = -70˚ for ș = 85˚ to ȥR = 70˚ for
ș = -85˚.
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Figure 7: Phase angle (reduced formulation) as
function of tilt angle for a plain reinforced TSDspecimen.

Figure 8: Full versus reduced phase angle
formulation for the conventional (hr = 0 mm) and
reinforced (hr = 12 mm) TSD-specimens. l = 2 mm.
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As it was indicated earlier, the increase in the phase angle range can be associated with the
increasing amount of shear loading and subsequent crack tip root rotation when the
reinforcement layer thickness, hr, is increased. The amount of root rotation at a tilt angle of ș
= 75˚ is compared in Figure 9 for the traditional (hr = 0) and the modified TSD-specimen
with a reinforcement thickness of hr = 12 mm. It is evident from the deformation plot that an
increased root rotation is present for the reinforced TSD-specimen in accordance with the
theoretical prediction by Li et al. [13].

(a)
(b)
Figure 9: Crack tip root deformations at ș = 75. (a) traditional TSD-specimen, and (b) reinforced TSD-specimen,
hr = 12 mm.

In Figure 7 it is furthermore observed that the phase angle for tilt angles up to between ș =
60˚ to ș = 80˚ is positive and mode I dominated for all investigated reinforcement thicknesses,
indicating that kinking out of the interface is likely. It was mentioned earlier that the
homogeneous TSD specimen has a negative phase angle, but that the mode-mixity was
moving towards a mode I dominated condition when the bimaterial mismatch parameter Į
went towards the theoretical limit of 1. For the sandwich configuration chosen in the
parametric study the mismatch is extreme (close to 1.0) and the calculated phase angles are
shifted towards mode I dominance, which confirms the tendencies shown through the
analytical modeling of the TSD specimen even though the effect of the transverse shear is not
included. Furthermore, the kinking observations in the experimental investigation by Li and
Carlsson [1] are furthermore confirmed by the calculated positive phase angles in present
parametric analysis.
Originally prevention of kinking out of the interface was one of the main objectives for the
development of the traditional TSD-specimen. As shown above, kinking is still a potential
problem for the reinforced TSD-specimen for low tilt angles. However, as it can be observed
in Figure 8, the magnitude of the characteristic length using the full mode-mixity formulation
will phase shift the mode-mixity towards negative mode-mixities compared to the modemixities based on the reduced formulation. So in order to take account of kinking when
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measuring fracture toughnesses for specific mode-mixities, it is proposed that the modemixity is determined using the full formulation and the characteristic length is calibrated so
that kinking sets in at a phase angle of ȥF = 0˚.
4 DESIGN RECOMMENDATIONS

In the parametric analysis described above, the possibility for local failure of the TSDspecimen reinforced with a stiff steel layer of a given thickness was not considered.
Especially at the right end of the face and reinforcement, see Figure 5, compression stresses in
the core can potentially rise above the crushing strength of the core which would affect the
mode-mixity at the crack tip. Exact modeling of the crushing behavior in the core is
complicated due to the cellular micro-structure of the foam material, thus local crushing in the
core should be avoided.
Furthermore it was observed in the parametric analysis that the free left end of the core, see
Figure 5, undergoes extensive deformations due to the local crack tip root rotations, and in
effect limiting the transverse shear effect on the mode-mixity. Thus, in order to localize the
crack tip root rotations to the crack tip region and thereby maximizing the effect on the modemixity, it is desirable to reinforce the left core end, so that the edge is held straight for all load
levels and tilt angles.
In Figure 10 the additional modifications to the TSD-specimen are illustrated. The
crushing of the core is prevented by adding a vertical stiff link at both sides of the specimen
pinned to the face reinforcement and base respectively. In order to further prevent localized
loading of the core, the link is located as close to the reinforcement right end as possible, and
the end of the face reinforcement have been rounded. The connection between the pins, links,
reinforcement and base should furthermore be lubricated prior to testing or bearings should be
added in order to limit friction. In Figure 10 the left end reinforcement of the core has been
added, by bolting a stiff metal block to the base and gluing the left end of the core and lower
face sheet onto the metal block.

Figure 10: Further design modifications with pinned links at both sides of the specimen and an additional block,
reinforcing the left end of the core and lower face.

181

40

20

20

0

0
o

\R ( )

40

o

\R ( )

Christian Berggreen and Leif A. Carlsson

TSD Specimen
H100 hs = 12 mm
a = 25 mm

-20
-40

-40

Plain
Pinned
Pinned + End Block

-60

TSD Specimen
H100 hs = 12 mm
a = 50 mm

-20

Plain
Pinned
Pinned + End Block

-60
-80

-80
0

20

40

60

0

80

20

20

0

0

\R ( o)

20

o

\R ( )

40

TSD Specimen
H100 hs = 12 mm
a = 100 mm

-40

80

60

80

TSD Specimen
H100 hs = 12 mm
a = 150 mm

-20
-40

Plain
Pinned
Pinned + End Block

-60

60

T( )

40

-20

40
o

o

T( )

Plain
Pinned
Pinned + End Block

-60
-80

-80
0

20

40

60

0

80

20

40
o

o

T( )

T( )

Figure 11: Phase angle vs. tilt angle for the plain, pinned and pinned+block modification versions. (top left) a =
25 mm, (top right) a = 50 mm, (bottom left) a = 100 mm and (bottom right) a = 150 mm. (Reduced formulation)

The effect on the phase angle (reduced formulation) by the additional design modifications
depicted in Figure 10, have been investigated applying the same numerical model and for
similar specimen configurations as in the previous section. Furthermore, the effect of the
crack length, a, has been investigated. However, in the analyses only positive tilt angles have
been included, as negative tilt angles most likely will result in kinking out of the interface.
Three versions of the modified TSD specimen have been investigated, all with a
reinforcement thickness of hr = 12 mm:
x A plain version, similar to what was investigated in the parametric analysis in the
previous section, (plain)
x A purely pinned version, similar to Figure 10 but without core reinforcement. (pinned)
x A pinned and end block reinforced version, similar to Figure 10. (pinned+block)

Figure 11 shows the phase angle for all three TSD specimen versions as a function of the
tilt angle and for four different crack lengths, a = 25, 50, 100, 150 mm. It can be seen in
Figure 11 (top left) that the reinforcement of the left core end of the specimen has a
significant additional effect on the variability of the phase angle. For the plain version, the
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zero phase angle condition is reached at a tilt angle of approximately ș = 57˚, but for the
pinned+block version the zero crossing level is already reached at approximately ș = 46˚.
However, for high tilt angles the phase angle is approximately similar. As the crack length
increases the effect of the block reinforcement of the left core end decreases, and at a crack
length, a = 50 mm, the effect on the mode-mixity is negligible, see Figure 11 (top right).
Conversely, the pinned link modification (pinned version) is apart from limiting local
crushing of the core as discussed above, seen to only have an effect on the variability of the
phase angle for long crack lengths. In Figure 11 (bottom left and right) it can be seen that the
zero phase angle condition is reached earlier compared to the plain version, however, the
effect is less significant compared to the pinned+block version for small crack lengths.
Furthermore, for very long crack lengths the phase angle variation is seen to be limited for all
modification versions, and large tilt angles are necessary in order to provoke significant phase
angle variation, and for these high tilt angles it is finally observed that the phase angle is
approximately the same for all modification versions.
In Figure 12 the phase angle has been plotted against crack length for the pinned and
pinned+block modification versions. It is evident that the phase angle is approximately
constant for the pinned version until a crack length of about 100 mm, where the angle
decreases significantly. For the pinned+block version the phase angle variation for a
propagating crack is more pronounced over the entire crack length regime.
Even though the pinned version has a nearly constant phase angle up to crack lengths of
about 100 mm, a significant variability of the mode-mixity is only achieved for high tilt
angles, where the phase angle gradient is high, increasing the level of uncertainty in practical
measurements. Thus, the modified TSD-specimen cannot easily be applied for fatigue crack
growth characterization, where a constant phase angle is desired.
However, the present analyses illustrates that the modified TSD specimen and testing
procedure is highly applicable for simple quasi-static face/core interface fracture toughness
measurements, and especially the pinned+block modification version offers a significant
variability of the phase angle, desirable from a practical point of view.
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Figure 12: Phase angle vs. crack length for the pinned and pinned+block modification versions. “P” indicates the
pinned version, and “P+B” the pinned+block version. (Reduced formulation)
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5 CONCLUSION

The analysis of the conventional TSD specimen confirms a negligible variability of the
phase angle for practical applicable tilt angles. However, it was proven through a limited
parametric analysis that by reinforcing the loaded face sheet by a stiff metal plate, an increase
in transverse shear lead to increased root rotation of the crack tip resulting in considerable
expansion of the range of phase angles. Design considerations furthermore outlined that
mode-mixity variability can be further improved by reinforcing the core at the cracked end of
the specimen, and core crushing can be avoided by using stiff pinned links at the specimen
end. The modified TSD specimen and test was identified as a viable and promising candidate
for mixed mode fracture toughness measurements. Further parametric analyses should be
carried out together with experimental benchmarking of the specimen against fixed phase
angle specimens, such as for example the DCB and CSB.
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Summary. Face/core interface crack propagation in sandwich specimens is analyzed. A thorough
analysis of the typical failure modes in sandwich composites was performed in order to design the
MMB specimen to promote face/core debond fracture. Displacement, compliance and energy release
rate expressions for the MMB specimen were derived from a superposition analysis. An experimental
verification of the methodology proposed was performed using MMB sandwich specimens with H100
PVC foam core and E-glass/polyester non-crimp quadro-axial [0/45/90/-45]s DBLT-850 faces.
Different mixed mode loadings were applied using the MMB test rig and debond propagation as
failure mode was successfully achieved.

1 INTRODUCTION
Debonds and other interfacial damages can occur during manufacturing processes,
accidental overloads, material manipulation and they might grow under both static and cyclic
loading scenarios during the service lifetime of the structure [1-4]. Debonds are of great
concern, since the bending stiffness of a sandwich structure is dominated by the contribution
of the faces with respect to the neutral axis of the entire sandwich, and in the absence of the
bond between faces and core, almost the entire bending stiffness and thus the strength of the
structure are lost.
To investigate and measure interface fracture properties, geometries such the cracked
sandwich beam (CSB) [5], double cantilever sandwich beam (DCB) [6], tilted sandwich
debond (TSD) [7], three point bending sandwich (TPBS) [8], center notched flexure sandwich
CNFS [8], single cantilever sandwich (SCS), end-loaded sandwich structure (ELSS) and the
DCB subjected to uneven bending moment named DCB-UBM [9] were proposed. However,
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most of the above mentioned sandwich specimens have their advantages and disadvantages.
The disadvantages are typically under mixed mode loading conditions, for instance, the DCB
and CSB specimens can only be loaded in global mode I or mode II, respectively. The TSD
specimen which seems to be very promising needs a stiffer metal plate as reinforcement on
the loaded face sheet in order to reach a wide range of mode-mixities at the debond tip [10].
The DCB-UBM specimen is a DCB sandwich specimen which is loaded by uneven bending
moments [9]. The combination of the moments applied to the specimen determines the modemixity on the specimen. Despite its advantages, the DCB-UBM uses a complex test fixture to
apply the moment to the specimen which might be a limitation if fatigue tests are envisioned.
Therefore, a simpler test would be desired to study mixed mode debond fracture of sandwich
specimens and the mixed mode bending (MMB) test is a promising candidate. The MMB test
fixture originally developed for mixed mode delamination fracture characterization of
unidirectional composites [11,12] has been applied in the present study to sandwich
specimens, as presented in Figure 1. The MMB test rig subjects the debonded region of the
sandwich composite to various combinations of mode I and mode II by varying the lever arm
distance c of the loading application point.
The main objective of the paper is to provide the necessary tools and methodology for the
design of the MMB sandwich specimen for debonds fracture characterization under mixed
mode loading.

Figure 1 : Mixed mode bending fixture and the debonded sandwich specimen

2 COMPLIANCE AND ENERGY RELEASE RATE FOR THE MMB DEBONDED
SANDWICH SPECIMEN
The MMB sandwich specimen is essentially a three-point flexure specimen with a throughwidth artificial crack at the upper face/core interface with a pulling load at the upper
debonded face sheet of the specimen, as shown in Figure 2. The debond is placed at the
specimen end to accommodate the sliding mode due to flexural loading (mode II) and the
opening due to a pulling load acting at this end (mode I). To derive the analytic expressions
for the displacement, compliance and energy release rate for the MMB sandwich specimen,
the solutions for the double cantilever beam (DCB [6]) and cracked sandwich beam (CSB [5])
specimens were superimposed by applying a proper kinematic relationship for the loading
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configuration [13]. The analytical expressions for the MMB displacement, compliance and
energy release rate are given in equations (1)-(3) [13].

Figure 2 : MMB specimen decomposed into the DCB and CSB components
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Expressions for the compliances CDCB-upper, CDCB-lower and CCSB for upper DCB sub-beam,
lower DCB sub-beam and CSB specimens respectively are provided in [5,6,13]. The load P
applied to the specimen can be decomposed into two loads, one for mode I and other for the
mode II component, as shown in equations (4).
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PI

c
cL
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P D
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© L¹

(4a, 4b)

Notice that the “pure mode I” and “pure mode II” represents the global loading. As will be
shown later, the local mode-mixity may be substantially different. The parameter Į measures
the asymmetry of the upper and lower sub-beams at the debonded region, further information
regarding Į can be found in [5,13].
3 DESIGN OF FRACTURE SPECIMEN
The MMB sandwich specimen may fail in several ways including tension or compression
failure of the facings, shear failure of the core, core crushing, wrinkling failure of the face in
compression, local indentation under concentrated loads besides the anticipated debonding
failure of the face/core interface. Special attention is given to the following failure modes,
core shear failure, indentation failure, and debond failure. Thus, for debond fracture
characterization, the design of the MMB sandwich specimen must promote debond
propagation of the face/core interface crack before other undesired failure modes are
activated. The failure loads for each mode of failure were calculated in order to determine the
controlling failure mechanism for some specific MMB sandwich and mixed mode loadings.
2.1 Core shear failure
The shear stress distribution in the MMB sandwich specimen is similar to the three-point
bending loading in regions away from the crack tip. Therefore, for simplicity it is assumed
that the shear force is solely carried by the core with a negligible additional contribution from
the face sheets [14,15]. Furthermore, from equations (4), the load corresponding to the mode
II, PII, is larger than the mode I, PI. The load PII is also larger than the load P applied to the
specimen by a factor of c/L, as shown in equation (4b). Consequently, the shear force at the
right support of the MMB specimen is half of PII. Thus, the shear stresses Ĳc can be calculated
using equation (5).

Wc

c·
1§
¨1  ¸ P
2© L¹
hcb

(5)

Shear failure will occur if the ultimate shear strength of the core Ĳmax is reached or
exceeded. The shear failure load can be calculated using equation (6),

PCS

2hc bW max L
cL

(6)

where PCS is the load that causes core shear failure, hc is the core thickness, b is the width of
the beam and L the half span length of the beam.
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2.2 Indentation failure

Indentation failure is a predominant mode of failure in the case of highly localized loads,
such as point or line loads. Indentation failure in sandwich structures is generally governed by
local yielding of the core followed by plastic deformation of the foam material beneath the
contact area. An indentation model for elastic faces and idealized plastic core presented in
[14,15] for beams loaded in three-point bending is used to analyze indentation failure in the
MMB sandwich specimens. The load Pindent that causes indentation, the displacement umax
underneath the loading point, and Ȝmax the wave length of the zone affected by the localized
load are given by equations (7).
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where d = hc+hf , hc is the core thickness, hf is the face sheet thickness, ıc is the compressive
strength of the core, L is the half span length and Ef is the elastic modulus of the face sheets.
2.3 Debond failure

In order to predict the debond fracture load, the critical energy release rate (i.e. the fracture
toughness, Ƚ) of the face/core interface at mode I, mode II and/or a combination of those are
needed. Fracture toughness values for a few material combinations are available in the
literature, however most of them are limited to pure mode I or II [1,3,4,16] with only few
examples of measured mixed mode fracture toughness [1,3,4]. Thus, to provide an
approximate estimate of the debond fracture load for the MMB sandwich specimen, fracture
toughness (Ƚ) values were selected from the reference [16] for a similar combination of core
and face sheet materials, see Tables 1 and 2. The fracture load is obtained from equation (8).
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It is important to point out that the value taken from the literature is used only for a
preliminary design analysis. The assumed interfacial fracture toughnesses for H45, H100 and
H200 foam cores are 150, 310 and 625 J/m2 respectively [16]. In general, the fracture
toughness under mode I is less than mode II. Under mixed mode loading (combination of
mode I and mode II) the fracture toughness will be bounded by those in mode I and II [810,13]. In addition, for a crack located in an interface between two dissimilar materials, the
fracture toughness can depend on the mode-mixity [9,10,13]. Thus, in order to predict the
debond fracture loads, the initially assumed fracture toughness values under mode I were
increased by a factor of three. This factor was selected based on the results presented in [9]
where the fracture toughness for GFRP/H80 as a function of the mode-mixity varies from
approximately 300 J/m2 (dominant mode I, with mode-mixity from ~ -10° to ~ -35°) to 800
J/m2 (dominant mode II, with mode-mixity from ~ -40° to ~ -60°). Thus, a variation in the
fracture toughness of around 3 times with respect to dominant mode I is present.
The analysis outlined will be illustrated on various sandwich materials. To enable
calculations of the critical failure loads for each failure mode, the mechanical properties for
the core and face sheets as well as fracture toughness values for debond fracture load
estimation are provided in Tables 1 and 2.
Properties
Compressive Strength (MPa)
Compressive Modulus (MPa)
Tensile Strength (MPa)
Tensile Modulus (MPa)
Shear Strength (MPa)
Shear Modulus (MPa)
Shear Strain (%)
Fracture Toughness GIC(J/m2)

H45
0.6
50
1.4
55
0.56
15
12
150

H100
2
135
3.5
130
1.6
35
40
310

H200
4.8
240
7.1
250
3.5
85
40
625

Table 1 : Mechanical properties of PVC foams [16,17]

Face DBLT-850 (0/45/90/-45)
Young's modulus (E), GPa
Shear modulus (G), GPa
Poisson's modulus (Ȟ)

16.4
2.7
0.306

Table 2 : Mechanical properties in plane of the face sheets [1]

The properties listed in Tables 1 and 2 were used to estimate the failure loads for each
failure mode, as presented in Table 3. The results presented in Table 3 were calculated using a
face sheet thickness of 2 mm, width of 35 mm and length of 150 mm (2L). Furthermore, three
initial crack lengths (2.5, 5 and 25 mm) and various core thicknesses were analyzed in order to
evaluate their effect on the debond failure load. It is observed that for the combination of
material properties and geometries considered, mainly debonding failure is achieved,
however, for some MMB geometries core shear failure might occur, especially at small crack
lengths. Therefore, it is recommended to avoid very short initial crack lengths in the MMB
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specimen to avoid the occurrence of other failure modes that would hinder debond failure
characterization. In addition, using a relatively thick face sheet (2 mm), indentation failure can
be avoided.
Foam
Type

hc
(mm)

c
(mm)

GI/GII

H45

29
29
29
29
29
29
29
29
29
29
29
29
29
29
29
29
29
29
20
20
20
20
20
20
10
10
10
29
29
29

40
40
40
30
30
30
35
35
35
40
40
40
45
45
45
50
50
50
40
40
40
50
50
50
40
40
40
40
40
40

31.8
35
22.8
47.3
22.5
9.4
59
29
14.4
70
37.5
19.8
82.7
45
25.6
94.3
53.3
31.6
26.5
26.6
16.9
35.5
38
27.4
4
8.5
10
114.5
48
24.8

H100

H200

Initial
crack
ao=25mm
25
5
2.5
25
5
2.5
25
5
2.5
25
5
2.5
25
5
2.5
25
5
2.5
25
5
2.5
25
5
2.5
25
5
2.5
25
5
2.5

Shear
Failure KN)
Eq.6
0.74
0.74
0.74
2.32
2.32
2.32
2.22
2. 22
2.22
2.12
2.12
2.12
2.03
2.03
2.03
1.95
1.95
1.95
1.46
1.46
1.46
1.34
1.34
1.34
0.73
0.73
0.73
4.63
4.63
4.63

Indentation
failure (KN)
Eq.7a
1.11
1.11
1.11
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.48
2.21
2.21
2.21
2.21
2.21
2.21
1.81
1.81
1.81
4.45
4.45
4.45

Debond
failure
(KN) Eq.8
0.202
0.605
0.910
0.405
1.35
2.20
0.35
1.10
1.75
0.32
0.96
1.48
0.275
0.855
1.28
0.245
0.76
1.12
0.308
0.995
1.530
0.245
0.770
1.150
0.320
1.070
1.690
0.445
1.450
2.190

Dominant
Failure
mode
Debonding
Debonding
Shear
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Debonding
Shear
Debonding
Debonding
Debonding
Debonding
Shear
Shear
Debonding
Debonding
Debonding

Table 3 : Predicted failure loads for the MMB sandwich specimen (L=75mm, b=35mm, hf=2mm)

4 EXPERIMENTAL SETUP

The experimental setup used for the mixed mode bending testing is shown in Figure 3. The
MMB sandwich beams consisted of Divinycell H100 PVC foam core and E-glass/polyester
non-crimp quadro-axial [0/45/90/-45]s Devold AMT DBLT-850 face sheet with the
mechanical properties listed in Tables 1 and 2. The face/core debonds in these sandwich
specimens were created by use of a very thin razor blade of 0.35 mm thickness. The load was
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introduced through steel hinges specially manufactured to avoid nonlinear rotations and/or
friction forces during testing.
From Table 3, it can be determined that the optimum initial crack length in order to
promote debond propagation is 25 mm for the chosen specimen configuration. The steel
hinges were glued (using epoxy) onto the debonded region of the MMB specimen such that
the initial debond length, measured from the load line to the crack tip was 25 mm. Two
sandwich geometries with the same material constituents were evaluated. The specimen
dimensions are a width of 35 mm, face sheet thickness of 2 mm, length 150 mm (2L), and core
thicknesses of 10 and 29 mm. The cross-head rate applied to all specimens was 1mm/min. The
mixed mode loading was varied by changing the lever arm distance c from 30 to 50 mm.

Figure 3 : MMB sandwich specimen and test rig

In addition, during the MMB experiments, some specimens were monitored visually by a
commercial digital image correlation (DIC) system (ARAMIS 2M). The purpose of the DICmeasurements was to measure the actual deformations in the specimen during testing,
especially in the core. A speckle pattern was applied to the lateral surface of the specimen,
allowing a full field 3D displacement and 2D strain field measurement of the specimen
surface.
5 EXPERIMENTAL RESULTS AND DISCUSSIONS

In the present paper, the design methodology to promote debond fracture as failure mode
in the MMB sandwich specimens is validated against experiments. Examples of experimental
load versus displacement results are presented in Figure 4. The load required to propagate the
face/core debond is higher for small c values. This behavior can be attributed to the fact that
at small c values the mixed mode applied to the specimen becomes a dominant mode II and at
higher c values mode I is dominant. For instance, for c=30 mm the critical failure load was
approximately 350 N and for c=50 mm was 175 N.
The comparison between the experimental and analytic load versus displacement results
are in good agreement, as presented in Figure 4. The results presented in Figure 4 correspond
to specimens with 29 mm core thickness evaluated at different lever arm distances, c.
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However, for specimens with 10 mm core thickness the displacements were in the range of
10-18 mm (see Figure 5) which caused large plastic and permanent deformation in the core,
especially near the crack tip region. For this case, beam theory formulation for the MMB
specimen is not valid since it was developed based on small deflections. Thus, the debond
fracture characterization can therefore not be performed for this case.
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Figure 4 : MMB experimental results for load vs. displacement (“ż” Onset of crack growth, hc=29mm, hf=2mm
and b=35mm)
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Figure 5 : MMB experimental for load vs. displacement (hc=10mm, hf=2mm and b=25mm)

The DIC images captured during testing of the MMB specimens are presented in Figure 6
showing major strain contours. As it can be observed in Figure 6a, the specimen with 10 mm
core thickness suffered large plastic (core crushing at crack tip) and permanent deformation in
the core caused by the large displacements and a large crack tip process zone. Furthermore,
this specimen failed by kinking into the face sheet, as shown in Figure 6b. Conversely, for the
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specimen with 29 mm core thickness the deformations in the core (major strains, as shown in
Figure 6c) at the crack tip is approximately 5% which is within the linear elastic region [17].
In addition, the crack tip fracture process zone is small, and the specimen failed by debond
propagation, as observed in Figure 6c.
In addition, the Crack Surface Displacement Extrapolation (CSDE) method developed by
[1] was applied to extract the local mode-mixity at the crack tip in order to evaluate its effect
on the debond fracture of the MMB specimens. The mode-mixity1 was calculated for the
specimens with 10 and 29mm using a characteristic length equal to the specimen’s face sheet
thickness (2 mm). The specimens were loaded using a c value of 40 mm. For the specimen
with 10mm core thickness, the mode-mixity was -33° and for 29mm core thickness was -19.5º.
The mode-mixity effect is evident since large mode-mixities will cause an elongation of the
crack tip process zone (shear deformation) and can result in significant plastic deformation in
the core material at the crack tip. Consequently the debond fracture characterization can be
troublesome for these cases. For the specimen with 29 mm core thickness, the mixed mode
becomes dominant mode I. It is important to note that the pre-crack was introduced manually,
which may result in the cracks being placed in an unrepresentative position within the
sandwich specimen which can reduce or increase the resistance of the material to crack
propagation. Therefore, a full experimental mixed mode fracture characterization of debonded
sandwich specimens is underway and the face/core interface crack is created by inserting a
thin Teflon film at the face/core interface ensuring that the crack is correctly located.

(a)

(b)

(c)

Figure 6 : DIC plots showing major strain during the MMB testing at c=40mm, a) hc=10mm, b) hc=10mm,
kinking into the face sheet, and c) hc=29mm, debond propagation.

The debond fracture loads and fracture toughnesses as function of the lever arm distance c
and mode-mixity are shown in Figure 7. It is observed that the debond fracture load decreases
as distance c increases (Figure 7a). The mode-mixity at the crack tip decreases as increasing
the distance c (Figure 7b). And, the debond fracture toughness increases as function of
increasing mode-mixity (Figure 7c). The mode-mixity values presented in Figure 7c are
mainly dominant mode I and the fracture toughness reported (ranging from 481-687 J/m2)
agrees well with values reported in the literature [18]. In Ref. [18], a sandwich specimen with
E-glass face sheets and H100 core evaluated using a pure DCB testing mode, the reported
fracture toughness was ~558 J/m2.
1

Assuming linear elastic fracture mechanics to be valid
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Figure 7 : a) Debond fracture loads, b) mode-mixity as function of various c values and c) fracture toughness as
function of mode-mixity (hc=29mm in all figures).

6 CONCLUSIONS

The methodology presented may be used to design MMB sandwich specimens with
debond fracture as the controlling failure mode. Thus, the analysis presented can be applied
for the design of an optimum sandwich geometry for debond fracture characterization under
mixed mode loading. The formulation developed can be applied to any combination of
materials and can assist in the determination whether debond propagation is the critical failure
mode for a given beam geometry, initial crack length and mixed mode loading conditions.
The present study showed that the load vs. displacement curves and fracture toughness vs.
mode-mixity for the MMB specimens depends on the specimen geometry and loading
conditions.
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Summary. This paper documents an experimental and numerical study of energy absorption
in lightweight sandwich panels with metallic fibre cores, when perforated by hardened,
spherical steel projectiles. The sandwich panels are manufactured entirely from austenitic
stainless steel (type-304). The faceplates are 0.4 mm thick and the core material, composed of
a bonded network of slender metallic fibres, is approximately 1-1.5 mm thick. The sandwich
panels have been impacted over a range of impact velocities and the absorbed energy has
been measured. Simulations were conducted using the explicit finite element code in
ABAQUS/CAE. The faceplates were modelled using the phenomenological plasticity model of
Johnson & Cook, coupled with a strain rate-dependent, critical plastic strain fracture model.
The core was modelled as an anisotropic crushable foam material using a VUMAT
subroutine. Failure of the core material was captured using a quadratic shear stress failure
criterion. The agreement between the simulations and the experiments is found to be good in
terms of failure mode. The absorbed energies are also in good agreement.

199

James Dean, Arash S. Fallah, Peter M. Brown, Luke A. Louca, Trevor W. Clyne

1 INTRODUCTION
In a sandwich panel, two thin, stiff faces are bonded to, and separated by, a thick and
lightweight core material. The faces may be composed of any material that satisfies the basic
requirements of stiffness, strength and flexural rigidity. The core material has several
functions. It must be sufficiently stiff in the direction perpendicular to the faceplates to
maintain a constant separation distance, it must be stiff in shear to prevent relative movement
between the faceplates during bending, and it must be stiff enough to keep the faceplates flat,
in order to prevent local instabilities during in-plane compressive loading.
Provided the appropriate core and face materials are chosen, therefore, sandwich panels
can satisfy a great range of demands and have long been utilised in applications requiring
lightweight, high stiffness structures (notably in the aerospace, automotive, marine and
construction industries). Their continued widespread use has been promoted by the
availability and development of novel, porous core topologies [1]. These include microarchitectured trusses, honeycombs, metallic and polymeric foams and corrugations. A porous
architecture also lends itself well to thermal insulation [2], noise attenuation [3] and heat
exchange [4], providing a degree of multifunctionality which further widens the possible
application range. In fact, the benefits of cellular materials are often best realised when
configured as the cores of sandwich panels. This owes much to their plastic behaviour during
compression, which also renders them candidate materials for energy absorbing applications.
Indeed, the impact response of sandwich panels containing lattice, foam-like and
honeycomb cores has already been treated extensively [5, 6] [7]. However, a more novel type
of cellular core topology is one comprised of an open network of bonded metallic fibres [8].
The mechanical properties of a lightweight sandwich panel with a fibrous metallic core were
recently investigated by Zhou and Stronge [9], who went on to investigate the sandwich panel
response under local impact denting [10]. The sandwich panel (termed HSSA) contained
metal fibres in the core, sandwiched between 200 Pm thick faceplates (type-316 stainless
steel) and bonded with a polymeric adhesive. The fibres (type-316 stainless steel) were
approximately 1 mm in length, 25 Pm in diameter, and were oriented perpendicular to the
plane of the faceplates.
Zhou and Stronge [10] developed analytical models based on quasi-static and dynamic
deformation to predict the impact force generated by a low speed impact on HSSA sandwich
panels. A finite element model was also developed which could accurately capture the
residual indentation depth, although the authors noted the difficulty in trying to choose a
suitable constitutive model for the core material. From a simple energy partition, Zhou and
Stronge [10] also found that at low impact energies, bending and shearing were the dominant
energy-absorbing mechanisms. Membrane stretching (faceplates) and indentation offered little
in the way of energy absorption. As the impact energy increased, the contribution from
membrane stretching increased significantly, to a value consistent with that of bending and
greater than that of shearing. The energy absorbed through indentation remained
comparatively low.
In a further paper [11], Zhou and Stronge implemented a VUMAT subroutine into the
ABAQUS finite element code to model the compressible plastic behaviour of the fibrous core.
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This VUMAT included a critical strain fracture criterion. The FE results were found to
correlate well with their experimental data.
More recently, networks of slender metallic fibres have been fabricated in a mat-like form,
consolidated by solid state sintering. Such networks have since been used as the core material
in a series of lightweight sandwich panels, whose elastic properties [12] and resistance to
delamination [13] have previously been evaluated. Their resistance welding characteristics
have also been studied [14]. Their response to localised ballistic impact (including
perforation) is the subject of the present investigation. The experimental tests have been
simulated using the explicit finite element code in ABAQUS/CAE.
2

Materials, Manufacture and Experimental Procedures

2.1

Materials & Manufacture

The sandwich panel manufacturing process is depicted schematically in Figure 1. The
panels are manufactured entirely from stainless steel (type 304) and the faceplates are 0.4 mm
thick.
The fibres have a diameter which ranges from ~60 Pm to 100 Pm and are predominantly
crescent shaped through their section. They are ~5 mm in length. Once the sandwich panel is
assembled, the constituents are bonded together by solid state sintering at 1195qC for 1.5
hours. The sandwich panels are then gas quenched to room temperature. SEM micrographs of
the sandwich panel, and of sintered fibre-to-fibre bonds are presented in Figure 2 (a-c)
The final sandwich panel assembly is depicted in Figure 3. Included are photographs of (b)
some isolated and representative core material and (c) single and multilayer sandwich panels.
Heating Elements
304 Fibres – 5 mm
Vacuum ~10-6 bar

Low Pressure

304 Faceplate

Figure 1: Sandwich panel manufacturing process, involving deposition of fibres, the addition of a second faceplate
and bonding via solid state sintering under temperature, pressure and vacuum conditions
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(a)

(b)

(c)

Figure 2: Scanning electron microgrpahs of (a) sandwich panel cross section and (b-c) sintered fibre-tofibre joints

(a)
(b)

75 mm

(c)

Figure 3: (a) Schematic depiction of a lightweight sandwich panel with a metallic
fibre core. (b) Photograph of sintered fibre network material (representative of that in
the core) and (c) final sandwich panel assemblies (single and multilayer)
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2.2 Impact Tests
Specimens for impact testing were cut from sandwich panel plates (supplied by Fibretech
Ltd.) using an Electric Discharge Machine (EDM). The specimens, 76.5 mm diameter, were
rigidly clamped, such that 60 mm of the 76.5 mm diameter was exposed. The specimens were
impacted at normal incidence over a range of velocities by hardened, spherical steel
projectiles of 2 g mass and 8 mm diameter, fired from a single stage gas gun. The incident
velocity was measured using a series of light gates comprising three light emitting diodes and
three light receiving photodiodes. The residual velocity was measured using an
electromagnetic induction technique, whereby the moving (magnetic) projectile induces a
current in two spaced copper coils. The time between electrical pulses is recorded and the
projectile velocity calculated. After penetration, the perforated specimens were sectioned
using the EDM.
3

Model Development

All simulations were conducted with the ABAQUS/Explicit finite element code. The
faceplates and core were modelled as elastic-plastic solids and meshed with 8-noded, linear
brick, reduced integration solid elements – type C3D8R. The density of the mesh was refined
in the region directly beneath the projectile, preventing the mesh from being coarse relative to
gradients of strain. An encastre boundary condition was specified to simulate the experimental
clamping conditions. The projectile was modelled as an analytical rigid body and simply
assigned mass. This assertion assumes that projectile plastic deformation is negligible during
structural impact problems of this type. (It was confirmed by visual inspection after impact
that the projectile experienced no detectable plastic deformation). Penalty contact was defined
between the projectile and the sandwich panel components. Friction between the projectile
and the panel was ignored since Krafft [15] showed experimentally that, during the
perforation process, sliding friction accounts for less than 3% of the total striking energy.
3.1

Constitutive Material Models - Faceplate Material

3.1.1 Plasticity
The plasticity model employed for the faceplates was the phenomenological model of
Johnson & Cook, in which the flow stress is given as a function of equivalent plastic strain,
strain rate and temperature. The isotropic strain hardening component is assumed to be of the
following form [16]:

V0

ª¬ A  B(H pl ) n º¼ (1  Tˆ m )

(1)

where V 0 is the static flow stress, H pl is the equivalent plastic strain and A, B, n and m are
material parameters. Tˆ m is the non-dimensional temperature, given by:
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0
°
ˆ
T { ®(T  Ttransition ) /(T melt  Ttransition )
°1
¯

T  Ttransition
Ttransition d T melt
T ! T melt

(2)

The strain rate component assumes that:

Vd

V 0 (H pl , T ) R(H pl )

(3)

H pl

H0 exp « ( R  1) »

ª1
¬C

(4)

º
¼

where V d is the dynamic flow stress, H pl is the equivalent plastic strain rate, H0 is a reference
strain rate, C is a material parameter and R (H ) is the ratio of the dynamic yield stress to the
pl

quasi-static yield stress.
The Johnson and Cook dynamic flow stress as a function of strain, strain rate and
temperature is therefore given by the following expression:

Vd
3.1.2

ª
§ H ·º
ª¬ A  B(H pl ) n º¼ «1  C ln ¨ pl ¸ » (1  Tˆ m )
© H0 ¹ ¼
¬

(5)

Damage and Fracture

A strain-based fracture model was employed to capture failure during faceplate perforation.
The damage in an element accumulates incrementally with plastic deformation. It is
represented by the state variable wd computed as:

'wd

'H pl

(6)

H D , pl

where 'H pl is the increment of accumulated equivalent plastic strain and H D , pl is the
equivalent plastic strain at the onset of damage. The criterion for damage initiation is therefore
met when:
wd

d H pl

H D , pl

t1

(7)

Once damage has initiated, the element stiffness degrades. When the element loses its loadcarrying capacity, it is removed from the simulation. Implementation of this constitutive
fracture model requires fracture strain data as a function of the strain rate. High strain rate
fracture data were unavailable. However, in this study, the fracture strain was assumed to
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decrease linearly by 20% over the strain rate range 102 d H pl d 104 , after Lichtenfeld et al [17]
for 304 steel.

3.1.3 Temperature Effects
At high impact loading rates, adiabatic shear bands can form. This is characterised by a
band of intense plastic shear strain and large local temperature rise. If thermal softening
within the band exceeds strain hardening, then continued loading results in failure at stress
levels well below the static strength of the material. The phenomenon has received
considerable attention, and is summarised concisely in the books of Wright [18] and Bai and
Dodd [19]. Adiabatic shear band formation has also been studied numerically [20] [21]. Chou
et al [22], for example, have demonstrated, using Johnson & Cook constitutive relations, that
shear bands can form in numerical simulations if thermal softening is accounted for in the
material model. They noted that a fine mesh size was required in order to capture the
formation of shear bands which, in steel, are typically 10-100 Pm in width.
In order, therefore, to assess the need for high temperature material data in this study,
simulations were conducted to predict the local adiabatic temperature rise during plate
perforation. The inelastic heat fraction (D), which represents the proportion of plastic work
converted to heat energy, was assumed to be 0.95. The maximum adiabatic temperature rise
over the velocity range studied was found to be 272qC at 350 m s-1. In the absence of thermomechanical data, the temperature effects were, therefore, neglected since the temperature rise
was deemed insufficient to cause significant thermal softening.

3.2

Constitutive Material Models - Core Material

3.2.1 Plasticity
A VUMAT sub-routine was employed to model the plastic compression of the core
material. The implemented sub-routine, for an anisotropic material, employs the constitutive
material relationship developed by Xue and Hutchinson [23]. This compressible, anisotropic
constitutive model is an extension of the isotropic crushable foam material model proposed by
Deshpande and Fleck [24]. The VUMAT sub-routine has previously been used to model
failure in sandwich panels with cores made from stainless steel fibres [11] and balsa wood
[25], with good results.

3.2.2 Failure
Fracture of the material is simulated by deleting elements once the following fracture
criterion is satisfied:
2

2

§ W 13 · § W 23 ·
¨ ¸ ¨ ¸ t1
© Wc ¹ © Wc ¹
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The fracture criterion is quadratic stress based and simulates shear failure of the core. W 13
and W 23 are the through-thickness shear stresses and W c is the critical shear stress for core
failure.

4

Projectile Perforation

4.1

Low Speed Impact

Figure 4 plots the predicted, post-elastic recovery, back-face deflection, as a function of
impact velocity, for 80 d Vi d 200 m s-1. At these low striking velocities, the sandwich panels
were not perforated. Experimental data are included for comparison and are found to correlate
closely with the predictions. The actual (experimental) core thickness values are appended to
the experimental data points for clarity. The agreement in terms of plastic strain field is shown
to be excellent in Figure 5, which compares the sandwich panel profiles, post-elastic recovery.

6
Predicted
Experimental Data

Back Face Deflection (mm)

5
1.18 mm

4

1.35 mm

Onset of BackFaceplate Cracking

1.20 mm

3

1.46 mm

2

1.45 mm
1.45 mm

1
0
80

100

120

140

160

180

200

Impact Velocity (m/s)
Figure 4: A comparison between predictions and measured data for impacted sandwich panels as a function
of impact velocity
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The predicted trend indicates a linear increase in back-face deflection with impact velocity.
At impact speeds approaching ~200 m s-1, however, cracking begins to occur in the rear
faceplate (when the maximum deflection is ~7 mm). Beyond impact speeds of ~200 m/s, the
panel performance is therefore best indicated by the total absorbed energy during complete
perforation – see 4.2.

100 m/s

103 m/s

Figure 5: A comparison between the predicted and experimental sandwich panel profiles, post-projectile
impact and post-elastic recovery

4.2

High Speed Impact

Figure 6 plots the energy absorbed by the sandwich panels, as a function of velocity, for
impact speeds giving complete perforation. These data are compared to numerical predictions
for single faceplates and for two faceplates separated by 1 mm (modelled as elastic-plastic
shells (and not solids as in the sandwich panel case) ).
The data and predictions for single faceplates agree closely over the velocity range
indicated, thereby validating the faceplate material model. It was also necessary to model two
faceplates separated by a distance equivalent to that of the core thickness (i.e. ~1 mm), to
ascertain the merits of combining the constituents into sandwich panel form. Once more, the
data and predictions for two separated faceplates closely agree. For the sandwich panels, the
experimental data correlate reasonably well with the predictions, suggesting that the model is
suitable for broadly capturing the quantitative features of the perforation process. There is,
however, a clear over-prediction of the absorbed energies that may be explained from the
assumption in the model that the core and the faceplates are rigidly bonded. In actual fact, the
core and the faceplates can only be bonded at local regions of fibre-to-faceplate contact.
The contribution to energy absorption afforded by the addition of the core material, arising
from core deformation (and perhaps through its synergy with the faceplates), is represented by
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the difference between the two curves. This additional energy absorption (predicted)
corresponds to ~20 J above impact speeds of ~240 m/s. This constitutes ~40% of the total
absorbed energy.

80
70

Predicted - 2 Faceplates (1 mm Separation)
Experimental Data - 2 Faceplates (1 mm Separation)
Predicted - Sandwich Panel
Experimental Data - Sandwich Panel
Predicted - Single Faceplate
Experimental Data - Single Faceplate
Impact Energy

Absorbed Energy (J)

60
50
40
30
20
10
0
150

200

250

300

350

Impact Velocity (m/s)
Figure 6: Measured and predicted sandwich panel absorbed energy as a function of impact velocity.
Included are data and predictions for single faceplates and for two faceplates separated by 1 mm
(approximate core thickness)

The model also captures the major qualitative features of the perforation process, as
highlighted by Figure 7. These qualitative features include core crushing, core failure,
faceplate stretching and faceplate fracture. The core-faceplate delamination is not captured
numerically, since, as stated previously, the core is assumed to be rigidly bonded to the faces.
Future modelling attempts should resolve this issue by integrating cohesive element zones at
the interfaces.
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8 mm

Figure 7: Comparison between the predicted and experimental post-perforated sandwich panels when
impacted at ~250 m/s

5

Conclusions

Sandwich panels containing a novel, porous core material (composed of a bonded network
of slender metallic fibres) have been impacted by spherical projectiles over a range of impact
velocities. The performance of the sandwich panels has been assessed in terms of their
capacity to absorb the impact energy, either by deflection or by perforation. A finite element
model has been developed. The faceplates were modelled as strain and strain-rate dependent
solids, using the phenomenological plasticity model of Johnson and Cook, coupled with a
critical strain failure model. The core material was modelled as an anisotropic, strain-rate
independent, crushable continuum, coupled with a quadratic shear-stress failure criterion.
At striking velocities below the ballistic limit, the back-face deflection (post-elastic
recovery) is found to increase linearly with velocity, until the initiation of back-face cracking.
The predicted results are in close agreement and the qualitative sandwich panel profiles are
similar in appearance. Above the ballistic limit, the sandwich panel plates are perforated and
the absorbed energy has been measured. These data have been compared to data obtained
from impact tests on single faceplates and on two faceplates separated by an air gap
equivalent in distance to the thickness of the core material. The results show that the sandwich
panels absorb ~40% more energy than two separated faceplates, although account should be
taken of the increased areal density when assessing the value of this. The sandwich panel
numerical model is in relatively good agreement with the data, although it over-predicts the
total absorbed energy. Clearly, a more rigorous approach to modelling the core material and
the interfaces is required, in order to improve the predictive capability of the model.
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Summary. This paper presents experimental data obtained from flexurally loaded wind
turbine blade sandwich material. The need was to identify failure characteristics of the
material and provide for in depth analysis. Digital Image Correlation (DIC) was used to
obtain full field strain maps of the deforming specimens. Results highlight the capability of
the DIC technique to identify the onset of failure related to causes. These results were
compared with strain gauge data and those from a simple FE model. Overall, the results
present a foundation for experiments on larger substructure, and eventually integration into
manufacturing and maintenance aspects of the industry.
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1 INTRODUCTION
Wind turbines are a major need for the growth of renewable energy [1] and it is likely that
the growth will continue at a even faster pace in the years to come, partly driven by the Kyoto
protocol and partly by the industry as it finds ways to utilise the wind resources offshore.
With this projected growth it is not surprising that the industry is looking at ways to develop
larger and more reliable components to offset the high installation and maintenance costs. A
trend is the increasing use of advanced lightweight materials such as glass and carbon fibre
composites [2]. These materials are being used for the blades because of their high strength to
weight ratio.
Modern wind turbine blades are designed without the use of stiffeners, except for usually
two longitudinal webs. The blades therefore have large unstiffened panels and sandwich
panels with a foam-core are widely used to obtain sufficient local out-of-plane stiffness of the
panels. A recent study [3] shows that it also can be beneficial to use the sandwich panels in
the load-carrying elements of very large blades to increase local bending stiffness to resist
buckling. Webs of foam-core sandwich material also provide a structural spacer inside the
aerofoil to maintain shape under the large crushing forces caused by longitudinal curvature of
the blade, an effect termed the Brazier effect [4]. Therefore, a key concern with these
sandwich webs is their flexural rigidity, a topic covered in a partner paper [5].
A focus of the research presented here is the failures that can occur in these sandwich
structures and possible means of detection of damage inside components. To examine this,
flexure experiments were conducted on sandwich specimens extracted from wind turbine
blades. To aid the assessment of material behaviour, Digital Image Correlation (DIC) was
used on all specimen cross sections. This non-destructive technique provided for full field
strain evaluation of the specimens for this study of failure processes. This technique could be
employed to verify manufacturers FE models and be integrated into the inspection and
maintenance aspects of blade quality control and lifetime assessment.
This paper first presents an introduction to DIC and then moves onto a description of the
testing methods employed. Data are presented, covering the DIC output, the failure methods,
a comparison of DIC output to standard metrology and a comparison of DIC to FE output.
Following on from this research, brief conclusions are given, which include future goals.
2 TEST METHODS
2.1 Digital Image Correlation (DIC)
DIC can be used to produce a full-field surface displacement and strain maps by comparing
a series of images captured at various levels of deformations. For this research, a contrasting
monochromatic paint pattern is applied to the component surface namely a black background
with randomly orientated white dots, or vice-versa. The method can be applied without use of
a paint pattern if there are distinguishing features on the surface with suitable contrast. An
initial image is captured using digital cameras and is treated as the reference to which all
subsequent images are compared. These subsequent images will show the surface paint
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pattern with some variations as a result of deformation [6]. To achieve a higher degree of
accuracy, correlations are based on squares of pixels, known as facets, rather than using
individual pixel tracing. These facets have an array of greyscale values corresponding to the
pattern, thus allowing tracking through the subsequent image stages [7]. This process is
demonstrated in Figure 1.

A facet of
15*15

Progressive levels of deformation

Figure 1: Example of DIC method.

It is usual to overlap the facets to increase the correlation accuracy, and reduce the risk that
no data is missed in the evaluation. The size of the facets and the level of overlap play an
important role in determining the correlation, for example strains can be measured in the
range from 0.1 % to several 100 % with accuracy of ca. 0.05 % (500 micro-strain) under best
conditions [6]. However, the resolution is related to the useable facet size, which in turn will
determine the level of strain variation that can be obtained. For example, if there is a feature
in the specimen, then selecting a facet size which eclipses it will result in a low strain
resolution and the strain pattern associated with the feature may not be visible. However,
using larger facets allows more data to be contained within the facet and the accuracy of
measured displacement vector associated with the facet is increased.
To understand better the failure of this composite sandwich material, and to gauge whether
the technique could provide a valuable tool for the wind turbine industry, DIC was conducted
on all wind turbine blade specimen cross-sections. This was done using a DSLR camera, with
images imported into the DIC package ARAMIS [8]. The higher sensor resolution (10 megapixel) of DSLRs allows for facets to represent a smaller physical size. There is little
difference between the strain values produced by the different camera systems. This proved
that DIC could be made easily transportable by using a DSLR, which would make for easier
integration into the wind turbine industry, potentially at this juncture for use during
certification tests or studies associated with assessing design integrity.
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2.2 Flexural Testing
Width = 50mm

13 mm

100 mm

2 mm faces

Type 1
Cross-section

300 mm

1 mm faces

21 mm

Type 2
Cross-section

400 mm

Figure 2: Sandwich panel loading configuration and cross-section dimensions (Type 1 and Type 2).

The specimen geometries and loading configurations are given in Figure 2 and are
compliant with ASTM C393-00 loading configurations [9]. All specimens had widths of 50
mm. This material was extracted from two different regions of the blade, resulting in two
different cross-sections, highlighted again in Figure 2. For clarity these have been termed
Type 1, which has thick skins and a thin core, and Type 2, which has thin skins and a thick
core. Both of these types have multiple biaxial ± 45o glass fibre layers. The foam used for
both specimen types was PVC. All specimens had been machined from larger components
extracted from a full-scale blade that had passed all certification requirements. All tests were
conducted at a constant crosshead displacement rate in the range of 0.16– 8.33 mm/s.
3 RESULTS
3.1 Bending Strain Results
Figures 3 and 4 show bending strain plots for Type 1 (Thick Skin) and Type 2 (Thin Skin)
sandwich panels for crosshead displacements of 5, 10 and 16 mm (crosshead displacement
rate 0.33 mm s-1). These strain contour plots with a % strain scale have been overlaid onto the
deformed image stages. In Figure 3 (Thick Skin), the strain is high underneath both inner and
outer rollers as a result of foam core crushing. This is undesirable, yet between the inner
rollers the distribution exhibits the usual compressive strain on the top surface and tensile
strain on the lower surface. In contrast, the strain pattern for the Type 2 (Thin Skin) panel
(Figure 4) shows stronger indentation related strains underneath the inner rollers. This effect
is so severe that it strongly influences the strain pattern between the inner rollers especially at
the higher load levels.
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16 mm
Bending strain

5 mm

10 mm

Increasing Displacement

Figure 3: Bending strain for Type 1 (Thick Skin) sandwich panel (crosshead displacements of 5, 10 and 16 mm).

16 mm
Bending strain

Figure 4: Bending strain for Type 2 (Thin Skin) sandwich panel (crosshead displacements of 5, 10 and 16 mm).

To quantify this analysis, Figure 5 shows the difference between the bending strain
distributions for the two panel types along the specimen centreline for different levels of
crosshead displacement (5, 10 and 16 mm at displacement rate of 0.33 mm s-1). These
crosshead displacements can be correlated to the load displacement graph shown in Figure 6.
At 5 mm crosshead displacement, the Type 1 (Thick Skin) panel is showing a more
conventional bending strain distribution, with the neutral axis close to halfway through the
specimen. However, the Type 2 (Thin Skin) panel shows a significant amount of distortion
along the profile. A clearer result is that of the intermediate displacement rate (10 mm), which
shows bending strain at peak load for Type 2 (Thin Skin). At this stage both specimens are
just leaving pure flexure, and the result is symbolic of the higher flexural rigidity of the Type
2 (Thin Skin) panel, i.e. the Type 2 panel has a higher load at this displacement compared to
Type 1, and hence greater strain. It can be seen that the bending strain is more closely
matched at 16 mm crosshead displacement, even though the two specimens are in states of
failure via different mechanisms. A possible reason for this behaviour is because the Type 2
(Thin Skin) panel is entering the secondary loading stage where densification means that the
foam is providing increasing resistance to further indentation.
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Figure 5: Comparison of specimen centreline bending strain for different crosshead displacements for the two
sandwich panel (Type 1: Thick Skin and Type 2: Thin Skin).
2
1.8
1.6
Load / kN

1.4
1.2
1
0.8
0.6
0.4
0.2
0
0

2

4

6
8
10
12
14
Crosshead displacement / mm

Red - Type 1 (Thick skins)

16

18

20

Blue - Type 2 (Thin skins)

Figure 6: Comparison of load displacement data for two specimen geometries.

3.2 Failure Processes
Although indentation failure is undesirable, it does allow for an examination of the
applicability of the DIC technique to this type of material. Indentation occurs as a result of
insufficient resistance of the foam material, which collapses underneath the high level of
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compression of the inner roller. This is a result of the stress concentration of the roller. These
results are shown in Figure 7, which is the principal strain İ2 for increasing load levels,
expressed as a percentage of the load causing initial indentation. The initial stage reveals no
particular strain distributions or features. By 64% (of load causing initial indentation) the
effects become detectable as a clear differentiation between the two sides where on the left of
the roller the majority of strain is representative of bending, and on the right hand side where
the strain is due to shear. At the higher loads, the strain contours are more representative of
indentation, with high levels of compression occurring. From the loading graph it was deemed
that crushing occurred in-between the stages 95% and 110% (of load causing initial
indentation). Thus DIC could be used to estimate the strain level that would result in initial
crushing of the core. It can be seen that the strain levels associated with crushing of the foam
core are ca. 2% for this PVC foam core.
5% indentation load

Roller position

64%

Plotted region

95%

110%
Figure 7: Close up of DIC İ2 strain as indentation onsets.

b

Increasing Displacement

a

Core shear
failure

High shear in
adhesive layer
Figure 8: a) Core fracture of Type 1 sandwich specimen; b) Core shear failure DIC plot (shear angle).
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Another failure was obtained on the Type 1 (Thick Skin) specimen. Here the shear in the
core is at a high level, causing collapse of some cell walls along a 45o line close to the inner
roller, in-between the inner and outer rollers. This region is like a kink in the core that results
in the departure from pure bending of the specimen, resulting in a plateau of the load levels.
Further loading induced shear failure and eventually a crack did develop, as shown in the
enlarged view in Figure 8a. Figure 8a also displays how the compressive skin hinges at the
inner rollers, which is required to compensate for the core shear failure (otherwise the
compressive skin in between the rollers would have greater curvature) [10].
The DIC strain plots for this failure are shown in Figure 8b, where shear angle has been
plotted. To be noted is that the low level of indentation in Type 1 (Thick Skin) sandwich
panels, results in shear in the adhesive layer between foam core and compressive skin. This is
highlighted clearly in this the second stage of the image series. After further deformation, the
shear of the adhesive is excessive, and it is believed that a disbond between the compressive
skin and core triggers a fracture of the core, as shown in the third image stage. It is thought
that the foam core is weaker than the adhesive and the foam fails in shear because of the
shear-compression ratio. This result is particularly relevant to wind turbine blade loading
geometry.
3.3 Comparison to Standard Metrology
In order to substantiate the DIC results, experiments were performed with DIC in addition
to electrical resistance foil strain gauges on the tensile and compressive skins. A displacement
transducer was also used, but for conciseness these results are not presented in this paper.
Experiments were performed on both types of sandwich specimen under the same four-point
configuration. In order to perform a fair comparison, experiments were kept to the low strain
range, so that the gauges would continue to function throughout the entire range. Strain was
extracted along the specimen centreline from the calibrated DIC results and used for the
comparison. This information is shown below in Figure 9.
Compressive
strain gauge

DIC strain
extracted along
this line

Tensile
strain
gauge

x

Displacement
Transducer

z
y

Figure 9: Position of strain gauges and displacement transducer.

The results for the strain comparison are given below in Figure 10, and as can be seen there
is some general agreement. Specifically there is a good match of tensile behaviour for the
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Type 2 (Thin Skin) sandwich panel, although there is some noise in the tensile results for the
Type 1 (Thick Skin) sandwich panel at the higher load levels. Yet it is apparent that the
compressive behaviour was more difficult to match. The two graphs show some matching
between results early in the loading path, but then there are differences between the results at
higher load levels.

Figure 10: Comparison of DIC and strain gauge strain for Type 1 (Thick Skin) and Type 2 (Thin Skin)
sandwich panels for both compressive and tensile faces.

To quantify the correlation, gradients along the linear sections of the strain results have
been taken, setting the intercept to zero. The percentage differences between the strain gauges
and DIC have been calculated and are presented in Table 1 below. Although tensile behaviour
is matched to a difference of less than 10%, compressive behaviour is not so good.
Table 1: Percentage differences between DIC and strain gauge bending strain gradients.

Bending strain gradient

Type 1

Type 2

% Diff

SG

DIC

Compressive

-0.0549

-0.0225

59%

Tensile

0.0626

0.0678

-8%

Compressive

-0.1796

-0.0906

50%

Tensile

0.1330

0.1267

5%

Width to thickness
ratio
3.85

2.38

A logical explanation for this comes from the variation of thicknesses determining the
degree of anticlastic behaviour. Research has shown that a reduced thickness to width ratio
causes an increase in the anticlastic behaviour of a panel, causing high variations of out of
plane strain in the z direction at the free surfaces of the specimen, [11, 12]. This is important
because the strain gauges cannot be placed on the very edge of the specimen, and they have a
finite width themselves, and thus resolve the strain at a point away from the free surface of the
specimen, whereas DIC resolves at the free surface. From this it can be seen that the level of
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anticlastic behaviour should be worse for the Type 1 (Thick Skin) specimen, and as can be
seen in Table 1 the matching of the gradients is worse for the Type 1, for both compressive
and tensile direction.
A problem with this explanation is that literature shows that anticlastic curvature should be
exhibited on both tensile and compressive skins [11, 13, 14]. However, for both specimens it
can be seen that the effects are more pronounced on the compressive side, which could be due
to the indentation effects being more prominent on the compressive side. Bending requires the
compressive face to contract in the x direction. If indentation occurs then the face cannot slip
past the roller effectively in the x direction, and is thus restricted. From Poisson’s effect,
expansion in the z direction must be increased to balance the contraction in the x direction (y
direction expansion would be negligible considering the thin skin layers). Thus the
indentation seems to magnify the anticlastic effect, and plays a part in the poor matching of
the results. This explains why matching is better at lower strain levels, and why the tensile
face strains do match well, as this face is still able to slide past the rollers.
3.4 FE to DIC comparison
To act as a direct comparison, a model of the Type 1 sandwich panels under 4-point
bending was created using the finite element program ABAQUS. The panel was modelled as
a 3D solid to allow out of plane strain of the foam. 20-node quadratic brick elements
(C3D20R) were used for the foam core and 8-node doubly curved thin shell elements using 5
degrees of freedom per node (S8R5) were used for the composite skins. A refined, converging
model consisted of 4056 elements. The loading was modelled as a pressure load over a
contact area representative of the experimental roller diameters [15].
Inner roller
DIC

Crushing visible for
both specimens
FE

Outer roller

Bending strain

Figure 11: Comparison of DIC and FE results for Type 1 sandwich panel at same load level.

There was a degree of correlation between the FE results and the DIC, especially when
looking at the bending strain results, as shown in Figure 11. The main similarities visible here
are the crushing occurring at the inner and outer rollers. There is also some degree of
compressive behaviour shown for both results in between the inner and outer rollers, although
the DIC shows higher levels of this. Interestingly there is a clear difference when looking at
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the section in between the inner rollers. Here DIC and FE show strain synonymous to the
flexure process. However, DIC shows higher strain levels and there is a significant difference
between the results. An explanation for this is that the out-of-plane strain is picked up as
inaccurate in-plane strain by the 2D DIC system, whereas it can be modelled exactly with
FEA. Generally, there was some agreement between the results at this early stage, but
improvements in both model and DIC technique would produce a closer match.
4 CONCLUSIONS
An aim of this research was to gain a better understanding into the failure processes that
occur in lightweight sandwich material as a result of flexural loading that occurs inside a wind
turbine blade. A feature was that the failure processes observed were affected by the
indentation at the inner rollers. In particular, the Type 2 (Thin Skin) sandwich panel had
indentation as its final failure mode which is of less relevance in a wind turbine blade. It did
allow DIC to be proved a useful tool in the understanding of failure for this material. With a
calibrated setup, preferably using 3D capture, the technique could benefit manufacturers
design assessments, especially when coupled with the more conventional strain gauge data. It
could also help to verify FE models, as was demonstrated with the Type 1 (Thick Skin)
sandwich panel results. This could be a major benefit when a new blade geometry could be
tested for structural integrity prior to major rollout of the design.
In addition to this, the experimental results for the Type 1 (Thick Skin) sandwich panel
showed a representative failure mode with the high levels of shear in the adhesive and core.
The capability of DIC to reveal relevant failures at load levels prior to non-reversible failure
was demonstrated. This result has implications for inspection and maintenance of blades,
where the technique could be used to flag up regions requiring attention on an aged or
defected blade. To further this suggestion, DIC needs to be proved to be able to detect subsurface defects, such as delaminations.
In summary, the test results presented show the versatility of the DIC system, and present a
stepping stone for tests on larger substructure. At this early stage, it is believed that the
technique could benefit blade development and manufacturing, as well as inspection and
maintenance. Future experiments will develop upon the testing procedures shown, as well as
introducing other aspects such as acoustic emissions monitoring. The final aim of this
research is provide a toolbox of proven techniques and strategies that provide give wind
turbine owners confidence about the structural integrity of their ageing blades.
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Summary. Eco-Core material was developed under the US Navy (ONR program). It offers
exceptional fire and toxicity properties and very good mechanical properties compared to other
core materials such as balsa and PVC. Structural performance of Eco-Core sandwich panel
which used a composite face sheet was tested through a design of test specimen to simulate
different failures that occur in similar sandwich structures. The design exercise demonstrated
that Eco-Core sandwich panels are highly unlikely to fail by face sheet wrinkling. The potential
failure modes are core shear, core fracture by flexure, core shear crimping, face sheet yielding
and face sheet buckling. Many of these failures were simulated by short beam shear, 4-point
bend flexure and edgewise compression tests. Predicted failure loads for short beam shear and
edgewise compression agreed very well with the experimental data (with the accepted data
scatter). Furthermore, through-width delaminated panel failed as expected by buckling of
delaminated sublaminate. The predicted load agreed very well with the test data. Four-point
bend flexure tests were not successful because of test fixture limitation. This test and others will
be repeated to generate data of statistical significance.
1 INTRODUCTION
It has been known and realized for a long time that sandwich structures are highly efficient in
carrying flexural loads. Structural efficiency and rigidity of sandwich structures are second to
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none compare to other types of structural configurations, such as, I, Z and T sections. Sandwich
structures with composite face sheet and PVC or balsa core materials are used in marine
applications. US and European navy are using or considering to use composite sandwich
construction in building ships for example mine sweepers, coastal protection, destroyers, etc. The
fiber reinforced plastic (FRP) composite material is structurally highly efficient, fatigue
insensitive and corrosion proof but its composition of 50% by weight of resin makes it highly
susceptible to fire. Norwegian mine sweeper accident in 2002 was a prime example of danger in
composite ships. Like resin, the PVC cores offer no resistance to fire. On the other hand balsa
tolerates or inhibits the growth of fire but it suffers from non-uniform density (depends on the
source and life time seasonal variation) and large moisture ingression, which leads to
delamination failures. Recent studies [1] have shown about 800% density change and 35%
volume change in balsa in the presence of water. To mitigate fire Shivakumar and his team [2, 3,
4] developed a core material called “Eco-Core” using the floater type of fly ash and phenolic
binder. The novelty of this technology is that it uses little binder and large volume of ceramic
hollow microbubbles (fly ash), together press molded to any size and shape. The eco-core has
superior mechanical properties, excellent fire resistant properties (passed Mil Spec 2031 up to 75
kW/m2) and is non toxic. The research focuses on the evaluation of structural performance of the
Eco-Core sandwich panels and the comparison with that of PVC and balsa core panels. This
paper is the first part of the research that involves design of test specimen for various types of
failure under shear, flexure and edgewise compression loading; verification of the design by
experiments; identification of failure modes in the sandwich structures. The face sheet used is
FGI 1854 E-glass/vinyl ester composite. The core material is Eco-Core that was manufactured at
CCMR with a nominal density of 31 lb/ft3 (0.5 g/cc). Design of specimens, fabrication of panels,
testing and test results are discussed.
2 DESIGN OF TEST SPECIMENS
Sandwich structures consist of a lightweight core material which is covered by face sheets on
both sides. Figure 1 is the schematic diagram of the sandwich cross section. The nomenclature
used in the design of test specimens is defined: tc is the core thickness, tf is the face sheet
thickness and d is the sandwich thickness which is the distance between two centroids of the face
sheets (d=tc+tf). The width of the panel is represented by b. Strength, elastic modulus, shear
strength and shear modulus of the core are Vc, Ec Wc and Gc, respectively. Strength and elastic
modulus of the face sheet are Vf and Ef, respectively.
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Face sheet, Vf, Ef

D

tf
d

tc  t f

d

Core, Vc, Ec, Wc, Gc

Df

D0

tc
tf

Dc

2 D f  D0  Dc
1
3
Eftf
12
Eftf d2

2
Ectc
12

3

Figure 1: Schematic diagram of the sandwich cross section and nomenclature

The face sheet considered is FGI 1854 glass/Derakane 510A-40 vinyl ester composite. The
core materials considered are Eco-Core, Balteck SB100 and PVC foam core Divinycell H100.
Table 1 lists the mechanical properties of the face sheet [5] and core materials [2, 6, 7]. The
nominal core and face sheet thicknesses are 1 in and 0.05 in, respectively.
The test specimens were designed to simulate typical failures of core shear, face yielding, face
wrinkling, shear crimping and general buckling that occur in sandwich panels as in references 8
and 9. These failures can be simulated by short beam shear, flexure (4-point bend), and edgewise
compression tests. Test specimens were designed for the above failures using the equations given
in References 8 and 9.
Table 1: Material properties of core and face sheet materials
Density
Material
3

Tensile
Modulus

Tensile Compressive Compressive
Strength
Modulus
Strength

Shear
Modulus

Shear
Strength

lb/ft

msi

psi

msi

psi

msi

psi

FGI 1854/Derakane
510A-40 [5]

-

4.23

74,313

4.63

52,693

0.58

11,180

Eco-Core [2]

31.21

0.37

937

0.17

3,168

0.14

668

Baltek SB100 [6]

9.43

0.51

1,885

0.57

1,837

0.02

426

Divinycell H100 [7]

6.24

0.02

508

0.02

290

0.01

232
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2.1 Short Beam Shear Test Specimen
The short beam shear test was designed to measure shear strength of the core material. Fourpoint and 3-point bend loaded testing are commonly used. Here we chose 4-point bend with
quarter point loading. Figure 2(a) shows the schematic of the short beam shear test. S is the
support of the span and S/2 is the load span.
S/2
P/2

P/2
Wc

P/2

P/2
S
(a) Shear test

(b) Core shear failure mode

Figure 2: Schematic of short beam shear test and failure mode

The critical load at failure is Ps, which is related to core shear strength and test specimen
geometry:

Ps

4
W c db
3

(1)

The typical failure mode in short beam shear test is core shear as illustrated in Figure 2(b).
2.2 4-Point Bend Flexure Test Specimen
Figure 3(a) shows the schematic of 4-point bend flexure test.
Under flexure loading,
sandwich beam can fail by three different modes [8, 9], namely, face yielding, core shear and face
wrinkling, depending on span to depth and face sheet-core thickness ratios and properties of face
sheet and core materials. Figure 3(b) illustrates the potential failure modes. The failure loads for
each of the modes are calculated using the equations given in References 8 and 9.
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P/2

S/2 or S/3

P/2

P/2

P/2
S
(a) Schematic of 4-point bend flexure loading

(a) Face yielding

(b) Core shear

(c) Face wrinkling

(d) Face wrinkling
(b) Failure modes under flexure loading
Figure 3: Schematic of 4-point bend flexure test and potential failure modes

(a) Face yielding
When face yielding occurs, the stress in the face sheet exceeds the compressive yield strength of
the face sheet. The failure load Pf can be calculated using the beam equation [8, 9]:

Pf

16 D0V f b

(2)

SdE f

Where D0 is the flexural rigidity of the face sheet, D0
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(b) Core shear
Assuming parabolic distribution of shear stress in the core, the failure load for core shear failure
is

Pf

4
W c db
3

(3)

(c) Face wrinkling
When face wrinkling occurs, the stress in the face sheet Vf exceeds or equals to the critical
wrinkling strength Vcr of the sandwich, which is given by:

V cr

0.5 E f Ec Gc

1

(4)

3

The failure load for face wrinkling is:

Pf

16 D0 E f Ec Gc
SdE f

1

3

b

(5)

Based on Eqs (2), (3) and (5), the failure load Pf under quarter point loading for the three different
failure modes were calculated for glass/vinyl ester composite face sheet and three core materials
and were plotted as a function of the span S in Figure 4.
Because the face sheet yielding involves only face sheet properties, there is one curve for all
three core materials. For Eco-Core and Balsa cores, face wrinkling occurs at very high load
and/or large span, therefore this failure is difficult to simulate. Furthermore, before wrinkling
occurs, the specimen fails by face sheet yielding. Face yielding and core shear are the possible
failure modes that can be simulated by 4-point bend flexure test. The failure mode is core shear
for span less than 24 in and 37 in for Eco-Core and balsa, respectively. The failure mode is face
compressive yielding for spans greater than the above limits. The test span can be reduced to
lower limits if the load points are moved to third point (See Figure 5). The span limits are 18 in
and 28 in for Eco-Core and balsa, respectively. For PVC core, the failure load required for face
yielding is higher than that for face wrinkling. Therefore core shear and face wrinkling are the
possible failure modes. The failure mode is core shear if the span is less than 78 in and is face
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wrinkling if the span is greater than that value. For third point loading, that limits reduced to 40
in.

Glass/Vinyl Ester/Eco-Core
Glass/Vinyl Ester/PVC

8000

Glass/Vinyl Ester/Balsa

Face
Wrinkling

6000

Pf/b,
lb/in

Face
Yielding

4000

2000

0

Core
Shear

0

5

10

15

20

25

30

35

Span, in

Figure 4: Design plot for different core materials under quarter point flexure loading
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Shear
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0

5
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Figure 5: Design plot for different core materials under third point flexure loading
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2.3 Edgewise Compression Test Specimen
Under edgewise compression, (See Figure 6(a)), the possible failure modes were identified by
many researchers [9] and are shown in Figure 6(b). The failure modes are general buckling,
shear crimping, face wrinkling and face dimpling. There are two modes of face wrinkling:
symmetrical and anti-symmetrical. Dimpling is a symmetrical mode of face wrinkling.
P

L

P
(a) General
buckling

(a) Test specimen

(b) Shear
crimping

(c) Face
wrinkling

(d) Face
dimpling

(b) Possible failure modes

Figure 6: Schematic of edgewise compression test and possible failure modes

(a) General Buckling
It is an Euler buckling of the specimen including shear deformation effect. The buckling load
Pbuckling is given by:
Pbuckling

S 2D
b
S 2 Dt c ½

(6)

 2
®L 
¾
Gc d 2 ¿
¯

The flexural stiffness D and the expression for its components are given in Figure 1.
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Equation 6 simplifies to Eq. 7 for thin face sheet sandwich beam, Eq. 8 for thick face sheet and
Eq. 9 for soft core.
Pthin

Pthick

Psoft

S 2D
b
S 2 Dt c ½

(7)

 2
®L 
¾
Gc d 2 ¿
¯

° 2S 2 D f D0 S 2 DGc d 2 ½°

®
¾
L4
L2 t c °¿
°̄
 n 2 S 2 D0 G c d 2 ½

®
¾
2
tc ¿
¯ L
2S 2 D f
L2

(8)

b

(9)

b

(b) Shear crimping load
Shear crimping is a failure of core due to low shear modulus of the core (Gc). The shear
crimping failure load Ps is given by:

Ps

Gc d 2
b
tc

(10)

(c) Wrinkling failure load
There are two types of wrinkling instability; symmetrical and anti-symmetrical modes of
buckling of face sheets. The failure load for symmetrical wrinkling is:

V cr

0.91 E f Ec Gc

V cr

0.817

1

3

E f Ec t f
tc

for h < tc/2

§t
 0.166 Gc ¨ c
¨t
© f

232

(11)

·
¸ for h t tc/2
¸
¹

(12)
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where h is the depth over which the core is affected by the wrinkling of the face sheet.
Failure load for anti-symmetrical mode of face sheet buckling is
§t ·
1
V cr 0.51 E f Ec Gc 3  0.33Gc ¨¨ c ¸¸ for h < tc/2
©tf ¹

V cr

E f Ec t f

0.59

tc

§t
 0.387 Gc ¨ c
¨t
© f

·
¸ for h t tc/2
¸
¹

(13)

(14)

The critical stresses for all four possible failures are shown in Figure 7 for FGI 1854/Derakan
510A-40/Eco-Core sandwich.

The minimum stress, that is, V cr

0.91 E f Ec Gc

1

3

is used to

predict the failure load. Therefore the wrinkling load is:

Pw

0.91t f E f Ec Gc

1

3

b

(15)

5
Symmetrical @ h t tc/2

4
Anti-symmetrical @ h < tc/2

Vcr, msi

3
Anti-symmetrical @ h t tc/2

1

0

Symmetrical @ h < tc/2

0

20

40

60

80

100

tc/tf

Figure 7: Critical wrinkling stress as a function of tc/tf

Figure 8 is the plot of critical load Pcr/b against specimen length L for FGI 1854/Derakane
510A-40/Eco-Core illustrating different failure modes under edgewise compression loading. Of
the three failures, only the sandwich beam buckling and shear crimping are important. These
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failure modes are considered to assess the failure of balsa and PVC along with Eco-Core in
Figure 9. For short specimens, both shear crimpling and general buckling are equally probable.
For length, L, greater than 3, 10 and 15 in, the failure is by buckling for Eco-Core, balsa and PVC
cores, respectively. Therefore, the test specimen must be longer than the above values to
simulate the buckling failure.

Wrinkling

35000
30000
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Pcr/b,
lb/in

Euler Buckling
20000
15000

Thick Facesheet
Shear Crimping

10000
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Figure 8: Critical load as a function of specimen length
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Figure 9: Critical load as a function of specimen length for different core materials
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In summary, for Eco-Core sandwich panel test specimen span (S) and width (b) are:
1. Short beam shear (Core shear failure): S = 4 in; b = 2 in
2. 4-point bend flexure: S = 15.5 in; b = 2 in
3. Edgewise compression: L = 8 in; b = 1 in
The nominal thickness of the core and the face sheet selected are 1.0 in and 0.05 in, respectively.
3 FABRICATION OF SANDWICH PANEL AND SPECIMEN
The sandwich face sheets were unidirectional 3-ply FGI 1854 glass/Derakane 510A-40 vinyl
ester composite fabricated by Vacuum Assisted Resin Transfer Media (VARTM) process [10].
The thickness of face sheet achieved was 0.55 in. The core material used was Eco-Core. The
properties of the face sheet and the core material are listed in Table 1. The manufacturing
process of Eco-Core is described in Reference 2. Eco-Core panels of 14”u14”u1” were made and
adhesively bonded to the face sheets. The adhesive used was Loctite Hysol E-90FL epoxy
adhesive. It is a toughened and medium viscosity adhesive with tensile strength of 1,900 psi, lap
shear strength of 810 psi and elongation of 64%. Vacuum bag was used for the bonding and the
pressure applied was 20 inHg (9.8 psi). The sandwich panel was kept in vacuum bag at room
temperature for 8 hours for the adhesive to be cured. Figure 10 shows the bonding interface
morphology. The adhesive layer was about 100 Pm thick. Noticed that a penetration layer
existed next to the adhesive layer in which the adhesive filled the microballons of the core. The
thickness of the penetration layer was about 700 Pm. After fabrication, the sandwich panel was
cut into specimens for short beam shear, 4-pt bend flexure and edgewise compression tests.
Table 2 lists the specimen nominal geometries for different tests.

Core

Penetration
Layer
Adhesive Layer
(100 Pm)
Face sheet

Figure 10: Morphology of the facesheet-Eco-Core bonding region
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Table 2: Specimen nominal geometry

Short Beam Shear

Test
4-pt Bend Flexure

Edgewise Compression

Lenth, L, in

6.0

20.0

8.0

Width, b, in

2.0

2.0

1.0

Thickness, d, in

1.1

1.1

1.1

Span Length, S, in

4.0

15.5

-

Specimen Geometry

4

Testing

Short beam shear, 4-point bend flexure and edgewise compression tests were conducted on the
FGI 1854 glass/Derakane 510A-40 face sheet-EcoCore sandwich specimens to verify the design
theories described in the Design of Test Specimens section. The tests were conducted in an
Instron 4202 testing machine with a 10 kip load cell. During each of the tests, load and
displacement were recorded continuously by data acquisition system and the specimen was
monitored visually as well as recorded on a digital camcorder.
4.1 Short Beam Shear Test
The 4-point short beam shear test was conducted in accordance with ASTM standard C393-00.
The specimens were 6 in long, 2 in wide and 1 in thick. Quarter point loading was applied. The
supporting span length was 4 in and the upper loading span was 2 in. Figure 11 shows the test
setup. The specimens were loaded at a cross-head speed of 0.02 in/min. The test was repeated
on three specimens.

Figure 11: Short beam shear test setup
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4.2 4-point Bend Flexure Test
The 4-point bend flexure test was conducted in accordance with ASTM standard C393-00.
The specimens were 19.5 in long, 2 in wide and 1 in thick. Third point loading was used. The
supporting span length was 15.5 in. The loading span was 5.2 in. Figure 12 shows the test
setup. The specimens were loaded at a cross-head speed of 0.05 in/min.

Figure 12: 4-pt bend flexure test setup

4.3 Edgewise Compression Test
Edgewise compression test was conducted in accordance with ASTM standard C364-00. The
specimen ends were supported by two clamps made of rectangular steel bars fastened together to
prevent the specimen from slipping from the fixture. The specimen was 8 in long, 1 in wide and
1 in thick. The unsupported length (L’) was 7 in. The test was performed at the cross-head speed
of 0.02 in/min. As previously stated, load and displacement were continuously recorded and the
specimen was monitored by a digital camcorder. Figure 13 shows the test setup.

L’ L

Figure 13: Edgewise compression test setup
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5

Test Results and Discussion

5.1 Short Beam Shear Test
The specimen geometry and the failure loads were summarized in Table 3. Figure 14 shows
the load-displacement responses of three tests. Each curve shows two load drops indicating two
shear crack formation during the test. At the first load drop, one crack initiated at one upper
loading point just below the face sheet and propagated across the core at 45q reaching the bottom
face sheet. Figure 15(a) demonstrates the appearance of the first crack. After the first load drop,
the load started to increase again until reaching the second peak. At the second load drop,
another crack appeared symmetrically on the opposite side. Figure 15(b) shows the two cracks
demonstrating typical shear failure of the core. Once the crack reached the bottom face sheet, it
continued to grow at the interface between the penetration layer and core. Based on Eq. 1, the
predicted critical load is 1,882 lb. The experimental data give an average 2,712 lb of three tests.
The experimental failure load is higher than the predicted value possibly because the core was
confined between the face sheets that would have strengthened the core.
Table 3: Specimen geometry and failure loads of short beam shear test

Thickness (d), in Failure Load (Pf), lb

Specimen#

Length (L), in

Width (b), in

GE-SBS-1

5.90

2.00

1.07

2,492

GE-SBS-2

5.90

1.99

1.07

2,744

GE-SBS-3

6.01

2.07

1.07

2,900
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4000
GE-SBS-1
GE-SBS-2
GE-SBS-3

3000

Load, lb 2000

1000

0

0

0.01

0.02

0.03

0.04

0.05

Displacement, in

Figure 14: Load-displacement response of short beam shear test

(a) The first crack on the right side

(b) The second crack on the left side

Figure 15: Shear failure of short beam shear test

5.2 4-point Bend Flexure Test
One of the limitations of this test was test fixture span. The fixture we had has about 15.5 in
instead of minimum 18 in span for third point loading in order to simulate face yielding.
Therefore, only two tests were conducted. One is loading at one-third point and the other is 3point bend loading. The load deflection responses of the two tests are shown in Figure 16. Both
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specimens failed by core shear followed by core-face sheet interfacial debonding (See Figure 17).
The failure mode and crack initiation and propagation were similar to that of the short beam shear
test. The experimental failure load was compared with the design plot as shown in Figure 18.
The predicted shear failure load is 1,882 lb while the experimental failure initiation load is 819 lb.
A further study was conducted to explore the reasons for the premature failure. The specimen
was analyzed for flexural compression and tension failure in the core.

1500

4-pt bend flexure

1000

Load, lb
500

3-pt bend flexure

0

0

0.05

0.1

0.15

0.2

0.25

0.3

0.35

Displacement, in

Figure 16: Load-displacement response of 4-pt bend and 3-pt bend flexure tests

Figure 17: Post failure picture of 4-pt bend flexure test
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Face Wrinkling

5000

4000

Face Yield

3000

Pf/b,
lb/in
2000

Core Shear

1000

Experimental
0

0

5

10

15

20

25

30

35

Span, in

Figure 18: Comparison of design and experimental results for 4-point bend flexure test

5.3 Edgewise Compression Test
Table 4 summarizes the specimen geometry and the failure loads of three edgewise
compression tests. Figure 19 shows the load-displacement plots of three tests. The loaddisplacement plot of specimen GE-EC-1, which is represented by the solid line in Figure 19,
shows two load drops. The load first dropped at 6,579 lb resulting in one face sheet buckling
which is illustrated in Figure 20(a). The second load drop occurred at 6,560 lb. This time the
other face sheet buckled and separated from the core (See Figure 20(b)). Specimens GE-EC-2
and GE-EC-3 showed simultaneous face sheet buckling on both sides. Figure 21 compares the
predicted and experimental critical buckling loads. The predicted critical buckling load is 5,496
lb while the experimental critical load is 6,356 lb. Note that the debonding initiated and
propagated along the face sheet-adhesive interface rather than in the adhesive impregnated layer
or in the core which is considered to be a weak region.
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Table 4: Specimen geometry and failure loads of the edgewise compression test
Thickness (d), Initial Failure Load
(Pcr), lb
in

Specimen#

Length (L),
in

Unsupported
Length (L'), in

Width (b), in

GE-EC-1

7.98

6.98

1.00

1.07

6,579

GE-EC-2

7.98

6.98

0.95

1.07

5,848

GE-EC-3

7.98

6.98

1.00

1.07

6,642

8000
GE-EC-1
GE-EC-2
GE-EC-3

6000

Load, lb 4000

2000

0

0

0.02

0.04

0.06

0.08

0.1

0.12

0.14

Displacement, in

Figure 19: Load-displacement response of edgewise compression test
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L’ L

(a) Face sheet buckling on one side

(b) Face sheet buckling on both sides

Figure 20 Failure modes of edgewise compression test

10000

Euler Buckling

Thick Face sheet

Shear
Crimping

8000

Experimental

6000

Pcr/b,
lb/in
4000

Sandwich Beam

Soft Core
2000

0

0

5

10

15

20

L’, in

Figure 21: Comparison of prediction and experimental data of edgewise compression failure

5.4 Edgewise Compression with Delamination
In order to understand the delamination stability and propagation in sandwich structure, a
through-width delamination test was conducted on the specimen with a 1-in long interfacial
delamination created below the face sheet-core bonding line parallel to the face sheet in the
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middle of specimen (See Figure 22). Figure 23 shows the load-displacement plots of three tests.
Table 5 summarizes the specimen geometry and the buckling loads of the three tests. The failure
occurred first by buckling of the delaminated face sheet that was followed by delamination
growth. Final fracture was delamination on both sides. Figure 24 presents the initiation and final
fracture of the test specimen. The median value of buckling load is 4,319 lb with a range of 574
lb. This load compares very well with the predicted buckling load (Pcr=2S2D/a2) of 4,814 lb for
clamped-clamped strip.

Interfacial
delamination
1 in

Figure 22: Delaminated edgewise compression specimen
Table 5: Specimen geometry and failure loads of delaminated edgewise compression test
Specimen#

Length (L), Usupported Width (b), Delamination Thickness (d), Failure Load
(Pcr), in
in
Length (L'), in
in
Length (2a), in
in

GE-EC-delam-1

7.98

6.98

1.01

0.99

1.07

4,032

GE-EC-delam-2

7.98

6.98

0.96

0.97

1.07

4,343

GE-EC-delam-3

7.98

6.98

0.94

0.97

1.07

4,606
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8000
GE-EC-delam-1
GE-EC-delam-2
GE-EC-delam-3

6000

Load, lb 4000

2000

0

0

0.02

0.04

0.06

0.08

0.1

0.12

0.14

Displacement, in

Figure 23: Load-displacement plot of delaminated edgewise compression test

(a) Face sheet buckling on one side

(b) Final face sheet buckling on both sides

Figure 24: Failure modes of delaminated edgewise compression test

6

CONCLUSIONS

Eco-Core material was developed under the US Navy (ONR program). It offers exceptional
fire and toxicity properties and very good mechanical properties compared to other core materials
such as balsa and PVC. Structural performance of Eco-Core sandwich panel which used a
composite face sheet was tested through a design of test specimen to simulate different failures
that occur in similar sandwich structures. The design exercise demonstrated that Eco-Core
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sandwich panels are highly unlikely to fail by face sheet wrinkling. The potential failure modes
are core shear, core fracture by flexure, core shear crimping, face sheet yielding and face sheet
buckling. Many of these failures were simulated by short beam shear, 4-point bend flexure and
edgewise compression tests. Predicted failure loads for short beam shear and edgewise
compression agreed very well with the experimental data (with the accepted data scatter).
Furthermore, through-width delaminated panel failed as expected by buckling of delaminated
sublaminate. The predicted load agreed very well with test data. Four-point bend flexure tests
were not successful because of test fixture limitation. This test and others will be repeated to
generate data of statistical significance.
7
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Summary. The elastica behavior of a sandwich panel with a "soft" core when subjected to inplane compressive loads is presented and it is compared with the elastica response of its
equivalent single layer (ESL) with shear deformations. The field equations are described for
the sandwich and the ESL panels. They have been derived using the High-Order Sandwich
Panel (HSAPT) approach that takes into account the vertical flexibility of the core. The
governing equations include the effects of the extension of the mid-surface rather then the
classical elastica approach that assumes that the mid-plane of the panel does not extend as
well as the shear deformations of the face sheets. The results of the elastica response of a
simply-supported sandwich panel and its equivalent panel with shear deformations when
subjected to in-plane compressive loads are presented and compared. The results reveal that
the ESL behavior differs significantly then that of the sandwich panel.

1 INTRODUCTION
Modern sandwich panels are used in a large variety of applications within the aerospace,
naval and transportation industries as main and secondary carrying structural components. In
order to exploit their potential and to define their safety the non-linear response that consist of
large displacements and large rotations, i.e. elastica, is more then required. A typical
sandwich panel is actually a layered structure that consists of two face sheets made of metal
or laminated composite and a core that is made of either metallic or low strength honeycomb
or foam. In modern sandwich panel this core is usually compliant, low strength and
compressible. As a result, its shape is not preserved under deformation as well as distortions
in the section of the pane.
In general, two major approaches are considered for the analysis. In the first one the actual
layered panel is replaced by an equivalent one that consist of a single layer, denoted by ESL
(equivalent single layer) with equivalent properties, see for example Mindlin first-order
theory [1], and Reddy's high-order theories [2], while in the second one a layered
configuration is considered. The classical approaches to the layered sandwich panel assume
1
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that the core is incompressible and is infinitely stiff in the vertical direction, see text books by
Allen [3], Plantema [4], Zenkert [5] and Vinson [6]. A different approach where the flexibility
of the core is considered along with the localized effects involved has been taken by the
author and many others using the High-Order Sandwich Panel Theory (HSAPT) approach,
see Frostig et. al [7]. It has been applied successfully to a large number of linear and no-linear
analyses such as: buckling of sandwich panels, see Frostig and Baruch [8], and Frostig [9],
non-linear behavior of sandwich panels with rigid and non-rigid interfaces including
branching behavior, see Sokolinsky and Frostig [10] and many more.
Elastica of inextensible bars and beams made of a solid section, had attracted many
researchers for many years starting with the pioneering works of Euler and Lagrange, see
Dym and Shames [11], using closed-form solutions with the aid of elliptic integrals. The
elastica of bars with various sections, particular type of loadings and boundary conditions has
been studied by many researchers that use analytical or numerical approaches, and to mention
a few: Wang [12] dealt with elastic of a clamped-simply-supported beam using perturbation,
asymptotic and numerical method; Chucheepsakul and Huang [13] used the FE approach to
analyze a beam with a point load between the supports and many more In general, the
analyses of the elastica of the rods, mentioned above, use the equilibrium of the deformed
shape of a differential segment of the rod to derive the equilibrium equations.
A variational approach that uses Reissners' kinematic relations, see Reissner [14], has been
considered by Flajs et al [15] that used Lagrange multiplier to impose the kinematic relations
as constraints; and similarly Pak and Stauffer [16].
The problem of large deflections of unidirectional sandwich panels has been considered by
very few researchers assuming that the layered panel can be described by an equivalent single
layer with shear deformation, see Huang and Kardomateas [17] and Bazant and Beghini [18].
The brief literature survey reveals that the elastica response of sandwich panels made of
two face sheets and a compliant core where the vertical flexibility of the core is considered is
missing. The approach used here is based on the HSAPT model along with the variational
approach. The assumptions adopted follow the ”classical” assumptions for sandwich
structures with compliant cores: the face sheets possess in-plane and bending rigidities; the
face sheets and the core material are assumed be linear elastic; the face sheets include shear
deformations assuming that a plane remains plane after deformation but not perpendicular to
its deformed centroidal line, and they undergo large displacements and large rotations with
small strains; the core is considered as a 2D linear elastic continuum that undergoes large
rigid displacements (due to its bond to the adjacent face sheets), but with kinematic relations
that correspond to small deformations, where the core height may change during deformation,
and section planes do not remain plane after deformation; the core possesses only shear and
vertical normal stiffness, whereas the in-plane (longitudinal) normal stiffness is assumed to be
nil; full bond is assumed between the face sheets and the core; and the mechanical loads are
applied to the face sheets only.
The paper consists of a mathematical formulation and a numerical part. In the
mathematical formulation the governing equations of a sandwich panel and the equivalent
single layer panel (ESL) are described briefly. In the numerical part a comparison between the
two panels are presented. Finally a summary is included and conclusions are drawn.
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2 MATHEMATICAL FORMULATION
The formulation chapter consists of two parts. The first one deals with a real sandwich
panel using the HSAPT approach while the second part defines the equations for an
equivalent single layer sandwich panel with shear deformations.
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Figure 1: Dimensions and signs conventions of a typical sandwich panel: (a) geometry; (b) loads at face sheets;
(c) internal stress resultants in local coordinate directions; (d) internal stress resultants in global directions.

2.1 Sandwich Panel – HSAPT model
The governing equations of the three layered sandwich panel are derived based the
variational principles of extremum of the total potential energy. The external potential energy
consists of the contribution of the distributed and concentrated loads applied at the face
sheets, see Fig. 1b. The internal potential energy include the contribution of the normal and
shear stresses in the face sheets and the vertical normal stresses and shear stresses in the core
in addition to the contribution of the Lagrange multipliers, Oj1 and Oj2, (j=t,b),(see Fig. 1d), of
the special kinematic relation due to the large displacements and rotations (see Reissner[14])
that read:
(1)
where uoj(s) and wj(s) are the in-plane and vertical displacements respectively, in the global
coordinates, of the face sheets; \j(s) is the rotation angle of the section plane of the face
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sheets, Hoj(s) is the mid-plane strain of the face sheets; Jj(s) is the shear angle of the various
face sheets; and s is the longitudinal coordinate, see Fig. 1 for geometry, coordinates, loads
and stress resultant in local and global coordinates directions.
The governing equations of the sandwich panel are derived assuming that: the face sheets
follow Navier assumption, linear isotropic, bonded to the adjacent face sheets; the core is
isotropic linear and follows the results of the HSAPT model, see Frostig et al [7], that consist
of a uniform shear distribution, linear vertical normal stresses, quadratic vertical normal
stresses and cubic in-plane displacements. Hence after some algebraic manipulations they
read:
(2)
(3)

(4)

(5)

(6)
where W(s) is the shear stress in the core; D=1 when j=t and -1 when j=b; Nssj ,Vsnj and Mssj
(j=t,b) are the in-plane, shear and bending moments stress resultants of the upper and the
lower face sheets respectively, see Fig. 1c; EAj, GAj and EIj (j=t,b) are the axial, shear and
the flexural rigidity of each face sheet, respectively and kj is the shear correction coefficient of
the face sheet, dj (j=t,b) are the thicknesses of the face sheets, c is the thickness of the core; bw
is the width of the panel; and nxj, qzj and mj (j=t,b) are the in-plane and vertical distributed
loads (in the global coordinates) and the bending moment distributed loads respectively.

252

Y. Frostig

Upper
Face

dt
dt/2

c

V sn

ztcg

Mss +Mss,sds

c.g

d

s,uo

Nss

z,w

Core

\\,sds

Nss+Nss,sds

Mss

zbcg

db /2

c.g

\

Lower
Face

db

V sn +V sn,sds
(c)

(a)
Upper
Face

O2
Mss +M ss,sds

qz
nx

Mei
m

P zei

O1

\

Nxei
s=si

c.g
Core

\\ ,sds

O1+ O1,sds

Mss
Lower
Face

O2+ O2,sds
(d)

(b)

Figure 2: Dimensions and signs conventions of an Equivalent Single Layer (ESL) sandwich panel: (a) geometry;
(b) loads at face sheets; (c) internal stress resultants in local coordinate directions; (d) Internal stress resultants in
global directions.

2.2 Equivalent Single Layer (ESL) Sandwich Panel
The ESL approach replaces the actual layered unidirectional sandwich panel with an
equivalent single layer panel that has the same rigidities and follows the well known firstorder shear deformable model (FOSDT) model, see Mindlin [1]. Thus, the axial and the
flexural rigidity of the equivalent panel corresponds to that of the face sheet only while the
equivalent shear rigidity is that of the core only, see Fig. 2, and they yield the following
constitutive relations:
(7)
where H(s) and J(s) are the mid-plane strains and the shear angle of the equivalent panel; EAg,
EIg and kgGAg are the equivalent axial, flexural and shear rigidity of the ESL model and they are
related to the rigidities of the sandwich panel through the following relations:

(8)
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where zcgj (j=t,b) denotes the distance between the centroid of the sandwich panel and the
centroid of the upper and the lower face sheet respectively, see Fig. 2a.
The elastica response of the sandwich panel that uses the HSAPT approach takes into
account the shear deformations of the face sheets using the FOSDT model, see Eqs. (2) to (5).
Hence, the governing equations of the ESL model correspond to those of the face sheets of the
sandwich panel, in previous section, with some modifications as a result of the stress free
upper and lower surfaces of the equivalent panel. Hence the governing equations of the
equivalent panel read:
(9)
(10)

(11)

(12)
where O1, O2 and Mss and the projections of the stress resultants in the longitudinal and vertical
global coordinate direction and the bending moment of the equivalent panel, respectively, see
Fig. 2c and 2d.
The elastica response is described through the numerical solution of the non-linear set of
differential equations that is solved using numerical schemes such as the multiple-shooting
points method, see Stoer and Bulirsch [19], or the finite-difference approach using trapezoid
or mid-point methods with Richardson extrapolation or deferred corrections, see Ascher and
Petzold [20], as implemented in Maple, see Char et al. [21], along with parametric or arclength continuation methods, see Keller [22].
3 NUMERICAL STUDY
The numerical study presents the elastica response of a sandwich panel with a "soft" core
when subjected to in-plane compressive loads and compares it with the response of an
equivalent single layer (ESL) model with shear deformation. The results include description
of the response along the panel and deformed shape at various load levels and equilibrium
curves of load versus extreme values of some structural quantities.
The panel consists of two face sheets made of Kevlar with an equivalent modulus of
elasticity of 27.4 GPa and a shear modulus of 10.55 GPa, and a lightweight, low strength core
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of Rohacell 50 with Ezc=70.0 MPa and Gxzc=19.0 MPa where the shear deformations of the
face sheets has been neglected. The edges of the sandwich panel are simply-supported with
immovable conditions and they have been reinforced with edge beams to make it comparable
with the conditions of the ESL model. The in-plane compressive load, applied at the right
edge of the panel, has been induced through a controlled end-shortening displacement
(horizontal movement), denoted by uoe, of the right pinned support, see Fig. 3. The geometry,
material properties and boundary conditions of the sandwich panel appear in Fig. 3a and the
ESL one in Fig. 3b. Notice that the ESL model is described by the centroidal line of the core,
denoted by c.g.esl, see Fig. 3a. In order to achieve a non-trivial solution, at the bifurcation
load, an imperfection of a small distributed load has been applied to the face sheets of
qzt=qzb=0.01N/mm. In the case of the ESL model the imperfection load is much smaller and
equals 0.00001 N/mm.

uoe =12

uoe =2.2

uoe =5.35

t
uoe =5.35
b

uoe =2.2 mm

uoe =12
uoe =12

( )

uoe =375.0
uoe =4.92 mm
uoe =499.0

uoe =128.0

(b)
uoe =252.0

Figure 3: Geometry, mechanical properties and deformed shape of: (a) sandwich panel; (b) equivalent single
layer panel.

The results of the sandwich panel correspond to a maximum end-shortening of uoe=12.0
mm due to numerical difficulties while with the ESL model there is no limit and the maximum
end-shortening considered reached a value of 499 mm. The numerical difficulties of the
solution of the sandwich panel stem from the fact that a mixed mode of overall and wrinkling
buckling deformations has been observed as the end-shortening displacement increases. In
additions, as the end-shortening of the sandwich panel increases the corresponding
compressive load decreases while in the case of the ESL the compressive load increases as the
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end-shortening increases. Numerically, the elastica problem of the sandwich panel is totally
different and is much more sensitive as compared with that of the ESL model.
The deformed shape of the two panels appears in Fig. 3. The deformed shape of the
sandwich panel appears in Fig. 3a and it describes the deformed shape of the panel at various
compressive load levels that correspond to small (uoe=2.2mm) and large (uoe=12.0 mm) endshortening. At the low load levels the panel exhibits overall buckling, see curve of uoe=2.2
mm where the two face sheets almost move the same. As the load increases, the upper face
sheet wrinkles in addition to an overall buckling, see curves of uoe=5.35-12 .0 mm while the
lower face sheet maintain a smooth curve with mild wrinkles. The deformed shape of the ESL
model appears in Fig. 3b and it exhibits overall buckling which is totally different then that of
the corresponding sandwich panel. The ESL model exhibits overall buckling with large
deformations and large end-shortening displacements, uoe=4.92–499 mm,.
uoe=12.0

t

uoe=11.75
uoe=8.55
uoe=2.2

b
b
uoe=5.35

t

uoe=8.55

uoe=11.75

t

uoe =12.0 mm

(a)

WxzWsn[MPa]

(b)

Vzz,V nn[MPa]

Ws n

V nn

uoe=12.0 mm

uoe =12.0 mm

Vzz

t

uoe =8.55

uoe=8.55

uoe=5.35
uoe=5.35

Wxz

b

(d)

(c)

Figure 4: Sandwich panel results along panel in global and local coordinate directions. At upper and lower face
sheets: (a) vertical displacements; (b) bending moments; and in core: (c) shear stress; (d) interfacial vertical
stresses at face-core interfaces. Legend: ____ (thick) upper face/interface, ____ (thin) lower face/interface, black
– global direction, red – local direction.
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The results along the sandwich panel appear in Fig. 4 at various end-shortening levels. The
vertical displacement appears in Fig. 4a and it reveals that at low end-shortening
displacements overall buckling is observed and as these prescribed displacement increase
wrinkling of the upper face sheet in addition to the overall buckling is observed. Notice, that
also the lower face sheet has wrinkles but with small magnitude. The bending moment at each
of the face sheets, see Fig. 4b, reveal extremely high values at the upper face sheet and small
ones at the lower one at the large end-shortening displacements. Notice that for smaller endshortening the bending moments are quite small. The effect of the wrinkling of the upper face
sheet on the shear stresses of the core (in the global and local direction), see Fig. 4c, is
significant and is associated with extremely large values. Finally the interfacial normal
stresses at the upper and the lower face sheets in the global and the local vertical directions
appear in Fig. 4d. Notice that also here the effects of the wrinkling of the upper face sheets are
extremely large and yields an erratic behavior along the panel with large values.

t
t
b
t

b

b

vex

ex
(b)

(a)

t
t

Wxz

b

b

Vzz
ex

ex
(c)

(d)

Figure 5: Equilibrium curves of a sandwich pane of load versus extreme values along panel of: (a) vertical
displacements of faces sheets; (b) bending moments in faces; (c) shear stress in core; (d) interfacial vertical
stresses at face-core interfaces. Legend: ____ positive value, ……. negative value, black – upper face sheet, red
– lower face sheet.

The equilibrium curves of compressive load that is induced at the supports as a result of the
prescribed end-shortening for various structural quantities appear in Fig. 5. Load versus the
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extreme vertical displacement along the panel appears in Fig. 5a. The curves reveal that up to
the buckling load there is an abrupt jump in the load with very small vertical displacements.
In the post-buckling range there is a minor increase in the load as the vertical displacement
increase and then it starts to drop as the displacement increases and then at a vertical
displacement of about 10 mm there is a drastic drop in the load which proceeds with a steep
continuous decline with an increase of the displacement. Hence, the post-buckling behavior of
this panel is more that of a shell type rather then that of a beam. The same trends are observed
for the extreme bending moment in the face sheets, see Fig 5b, the shear stress in the core in
the global vertical direction and in the vertical interfacial stresses, see Fig. 5c and the core
vertical normal stresses at the upper and the lower face-core interfaces, see Fig. 5d. Notice
that the curves of the bending moments and the interfacial normal stress, immediately beyond
the bifurcation point, exhibit continuous decline with the load.
The purpose of using an ESL model is to simulate the complicated behavior of the
sandwich panel with a simple model. Hence, the question of to what extent is the ESL model
actually described the behavior of the sandwich panel is discussed. This comparison is
presented through the equilibrium curves of the sandwich panel, the bifurcations load of a
sandwich panel, see Frostig and Baruch [7], denoted by HSAPT and the ESL model of load
versus extreme vertical displacement that appear in Fig. 6. The curves reveal that the
bifurcation load of the sandwich panel is smaller and nearly coincide with that of the HSAPT
load, see [7], then that of the ESL one and the post-buckling curve are totally different. The
post-buckling response of the sandwich panel is associated with a drop in the load as the
vertical displacement increases while the ESL described a beam behavior where the load
remains constant while vertical displacement increases. Hence, the ESL elastica behavior is
totally different then that of the sandwich panel and it should be used with great cautious
when simulating the real behavior of the sandwich panel.
ESL

HSAPT (Ref. [8])
Ne[kN]

Sandwich
Panel

wvex [mm]

Figure 6: Load versus extreme vertical displacement of sandwich panel and ESL model.

4

SUMMARY AND CONCLUSIONS
The elastica behavior of a sandwich panel with a soft/compliant core is presented. The
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analysis considers the shear deformations in the face sheets using the first-order shear
deformation approach in addition to the flexural ones and takes into account the extension of
the centroid lines of the face sheets. The kinematic relations adopted, Reissner's strains, are
based on large displacements and large rotations. The mathematical formulation is based on a
variational approach and uses Lagrange multipliers to impose the special kinematic relations.
In many applications the complex behavior of the sandwich panel is simulated using an
equivalent single layer (ESL) panel. Hence, the elastica behavior of a single layer panel (ESL
model) with shear deformations is presented for comparison.
The numerical study presents the results of a sandwich panel with edge beam constraints
and its equivalent one where the shear deformation of the core is considered while that of the
face sheets is neglected. The numerical results are described in terms of deformed shapes,
structural quantities along the panel, and equilibrium curves of load versus extreme structural
quantities along the panel.
The numerical investigation reveals that the sandwich panel reaches a bifurcation point in a
global buckling mode and wrinkles in addition to the global buckling as it goes deep into the
post-buckling range. This wrinkling phenomenon is associated with a drop in the load as the
imposed end-shortening increases. Thus, a shell buckling behavior with a snap-through may
occur when a load control test is conducted. The wrinkling waves are also associated with
extremely large stresses and deformations. In addition, a numerical instability has been
observed as a result of the loss of stability deep in the post-buckling range that is associated
with a reduction of the load as the displacement increases.
The ESL results follow the well known results of elastica of slender beams with an overall
buckling. The numerical solution is much more stable due to the fact that the overall response
is stable and as the load increases also the displacement increases. The bifurcation load in this
case is higher then that of the sandwich panel.
The comparison between the elastica response of the sandwich panel and that of the ESL
model reveal a totally different behavior. Hence, the use of an ESL model to simulate the real
behavior of a sandwich panel may be quite inaccurate. Finally, in order to detect the real
failure patterns of sandwich panels which exceed large deformations the proposed elastica
formulation must be used.
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Summary. The paper presents a simple closed-form rule of mixtures approach for the
accurate estimation of the elastic properties of grid-scored polymer foam or balsa cored
sandwich plates. The analytical approach is based on a “homogenization” technique for the
core material, such that equivalent orthotropic elastic plate properties are assumed
corresponding to a first-order shear deformation plate theory. The analytical predictions are
compared with predictions based on finite element analyses as well as a closed-form
analytical solution based on a first order shear deformation theory, and an excellent match is
found overall.

1 INTRODUCTION
Sandwich structures are used in an increasing number of products, ranging from relatively
low-tech everyday goods to advanced aerospace structures. The reasons for utilizing sandwich
structures for many applications include high specific stiffness, high specific strength, thermal
insulation, sound absorption, to mention a few [1], [2]. For a variety of applications, such as
ship hulls and ship superstructures, control surfaces on aircraft structures, primary load
carrying space craft structures in satellites and launch vehicles, train body structures and last
but not the least wind turbine blades, high specific stiffness and strength are design
parameters of primary importance.
Very often the requirements for structures as mentioned above dictate that they should
have a doubly curved geometry, which implies that the sandwich structure needs to be draped
in order to follow the geometry. This is usually not a problem for the faces, since these are
made of thin layers of fibres of UD, multi-directional, woven or NCF constitution. Polymeric
foam sandwich core materials made from thermoset bulk polymers (usually PVC or PMI) or
balsa cores are used for a large variety of modern sandwich structures, and for such materials
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thermoforming is not feasible. Thus, the core materials, which are usually delivered as plates,
are cut in small blocks attached to a thin carrier fabric, which can then be draped. If the
manufacturing is based on vacuum infusion, resin material passes through these cuts, thus
creating a resin grid within the lightweight core. Since the resin material is much stiffer than
the foam material, the presence of the grid will often significantly affect the stiffness and load
transfer of the core material.
The present paper presents a simple analytical rule of mixtures approach for the accurate
estimation of the elastic properties of grid-scored polymer foam or balsa cored sandwich
plates. The work was done as part of a M.Sc. thesis work [3]. The motivation for this analysis
is to obtain a method of estimating the elastic stiffnesses of the sandwich plate analytically,
but also to gain an explicit understanding of the parameters which govern the plate stiffnesses.
A somewhat similar attempt has been reported in [4] for sandwich beams. The analytical
approach is based on a “homogenization” technique for the core material, such that equivalent
orthotropic elastic plate properties are assumed corresponding to a first-order shear
deformation plate theory [1]. The analytical predictions are compared with predictions based
on finite element analyses as well as a closed-form analytical solution based on a first order
shear deformation theory.
2 ANALYTICAL APPROACH
As mentioned above, the 3 dimensional grid and foam structure is reduced to a 2
dimensional plate, which effectively rids the system of the extensional stiffness in the
thickness direction, and hence the two Poisson ratios Ȟyz and Ȟxz. However, the contribution to
the stiffness in the thickness direction due the grid geometry is of interest, and will be
included in the analysis. The transverse shear stiffnesses are usually also neglected in thin
plate analysis [1], [2]. However transverse shear stress resultants can cause significant
deformations in sandwich plates due to the combination of a thick and compliant core
material with stiff and thin face sheets [1], [2]. In order to estimate these stiffnesses all
independent and homogenized elastic constants of the core must be determined. The
procedure for acquiring these constants is based on a simple “mechanics of materials
approach” [5], which is applied to a unit-cell of the core. The chosen unit cell geometry is
defined in Figure 1.
Since the objective of the analysis is to evaluate the stiffnesses of a sandwich plate due the
grid-foam composition of the core, the stiffness contribution of the face layers are of less
interest. The face layers are therefore assumed to be isotropic.
Neglecting the Poisson ratios Ȟyz and Ȟxz, leaves seven elastic constants to be found. These
constants are the Young’s moduli in the x, y, z directions, Ex, Ey and Ez, the in-plane Poisson
ratio Ȟxy, the in-plane shear modulus Gxy, and the out-of-plane shear moduli Gzx and Gzy (see
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Figure 1). The determination of the Poisson´s ratio based on the simple rules of mixture
approach cannot be expected to provide sufficiently accurate results [5], and only the
estimation of the Young´s and Shear moduli will therefore be treated herein.
a
ta

tb

b

h

Figure 1: Cut-out of the sandwich plate, with a “unit-cell” extracted from the core.

2.1 Estimation of the Young´s moduli
Assuming perfect bonding between the resin grid and the foam and by looking at a top
view of the unit-cell, the Young’s modulus in the y-direction can be estimated by assuming
sections of the cell to be springs in parallel and in series. See Figure 2.

a
ta

kf
tb

b

kg 2

kf

k g1
kf

E1y

E2 y
kg 2

kf

E3 y

Figure 2: Left: top view of the unit-cell. Right: spring analogy of the individual
stiffnesses of sub-sections of the cell.

E1y, which is equal to E3y, can be found by the following relation

E1 y

E3 y

E f Eg

(1)

Vg E f  V f Eg

Ef and Eg are the Young’s moduli of the foam and the resin, respectively, and Vf and Vg
are the volume fractions of the foam and grid, respectively. E2y is simply the same as Eg.
The equivalent Young’s modulus Ey can now be found by

Ey

E1 yV1 y  E2 yV2 y  E3 yV3 y
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Inserting equation (1) into (2) and expressing the Ey in terms of the dimensions of the unitcell yields
(3)
Eg E f
E y tbb Eg  1  tbb
1  taa Eg  taa E f
The above approach can be applied in the same manner for the x-direction. Accordingly,
the Young’s modulus in this direction can therefore be expressed as
(4)
Eg E f
ta
ta
Ex a Eg  1  a
1  tbb Eg  tbb E f

Plotting the Young’s moduli as functions of the rib thicknesses gives an impression of the
stiffness contribution of the ribs in both directions as shown in Figure 3. The Young’s
modulus in both of the 3D plots shown in Figure 3 are the relative Young’s moduli of the
resin and foam, meaning that Ei=0 (i=x,y) equals the Young’s modulus of pure foam and Ei=1
(i=x,y) equals the Young’s modulus of pure resin.

Figure 3: Relative in-plane Young’s moduli plotted as a function of the rib thicknesses

The shape of the plots shows that the Young’s moduli are linearly dependent on the rib
thickness along the primary direction, and nonlinearly dependent of the rib thickness
transverse to this direction.
The Young’s modulus in the through-thickness direction (z) is obtained by simply adding
the volume fractions of the foam and resin. Ez can be expressed similar to Ey in equation (2):
(5)
Ez Vg Eg  V f E f
where the volume fraction of the resin grid, Vg, can be written as
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Vg

ta
a

 tbb  taa

(6)

tb
b

Inserting (2) into (5) yields
Ez

E f  Eg

ta
a

tb
b

 1   E f  Eg

tb
b

 Ef

(7)

Plotting this function shows that the through-thickness Young’s modulus Ez depends
linearly on both rib thicknesses as can be seen from Figure 4.

Figure 4: Relative through-thickness Young’s modulus plotted as a function of the rib thicknesses.

2.2 Estimation of the Shear moduli

To determine the Shear moduli, it is again necessary to divide the unit-cell into sections,
and estimate equivalent stiffnesses of these. The equivalent stiffnesses are then used for
estimating the Shear moduli of the entire unit-cell. The adopted unit-cell for the case of the
through-thickness shear modulus Gyz, is shown in Figure 5.
The deformations in volume 1 and 3 are equal since the shear stress is assumed constant in
the x-direction, and the dimensions and composition of materials in these volumes are the
same. Volume 2 consists of pure resin and the shear modulus in this volume is therefore
known. The deformations of volumes 1 and 3 are more complex than the deformation of
volume 2, which implies that it is not readily possible to average the through-thickness shear
moduli of the 3 volumes. Finding an equivalent shear modulus for volumes 1 and 3 is
therefore necessary, in order to find the total equivalent Shear modulus for the unit-cell. The
equivalent Shear modulus for the unit-cell can be expressed in terms of volume fractions:
(8)
G yz VVol1G yz ,Vol1  VVol 2G yz ,Vol 2  VVol 3G yz ,Vol 3
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Figure 5: Left: The unit-cell divided into 3 volumes. Right: The deformations of each of
the volumes due to out-of-plane shear..

The Shear modulus for volumes 1 and 3 can be expressed as [5]:

G yz ,Vol1

G yz ,Vol 3

Gg G f

(9)

Vg G f  V f Gg
Inserting the dimensions of the unit-cell in equation (9) yields the estimate for Gyz:
G yz

tb
b

Gg  1  tbb

Gg G f

(10)

1  taa Gg  taa G f

in which Gg and Gf are the Shear moduli for the resin and the foam respectively. Similarly, the
estimate for Gxz is obtained as:
(11)
Gg G f
ta
ta
Gxz a Gg  1  a
1  tbb Gg  tbb G f
It is seen that the expressions for the transverse Shear moduli are similar to those of the
Young’s moduli. Accordingly, plotting the relative Shear moduli (defined as the relative
Young´s moduli in section 2.1) as functions of the rib thicknesses produces the same plots as
shown in Figure 3.
An expression for the in-plane Shear modulus Gxy is obtained in a similar manner as the
out-of-plane Shear moduli, i.e. the unit-cell is divided into three volumes. The only difference
is that the equation for total Shear modulus is not the same as equation (8), but can instead be
expressed as:
(12)
Gxy ,Vol1Gxy ,Vol 2Gxy ,Vol 3
Gxy
VVol1Gxy ,Vol 2Gxy ,Vol 3  VVol 2Gxy ,Vol1Gxy ,Vol 3  VVol 3Gxy ,Vol1Gxy ,Vol 2
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The terms in equation (12) become evident when looking at the in-plane shear stress in
each of the three volumes in the unit-cell, see Figure 6.
The equivalent in-plane Shear moduli of volumes 1 and 3 can be written as
(13)
Gg G f
Gxy ,Vol1 Gxy ,Vol 3
V f Gg  Vg G f

a
ta

tb

b

Ĳ12

Ĳ12

Figure 6: In-plane shear stresses depicted in the 3 volumes of the unit-cell. The equivalent Shear modulus is
calculated for volume 1 and 3, in order to obtain an equivalent unit-cell (Right).

Inserting equation (13) into equation (12) yields the estimate of the in-plane Shear modulus
(14)
G f Gg ab
Gxy
a bGg  G f  Gg tb  b  tb G f  Gg ta
Naturally, equations (10), (11) and (14) can also be obtained by dividing the unit-cell along
the y-direction instead of the x-direction. This, however, can be proven to yield the exact
same result. Plotting the relative in-plane Shear modulus (defined as the relative Youngs´s
muduli in section 2.1) vs. the rib thicknesses yields Figure 7. From Figure 7 it is clear that the
“cross” made up by two perpendicular resin-ribs does not contribute much to the in-plane
shear stiffness, unless the ribs are considerably thick.

2.3 Remarks on the adopted mechanics of materials approach
In order to decrease the complexity of the analytical approach, several assumptions have
been made. For example, it is assumed that the uniformly applied stresses cause uniform
strains in both resin and foam, which is clearly not possible due to the differences between the
Young´s moduli of the materials. Furthermore, Poisson ratio effects, when estimating the
Young’s moduli, are also completely neglected, which tend to produce a more flexible
structure.
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Figure 7: Relative in-plane Shear modulus plotted as a function of the rib thicknesses. On the z-axis “1”
represents the Shear modulus of pure resin, and “0” represents the Shear modulus of pure foam.

3 EVALUATION OF STIFFNESS ESTIMATES USING FE ANALYSIS
To evaluate the accuracy of the proposed analytical estimates for the Young´s and Shear
moduli, it is appropriate to compare the load-response predictions of various structural models
in which the homogenized core properties are adopted, or where the core/resin-grid is
modelled, respectively.

3.1 Model definition
The following plate models have been used: In the present work the load-response of a
square sandwich plate simply supported along all four edges was assessed using the following
plate models:
 Analytical model based on Mindlin-Reissner First Order Shear Deformation
Theory (FSDT) using homogenised core properties derived using the analytical
models proposed herein. The load-response modelling was conducted using the
software ESAComp [6]. Many suggestions for deriving the shear correction factors
for sandwich plates have been proposed, see [7], but in the present work the shear
correction factor used is based on equalling the strain energy and the work done by
the external forces (see [6]).
 Finite element analysis using 3-D solid elements and where the core/resin-grid is
modelled exactly. This model will represent the reference for evaluation of the
predictions of the other models, and will be referred to as the “exact FE model”.
 Finite element analysis using 3-D solid elements, but with homogenised core
properties calculated using the analytical models proposed herein (“homogenised
core FE model”).

268

Ole Thybo Thomsen and Jesper Larsen.

To assess the accuracy of the analytical models proposed herein, as well as to compare the
predictions of the 3 sandwich plate models, it is necessary to assign material properties,
geometry and external loading conditions. For simplicity, the face layers were chosen to be
aluminium, with a Young’s modulus E=70 GPa and a Poisson ratio Ȟ=0,3. The foam core and
resin materials were assumed to be linearly elastic, isotropic and homogeneous. The Young’s
moduli and the Poisson ratios were chosen to be EF = 100MPa (corresponding roughly to
H100 PVC foam core material), EG = 1.5 GPa (corresponding to polyester or epoxy resin) and
ȞF = 0,25, ȞG = 0,25 for the foam (subscript F=Foam), and resin grid (subscript G=Grid),
respectively.
Five different grid configurations were chosen (A-E), such that the thickness of the ribs in
the first principal material direction can attain five different thickness values, and the ribthickness in the second principal material direction is kept constant. The rib thicknesses and
the elastic constants of the homogenized cores of the five grid configurations are listed in
Table 1.
Grid configurations

Ex [MPa] Ey [MPa] Gxy [MPa]

Ȟxy

Gxz [MPa] Gyz [MPa]

t
Core A: ª¬ aa

1
5

, tbb

1
20

º
¼

383

192

53

0.25

155

77

t
Core B: ª¬ aa

1
10

, tbb

1
20

º
¼

244

180

46

0.25

99

72

t
Core C: ª¬ aa

1
20

, tbb

1
20

º
¼

175

175

44

0.25

70,3

70,3

t
Core D: ª¬ aa

1
30

, tbb

1
20

º
¼

151

173

43

0.25

61

70

t
Core E: ª¬ aa

1
40

, tbb

1
20

º
¼

140

172

43

0.25

56

69

Table 1: Rib thicknesses and homogenized elastic constants of the five different grid configurations.
The elastic constants of a pure foam core, Core F, are also shown.

The sandwich plates considered are assumed to be of square plate simply supported along
all four edges, with plan form 400×400 mm, core thickness 10 mm, face layer thickness 1 mm
and subjected to a uniformly distributed load q=0.1 MPa. See Figure 8. The unit-cell size was
20×20 mm, and the grid configurations and homogenized core properties correspond to those
of Table 1. Both of the finite element analyses were geometrically linear. The bottom edge of
the lower face layer is constrained in the z-direction, and both finite element analyses utilize
the symmetric constitution of the plate, which means that only a quarter of the plate is being
analyzed. The deflection is measured in both the x-direction and the y-direction, since the
core is orthotropic.
The FE-models used were based on 3D solid elements, and the FE meshing was conducted
10-node tetrahedral elements for all parts in the assembly (ANSYS 10.0). A rather fine FE
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40

0m

m

mesh was used, and Figure 9 shows side view of the top part of the sandwich plate at the yz
symmetry plane meshed with 10-node tetrahedrals. The element side length was 0. 5mm, and
the number of elements through the thickness was 26. The total number of elements was
about 18,000 with approximately 340,000 nodes each with 3 DOF.

Figure 8: Sandwich plate investigated numerically using 3 different models.
The uniformly distributed load is set to 0.1 MPa.
x

Face layer

y

z

Resin ribs

PVC foam

Figure 9: Side view of the top part of the sandwich plate (with core/resin grid) meshed with 10-node tetrahedrals
(yz symmetry plane). The element side length is 0.5mm and the number of elements through the thickness is 26.

3.2 Numerical results
The comparison of the predictions of the 3 models is based on comparing the deflection of
the middle of the sandwich plates A-F defined from Table 1 in both the x and y directions, i.e.
from y = 200mm and throughout the length (x-direction), and from x=200mm and throughout
the width (y-direction), see Figure 8. Since the bending stiffnesses of the sandwich plates vary
only marginally for the different core configurations, the differences in deflection are almost
entirely due the differences in the transverse shear stiffnesses for the 2 FE models, and the
accuracy of the transverse shear correction factor for the analytical plate model.
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Figures 10, 11, 12, 13 and 14 show the predicted deflection profiles along the xz and yz
symmetry planes. An excellent match is observed between the predicted deflections of the
“exact” and “homogenised core” FE models. This indicates that the analytical estimates of the
homogenised core stiffness parameters (Young´s moduli and in particular the Shear moduli)
proposed herein are very accurate, especially the homogenised transverse shear stiffnesses. It
is further observed that the poorest match between the “exact” and “homogenised core” FE
models is obtained for configuration A, whereas an almost identical match is obtained for
configurations C, D and E. This is no surprise as the stiff resin grid is much thicker for
configuration A (ta/a=1/3, tb/b=1/20 – see Figure 1 and Table 1) than for the other
configurations. In other words, the homogenisation procedure proposed herein provides the
most accurate stiffness predictions for smaller volume fractions of resin/grid material.
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Figure 10: Deflection curves of sandwich plate A (see Table 1) along symmetry planes xz and yz.
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Figure 11: Deflection curves of sandwich plate B (see Table 1) along symmetry planes xz and yz.

With respect to the predictions of the closed-form FSDT model, it is observed that it
overestimated the plate stiffnesses by 15-20% for the considered sandwich plate
configurations (A-E, Table 1).
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Figure 12: Deflection curves of sandwich plate C (see Table 1) along symmetry planes xz and yz. Since plate C
is quasi-isotropic the deflection in both in-plane directions are identical and only the deflection curve in the xdirection is therefore shown.
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Figure 13: Deflection curves of sandwich plate D (see Table 1) along symmetry planes xz and yz.
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Figure 14: Deflection curves of sandwich plate E (see Table 1) along symmetry planes xz and yz.

The main reason for this is the shear correction factor adopted in this work, which stems
from the ESAComp software code. The predictions of the FSDT plate model could have been
improved by adopting another shear correction factor approach, but as no analytical method
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has proven superior for estimating the “correct” value of the shear correction factor for
sandwich structures [7], the FSDT approach has not been pursued further in this work. Instead
the shear correction factor issue is considered an inherent and general problem of the FSDT
approach to the accurate modelling of the load-response of laminated sandwich structures.

4 CONCLUSIONS
A simple method of estimating the homogenised elastic constants of grid scored sandwich
cores has been proposed. The modelling is based on a “mechanics of materials” approach
applied to a unit-cell of the grid/core. The method has been applied to different resingrid/foam core sandwich plate configurations in order to assess the accuracy of the predicted
homogenised core stiffnesses. The load-response was modelled using 3 different approaches.
The first model used a first order shear deformation plate theory, which requires the adoption
of a shear correction factor. Secondly, the load-response was modelled using FE analysis
based on 3D solid modelling. One FE model included the “exact” grid/foam configuration,
whereas the other was based on homogenised core properties.
An excellent match was found between the predictions of the “exact” and “homogenised
core” FE models. Thus, it has been shown hat the proposed analytical homogenisation
procedure provides accurate estimates of the homogenised grid-core stiffness coefficients.
The analytical FSDT model overestimated the plate stiffness by 15-20% for the considered
sandwich plate configurations (A-E, Table 1). The main reason for this is the shear correction
factor adopted in this work.
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Summary. The mechanical behaviour of two types of corrugated sandwich cores are
investigated experimentally and modelled analytically; (i) Corrugation with monolithic
composite elements and (ii) a hierarchical sandwich structure (with sandwich core elements).
An additional core design, foam filled corrugation, is investigated experimentally and
compared to the aforementioned designs. Results show that the hierarchical structure has
significantly higher specific strength than the monolithic and foam filled core designs.

1 INTRODUCTION
Sandwich structures with cellular cores have proven superior weight specific stiffness and
strength properties compared to its monolithic counterpart. Polymer foams and hexagonal
honeycomb structures are commonly used as core materials. During the past years, many core
designs with improved quasi-static and dynamic performance have been proposed. These
comprise aluminium foams and various metallic core topologies such as truss- and plate-like
configurations [1]. Numerous metallic truss configurations have been proposed with
competitive quasi-static properties [2] and dynamic properties [3]. The metallic plate
configurations include various honeycomb cores (square, hexagonal, triangular) [4] and
prismatic cores (diamond lattice and corrugations) [5]. Further, Kooistra et al [6] have
analysed the behaviour of corrugated hierarchical metal sandwich panel concepts. Their
results show that the second order structure has significantly higher weight specific strength
performance than its first order counterpart while the weight specific stiffness tend to decrease
with increasing structural hierarchy.
Using fibre composite materials to manufacture the aforementioned core topologies
increases the design space additionally and consequently further optimisation of the structure
can be done; this due to the anisotropic nature of the composite materials. Composite
corrugation cores introduce other failure modes compared to that of metallic structures. As an
example, material rupture occurs instead of plastic buckling when the core members are
subjected to large bending deformations. In addition to the differences in failure modes, it is
also necessary to know in which lamina failure occurs. In order to predict such failure
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mechanisms, knowledge of the stress distribution over the entire core members is necessary.
Recently, Kazemahvazi and Zenkert [7] developed models suitable for predicting stiffness
and strength of all composite corrugated sandwich cores. The strength model is based on the
stress distribution prediction over each core member when the sandwich core is subjected to a
shear or compressive load condition. The strength model also accounts for initial
imperfections that may arise during the manufacturing process.
Within this work, the previously mentioned model is extended to account for shear
deformations in addition to bending and stretching deformations. The model is used to predict
the compressive and shear strength of an all composite hierarchical sandwich structure, see
figure 1c. Further, an experimental programme is conducted in order to compare the
compressive and shear response of three different all composite corrugated core designs. The
different core designs are: (i) A corrugation where each core element is a monolithic
composite shell, see figure 1(a), (ii) a foam filled version of (i), see figure 1(b), and (iii) each
core element is a sandwich plate (hierarchical sandwich structure), see figure 1(c).
The outline of the paper is as follows. First manufacturing methods and the experimental
programme are described. Second, we briefly review the analytical model for strength
prediction of corrugated monolithic cores. A strength model for the hierarchical sandwich
structure is then described and failure mechanism maps are used to discuss appropriate core
designs. Finally, we compare the properties of the three corrugation cores and summarise the
experimental findings.

(a)

(b)

(c)

Figure 1: Three different sandwich cores. (a) Monolithic composite core elements, (b) foam filled composite
corrugation and (c) composite sandwich core elements (hierarchical sandwich structure).

2 MANUFACTURING ROUTES AND EXPERIMENTAL PROTOCOL
The monolithic corrugated core was manufactured using a machined aluminium mould.
Prepreg laminae were stacked to obtain the desired thickness and the laminate was cured for 1
hour in 120ºC under vacuum pressure, see figure 2a. The hierarchical corrugation core was
manufactured in the same way as the monolithic corrugation with the addition of PMI foam
(Rohacell) in the core members, see figure 2b. The foam filled corrugated cores were
manufactured as shown in figure 2c. The foam was cut into trapezoid shapes and bonded to a
pre-cured monolithic corrugation using structural adhesives. A summary of the tested
corrugation configurations is found in table 1. At least two specimens of each corrugation
configuration were tested and all results are presented as mean values of the conducted
experiments.
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PMI foam

Prepreg

Pre-cut PMI foam blocks

Prepreg

Pre-cured monolithic
corrugation

Aluminium mould

Aluminium mould
(a)

(b)

(c)

Figure 2: Manufacturing route of (a) monolithic corrugation, (b) hierarchical corrugation structures and (c) foam
filled corrugation structure.

Core member

Web/face

Core member

Core member

Core density

length, l1

thickness, t, tf

core thickness,

core/filling

ȡc

tcweb

density, ȡcweb

Monolithic 1

35.16 mm

0.4 mm

--

--

34 kgm-3

Monolithic 2

35.16 mm

1.2 mm

--

--

100 kgm-3

Hierarchical 1

35.16 mm

0.2 mm

5.1 mm

32 kgm-3

42 kgm-3

Hierarchical 2

35.16 mm

0.2 mm

5.1 mm

110 kgm-3

58 kgm-3

Foam filled 1

35.16 mm

0.4 mm

--

32 kgm-3

65 kgm-3

Foam filled 2

35.16 mm

0.4 mm

--

51 kgm-3

85 kgm-3

Table 1: Corrugation configurations tested in the experimental programme. The geometrical variables are shown
in figure 4.

2.1 Constitutive material
The corrugations were made of unidirectional carbon fibre SE-84LV prepreg system
supplied by Gurit. All corrugations were made using unidirectional laminates with the fibre
direction along the corrugation. Material properties for a unidirectional lamina are presented
in table 2.
E1 [GPa]
E2 [GPa]
G12 [GPa]
Vˆ1t [MPa]

140
7.45
3.85
1950

Vˆ1c
Vˆ 2t

[MPa]

858

[MPa]

26.6

Table 2: Material properties of unidirectional SE-84LV carbon fibre prepreg. E is the Young’s modulus, G the
shear modulus and V̂ the ultimate strength. The notations 1 and 2 refer to the direction of the load where 1 is
along the fibres and 2 is transverse the fibres. The notations t and c refers to tensile or compressive loading.
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2.2 Test method
Single-block shear tests were conducted according to ASTM C273-00. Two unit cells of
the corrugation were bonded to rigid steel blocks and tensile loading was applied at the ends
of the rigid plates, see figure 3(a). Deflections were measured using extensometers and digital
calipers. Compression tests were conducted on a unit cell of the corrugation mounted between
two stiff steel plates, see figure 3(b). All experiments were conducted in a screw-driven 30kN
test machine at a quasi-static strain rate.

(b)

(a)

Figure 3: (a) Testing of the core shear properties and (b) testing of the out-of-plane properties of the core.

3 BRIEF SUMMARY OF ANALYTICAL MODELS
3.1 Compressive and shear response of a monolithic core
Consider a unit cell of a corrugated core with geometrical quantities as specified in figure
4. Assume that each core member is built-in to the face sheets so that the ends of the members
have clamped boundary conditions. The equivalent shear and compressive modulus of the
core is given by equation 1 and equation 2, respectively [7]. D11 is the bending stiffness of the
core member, S1 is the shear stiffness and A11 is the extensional stiffness component. For
isotropic materials A11 reduces to Et, where E is the Young’s modulus of the material and t is
the thickness.
ª
º
«
2
W xz
sin Z
Z »»
« A11 cos 2 Z  sin
Gxz
(1)
1»
l12
J xz (l1 cos Z  l2 ) «

«
12 D11 S1 »¼
¬
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V zz
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Z »»
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1»
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 »
«
12 D11 S1 ¼
¬

(2)

l2
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t
z
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Ȧ

x
l2/2

Pitch, p l1 cos Z

l2/2

Figure 4: Unit cell of a corrugated core. The left core member shows a monolithic version and the right core
member shows a sandwich version.

Consider the compression loaded part of a unit cell as described in figure 5. Due to the
clamped end condition of the core members they will undergo both stretching and bending
deformation. Due to the presence of bending deformations, the in-plane stretching force (N1)
causes additional bending deformation that must be taken into account in order to capture
elastic instability phenomena. Further, each core member is assumed to have an initial
imperfection in the shape of the first buckling mode of a clamped strut.
T1(l1)
x1
wb(l1)=įb

N1
l1
Figure 5: Beam problem that corresponds to a unit deformation of a core web.

For slender monolithic core members shear deformations are assumed to be negligible. The
in-plane stretching force (N1) is assumed to be constant over the entire core member and the
transverse force T1 is chosen so that the bending deformation at the end of the beam equals a
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unit deflection įb. The ordinary differential equation that describes the deformation of the core
member is solved analytically and a closed form solution for the bending deformation wb(x1)
is obtained. Consequently, the bending moment M(x1) and the transverse force T(x1)
distributions are obtained. A simple strength model can now be employed based on the
strength of the material. Failure of the core is assumed when, (i) the applied load is within 2
percent of the critical buckling load or (ii) the compressive stresses exceed the compressive
strength of the laminate or (iii) the tensile stresses exceed the tensile strength of the laminate.
3.2 Compressive and shear response of a core with sandwich core members

The model described in section 3.1 is now extended to account for shear deformation in
addition to the bending and stretching deformation. The initial imperfections of the core
members are however neglected in this analysis. The same solution method, as for the model
described in section 3.1, is used to obtain the closed form solution of the deformation of a
sandwich core member. Again, the bending moments M(x1) and the transverse forces T(x1) are
obtained explicitly. A strength model based on five competing failure modes is now
employed. The different failure modes are shown schematically in figure 6 and the failure
criteria are described in subsequent sections.

(a)

(b)

(d)

(c)

(e)

Figure 6: Failure modes of composite corrugation with sandwich core members. (a) Face fracture, (b) core shear
failure, (c) general buckling, (d) local buckling/wrinkling and (e) shear buckling.

3.2.1 Face fracture
Face fracture (figure 6a) is assumed to occur when the compressive stress in a face reaches
the ultimate compressive strength of the material, Vˆ f . This is given by,

Vf

M 1max d
N
E f  1 t Vˆ f
2 D11
tf

(3)

where tf is the core member face thickness, tcweb the core member core thickness, d = tcweb + tf
and Ef the modulus of the core member face sheet.
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3.2.2 Core shear failure
Shear failure of the core elements (figure 6b) is assumed to occur when the shear stress in
the core reaches the ultimate shear strength of the core material, Wˆ12 . This is given by,

W 12

T1max
t Wˆ12
d

(4)

3.2.3 General Buckling
The mode I symmetrical buckling load (figure 6c) of a clamped sandwich column is given
by equation 5 [8]. General buckling is thus assumed to occur when the compressive force
acting on the core member reaches this critical value.
4S 2 D11
l12
N t N cr
(5)
4S 2 D
1  2 11
l1 S1
3.2.4 Face wrinkling/local buckling
Hoff’s method [9] has been used as a failure criterion for local buckling, see figure 6d.
Local buckling is assumed to occur when the compressive stress in a face reaches the critical
local buckling stress as specified in equation 6.
V f t V crLocalbuckling 0.5 3 E f EcGc
(6)
where Ec is the modulus and Gc the shear modulus of the core material.
3.2.5 Shear buckling
The shear buckling of a core member (figure 6e) is set by its shear stiffness, S1, as
discussed in [8]. Shear buckling is thus assumed to occur when,
N1 t S1 .
(7)
3.2.6 Failure mechanisms
In order to validate the analytical model for a range of configurations and failure modes,
failure mechanism maps were created. Using these maps different core member
configurations with different failure modes could be chosen for the experimental programme.
Figure 7 shows a failure mechanism map for a 45-degree corrugation with sandwich core
members loaded in out-of-plane compression or shear. The face thickness and the length of
the core members are fixed while the core density (ȡcweb) and core thickness (tcweb) of the core
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members are altered. For a core thickness of 5 mm three different failure modes can occur
depending on the core density. For low core density, <45 kgm-3, the core members are
predicted to fail in general buckling. For intermediate core densities, 45 kgm-3-170 kgm-3, the
core member is predicted to fail by local buckling and at high core densities >170 kgm-3 the
core member is predicted to fail by face fracture.
Figure 8 shows two different corrugation configurations subjected to out-of-plane
compressive loading. One is manufactured with a low density foam (figure 8a), Hierarchical
1, and another with an intermediate density foam (figure 8b), Hierarchical 2. Photographs
clearly show that the core configuration with low density foam fails in a general buckling
mode while the one with intermediate density foam fails through local buckling of the faces.

200
Face fracture

ȡcweb, kgm-3

150
Local buckling

x
100
Hierachical 2
General buckling

50
2

Hierachical 1

2.5

3

3.5

4

4.5

x
5

tcweb, mm
Figure 7: Failure mechanism map for a 45-degree corrugation with sandwich core members. The same failure
mechanism map is found for both compression and shear loading in the case of a 45-degree corrugation.
tf = 0.2 mm and l1=35.16 mm.
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(a)

(b)

Figure 8: Photographs taken during out-of-plane compression experiment. (a) Hierarchical 1 configuration and
(b) Hierarchical 2 configuration.

4 COMPARISON OF CORE DESIGNS
4.1 The out-of-plane compression response

Figure 9 shows a summary of the out-of-plane compressive strength of the three core
designs. The core strength, which is normalised with the compressive strength of the material,
is plotted as function of the total core density.

0.02

Foam filled 2
Foam filled 1

tc=5mm, l1=35.2 mm
ȡcweb = 200 kgm-3

Hierarchical 1

0.015
Vˆ core
Vˆ1c

Monolithic 1 & 2

l1=35.2 mm

Hierarhical 2

0.01

tc=5mm, l1=35.2 mm
ȡcweb = 110 kgm-3
tc=5mm, l1=35.2 mm
ȡcweb = 32 kgm-3

0.005
0
0

25

50

75

100
ȡc, kgm-3

125

150

175

Figure 9: Out-of-plane compressive strength for the three different core designs. Solid line is the analytical
model for a monolithic core with an initial imperfection of 0.7t, dashed lines are the analytical models for the
hierarchical structures with various core densities and the free points are mean values of the experimental results.
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The strength of the hierarchical structures (dashed lines) is plotted for three different core
member core densities as specified in the figure. The core member length is kept constant
while the thicknesses of the faces/laminates have been altered. The sandwich core members
have face thicknesses ranging from 0.1 mm to 1 mm and the monolithic core thicknesses
range from 0.2 mm to 2 mm. Experimental results are included as free points.
4.1.1 Comparison of cores at low densities; 25kgm-3 – 50kgm-3

At low core densities the hierarchical structure with a core member core density ȡcweb = 32
kgm-3 is 5 times stronger than the monolithic version. At a core density of 32 kgm-3 the failure
mode shifts from local buckling to general buckling which results in a decrease of the slope
angle. As the core density increases the monolithic core gains better performance than the
ȡcweb = 32 kgm-3 hierarchical structure. Recall that the hierarchical structures presented here
are not optimised and by alternation of design variables such as core thickness, core density,
face thickness etc. potentially better performance can be achieved.

(b)

(a)

Figure 10: Out-of-plane compression experiment for (a) monolithic core and (b) foam filled core.

4.1.2 Comparison of cores at intermediate and high densities; 50kgm-3 – 175kgm-3

As the total core density increases the ȡcweb = 110 kgm-3 hierarchical structure outperforms
both the monolithic core and the ȡcweb = 32 kgm-3 hierarchical core. At a total density of 75
kgm-3 this core has approximately three times higher strength than the monolithic version.
At a total core density of approximately 75 kgm-3 the ȡcweb = 110 kgm-3 and ȡcweb = 200
kgm-3 hierarchical structure are equally strong. The decrease of the slope angle, seen at this
point, is due to a failure mode shift from local buckling to general buckling. At the highest
core densities studied here the ȡcweb = 200 kgm-3 hierarchical structure outperforms the other
core designs. This core fails through face fracture at low densities and at a density of 126
kgm-3 the failure mode shifts to shear buckling which results in a decrease of the slope angle.
At a density of 169 kgm-3, the failure mode shifts to general buckling. This failure mode shift
does, however, not result in a change of slope angle.
Since the predominant failure mode of the monolithic cores at low densities are elastic
buckling (see figure 10a), the inclusion of an elastic support increases the strength of the core,
this is seen for the experimental results of the foam filled core. The improvement of the
performance is, however, not as significant as for the hierarchical structure. This, since the
foam filled cores add significantly more weight to the structure compared to the hierarchical
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version. Figure 10b shows a foam filled core with a foam density of 32 kgm-3 loaded in out of
plane compression. The failure mode is a combination of buckling on elastic foundation and
compressive failure of the foam.
4.2 The shear response

Same observations are made for the shear response of the structure as for the compressive
response, see figure 11. The experimental results for the Hierarchical 2 structure is however
considerably lower than the analytical prediction. This is due to an unexpected peel of failure
mode of the tensile loaded core member, see figure 12. The foam filled 2 structure failed at
the interface between the shear blocks and the core. The true strength of this structure is thus
expected to be higher.

0.02

Foam filled 2
Foam filled 1

tc=5mm, l1=35.2 mm
ȡcwebb = 200 kgm-3

Hierarchical 1

Wˆcore
Vˆ1c

0.015

Monolithic 1 & 2

l1=35.2 mm

Hierarhical 2

0.01

tc=5mm, l1=35.2 mm
ȡcwebb = 110 kgm-3
tc=5mm, l1=35.2 mm
ȡcwebb = 32 kgm-3

0.005

0
0

25

50

75

100

ȡc, kgm-3

125

150

175

Figure 11: Shear strength for the three different core designs. Solid line is the analytical model for a monolithic
core with an initial imperfection of 0.7t, dashed lines are the analytical models for the hierarchical structures
with various core densities and the free points are mean values of the experimental results.

Peel-off
failure

Figure 12: Shear testing of hierarchical 2 structure. The tensile loaded core member fails due to high peel-off
stresses at the boundaries.
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5 CONCLUDING REMARKS

The compressive and shear performance of three different all-composite core designs has
been investigated: (i) A corrugation where each core element is a monolithic composite shell,
(ii) a foam filled version of (i) and (iii) each core element is a sandwich plate (hierarchical
sandwich structure). Previously developed analytical model for composite corrugations has
been extended in order to predict the shear and compressive strength of a corrugated
hierarchical sandwich structure. The model shows good agreement with the experimental
strength results as well as the obtained failure modes.
The hierarchical structures tested in this study have at least three times higher weight
specific strength compared to the monolithic version. Due to the large number of design
variables, a fully optimised hierarchical structure potentially has even higher specific strength.
At low core densities, foam filled corrugation cores have higher specific strength compared
to the monolithic version but lower strength compared to the hierarchical structure.
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Summary. An experimental and numerical study of in-plane compression of foam core
sandwich columns with implanted trough width face/core debond is presented. Experiments
were conducted for columns with two different face thicknesses over different cores and
debond lengths. The debonded region was monitored using digital image correlation (DIC)
measurements. Finite element analysis and linear elastic fracture mechanics are employed to
predict the residual compressive strength of columns. Finally, the numerical results are
validated with column testing. Results show a good agreement between finite element and
experimental results.
Key words: Sandwich structures, Columns, Debond damages, Buckling, Fracture mechanics,
Compressive strength.

1 INTRODUCTION
A sandwich structure consists of two strong and stiff face sheets adequately bonded to a
mechanically weak low density core. The face sheets in the sandwich resist the in-plane and
bending loads. The core separates the face sheets to increase the bending rigidity and strength
of the composite structure, transfers load between the face sheets through shear stresses [1]. It
is recognized that one of the weakest links in a sandwich structure is the bond between the
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face sheets and core [2-4]. A crucial problem arises when bonding between the face sheets
and core is not adequate (debonding) either because of manufacturing flaws or due to damage
originated during service, such as impact or blast situations. The behavior of sandwich
structures containing imperfections or interfacial cracks subjected to axial loading has been
investigated to a certain extent. Hohe and Becker [5] conducted an analytical investigation to
study the effect of intrinsic microscopic face-core debonds due to the mismatch between the
properties of the face sheets and core. Sankar and Narayan [6] studied the behavior of
sandwich columns subject to axial compression by testing and numerical analysis. Their
analysis includes computations of the global energy release rate, without considering modemixity and debond propagation. Those authors observed a peak in the energy release rate at
the moment of buckling. Vadakke and Carlsson experimentally studied the compression
failure of sandwich columns with a face/core debond [7]. They investigated the effect of core
density and debond length on compressive strength of sandwich columns. El-Sayed and
Sridharan [8] have proposed cohesive models implemented into FE codes to predict growth
and kinking of interface cracks in double cantilever-type (DCB) sandwich specimens
(considering only fracture mode I). Østergaard [9] applied cohesive models for debonded
columns and investigated the relation between global buckling behavior and cohesive layer
properties. The approach should be especially suitable for cases that present fiber bridging,
but has the drawback of the ambiguity in the definition of the material properties of the
cohesive layer. Only a few works have assessed detailed determination of fracture parameters,
mode-mixity and debond propagation in debonded sandwich structures subject to axial
loading, see [10, 11]. The research conducted by Berggreen [10] and Avilés and Carlsson
[11], focused on sandwich panels containing embedded debonds. Although sandwich panels
are more representative of a real sandwich structure, important insight can be gained from
detailed fracture analysis of the simpler column case, and such a case has not been
thoroughfully examined. Such an analysis is the objective for the present paper.
2 MANUFACTURING AND TEST SETUP
Twenty-seven sandwich columns with 2 mm satin weave 8.9 oz E-glass/epoxy face sheets
over Divinycell H45, H100 and H200 PVC foam cores [12] and three debond lengths were
tested, see Table 1. The core thickness was 50 mm. The columns were cut from panels
manufactured at Florida Atlantic University. Mechanical properties of the foam cores
employed are listed in Table 2. Face sheets were also considered isotropic with the properties
listed in Table 3. A through-width debond was defined at the column center using one layer
of Teflon film between the face and core layer at the middle of panels. However, due to
unintended partial adhesion between face and core in the debonded area in the columns with
thicker face sheets, the debond was further released using two very thin blades (0.35 and 0.43
mm thickness). The width and height of the columns are 38 and 153 mm respectively. A new
test rig was designed and manufactured for axial compression testing, see Fig. 1. The test rig
consists of four 25 mm diameter solid steel rods which support the upper and lower base
plates of the test rig during compressive loading. Linear bearings were used to minimize
friction between the base plates and rods. Steel clamps of 80 mm width were attached to the

288

Ramin Moslemian, Christian Berggreen, Leif A. Carlsson, F. Aviles and A. May

upper and lower base plates to clamp the columns. The test rig was inserted into an MTS 100
kN servo-hydraulic universal testing machine. A 2 MPixel Digital Image Correlation (DIC)
measurement system (ARAMIS 2M) was used to monitor 3D surface displacements and
surface strains during the experiments. Ramp displacement control with a cross-head rate of
0.5 mm/min was applied in all experiments. A sample rate of one image per second was used
in the DIC measurements.

Core type Face thickness (mm) Debond length (mm) specimen
25.4
3
38.1
3
2
H45
50.8
3
25.4
3
38.1
3
2
H100
50.8
3
25.4
3
38.1
3
2
H200
50.8
3
Table 1: Sandwich columns specifications

Core type
H45
H100
H200

Property

Value (MPa)

Young’s Modulus
Shear Modulus
Young’s Modulus
Shear Modulus
Young’s Modulus
Shear Modulus

50
15
130
35
250
85

Fracture Toughness
GIc (J/m2)

Table 2: Core Material properties [12, 14]

Property
Value
Modulus of Elasticity (GPa)
10
Shear Modulus (GPa)
2.5
Poisson’s Ratio
0.3
Table 3: Face Material properties
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(b)

(a)

Figure 1: Schematic representation of the test rig (a) and actual test set up (b).

3 FINITE ELEMENT ANALYSIS
A 3D finite element model was developed in the commercial finite element code, ANSYS
version 11, using isoparametric linear elements (SOLID45). Load controlled geometrical
nonlinear analyses were performed and initial imperfections introduced by small debond
opening displacements in the first load step achieved from scaled eigen-buckling shapes.
Because of geometrical and loading symmetry, only half model was created. Furthermore,
overlapping of crack flanks was avoided by use of contact elements (CONTACT173 and
TARGET170). To simulate the boundary conditions similar to those in the experimental
setup, nodes at the top and bottom of the columns were fully constrained except in the vertical
direction. Due to the need of a high mesh density at the crack front when performing the
fracture mechanics analysis, a submodeling technique was employed. Interpolated degrees of
freedom results at the cut boundaries in the global model were used as boundary conditions in
the submodel at the different load steps, allowing a higher mesh density to be employed and
thus improving the accuracy of the fracture mechanics analysis. The finite element model and
submodel are shown in Figure 2. The calculation of fracture parameters is based on relative
nodal pair displacements along the crack flanks obtained from finite element analysis. The
Crack Surface Displacement Extrapolation (CSDE) method presented by Berggreen [10] is
employed for the calculation of energy release rate and mode-mixity. Explicit formulations
for the mode-mixity (in terms of a phase angle) and the energy release rate as functions of the
relative crack flank displacements can be derived as [13]:
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where įy is the opening and įx is the shearing relative displacement of the crack flanks, H11,
H22 and the oscillatory index İ are bimaterial constants related to the stiffness properties of the
face and core. h is the characteristic length of the crack problem. In sandwich debonding
problems the characteristic length is often chosen as the face thickness, which will
approximately place the minimum at the fracture toughness distribution vs. mode-mixity at
the phase angle ȥK = 0. However, in order to compare calculated energy release rates with
measured fracture toughness, the same characteristic length should be used in both modemixity definitions. Thus, using a finite element solution to calculate the relative nodal
displacements of the crack flanks these two fracture parameters can be determined. For more
details see [10].

(a)

(b)

Figure 2: Finite element models. (a) half-model showing the mesh densities applied in the global model.
Minimum element size is 0.2 mm. (b) sub-model showing the mesh density applied. Minimum element size is
0.01 mm

4 EXPERIMENTAL RESULTS

During the experiments it was observed from the DIC measurements that opening of the
debond starts from one of the specimen edges, thus the opening is not symmetric, see Figure
3. This can be addressed to a slight misalignment of the fibers in the face sheets. It was also
observed that for the columns where the debond was released using the thicker blade, the
debond propagation load was considerably lower than for the other columns. Figure 4 shows
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two DIC images showing the initial amount of out-of-plane imperfection for two columns
with the debond released using the two different blade thicknesses (0.35 and 0.43 mm). The
maximum imperfection is seen to be approximately 0.25 mm and 0.51 mm for respectively
the thin and thick blade. The majority of the tested columns failed by debond propagation at
the face/core interface, see Figure 5. Crack kinking into the core was observed in some of the
columns with H45 core. The fracture toughness of the low density H45 core material is low
(150 J/m2, see Table 2), and likely less than that of core/face resin interface, which would
explain the observed crack propagation path. Both crack fronts of the debond rapidly
propagated towards the column ends. Crack propagation occurred rapidly in low density cored
columns (H45 and H100) and with lower propagation rate in columns with H200 core. All
columns with H200 core and 25.4 mm debond length failed by compression failure of the face
sheet above the debond location. This is explained by the proximity of the buckling load and
the compression failure load (around 14.5 kN) for this sandwich column configuration, as
determined from IITRI testing. The same failure mechanism was observed for one column
with H45 and H100 core and 25.4 mm debond length.

(a)
(b)
Figure 3: Debond opening (a) prior to propagation and (b) after propagation from DIC measurements.

(a)
(b)
Figure 4: Initial imperfections from DIC measurements for columns where the debond was released using a (a)
thin (0.35 mm) and (b) a thicker (0.43 mm) blade.
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Figure 5: Debond propagation in a column with H100 core and 38.1 mm debond length

5 FINITE ELEMENT ANALYSIS RESULTS

Figure 6 shows the deformed shape of a debonded sandwich column with H100 core
containing a 50.8 mm face/core debond. The local buckling mode resembles a half-sine with
the maximum transverse deformation at the center, consistent with experimental testing
In order to examine the effect of initial imperfection, columns with three different initial
imperfections of 0.1, 0.2 and 0.4 mm amplitudes were analyzed. Figure 7 shows out-of-plane
deflection vs. load graphs for the debonded columns with H100 core determined from testing
(two or three replicates are shown) and numerical analysis. It can be seen from both,
experimental and numerical results, that the debond opening initially increases linearly with
increasing load, but the trend becomes nonlinear as the load approaches the critical instability
load. The non-linearity is more marked for the larger (38.1 and 50.8 mm) debonds. At the
propagation point the load decreases while the out-of-plane displacement of the debonded
face increases significantly. Increased out-of-plane deflection at any load level for the
specimens with larger initial imperfections is also evidenced from the numerical analysis.
Thus, columns with different initial imperfections show different nonlinear behaviors.

293

Ramin Moslemian, Christian Berggreen, Leif A. Carlsson, F. Aviles and A. May

Figure 6: Deformed shape of the column model.

Table 4 summarizes the critical buckling/instability loads for the columns extracted from
finite element analyses and experiments. For the finite element analysis 0.1 mm initial
imperfection size was selected which is the value of imperfection measured in most of the
columns. The instability loads were extracted applying the Southwell method [15]. Results
show a good agreement between numerical analysis and experiments.

(a)

(b)
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(c)

Specimen

Figure 7: Out-of-plane vs. load diagram for columns with H100 core and (a) 25.4 mm debond, (b) 38.1 mm
debond, (c) 50.8 mm debond length

Experiment

Finite Element Analysis

Debond Length (mm)

Debond Length (mm)

25.4

Core

38.1

50.8

25.4

Instability Load (kN)

38.1

50.8

Instability Load (kN)

H45

12.9±1.5

10.1±1.1

6.1±0.9

14.1

8.5

6.5

H100

14.8±0.8

10.5±1.7

8.7±0.6

15.2

11.6

8.3

H200

--

13±1.2

8.5±0.3

--

13.8

9

Table 4: Critical instability loads determined experimentally and from finite element analysis using 0.1 mm
initial imperfections size.

In order to predict the debond propagation load, mode I fracture toughnesses (GIc) of the
cores listed in Table 2 was applied. Numerically predicted and experimentally determined
failure loads (at propagation) for the debonded columns are listed in Table 5. It can be seen
that the numerical analysis is able to predict the failure load of the columns with good
accuracy. Calculated mode-mixities from finite element analysis for the columns were low.
These low mode-mixity values confirms that the fracture process is mode I dominated. From
the results in Table 4 and 5 it can be concluded that the debond propagation load is close to
the instability load which illustrates the important role of instability for debond propagation in
sandwich columns.
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Experiment

Finite Element Analysis

Debond Length (mm)

Debond Length (mm)

25.4

Core

38.1

50.8

25.4

Failure Load (kN)

38.1

50.8

Failure Load (kN)

H45

13.5±1

9.8±1.4

5.9±0.8

11.4

7.6

6.1

H100

13.8±0.9

10±1.2

8±0.9

14.8

10.3

8

H200

--

12.3±1.7

7.8±0.2

--

13.8

8.9

Table 5: Predicted and experimental failure loads

8 CONCLUSION

The behavior of foam cored sandwich columns containing a face-to-core debond under
uniform in-plane compression has been experimentally and numerically investigated. A new
test rig was designed and manufactured for axial testing of the sandwich columns.
Experiments were carried out on the sandwich columns with three foam core densities and
three debond lengths. Final failure was governed by local buckling instability and debond
propagation towards the column ends. The majority of the debonded columns failed by
debond propagation, with only a few of them failing by compression failure of the face sheets.
It was experimentally observed that for the columns with large initial imperfection size, the
debond propagation load is considerably lower than for the columns with small imperfection.
Using geometrically nonlinear finite element analysis and linear elastic fracture mechanics,
instability and failure loads of the columns were predicted. In order to examine the effect of
initial imperfection, columns with three initial imperfections were analyzed. Results showed
the dependency of the out-of-plane deflection of the debonded face sheet combined with
debond size and initial imperfection. Comparison of the measured out-of-plane deflection,
instability, and debond propagation loads from experiments with finite element results
furthermore showed good agreement.
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Summary. The purpose of this work is to use a meshless collocation method with multiquadric
radial basis functions (RBFs), the third order shear deformation theory presented by Reddy [3]
(TSDT), and optimal values of the shape parameter in the RBFs to analyze static deformations
of sandwich plates. The multiquadric RBF method was introduced by Kansa [1, 2] for solving
boundary-value problems governed by partial differential equations. Here we show that this
method with optimal values of the shape parameter gives deflections of sandwich plates that
agree very well with analytical solutions, for regular and irregular grids. An advantage of the
meshless method is that it requires very little input data, thus the time required for preparing
the data can be significantly reduced.
1 INTRODUCTION
We use the third order shear deformation theory presented by Reddy [3] to compute the
static deformations of simply supported sandwich plates under uniformly distributed load. This
higher-order theory is briefly presented in section 2 and readers should refer to reference [6]
for more details. In this paper we compare the analytical solution for several sandwich plates
with the solution obtained with the meshless multiquadric radial basis functions method. The
analytical solutions are obtained by the Navier procedure, presented in section 3.
The meshless multiquadric method, first presented by Kansa [1, 2], is well known for solving
systems of partial differential equations with excellent accuracy. However, it has the problem
of the choice of an adequate shape parameter for the multiquadric interpolation function. We
use a statistical technique based on cross validation that overcomes the choice of the shape
parameter to the simple indication of a user-defined interval. The examples in this paper show
an improvement of the results when using this optimization technique, when compared to RBFs
without optimal shape parameter.
2 THIRD ORDER THEORY
The third-order theory of Reddy [3, 6] is based on the same assumptions than the classical
and first-order plate theories, except that the assumption of straightness and normality of a
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transverse normal after deformation is relaxed by expanding the displacements (u, v, w) as cubic
functions of the thickness coordinate.
The displacement field is then obtained as


4 3
∂w(x, y)
u(x, y, z) = u0 (x, y) + zφx (x, y) − 2 z φx (x, y) +
3h
∂x


4 3
∂w(x, y)
v(x, y, z) = v0 (x, y) + zφy (x, y) − 2 z φy (x, y) +
3h
∂y
w(x, y, z) = w0 (x, y)

(1)

where u and v are the inplane displacements at any point (x, y, z), u0 and v0 denote the
inplane displacement of the point (x, y, 0) on the midplane, w is the deflection, φx and φy are
the rotations of the normals to the midplane about the y and x axes, respectively. The thickness
of the plate is denoted as h.
The strain-displacement relationships are given as:
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∂v
+
γxy
=
(2)
∂y
∂x
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
∂u
∂w
⎪
⎪
⎪
⎪
γ
⎪
⎪
⎪
⎪
+
xz
⎪
⎪
⎪
⎪
∂z
∂x
⎪
⎪ ⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎩
⎭ ⎪
⎪
∂w
∂v
⎭
⎩
γyz
+
∂z
∂y
Therefore strains can be expressed as
⎫
⎧
⎫
⎧
⎧ ⎫ ⎧ (0) ⎫
(1)
(3)
⎪
⎪
⎪
⎪
⎪
xx ⎪
xx ⎪
xx ⎪
xx ⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎬
⎨
⎬
⎨ ⎬ ⎨
⎬
⎨
(0)
(1)
(3)
3
yy = yy + z yy + z
yy ;
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎩ ⎭ ⎪
⎪
⎪
(0)
(1)
(3)
⎭
⎩
⎭
⎩
⎭
⎩
γxy
γxy
γxy
γxy
where
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⎧ ⎫
⎨γxz ⎬
⎩

γyz

⎭

=

⎧ (0) ⎫
⎨γxz ⎬
⎩ (0) ⎭
γyz

+ z2

⎧ (2) ⎫
⎨γxz ⎬
⎩

(2) ⎭
γyz

(3)
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⎧
⎫ ⎧
⎫
(0)
∂u0
⎪

xx ⎪
⎪
⎪
⎪
⎪
∂x
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎬
⎨
⎬ ⎪
⎨
∂v
(0)
0
;
yy =
∂y
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪ ⎪
⎪
⎪
⎩ (0) ⎪
⎭ ⎩ ∂u0 + ∂v0 ⎭
γxy
∂y
∂x

⎧ (0) ⎫
⎨γxz ⎬
⎩ (0) ⎭
γyz

=

⎧
⎫ ⎧ ∂φ
⎫ ⎧
⎫
⎧
⎫
∂φx
(1)
(3)
∂ 2 w0
x
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
+


xx ⎪
xx ⎪
⎪
⎪
⎪
⎪
⎪
⎪
∂x
∂x
∂x2
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎨
⎬ ⎪
⎨
⎬ ⎪
⎨
⎬
⎨
⎬
2
∂φ
∂φ
y
y
∂ w0
(1)
(3)
+ ∂y2
; yy = −c1
yy =
∂y
∂y
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪ ⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎩ (1) ⎭ ⎩ ∂φx + ∂φy ⎭ ⎩ (3) ⎭
⎩ ∂φx + ∂φy + 2 ∂ 2 w0 ⎪
⎭
γxy
γ
xy
∂y
∂x
∂y
∂x
∂x∂y
(4)

⎧ ∂w0
⎫
⎨ ∂x + φx ⎬
⎩ ∂w0
∂y

+ φy

⎭

⎧ (2) ⎫
⎨γxz ⎬

;

⎩

(2) ⎭
γyz

= −c2

⎧ ∂w0
⎫
⎨ ∂x + φx ⎬
⎩ ∂w0
∂y

+ φy

⎭

(5)

and c1 = 3h42 , c2 = 3c1 .
A laminate can be manufactured from orthotropic layers (or plies) of pre-impregnated unidirectional fibrous composite materials. Neglecting σz for each layer, the stress-strain relations
in the fiber local coordinate system can be expressed as
⎧
⎫ ⎡
⎫
⎤⎧
σ1 ⎪
ε1 ⎪
Q11 Q12 0
0
0
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪ ⎢
⎪
⎪
⎪
⎪
0
0 ⎥
ε
⎨ σ2 ⎪
⎨
⎬ ⎢ Q12 Q22 0
⎬
2
⎥
⎥
0
0
Q
τ12
0
0
γ
=⎢
(6)
33
⎥ ⎪ 12 ⎪
⎢
⎪
⎪
⎪
⎪
⎪
⎪
⎦
⎣
0
0
0 Q44
τ23 ⎪
0
γ23 ⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎩
⎩
⎭
⎭
0
0
0
0 Q55
τ31
γ31
where subscripts 1 and 2 are respectively the fiber and the normal to fiber inplane directions,
3 is the direction normal to the plate, and the reduced stiffness components, Qij are given by
Q11 = 1−νE121 ν21 ; Q22 = 1−νE122 ν21 ; Q12 = ν12 Q11 ;
E2
Q44 = G23 ;
Q55 = G31 ;
ν21 = ν12 E
Q33 = G12 ;
1
in which E1 , E2 , ν12 , G12 , G23 and G31 are materials properties of the lamina.
By performing adequate coordinate transformation, the stress-strain relations in the global
x-y-z coordinate system can be obtained as
⎧
⎫
⎫ ⎡
⎤⎧
Q
Q
Q
0
0
σ
ε
⎪
⎪
⎪
⎪
xx
xx
11
12
16
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎥⎪
⎪ εyy ⎪
⎪
⎪ ⎢ Q12 Q22 Q26 0
0
⎨ σyy ⎬
⎨
⎬
⎥
⎢
⎥
⎢
γxy
τxy
(7)
= ⎢ Q16 Q26 Q66 0
0 ⎥
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎪
⎦
⎣
γ
τ
⎪
⎪
0
0
0 Q44 Q45 ⎪
yz ⎪
⎪
⎪
⎪
⎩ yz ⎪
⎩
⎭
⎭
γzx
τzx
0
0
0 Q45 Q55
The third-order theory of Reddy [3, 6] satisfies zero transverse shear stresses on the bounding
planes.
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The equations of motion of the third-order theory are derived from the principle of virtual
displacements.
The virtual strain energy (δU ), the virtual work done by applied forces (δV ) are given by

δU =



Ω0

+ τxy
 
=



h/2

−h/2



(0)
δγxy



 (0)

(1)
3 (3)
(1)
3 (3)
+
σ
δ
σxx δ(0)
+
zδ
−
c
z
δ
+
zδ
−
c
z
δ
1
yy
1
xx
xx
xx
yy
yy
yy

+

(1)
zδγxy

− c1 z

3

(3)
δγxy



+ τxz



(0)
δγxz

+z

2

(2)
δγxz



+ τyz



(0)
δγyz

+z

2

(2)
δγyz






dz dx dy

(1)
(3)
(0)
(1)
(3)
(0)
Nxx δ(0)
xx + Mxx δxx − c1 Pxx δxx + Nyy δyy + Myy δyy − c1 Pyy δyy + Nxy δγxy
Ω0

(1)
(3)
(0)
(2)
(0)
(2)
+ Mxy δγxy − c1 Pxy δγxy + Qx δγxz + Rx δγxz + Qy δγyz + Ry δγyz dx dy

and

δV = −

Ω0

qδw0 dxdy

(8)

where Ω0 denotes the midplane of the laminate, q is the external distributed load and
⎫
⎧ ⎫
⎧
⎨1⎬
⎨ Nαβ ⎬  h/2
Mαβ =
σαβ z dz;
⎭
⎩ 3⎭
⎩
−h/2
z
Pαβ



Qα
Rα



 
1
=
σαz 2 dz
z
−h/2


h/2

(9)

where α, β take the symbols x, y.
Substituting for δU, δV , into the virtual work statement, noting that the virtual strains can
be expressed in terms of the generalized displacements, integrating by parts to relieve from any
derivatives of the generalized displacements and using the fundamental lemma of the calculus
of variations, we obtain the following Euler-Lagrange equations [6]:
∂Nxx ∂Nxy
+
=0
∂x
∂y
∂Nxy ∂Nyy
+
=0
∂x
∂y
 2

4
∂ Pxx
∂ 2 Pxy ∂ 2 Pyy
∂Qx ∂Qy
+
+ 2
+
+q =0
+2
∂x
∂y
3h
∂x2
∂x∂y
∂y 2
∂M xx ∂M xy
+
− Qx = 0
∂x
∂y
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∂M xy ∂M yy
+
− Qy = 0
∂x
∂y

(14)

with
4
4
Pαβ ;
Qα =Qα − 2 Rα
(15)
2
3h
h
The Euler-Lagrange equations can be written in terms of the displacements by substituting
strains and stress resultants in (10)-(14).
M αβ =Mαβ −

3

NAVIER SOLUTIONS FOR TSDT

The Navier solutions for the third order shear deformation theory of Reddy (TSDT) can be
found in [6]. For a simply supported square plate in edges 0, a the imposed boundary conditions
are:
in x = 0, a : v = w = φy = Nx = M x = 0

(16)

in y = 0, a : u = w = φx = Ny = M y = 0

(17)

The boundary conditions in (16) and (17) are satisfied by:
∞

∞

u0 (x, y) =

Unm cos(αx) sin(βy)

(18)

Vnm sin(αx) cos(βy)

(19)

Wnm sin(αx) sin(βy)

(20)

Φxnm cos(αx) sin(βy)

(21)

Φynm sin(αx) cos(βy)

(22)

Qnm sin(αx) sin(βy)

(23)

n=1 m=1
∞ ∞

v0 (x, y) =
n=1 m=1
∞ ∞

w0 (x, y) =
n=1 m=1
∞ ∞

φx (x, y) =
n=1 m=1
∞ ∞

φy (x, y) =
n=1 m=1
∞ ∞

q(x, y) =
n=1 m=1

with
mπx
mπx
;β =
a 
a
nπy
4 a a
mπx
sin
dx dy
= 2
q(x, y) sin
a 0 0
a
a

α=
Qnm

(24)
(25)

Substituting equations (18)-(23) in equations (10)-(14) and solving for Unm , Vnm , Wnm , Φxnm
and Φynm allows us to compute u0 (x, y), v0 (x, y), w0 (x, y), φx (x, y) and φy (x, y) in (18)-(23).
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4 THE MULTIQUADRIC METHOD
Consider the generic boundary value problem with a domain Ω with boundary ∂Ω, and some
linear differential operators L and B:
Lu(x) = f (x), x ∈ Ω ⊂ Rn ;

Bu|∂Ω = q

(26)

The function u(x) is approximated by:
N

u  ū =

αj gj

(27)

j=1

were αj are parameters to be determined after the collocation method is applied and N the total
number of points in the boundary and domain. We consider a global collocation method where
the linear operators L and B acting in domain Ω\∂Ω and boundary ∂Ω define a set of global
equations in the form

   
    
Lii Lib
αi
fi
L α = λ
=
;
or
(28)
Bbi Bbb
αb
qb
where i and b denote domain and boundary nodes, respectively; fi and qb are some external
conditions in domain and boundary.
The function g represents a radial basis function. In the present case, we choose the multiquadric function, defined as:
1

g(r, c) = (x − xj 2 + c2 ) 2

(29)

were r is the euclidian distance between two nodes and c is a shape parameter that improves
the function surface so that convergence gets faster [1, 2]. Other radial basis functions could
be used (gaussians, splines, etc). However, multiquadrics proved to be excellent for global,
smooth, boundary-value problems [7].
5

AN OPTIMIZATION TECHNIQUE

An optimal shape parameter c (equation (29)) can be obtained for an interpolation problem
Aα = f, A = g(||xj − xi , c||), by the leave-one-out cross validation technique in regression
analysis. The problem can be formulated as finding c in order to minimize a cost function given
by the norm of an error vector E(c) with components
N

(i)

Ei (c) = fi −

αj g(||xj − xi , c||)

(30)

j=1,j=i


(i)
Here N
j=1,j=i αj g(||xj − xi , c||) is the function value predicted at the i-th data point using
RBF interpolation based on a set of data that excludes the i-th point.
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A more efficient algorithm, from a computational point of view, is given by the following
formula [4, 5]:
αi
Ei (c) = −1
(31)
Ai,i
where αi is the i-th coefficient for the full interpolation problem and A−1
i,i is the i-th diagonal
element of the inverse of the corresponding interpolation matrix A. In the case of our boundary
value problem, the error to be minimized is a residual error, of the form [8]:
N

(i)

Ei (c) = λi −

αj Lg(||xj − xi , c||)

(32)

j=1,j=i

Now the generalization of the cross-validation algorithm is straightforward. Our BVP is given
by equation (28). We can then use the following formula which is analogous to (31):
Ei (c) =

αi
, i∈Ω
L−1
i,i

(33)

where αi is the i-th coefficient for the full collocation problem (28) and L−1
i,i is the i-th diagonal
element of the inverse of the corresponding collocation matrix L.
6

NUMERICAL EXAMPLES

6.1

Three layer square sandwich plate, under uniform load

A simply-supported sandwich square plate, under uniform transverse load is considered.
The material properties of the sandwich core are expressed in the stiffness matrix, Qcore as:
⎤
⎡
0.999781 0.231192
0
0
0
⎥
⎢ 0.231192 0.524886
0
0
0
⎥
⎢
⎥
0
0
0.262931
0
0
Qcore = ⎢
⎥
⎢
⎦
⎣
0
0
0
0.266810
0
0
0
0
0
0.159914
The skins material properties are related with the core properties by a factor R as
Qskin = RQcore

(34)

. The Navier solution
The transverse displacement is normalized through factor w = w 0.999781
hq
presented in tables 1 and 2 is computed with 71 terms. The optimization technique was applied
to the interval [0.1-3].
In table 1 the central normalized deflection w is presented, for various values of R and n,
where n is the number of points/ side in a regular grid. Results in table 1 are computed using the
optimization technique described previously. The optimized shape parameter parameter found
by the cross validation technique is indicated in each case by copt .
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√
In table 2, previous results obtained by the authors with c = 2/ n and regular grids are
presented [7]. This shape parameter results from trial-error experiences.
In figure 1, the relative error computed by (35) using results from tables 1 and 2 is depicted.
Using the optimization technique, a faster convergence is achieved. This is an important factor
when dealing with large engineering problems.
relative error(%) =

||computed rbf value − Navier solution||
× 100
||Navier solution||

(35)

In figure 2, the Navier and RBF solutions for u0 (x, y), v0 (x, y), w0 (x, y), φx (x, y), φy (x, y)
are plotted using an irregular grid n = 7 × 7 and the optimization technique.
R
5
10
15

w
copt
w
copt
w
copt

7
244.16
2.0
149.82
2.8
110.54
2.6

Number of nodes/side, n
9
11
13
15
252.72 255.85 256.63 256.53
1.3
1.1
0.9
0.6
152.39 153.90 154.32 154.41
1.7
1.0
0.8
0.6
113.60 114.09 114.47 114.50
1.5
0.9
0.8
0.6

17
256.96
0.6
154.63
0.6
114.54
0.5

Navier
Solution
256.97

Exact
solution[9]
258.97

154.50

159.38

114.50

121.72

Table 1: Central normalized deformation, for a/h = 10 with optimization technique

R
5
10
15

Number of nodes/side, n
11
15
21
253.671 256.2387
257.11
153.0084 154.249 154.6581
113.5941 114.3874 114.6442

√
Table 2: Central deformation, for a/h = 10, c = 2/ n. [7]

7 CONCLUSIONS
The third order shear deformation theory of Reddy was used with a meshless collocation
method and an optimization technique for predicting the static deformation of simply supported
sandwich plates.
The third order shear deformation theory is not adequate to model sandwich plates with a
large difference of properties between the skin and the core.
The optimization technique reduced the number of points necessary to converge to the analytical solution, and in most cases is capable of choosing a good shape parameter even for
irregular grids.
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Figure 1: Relative error in percentage with an optimal c and with c = 2/ n
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Figure 2: Navier solution and rbf solution for an irregular grid with n = 7 × 7, R = 10
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Summary. A key objective dealing with 3D sandwich structures is to maximize the throughthickness stiffness, the strength of the core and the core to faces adhesion. The Napco technology was especially designed for improving such material properties and is under investigation
in this paper. In particular, the potential of the process is characterized using a micromechanical modelling combined to a parametric probabilistic model. An experimental analysis is
further detailed and validates the theoretical estimates of the core-related elastic properties. In
particular, it is shown that the technology is able to produce parts with significantly improved
mechanical properties.
1

INTRODUCTION

In order to increase the load capacity of a sandwich construction without penalizing its lightness, one may try to maximize the through-thickness stiffness and strength of the core. One
strategy of achieving this is to add through-thickness reinforcement to the core, with the ends
of the reinforcement material embedded in composite facings. The best option is to have a
continuous 3D reinforcement to increase the delamination strength and toughness between facings and core. In recent years several investigators have considered a number of innovative
designs to improve the strength of foam cores such as 3D weaving [1], 3D Z-pins embedded
in foam [16], stitch bonding [7] [12] and hollow integrated core sandwich [6]. Usually these
solutions lead to a decrease of production rate and an increase of part cost. An alternative is
the patented Napco technology which produces, in a continuous way, 3D tailored sandwich
structures while maintaining a production efficiency [11]. The main objective of this study is
to show the potential of such a manufacturing process by evaluating the resulting enhancement
of some mechanical properties. For this purpose, a micromechanical approach is first proposed

308

J. Guilleminot, S. Comas-Cardona, D. Kondo, C. Binetruy and P. Krawczak

and integrates the anisotropy (due to the through-thickness reinforcements) of the reinforced
foam core. Predictions of this multiscale modelling are then compared and discussed with respect to an experimental database which is also briefly described. Finally, in order to take into
account the randomness of both the elementary constituents and the manufacturing process, a
parametric probabilistic model is introduced.
2

THE NAPCO TECHNOLOGY

The Napco technology is a manufacturing process of 3D fibrous structures and 3D dry
sandwich composites in which the facing fabrics and core are integrated together in one construction [8]. The sandwich construction is based on needle punching (Fig. 1). The throughthickness reinforcement is obtained from regular fabrics such as chopped strand mats or continuous fiber mats. A multi-needle arrangement, set at a desired pattern and density, penetrates
the assembly of glass fabric layers and foam core on both sides (Fig. 2). During this process,
needles catch and pull glass strands from the facings and carry them through the rigid foam,
creating straight reinforcements perpendicular to the skins (see Figs. (1) and (2)). A part of the
yarn is kept inside the facings, the rest being embedded within the foam core. Thus, note that
the Napco technology basically differs from the stitching technology, where the fibers do not
come from the skin material. As the needles are withdrawn, fibers remain inside the core. Then
the sandwich panel assembly is advanced by a desired spacing to produce the next set of vertical
pile yarns. Once the 3D sandwich preform is produced, it can be impregnated by a liquid resin

Figure 1: Schematic illustration of the Napco technology

using of any composite molding technique. Closed-mold methods (Liquid Composite Molding)
and continuous compression molding are found to be appropriate. For those technologies, it has
been noticed that the transverse pile yarns are properly impregnated. In addition, they help to
balance resin flow on both sides of the sandwich.
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Figure 2: Schematic illustration of the 3D sandwich construction yielded by the Napco technology (here, the
technology was used to tailor specific mechanical requirements, yielding an anisotropic distribution of reinforcements in the plane (e1 , e2 ))

3

MICROMECHANICAL MODELLING

The reinforced foam core is made up of a linearly elastic matrix (which is considered as
isotropic) reinforced by unidirectional composites (UDs), as shown on figure 3. Hence, the
overall mechanical response of the composite is transversely isotropic, allowing one to use a
dedicated base tensors to easily derive the mechanical estimates (see [3] [17]). In order to
assess the overall properties of the material, two successive homogenization procedures are
carried out as follows (see Fig. (3)):
• the first one, denoted by (H1), is performed at the scale of the unidirectional composite

and provides the estimate of the effective stiffness tensor of the UD, denoted by C;
• the second one, denoted by (H2), is carried out at the upper scale (the UDs being then
considered as the inhomogeneities) and allows us to estimate the macroscopic stiffness

 of the composite reinforced foam core.
tensor C
For this purpose, we consider the Mori-Tanaka estimate (see [2] [3] [9]), which allows to take
into account the interactions between the inhomogeneities. The choice of this homogenization
scheme is justified by the “matrix-inclusion” morphology of the studied material. In the case of
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Figure 3: Modelling of the composite reinforced foam core.


 is then given by:
the two-phase composite considered here, the overall stiffness tensor C


C

MT



 − C1 : AMT
= C1 + cH2 C
2

(1)

MT

 is the macroscopic stiffness tensor estimated by means of the Mori-Tanaka scheme,
where C
 are the stiffness tensors of the matrix and the inhomogeneity respectively. cH denotes
C1 and C
2
the volume fraction of reinforcing material and AMT
is
the
strain
concentration
tensor
for the
2
inhomogeneity, defined as:



−1 
−1 −1
2
2
I
+
P
=
I
+
P
:
ΔC
:
(1
−
c
)
I
+
c
:
ΔC
AMT
H2
H2
2
1
1

(2)

 − C1 and P2 is the Hill tensor corresponding to the inhomogeneity 2 (that is,
where ΔC = C
1
the through-thickness reinforcement) embedded in the matrix 1. As an illustration, in the case
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of the overall transverse shear modulus (which is critical for such materials) μt , one has:


t−μ

μ
c
H2
1

μt = μ1 +
b1 b2
where



b1 = 1 + (k1 + 7μ1 /3) μt − μ1 / {2μ1 (k1 + 4μ1 /3)}


b2 = 1 − cH2 + cH2 / 1 + (k1 + 7μ1 /3) μt − μ1 / {2μ1 (k1 + 4μ1 /3)}

(3)

(4)

Note that Eq. (3) is consistent with the result provided by Christensen (see [4], p. 89). Further
details are provided in [5].
4

EXPERIMENTAL VALIDATION

The sandwich preforms are made using the Napco technology with a polyurethane foam
core (density of 40 kg.m−3 ), two facings made of 1 ply of chopped strand glass mat (areal
weight of 450 g.m−2 ). The final panel is molded using continuous compression molding with
unsaturated polyester resin. Three different types of needle pattern have been used to create
different pile yarns (UDs) densities in the final sandwich structure. Compression between parallel plates and three-point bending tests were performed on a material-testing machine (Zwick)
mounted with a 100kN-force cell. Here, we consider elementary constituents the properties of
which are listed in Tab. (1).
Constituents
Polyester resin
E-Glass fibers
Polyurethane foam

Elastic properties
E = 4 000 MPa, ν = 0.4
E = 73 000 MPa, ν = 0.22
E = 9.2 MPa, ν = 0

Table 1: Elastic properties of the elementary constituents.

The first homogenization procedure (H1) is performed (with a fiber volume fraction equal to the
mean experimental value: cH1 = 4.1%) and provides the overall elastic properties of the UD,
listed in Tab. (2).
In order to accurately compare the estimates with experimental data, we further introduce a
correction index, denoted by r and defined as:
1
rT =
N

N

i=1
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Overall properties of the UD
E l = 6 834 MPa
μt = 1 524 MPa
μl = 1 538 MPa
 = 14 900 Mpa
K
νl = 0.39
Table 2: Overall properties of the unidirectional composite.

where TiEst. and TiExp. are the i-th estimated and experimental values of the elastic property T
respectively, N is the total number of observations of T (one observation basically corresponds
to one volume fraction in through-thickness reinforcements). The i-th corrected estimate is then
defined as:
T Est.
TiCorr. = i
(6)
rT
Fig. (4) shows a comparison between the experimental data and the simulations in the case of

the overall transverse shear modulus μt . It is seen that:
• the evolution of the elastic property is well predicted;
• the magnitude of the overall shear modulus is also well estimated, with a maximum relative error of 22% for the non corrected estimate and 4% for the corrected result.
The estimate of the overall shear modulus as a function of the volume fractions in both the UDs
and the foam core was also investigated. It was shown that:
• the overall shear modulus is sensitive to the volume fraction of through-thickness reinforcement cH2 ;
• the overall shear modulus is not sensitive to the volume fraction within the UDs cH1 . Also,
note that an increase of the volume fraction within the UD implies a rather small increase
of the shear modulus of the UD: in the case of a 20% increase (from 10% to 30%), the
shear modulus of the UD increases by 40% while the Young’s modulus increases by 130%
approximately;
• a significant increase of the property can be obtained.
Predictions of the overall longitudinal Young’s modulus are discussed in [5]. In particular, the
predictions of the overall shear modulus seemed to be more accurate compared to the estimate
of the effective Young’s modulus. This may be explained noticing that:
• basically, the micromechanical modelling does not integrate the effect of the skins, which
may not be neglected in the case of a compression test;
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Effective transverse
shear modulus, in MPa
7
6,5

Corrected estimate

6

Exp. data

5,5
5
4,5

Theoretical estimate
4
3,5
3
0,012

0,043

0,094

cH2

Figure 4: Comparison between exp. data and micromechanical predictions. Case of the overall transverse shear

modulus μt .

• also, the estimate of the overall Young’s modulus is highly sensitive to the volume fraction
within the UDs and thus, the difference between experimental and simulated curves may
be due to volume fraction fluctuations (we recall that a mean value was considered in the
model). This point will be discussed hereafter.
Also, we note that for a given elastic property, and especially in the case of the overall transverse
shear modulus, the analysis carried out in this study shows that the parameter rT is almost
independent from the number of observations N and close to the unit. This means that:
• the variation of the elastic properties is correctly predicted ;
• only a few experimental measurements may be used for correcting the simulated results.
5

ON THE RANDOMNESS INDUCED BY THE MANUFACTURING PROCESS

Several micrographic pictures have been realized on the UDs reinforcing the foam core.
Figure 5 shows that the needles carrying the fibers within the foam, that will create the UDs
during the resin injection, induces high discrepancies from one UD to another. In particular,
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it can be seen that the fiber volume fraction varies and that the UDs are basically resin-rich
regions. Further experimental analysis of the fiber volume fraction within the through-thickness

Figure 5: Example of UD cross-section micrographies (glass fibers appear white and resin appears grey)

reinforcement clearly shows the randomness of this quantity, mainly due to the randomness of
the mat as well as to the manufacturing process itself. Then, a parametric probabilistic model
associated to such a random volume fraction was constructed making use of the Maximum
Entropy Principle (M.E.P.; see for instance [10] [14] [15] for a general overview). Numerical
Monte-Carlo simulations were used as the stochastic solver in order to study the influence of
this uncertainty on the overall mechanical behavior. Figure (6) shows the plot of the probability
density function of the overall longitudinal Young’s modulus.
6

CONCLUSION

The Napco technology is a patented process that strengthens transversally foam core with
fiber yarns taken from facings in sandwich assembly. In this study, we investigate the potential
of this technology by means of a micromechanical analysis based on the Mori-Tanaka scheme.
Comparisons between predictions and experiments are discussed and basically show the efficiency of the micromechanical modelling which can also be generalized to other configurations
of reinforcements. The approach allows one to define easily both material and process parameters to tailor sandwich panel to specific core-related mechanical requirements. Furthermore,
the randomness of the volume fraction within the through-thickness reinforcements is shown
and integrated using a parametric probabilistic model. This information is of great help when
designing and qualifying structures and can also be used in order to optimize the process itself. Finally, it is shown that such a technology can produce composite reinforced foam core
with a significant improvement of the mechanical properties, and in particular the longitudinal
Young’s modulus as well as the transverse shear modulus.
7
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Summary. A nonlinear cohesive interface model for the debonding analysis of sandwich
panel is developed. The nonlinear model automatically reacts to stress concentrations and
responses with initiation and growth of an interfacial crack. The model also accounts for the
coupling between the tangential and normal tractions-separation effects across the cohesive
interface. The nonlinear model is compared with a linear fracture one that uses a sequential
linear solution of sandwich panels comprised of fully bonded and completely delaminated
regions. An algorithm that converts the sequence of linear solutions to the nonlinear
equilibrium path of the debonding process is presented. A numerical study that compares the
results of the nonlinear cohesive interface model and the linear fracture model in terms of
deflections, stress resultants, inter-laminar stresses, and equilibrium paths is then presented.

1 INTRODUCTION
Modern sandwich panels are usually made of a thick, compliant ("soft"), and lightweight
core sandwiched between stiff, strong, and thin face sheets. This unique assemblage yields
stiff, light, and versatile structural elements. On the other hand, the notable differences in the
thickness and the elastic properties between the face-sheets and the core, the layered
configuration, the loading and supporting conditions (which may vary from one face-sheet to
another and to the core), and the manufacturing process make the sandwich panel vulnerable
to interfacial debonding. The formation of such interfacial debonding downgrades or even
neutralizes the ability of the interface to transfer shear. In case of separation, the out-of-plane
interfacial stresses also vanish. These effects diminish the ability to develop a composite
action of the face sheets and critically affect the functionality of the element. Furthermore, the
stress concentrations that develop near the edges of the debonded region may trigger its
growth, which may eventually lead to the total failure of the sandwich structure. These
aspects make the analytical consideration of the debonding process a challenging task.
The delamination or debonding mode of failure is governed by an interfacial crack
propagation mechanism. Therefore, its consideration through fracture mechanics based
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concepts is called for. The nonlinear cohesive interface approach is a modern analytical tool
that has gained recognition in the past decade (see for example [1-8]). The cohesive interface
approach introduces an interfacial surface in which the tractions across the interface are
nonlinearly connected to the crack opening and sliding (displacement jumps). When the
cohesive interface separates, the magnitude of the tractions at first increases, reaches a
maximum, and then approaches zero with increasing separation (Xu and Needleman [6]). A
cohesive interface type of model was used by Ferracin et al [1] for a "wedge-peel test"
simulation of sandwich panels under a steady state debonding mechanism. El Sayed and
Sridharan [2] implemented a cohesive model with a normal traction – separation law in a
finite element model to study the growth and kinking of interfacial cracks in soft-core
sandwich panels. Sridharan and Li [3] compared two types of mode-I cohesive interface
model with an energy based fracture criterion through nonlinear finite element codes. The
models were used for the comparative study of the quasi-static and dynamic delamination
process in sandwich beams. A mixed mode cohesive interface model and a fracture criterion
based on the area under the nonlinear traction-separation curves were used by Li et al [4]. A
cohesive interface model that couples the normal and the tangential traction-separation laws
was developed by Volokh and Needleman [5] for the buckling analysis of sandwich beams.
The Volokh-Needleman interface was used by Rabinovitch [7,8] for the debonding analysis of
beams strengthened with externally bonded layers of composite materials.
Another approach that also stems from Fracture Mechanics uses the concept of the energy
balance of the elastic energy release rate (ERR) versus the specific fracture energy (see, for
example [9-15]). Opposed to the cohesive interface mode, which is nonlinear by nature, the
ERR approach is applicable to linear systems modeled through linear structural models. In
some cases, and mainly for simple geometries, loading, and supporting conditions, the energy
release rate is directly evaluated through the compliance method. In more complicated cases,
the energy balance approach includes a stress analysis phase and a fracture analysis phase.
Huang et al [10] compared the results of the compliance method with ones obtained using the
finite element and the crack closure integral approach for the stress analysis and fracture
analysis phases, respectively. Alternatively, Ostergaard and Sorensen [13,14] applied the Jintegral to closed form solutions for sandwich beams in order to evaluate the energy release
rate and the mode mixity. The J-integral was also used by Rabinovitch and Frostig [15] for
the debonding analysis of beams with externally bonded composite reinforcement.
In this paper, a cohesive interface nonlinear model for the analysis of modern "soft core"
sandwich beams is developed. The model adopts the high order sandwich beam theory [16] as
the basic analytical platform with emphasis the modeling approach and the integration of the
nonlinear cohesive interface concept into the sandwich beam theory. The results are then
compared with the linear fracture model. In the following sections, the nonlinear cohesive
interface model and the linear fracture model are presented, the algorithms for the simulation
of the debonding process are discussed, and numerical examples are presented.
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Figure 1: Cohesive interface model: (a) layout; (b) displacements; (c) tractions and displacement jumps across
the interface (d) stress, tractions, and stress resultants

2 NONLINEAR COHESIVE INTERFACE AND LINEAR FRACTURE MODELING
The cohesive interface model follows the modeling approach developed in [7,8] and
uses the notation and the sign convention of Fig. 1. The model considers seven layers through
the depth of the sandwich section (see Fig. 1d). The upper and the lower layers are the face
sheets (designated with "t" and "b") that are modeled as Bernoulli-Euler beams. The middle
layer (designated with "c") is the core that is modeled as a 2D elastic medium with shear and
vertical normal rigidities but with a negligible longitudinal stiffness [16]. Each core to facesheet interface is modeled using two components. The first one represents a thin layer of core
material in which the cells are saturated with the adhesive or resin used for bonding the core
to the face sheets. These upper and lower interfacial layers (designated with "m" and "n") are
also modeled as Bernoulli-Euler beams. The second component is the cohesive interface
(designated with "cit" and "cib"). In the cohesive interface, the tangential and normal tractions
are nonlinear functions of the longitudinal slip and the vertical separation across the interface
(the displacement jumps). Excluding the cohesive interface, it is assumed that all components
are linear elastic and all interfaces are perfectly bonded. It is also assumed that the
displacements are small, the loads are exerted at the face sheets, and the stress and
deformation fields are uniform through the width. Finally, it is assumed that the crack
propagates at the interfaces and does not kink into the core or from one interface to another.
The equilibrium equations for the various components are:
(1)
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where N xxi , and M xxi are the in-plane and the bending moment stress resultants, respectively,
in the face sheets (i=t,b) and in the interfacial core layer (i=m,n); Wxz and Vzz are the shear and
vertical normal stresses in the core; zc is the vertical coordinate of the core, ni, qi are
distributed axial and vertical loads, respectively; O is a loading factor; c and b are the
cib
and T tcit , T tcib are the normal and
thickness and width of the core, respectively; T cit
n , Tn
cib
tangential tractions across the cohesive interfaces, respectively; and 'cit
and 'tcit , 'tcib are
n , 'n
the normal (separation) and tangential (slip) displacement jumps across the cohesive
interfaces, respectively. Adopting the Bernoulli-Euler beam theory for each face sheet and
each interfacial core layer, the displacement jumps across the cohesive interface are:
m
t
m
t
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where wi(x) and uio (x) are the out-of-plane (vertical) and in-plane (longitudinal)
displacements, respectively, of the reference line of the face sheets and the interfacial core
layers; d j (j=t,b,m,n) is the depth of the each layer, and ( ),x=( )/x.
The tractions across the cohesive interface follow Volokh and Needleman [5] and read:
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where In is the work of separation per unit area, and Gn is the characteristic length parameter.
Assuming a symmetric layup for the face sheets and an isotropic behavior of the
interfacial core layers, the constitutive laws for these components are generally given by:
N xxj

A11j uoj, x

M xxj

j
 D11j w, xx

321

j

fct , fcb, m, n

(15,16)

Oded Rabinovitch

where A11j and D11j are the extensional and flexural rigidities of each components multiplied
by its width. The constitutive relations of the core are:

V zz

Ec H zz

W xz

;

(17,18)

Gc J xz

where Gc, Ec are the shear modulus of the core and its vertical elastic modulus, respectively.
The stress and displacement fields of the core follow [16] and read:
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The governing equations are derived by introducing the constitutive relations for the
face sheets and the interfacial layers, the stress field of the core and the traction –
displacement jump laws into the field equations and the longitudinal compatibility condition
at the lower interface of the core. The governing equations take the following form:
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Due to the nonlinearity of the 7' relations, the governing equations are nonlinear and
do not have a closed form general solution. Alternatively, the model is solved numerically
using a multiple shooting algorithm and an arc-length continuation scheme.
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The cohesive interface model responses to stress concentrations and automatically
simulates the initiation and the growth of the interfacial debonding. Yet, the nonlinear
solution requires considerable computational efforts and time. The softening branches of the
7' relations further require a special treatment in the form of arc-length algorithms. Another
disadvantage results from the large number of empirical parameters in the 7' laws and the
sensitivity of the model to these factors [17] (also see [8]). These drawbacks motivate the
comparison of the nonlinear cohesive interface model to the classical linear fracture approach.
The linear fracture model uses the delaminated sandwich panel model [18], the
J integral for the assessment of the energy release rate [19,15,8], and the unique procedure for
the simulation of the crack growth mechanism [8]. The notation and the sign conventions
used in the linear model appear in Fig. 2. The model uses three layers that include the face
sheets and the core only and adopts the same assumptions used for these layers in the
cohesive interface model. Opposed to the cohesive interface approach that unifies the stress
analysis and the crack growth simulation, the linear approach uses separate stress analysis and
fracture assessment phases. Based on the two phases, the crack growth process is simulated.
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Figure 2: Linear model: (a) layout; (b) displacements; (c,d) debonded regions; (e) stresses and stress resultants

The stress analysis phase follows [18]. Contrary to the cohesive interface model, this
model only considers the two limit cases of perfect bonding or complete separation. Thus, the
delaminated sandwich panel is comprised of fully bonded regions and debonded regions. In
the debonded regions, the surfaces can slip one with respect to another and cannot transfer
shear stresses. They can, however, transfer vertical normal compressive stresses if contact
exists. Thus, a distinction is made between delaminated regions with contact and delaminated
regions without contact. In the fully bonded regions, the governing equations read [18]:
(35)
At u t  bW Ont
11 o , xx

A11b uob,xx  bW

Onb

D11t w,txxxx  (c  d t )b / 2  W , x  bEc ( wb  wt ) / c
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D11b w,bxxxx  (c  d b )b / 2 W , x  bEc (wb  wt ) / c Oqb

(38)

u ot  u ob  (c  d b ) w,bx / 2  (c  d t ) w,tx / 2  Wc / Gc  W , xx c 3 / 12 Ec

0

(39)

In the debonded regions, the fifth equation (Eq. 40) as well as the terms that include W
or its derivatives vanish. In case contact does not exist, the term bEc/c(wb-wt) also vanishes.
Note that the governing equations of the stress analysis phase are linear. As a result, the
solution of these equations, along with the boundary and continuity conditions (which, for
brevity, are not presented here) does not require significant computational efforts or special
algorithms.
In the fracture analysis phase, the tendency of the interfacial debonding to grow is
assessed. The criterion for the propagation of the interfacial debonding crack adopts the
concept of the ERR. Propagation of the debonding crack occurs if the energy release rate G is
larger than the critical fracture energy Gc. G is evaluated using the J-integral [19,15]:
G

J

(40)

wu ·
§
³ ¨Wdy  T  ds ¸
wx ¹
*©

where * is the path surrounding the crack tip, T is the traction vector along the path
*u is the displacement vector, andҏ W is the strain energy density function. Eq. (40) defines
the energy release rate for a given debonded length and a given load. Yet, the analysis aims at
describing the response of the sandwich structure through the debonding growth process. This
type of response is given as a set of generalized points (equilibrium path) that satisfy the
governing equations and the boundary conditions along with the following constraint:
G (u, O )

(41)

Gc

where the load factor O defines the level of load. The equilibrium path, which in the case of
the cohesive interface approach is a direct outcome of the nonlinear solution, does not directly
stem from the analysis but requires a special algorithm [8]. The first stage in this algorithm
requires a series of solutions of the beam through the following steps:
1. Define a series of debonding lengths, a=[ai] (i=1..Na) ranging from 0 to L.
2. For the i`th debonding length, ai, and an arbitrary magnitude of external load O0:
2.1 Solve the stress analysis model and evaluate the displacement field:ui= u(ai, O0).
2.2 Evaluate the ERR: G0i= G(ai,O0) using Eq. (40).
3. Repeat steps 2.1-2.3 for all ai's and generate the vector G=[Gi]and vector-function
u=[ui] that correspond to the vector a=[ai] and the arbitrary load magnitude O0.
4. Use u and a to construct the function u0(a) and use the vectors G0 and a to construct the
function G0(a) by means of any curve fitting technique.
5. Due to the linearity of the stress analysis model, the displacement and ERR under any
magnitude of load O are:
u (a, O )

u(a, O0 )  (O / O0 )  G (a, O )
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where u(a) and G(a) are the functions constructed in step 4.
The second stage determines the path of the debonding process as follows:
I. Chose a crack length a
II. Solve Eq. (41) with G(a,O) given by Eq. (43) for O(a).
III. Substitute a (from step I) and O (from step II) into Eq. (42) and evaluate u(a).
IV. The series of pairs [O(a),u(a)] defines the equilibrium path.
Note that the above procedure assumes that the contact conditions at the debonded
interface (with or without contact) do not change through the debonding process. In practice,
this is usually the case and the above assumption does not yield a major restriction or
limitation. Also note that this procedure requires significantly less computational efforts that
the cohesive interface model does. Yet, it critically depends on the availability of a qualitative
description of the process in the form of the vector a.

3 NUMERICAL STUDY
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Figure 3: Numerical study - geometry and properties: (a) shear test; (b) three point bending

The numerical study examines two cases. The first one simulates a shearing test of a
sandwich specimen and the second one examines a sandwich beam specimen under three
point bending. The geometry and mechanical properties of the specimens appear in Fig 3. The
distributions of the stresses in the core and the interfacial tractions in the cohesive interfaces
under a relatively low level of shear load (P=108N) in the first case appear in Fig. 4. The
results reveal that the peak peeling stresses develop near the lower support at x=0.
Correspondingly, the peak normal tractions develop across the lower cohesive interface near
the fixed support. It is also observed that due to the low stiffness of the interfacial layer, the
magnitudes of the normal tractions across the cohesive interfaces are almost identical to the
normal stresses at the core-face sheet interface. The peak interfacial tangential tractions across
the cohesive interfaces also develop in the lower interface. The value at x=150 mm is slightly
higher than the one near x=0 mm. However, the coupled effect of the shear and tensile
tractions through the cohesive interface (Eqs. 11-12) imply that the critical point is located at
the lower interface at x=0mm. The nonlinear cohesive interface model reacts to this
combination and the interfacial crack initiates at x=0 and propagates at the lower interface
towards the loaded edge.
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Figure 4: stresses and interfacial tractions under P=108.22 kN: (a) normal; (b) shear

The vertical deflections, the interfacial stresses, and the tractions across the cohesive
interface after a crack growth of about 11.5 mm are compared in Fig. 5. The comparison
reveals that both models well predict the separation of the upper face sheet in the debonded
zone. The cohesive interface model further indicates that cracking occurs where the lower
cohesive interface allows the separation of the lower face sheet from the interfacial core layer.
The comparison of the interfacial stresses and the tractions across the cohesive interface
reveals that the stresses in the bonded regions (x>11.5mm) are in fair agreement. In the
debonded region, the linear fracture model predicts null stresses whereas the cohesive
interface model predicts stresses that result from the interaction between the core and the
interfacial layers. The nonlinear model also reveals a concentration of the normal and
tangential tractions across the lower interface. These effects trigger the propagation of the
debonding, which is studied next.

Fig. 5: Deformations, interfacial stresses and tractions: (a-c) cohesive interface model (d-f) linear fracture model
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Figure 6: Equilibrium Paths: Shearing test

The equilibrium paths predicted by the cohesive interface model and simulated by the
linear fracture models are compared in Fig. 6. Due to the long run time, the cohesive interface
analysis was stopped at point 3 after more than 4200 steps. The linear fracture analysis was
conducted until complete separation of the interface. The comparison shows that both models
describe a similar pattern that involves a close to linear growth of the load up to a peak and
then a snap back. Another fold is observed at a load level of about 500 N and afterwards, a
growth in displacement along with a drop in load is observed. Quantitatively, the peak
predicted by the linear fracture model at Point 4 is lower than the one predicted by the
cohesive interface model at Point 1. This effect is attributed to the inability of the linear
fracture model to account for the range of debonding conditions between perfect bonding and
complete separation.
In physical terms, the two paths reflect an initially unstable debonding process. Under
displacement control, it is expected that the crack will initiate and burst under a load of about
500 N and snap directly to points 2 or 5. From these points on, a stable growth of the crack
with the increase of the displacement is expected. Adopting this interpretation, the critical
load for practical purpose is not the one at Points 1 or 4 but the one that corresponds to Points
2 or 5. In these terms, the predictions of the two models are in fair agreement and the
simplified linear fracture model allows a reasonable estimation of the nonlinear response
predicted by the cohesive interface model.
The last case in the numerical study investigates a sandwich beam specimen under a
three point bending loading scheme (Fig 3b). The analysis reveals that the peak interfacial
tensile (peeling) stresses develop at the upper core-face sheet interface near the edges. Based
on that, the cohesive interface model is slightly simplified and the unique interface is
implemented at the upper core-face sheet interface only. Under these conditions, the model
predicts crack propagation from the outer support towards midspan. This result is used for the
construction of the vector a defining the crack growth process for the linear fracture model.
The equilibrium paths obtained by the cohesive interface model and simulated by the
linear fracture model appear in Fig. 7 (the nonlinear analysis was stopped after 5150 steps and
a debonding growth of about 12 mm). In this case, the unstable branch predicted by the
cohesive interface model includes two folds before the final snap back. These branches are
evidently unstable and this type of behavior is not expected in practice. The linear fracture
model also predicts an unstable branch and a snap back behavior but with a lower peak load.
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Excluding this discrepancy and the extra folds of the unstable branch, the predictions of the
two models are in fair agreement.

Figure 7: Equilibrium Paths: Three point bending

3 SUMMARY AND CONCLUSIONS

A nonlinear cohesive interface model for the debonding analysis of "soft-core"
sandwich panels has been developed. The cohesive interface model has combined the
advantages of the high order sandwich theory with the unique features of the cohesive
interface concept. In particular, the ability to response to stress concentrations, to account for
the coupling of the tangential and normal effects, and to independently quantify the interfacial
debonding process has been designated. The cohesive interface model has been compared
with a linear fracture model that is also based on the high order sandwich theory. This model
does not account for the range of bonding conditions but limits the consideration to fully
bonded interfaces and completely detached ones. The simulation of the interfacial debonding
mechanism has been conducted using a special algorithm that uses a series of linear solutions.
Thus, the simplicity and reduced computational efforts demands have been designated as the
main advantages of the linear fracture model. On the other hand, this model critically depends
on the availability of information on the crack growth pattern.
The nonlinear cohesive interface model and the linear fracture model have been
adopted for the numerical study of sandwich specimens subjected to shearing and bending
loads. The results have shown that the two models describe a similar stress and displacement
patterns for a given length of debonding. Additional results in terms of the equilibrium paths
that describe the response through the deboning process have shown that the two models
describe unstable branches and a snap back type of response. On the other hand, it has been
shown that while the simplified linear fracture model can simulate the nonlinear equilibrium
path, it predicts lower values of the peak load. In practical terms, this critical load is located
on an unstable branch that is not likely to be observed in practice. In terms of the critical
transition between the unstable and the stable branch, a better correlation has been observed.
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Summary. This paper describes an experimental investigation of characterization
methods for ductile core materials. Full field optical strain measurement methods are used to
determine the strain distributions in standard testing methods such as block shear and four
point beam testing, particularly for highly ductile cores subjected to large deformations. The
results show that the stress and strain fields in both block shear and sandwich beam tests are
very different to those assumed by the testing standards. The test methods result in complex
post yield states of stress in the core materials, meaning the core shear strength and ultimate
shear strain should not be calculated by classical methods in the post yield region.
1 INTRODUCTION
Polymeric foam materials are widely used as cores for sandwich structures. Many of these
materials such as linear PVC foams have high levels of ductility, providing excellent
performance for dynamically loaded structures such as the hull panels of marine vessels [1].
However the high ductility of these materials results in very large specimen deformations
during traditional shear test methods such as block shear [2-3] and four point loaded beams
[4]. Other studies, e.g. [5] has addressed the problem of standard shear test methods for core
materials that show high elongation to failure. Figures 1 and 2 show typical deformed shapes
of linear PVC cored specimens (Airex R63.80) during block shear and beam tests.

Figure 1: Block shear deformation of ductile core

Figure 2: Large deformation of ductile core beam
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Changes in the geometry of the test specimens at large deflections means that the shear
loaded regions of the specimens are no longer subject to a uniform state of stress as assumed
by the testing standards. Beam specimens also often fail by skin fracture under the loading
points, meaning that the maximum measured load and strain to failure may not actually
represent the true core properties. Testing of such materials in dynamically loaded panels has
shown much higher strengths than are achieved by block shear or beam testing methods, with
highly ductile cores performing two to three times better as a panel than in block shear and
beam tests [1], suggesting that the traditional characterization methods do not accurately
measure the relevant material properties. Strength data reported in manufacturers’ material
data sheets does not always explicitly define whether the strength is taken at material yield, or
at the maximum load, which can be very sensitive to the details of the test method
The aim of this paper is to use a full-field optical strain measurement system to determine
the strain distributions in the common standardised testing methods of block shear and four
point beam testing. Two types of core materials were chosen for this investigation; Rohacell
S51 (52 kg/m3), a low elongation core for high temperature applications and processing,
mainly used in aircraft applications, and Airex R63.80 (90 kg/m3) which is a high elongation,
very ductile material often used for dynamically loaded structures such as marine vessel
hulls.. This study investigates the strain fields in the cores in the linear region before
significant yielding occurs, at yield, and in the post-yield region.
2 OVERVIEW OF TESTING METHODS
2.1 Block Shear Testing

This method is based on bonding rectangular blocks of core material to two steel fixtures
which are displaced relative to each other to apply a shear deformation to the core material.
Commonly used standards include ASTM C273 and ISO 1922, the primary difference being
that ASTM C273 aligns the loading axis with the diagonal of the test sample whereas in ISO
1922 the loading axis is aligned along the vertical centerline of the specimen. Both standards
can be used to determine shear strength and shear modulus. In the case of ASTM C273,
(Clause 3.1) it is noted that “From a complete load-deflection curve, it is possible to compute
core shear stress at any load (such as the shear stress at proportional limit, at yield, or at
maximum load) and to compute an effective core shear modulus. ASTM C273 also notes that
(Clause 3.2) “The test does not produce pure shear, but the specimen length is prescribed so
that secondary stresses have a minimum effect”. The calculation of shear strength and shear
strain are based on assumptions that the entire volume of core material is in a state of uniform
shear stress and shear strain. The shear strain is normally calculated from the relative
displacement of the two loading plates measured by an extensometer. ASTM C273 (Clause
8.2) also notes that core materials with high elongation, i.e. that yield more than 2%, should
use the 2 % offset method for the yield strength calculation. In the ISO standard the maximum
applied load is used for the strength calculation.
Figure 3 shows typical shear load/deflection curves from ASTM C273 tests of low
elongation (Rohacell S51) and high elongation (Airex R63.80) core materials. The low

331

Mark Battley and Magnus Burman

elongation material fails at approximately 1 mm deformation which corresponds to 4.5%
shear strain, while the high elongation core material achieves a deflection close to 20 mm
which corresponds to a maximum engineering shear strain of more than 60%. The
extensometer attached to the loading blocks reached its maximum limit at a deformation of 13
mm, while the “simulated extensometer” strain is based on the recorded longitudinal
deformation measured by the DSP system and correlates very well with the extensometer. The
high elongation core has an initial linear region, it yields (at similar load and deflections as the
low elongation materials), then shows extended post yield deformation with increasing load.
25
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Figure 3 Load/deflection results from block shear tests of low and high elongation core materials. Deflection is
measured with an extensometer and also calculated using the optical measuring system.
2.2 Sandwich Beam Testing

Flexural testing of sandwich beams such as to ASTM C393 can be used to determine both
skin and core properties. Typically the beams are loaded in four point bending (Figure 2),
with the centre region of the beam in pure bending and the outer spans subjected to a bending
moment that increases from the outer ends of the beams to the inner loading points. Between
the inner and outer support the transverse force is constant. With a core much softer than the
faces this is assumed to produce a constant shear force in the core. The loading spans are
normally chosen based on the material properties of the beam in order to achieve either
bending or shear failure as required. Determination of core shear strength properties requires
relatively short beams to minimize the maximum bending moment and avoid premature skin
failures. It is also possible to determine shear modulus from this testing method, however this
requires additional measurements to be undertaken to separate the deformations due to
bending from those of shear. Techniques include testing beams of different spans, or
measuring skin strains or beam curvatures. This method enables the sandwich structure to be
tested as it may be used in an application, so tests other properties such as the core-skin bond.
In order to avoid premature failure the supports and load introduction points need to be
carefully designed and should either be able to rotate around a neutral axis, or pads with soft
edges used to achieve a smooth load transfer. A sharp corner will induce high local
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compressive loading on the core in addition to the shear load and hence the specimen will fail,
either in local buckling or face compression, before the material’s ultimate shear performance
has been reached. Figure 4 shows typical load/deflection results from four point.bend testing
of the low and high elongation core materials. Both materials have almost identical properties
before yield, but the low elongation core fails at a deflection of approximately 7mm, while the
high elongation specimen deforms for more than 30mm. The final failure for the high
elongation specimen is skin fracture under a loading point, not core fracture. The shear stress
is taken as the load divided by the beam width and the distance between the mid-plane of the
skins according to the standard.
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Figure 4 Stress/deflection results from four point bend tests of low and high elongation core materials. Stress
is used herein because the two materials tested had different thickness
2.3 Optical strain measurement

During the loading the strain is measured on the front side surface of the specimen. For the
strain measurements, the optical system ARAMIS 1.3M (GOM mbH)[6] is used. The
measurements are based on a contact-free, whole-field optical technique also known as the
digital speckle photography (DSP). In this study, one CCD cameras (1280x1024 pixels) was
employed allowing for in-plane (2D) measurements. A reference image corresponding to the
un-deformed state is taken before loading of the specimen. Thereafter, the images are sampled
at a frequency of 1 Hz throughout the testing. By means of the digital image correlation
algorithm, the displacement field is computed. Strains are then calculated by differentiating
the displacement field. The accuracy of strain measurements is approximately 0.05% strain.
The computer controlling the actual test and the load and extensometer recording is
synchronized with the image capturing. This enables all results to be correlated to a time step
(TS) which is crucial when both strain and stress magnitudes and distributions change
throughout the test. The principal function of the DSP equipment is shown in Figure 5.
The system may express the measured strain either as true strain (logarithmic) or as
engineering strain. For small shear angles (small deformation) the difference between the two

333

Mark Battley and Magnus Burman

is negligible but not for large deformations. As will be shown the deformations post yield are
highly localized and hence it is questionable to discuss homogenous strain fields. However,
for visualization purposes the computed engineering strain as given by the DSP-system has
been used when illustrating the deformation variation through the thickness. The shear strain
is otherwise calculated as the relative in-plane deformation of the two faces in relation to the
original material thickness as more thoroughly described in the following.

Figure 5 Principal sketch of DSP equipment function
3. RESULTS
3.1 Block Shear Testing

Figure 6 shows the test specimen and DSP system used for the block shear testing, with the
DSP camera at the far left of the image. The foam specimens were 300mm long, 75mm wide
and 30mm thick. The front side of the specimen and loading plates are sprayed with a speckle
pattern for optimal recording with the DSP equipment and the extensometer is fitted on the
back of the sample as shown on Figure 7. The data from the extensometer and the calculated
shear strain from the optical system correlate very well as shown in Figure 3.

Figure 6. DSP system used for the block
shear testing according to ASTM C273.

Figure 7. Deformed shape of Airex R63.80 foam during
block shear testing.
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Figure 8 shows a typical shear stress/strain curve for the high elongation core material
which achieved a maximum nominal shear strain of more than 60%. The data shows an initial
linear region, with yield occurring at approximately 5% strain and a stress of 0.65 MPa
(similar to the strain and stress at failure of the S51), then extended post yield deformation.
The nominal shear stress drops slightly, but then increases at higher strains, resulting in a
maximum apparent shear stress of approximately 0.85 MPa. However at this stage of the test
the core material has deformed so far that the loading is no longer pure shear, meaning that
the simplistic shear stress calculation method used within the standard (load divided by
specimen length and width) is no longer valid.
1.0
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0.7
0.6
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TS=50s

0.5
0.4

Shear deformation

0.3
0.2
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0.0
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30
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Strain [%]

50

60

70

Figure 8 Shear stress-strain curve for Airex R63.80. Strain is based on the beam deformation measured using the
DSP. The shear strain is calculated from the relative horizontal displacement of the two faces as illustrated.

The DSP system provides significant insight into the strain fields before, at and after yield.
Figure 9 shows a strain contour of the specimen at two different time steps, TS=50s and
TS=120s, i.e. before and after yield as shown in Figure 8. The results show that before yield
the shear strain is relatively uniform over the specimen surface and the through thickness
strains are small. After the yield point the through thickness strain is no longer insignificant
and there is a region of localized high shear deformation on the diagonal between the loading
points. Equivalent contour plots for the low elongation core in Figure 10 show similar
behavior. In the linear elastic region (i.e. prior to yield) there is an even shear strain
distribution and very limited through thickness deformation. Just prior to failure localized
areas with high strain can be noticed indicating local failure that initiates the complete failure.
Further insight can be gained by study of the change in strain profiles across the material
thickness prior to and after “yield”. Figure 11 (a) shows that for the low elongation material
the strain field has a similar shape before and after yield, although it is not uniform across the
core thickness as is assumed by the testing standards. In the case of the R63.80 material
shown in Figure 11 (b), in the linear region the shear stress is relatively evenly distributed
through thickness whilst post yield the strain is much higher in the centre of the core than
towards the edges.
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(a)

(b)

(c)

(d)

Figure 9 Strain plots from block shear test of the high elongation core material. (a) and (b) display the shear
strain distribution before and after the yield point (c) and (d) show through thickness strain distribution before
and after the yield point

(a)

(b)

(c)

(d)

Figure 10 Strain plots from the block shear test of the low elongation core material. (a) and (b) displays the shear
strain distribution well before and just prior to final failure (c) and (d) shows through thickness strain distribution
well before and just prior to final failure
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(a)

(b)
Figure 11 Shear strain distribution through the thickness of the specimens at three different time stages; (a) is the
low elongation material, with the lower curve at TS=50s, the middle at TS=120s and the top most is at failure,
TS=128s, (b) is for the high elongation material, with the three lines being at TS=50, 72 and 150.. The
coarseness of these curves is caused by the limited of output points chosen. Note that the section lengths are
larger than the total specimen thickness

Characterising the volumetric change also demonstrates that a state of pure shear does not
exist post yield for the ductile core. A pure shear produces no volume change, so in a shear
case there is no contribution of gas pressure to the shear modulus [7]. The volume change is
calculated from the DSP results as the (original thickness-present thickness)/original
thickness. The volumetric change in a block shear test is shown in Figure 12 together with the
nominal shear stress. This shows that there is virtually no volumetric change prior to yield,
then a steadily increasing reduction in volume, suggesting that crushing of cells is occurring.
While any changes in specimen width were not measured, by visual inspection these appeared
to be negligible in comparison to the thickness changes.
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Figure 12 Volumetric change during block shear test of high elongation foam
3.1 Sandwich Beam testing

Flexural testing was undertaken as per ASTM C393 for R63.80 and S51 cored specimens
with dimensions of 500mm length and 50mm width. The S51 cored beams had a core
thickness of 39mm, the R63.80 30mm. Skins were four layers of non-crimp quasi-isotropic
glass fibre mats infused with polyester resin with a thickness of 3.2 mm. The testing fixture
had outer supports 360 mm and inner supports 180 mm apart, and the loading rate was
constant at 0.1 mm/s. Figure 13 shows the overall shear and transverse compression strains
measured by the DSP system on the right axis and the nominal average shear stress calculated
as per the standard on the left axis. The shear stress is calculated according to ASTM C393
which assumes that the applied load is taken as shear stress in the core and not as stresses in
the faces. The shear angle is calculated by the DSP system from the relative displacement of
two points on the faces positioned vertically above each other midway between the inner and
outer supports, divided by the core thickness. The compressive strain is based on the relative
through thickness deformation of the same two points on the faces.
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Figure 13 Shear stress and shear angle vs time plot.
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It is clear from Figure 13 that during the initial loading in the linear elastic region (up to
approximately 30s) the principal deformation of the core is shear, with virtually no
deformation through the core thickness being observed. After the yield point the material
deforms plastically with a slow increase in the load. It can be observed that the shear strain
remains constant whilst the through thickness deformation increases linearly. At time step
300s and at 325 s local collapses can be observed in the specimen just prior to the final failure
which was face failure / local buckling at the inner supports.
Figure 14 shows the shear and transverse compression strain contours at different stages
throughout the specimen loading. The shear contour of Figure 15 (a), TS=50s, is at yield, (b)
TS=80s, is just post yield, and (c), TS=150s, is part way through the post-yield deformation.
Figures (d), (e) and (f) are the compressive strains at the same time steps. The figures clearly
show that the region of yield and compressive deformation is highly localized to the centre of
the specimen.

(d)

(a)

(e)

(b)

(f)

(c)

Figure 14 Shear and transverse compression strain contour plots from four point bending test of high elongation
core material. (a) - (c) shows the shear strain and (d)-(f) shows the through thickness strains. (a) and (d) are from
the linear part of the stress strain curve (TS=25s), (b) and (e) is at yield (T=50s) and (c) and (f) shows the strains
at post yield (TS=80s).

Figures 15 and 16 show shear and transverse compression strain distributions through the
central region of the specimen (location shown in Figure 13) at each stage of the test. The
figures show that prior to yield (TS=50s) the shear strain is almost uniform across the
thickness of the specimen, apart from lower regions at the top and bottom of the core and a
very slight peak in the middle. At this stage the through thickness compressive strain is
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virtually zero.
Immediately post yield (TS=80s), the shear strain at the centre of the core is higher than
that in the rest of the specimen, and the compressive strain has begun to increase. With
increased yield (TS=150s) the shear strain is much higher in the centre of the specimen than at
the edges, and there is substantial compressive deformation, with a maximum compressive
strain of 7%

Figure 15 Through thickness shear strain variation for
beam test of high elongation core at TS=25, 50, and
80s

Figure 16 Through thickness compressive strain
variation for beam test of high elongation core at
TS=25, 50, 80s

Figure 17 shows equivalent strain contours for shear and through thickness deformations of
the low elongation core. The results are presented at two stages; during the linear part of the
stress strain curve (a and c) and at failure (b and d) are at failure. The strain contours show
that the region of shear loaded core is relatively small, and there are very high local strains at
the supports.

(a)

(c)

(b)

(d)

Figure 17 Strain contour plots from four point bending test of low elongation core material. (a) and (c) are from
the linear part of the stress strain curve, (b) and (d) are at failure. (a) and (b) shows the shear strain and (c) and
(d) the through thickness strains.
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5 CONCLUSIONS
The block shear test does not result in a uniform state of strain in the specimen, even for
low elongation materials which show significant strain variations across the thickness of the
specimens, particularly near to failure. When yield occurs for high elongation materials it is
concentrated in the centerline of the specimen. The test generates significant compressive
strain and volumetric strain change in the material, confirming that post-yield it can not be
considered to be a pure shear test. While the load at yield can be considered to be a reasonable
estimate of the shear yield strength of the material, the maximum load from the block shear
test should not be used as a representation of shear strength.
Flexural testing of sandwich beams also does not result in a state of uniform shear as
assumed by common testing standards and classical sandwich theory. The maximum shear
strain is in a central region of the specimen, and when yield occurs is associated with
significant compressive deformation. Post yield high local shear and compressive strains are
present in the centre of the specimen, meaning that the classical sandwich theory assumptions
used within the testing standard to calculate shear strength are no longer valid.
The results show that the stress and strain fields in both block shear and sandwich beam
tests are very different to those assumed by the testing standards. The test methods result in
complex post yield states of stress in the core materials, meaning the core shear strength and
ultimate shear strain should not be calculated by classical methods in the post yield region.
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Summary. We explore the shear fracture strength of a sandwich panel made from an
elastic brittle diamond-celled honeycomb, containing a centre-crack. The honeycomb fails
when the local stress attains the tensile or compressive strength of the solid, or by local
buckling. Finite element predictions are given for the unnotched strength, and for the fracture
toughness. These predictions, together with conventional linear elastic fracture mechanics,
are used to construct a failure map with axes given by the geometry of the cracked sandwich
panel. The strength of the sandwich structure is calculated according to the dominant failure
mechanisms, which depend upon the tensile failure strain of the solid and upon the relative
density of the honeycomb. The relevance of the failure map is illustrated through materialproperty charts. An extension of the method to cyclic loading is discussed.

1

INTRODUCTION

Honeycomb materials are often used in applications where severe mechanical loads and
operating conditions lead to damage. Examples include catalytic converters for automobiles,
filters for liquid metal, absorbers for solar receivers, supports for space mirrors, and
orthopaedic implants for bone repair. Cracks can exist in the honeycomb and cause a
significant decrease of its fracture strength. Commonly, the honeycomb core is loaded in a
sandwich panel configuration with stiff and strong face-sheets. The damage tolerance of these
sandwich structures is of concern and motivates the present study.
In this paper we explore the shear fracture strength of a sandwich panel made from an
elastic brittle diamond-celled honeycomb. The core contains a central crack, and loading is
parallel to the faces of the sandwich panel, see Fig. 1a. Finite element simulations and simple
analytical models are used to determine the strength of the sandwich structure.
A recent numerical study of the tensile fracture strength of a cracked sandwich panel [1],
revealed that linear elastic fracture mechanics applies when a K-field exists on a scale larger
than the cell size. But there is also a regime of geometries for which no K-field exists. In this
regime the stress concentration at the crack tip is negligible and the net strength of the cracked
specimen is comparable to the unnotched strength. We anticipate similar behaviour for a
sandwich panel subjected to remote shear.
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Fig. 1 (a) Sandwich panel containing a cracked diamond-celled honeycomb core subjected to
shear loading. (b) Sketch of the diamond-celled topology.
Quintana-Alonso and Fleck [1] assumed that local failure occurs when the maximum
tensile stress at any point in the lattice attains the tensile fracture strength of the solid. In
contrast, a sandwich panel subjected to remote shear may fail by (i) local buckling of the cell
walls, (ii) local compressive failure or (iii) local tensile failure of the cell walls. We examine
all three possibilities in the current study.
1.1

Description of the problem

Consider the sandwich geometry shown in Fig. 1a. The panel is of width 2W , height 2H ,
and contains a centre-crack of length 2a . Shear displacements are applied to the top and
bottom nodes of the core in order to simulate the relative motion of the face-sheets.
The geometry of the diamond-celled lattice, sketched in Fig. 1b, is described by its cell size
A and wall thickness t . A fixed core angle of Z 45D is assumed. The relative density of the
core U , defined as the density of the honeycomb divided by that of the solid from which it is
made, scales with stockiness t t l as

U

t 2t

(1)

The solid material is linear elastic to fracture. It has a Young’s modulus Es , a tensile
fracture strength V t , and a compressive fracture strength V c .
The normalised gross fracture stress W f V t is a function of the geometric non-dimensional
groups t A , a A , H A , and H W ; and of the material groups V t Es and V t V c . We shall
explore the effect of these parameters upon the shear fracture strength, W f V t , but limit
attention to the practical case where H W is small.
1.2

Scope of the study

First, the unnotched strength of the sandwich panel with a honeycomb core is determined.
Second, the mode II fracture toughness of the lattice is calculated. These predictions are used
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to construct a fracture map for the centre-cracked panel, with non-dimensional axes given in
terms of the sandwich geometry. The relevance of the fracture map to engineering materials is
illustrated through material-property charts. Finally, the study is extended to the fatigue
strength of lattices.

2
2.1

UNNOTCHED STRENGTH OF THE SANDWICH PANEL
Local Tensile or Compressive Failure of the Cell Walls

Consider a sandwich panel subjected to a shearing displacement of ru1 on its faces, as
shown in Fig. 1a. In the absence of a crack, the stress state within the honeycomb can be
determined by classical beam theory. The cell walls in the 45D direction are loaded in
tension, while those in the 45D direction are in compression.
Straightforward analysis reveals that the unnotched shear strength W uT for tensile local
failure scales with the tensile fracture strength of the solid V t and with t according to

W uT

t
Vt
1  3t 2

(2)

This expression takes into account both stretching and bending of the cell walls. It is
acceptable to neglect the bending contribution at low relative densities ( t  0.1 ), and Eq. (2)
then reduces to

W uT

t Vt

(3)

The unnotched shear strength for compressive local failure W uC takes the same functional
form as Eq. (3), but now scales with V c , as given in Table 1. It is evident that the local
dominant failure mechanism depends upon the ratio of tensile to compressive fracture
strength of the solid material V t V c .
LOCAL FAILURE

UNNOTCHED STRENGTH

FRACTURE TOUGHNESS

Tensile

W uT

t Vt

T
K IIC

0.44 t V t l

Compressive

W uC

t Vc

C
K IIC

0.44 t V c l

B
K IIC

2.75t 3 Es l

Buckling

W uB 1.88t 3 Es

Table. 1. Unnotched strength of the sandwich panel and fracture toughness of the lattice.
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2.2

Cell Wall Buckling

The honeycomb may also fail by elastic buckling of its cell walls. Finite element
simulations indicate that buckling occurs in a periodic cruciform manner, see Fig. 2. Each cell
wall behaves as an Euler strut of length A , but with end rotational restraint provided by the
adjoining tensile bars. The buckling load is [2]
n 2S 2 Es I
A2

Pcrit

(4)

with I t 3 12 per unit depth. The factor n describes the rotational stiffness of the joints
where the cell walls meet. If rotation is freely allowed, n 0.5 ; if no rotation is possible,
n 2 . The unnotched shear strength for local buckling follows from equilibrium, giving

W uB

n2

S2
12

t 3 Es

(5)

Finite element calculations suggest n 1.51 . A simple direct estimate for n can be
obtained. In the buckled state, the tensile bars inclined at 45D are subjected to alternating
point torques of rT , from one joint to the next (Fig. 2). The joints also rotate by rI , and
simple beam theory for the tensile bars provides the desired torsional stiffness T I 4 Es I A .
Newmark [3] gives a useful approximate formula for the dependence of n in Eq. (5) upon the
value of T I ; his formula implies n 1.44 , which is in satisfactory agreement with the FE
result of n 1.51 .

Pcrit

Tφ

Tφ

Pcrit

u1

Side
A

Side
B

x2
x1

-u1

Fig. 2. Buckling of an unnotched panel subjected to remote shear. The face-sheets are allowed
to displace in the x2 -direction, but rotation is not permitted. The boundary conditions on the
sides of the specimen are: u1A

u1B ; u2A

u2B ; T A
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3

PREDICTION OF FRACTURE TOUGHNESS

The fracture toughness of the diamond-celled honeycomb is obtained by considering a
cracked lattice, with an outer K-field, following Romijn and Fleck [4]. The displacement field
u associated to a K-field is applied to the outer boundary of this lattice, as given by Sih et al.
[5], see Fig. 3.

u

lattice

x2

r
θ

x1

L

L
Fig. 3. Finite element model used in the fracture toughness predictions.
Linear elastic calculations were performed using the commercial finite element code
Abaqus (version 6.7-1). The lattice was meshed with Timoshenko beam elements (type B21
in Abaqus notation). A mesh convergence study suggested that a mesh of side L 600A is
adequate.
T
The mode II fracture toughness for tensile local failure K IIC
is calculated by equating the
maximum tensile stress at any point in the mesh to the tensile strength V t of the solid. A
series of FE simulations have been performed with t in the range 103 to 101 . The results
T
show that K IIC
scales linearly with t and is represented by the regression
T
K IIC

0.44V t t A

(6)

to within a few percent.
C
Alternatively, the fracture toughness for compressive local failure K IIC
is calculated by
equating the minimum compressive stress at any point in the mesh to the compressive
T
C
strength V c of the solid. Eq. (6) again applies, but with K IIC
, V t replaced by K IIC
, V c , as
listed in Table 1. The failure site within the honeycomb is shown in Fig. 1b: it is labelled A
for tensile failure, and B for compressive.
Local buckling can also occur at the crack tip. An eigenvalue extraction is used in the FE
calculations to determine the bifurcation load for buckling, giving a mode II fracture
toughness of
B
K IIC

2.75 Es t 3 A

346

(7)

Ignacio Quintana-Alonso and Norman A. Fleck.

Selected nonlinear elastic simulations with small initial imperfections confirm the validity
of Eq. (7). In the post-buckling regime, the levels of tensile and compressive strain are
B
significantly elevated near the crack tip, and it is concluded that K IIC
serves as a useful
fracture parameter.
Figure 4 shows the deformed mesh near the crack tip for (a) the fundamental equilibrium
path, and for (b) the first eigenmode. The fundamental solution is characterised by bending of
the cell walls. Narrow zones of high bending stress emanate from the crack tip along the r45D
radial directions. The length of these zones scales inversely with t , as discussed by Fleck and
Qiu [6]. The first eigenmode involves buckling of the crack tip struts.

(a)

(b)

Fig. 4. Deformed mesh near the crack tip of a lattice subjected to a remote K-field on its outer
boundary. (a) Fundamental equilibrium solution. (b) First eigenmode.

4

FAILURE MAPS FOR THE CRACKED SANDWICH PANEL

The above results are summarised in Table 1. They can be used to construct a fracture map,
with suitably chosen non-dimensional axes. The mode II fracture toughness K IIC of the
C
T
B
diamond-celled lattice is taken as min K IIC
, K IIC
, K IIC
. It depends upon the lattice geometry

and the material properties of the solid from which it is made. Likewise, the unnotched shear
strength W u of the sandwich panel is min W uC ,W uT ,W uB .
We limit attention to materials which satisfy V c V t ! 1 , so that compressive local failure of
the unnotched lattice and of the cracked lattice never occur. This is not a severe restriction on
material choice: almost all engineering solids have the characteristic V c V t ! 1 .
Note from Table 1 that the unnotched strength is buckling-governed when
W uB W uT { 1.88 t 2 Es V t  1 . Similarly, the fracture toughness is buckling-governed when
B
T
K IIC
K IIC
{ 6.25 t 2 Es V t  1 . Thus, the value of the non-dimensional group 6 { V t t 2 Es
dictates whether the unnotched strength and the fracture toughness are due to buckling or
tensile local failure. This competition of local failure criteria is summarised in Table 2.
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UNNOTCHED STRENGTH

6{

Vt

FRACTURE TOUGHNESS

Buckling?

Tensile Failure?

Buckling?

Tensile Failure?

 1.88

—

9

—

9

1.88  6.25

9

—

—

9

! 6.25

9

—

9

—

Es t 2

Table 2. The unnotched strength and fracture toughness are controlled by local cell wall
buckling or by local tensile failure. The weakest mode of local failure is dictated by the value
of 6 .
Now consider the fracture strength of the sandwich panel containing a finite centre-crack
of length 2a , for any given value of 6 . It is instructive to construct a failure map for the
cracked sandwich panel using axes A a , A Ht , as shown in Fig. 5.

103
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REGIME I
Uniform stress
τ =1

2

10

1

u1

10

 100
Ht
-1
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Σ ≤ 1.88
Σ =3.50
Σ ≥ 6.25

REGIME II
K-field
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u1

2H
-2

10

u1

2a

10-4
10-4

u1

REGIME III
K-field

-3

10

10-3

10-2

10-1

 a
Fig. 5. Fracture map for a panel containing a centre crack and subjected to prescribed shear
displacements. The map is valid for small H W .
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Three distinct regimes of the map can be identified. In Regime I, no stress concentration
exists and the net-section strength equals the unnotched strength. In Regimes II and III,
LEFM applies and the net-section strength is dictated by the fracture toughness. Regime II
relates to cracks which are much longer than the height of the panel 2H , while Regime III
exists for short cracks. The details are as follows.
Define the non-dimensional net-section strength as

W {

Wf
1  a W W uT

, 6 d 1.88

(8)

, 6 ! 1.88

(9)

and

W {

Wf
1  a W W uB

consistent with Table 2. In order to construct the map we consider the value of W for each
regime in turn.
Regime I: No stress concentration exists at the crack tip. The stress state within the lattice
is such that the bending component is negligible with respect to the stretching contribution. It
is a damage tolerant regime: the net strength of the panel equals the unnotched strength, and
W 1.
Regime II: The crack is sufficiently long compared to the height of the sandwich panel
that the core behaves as an orthotropic elastic strip with a semi-infinite crack. The stress
intensity factor for this geometry is given by
FIIW f H

K II

where the calibration function is FII

23 4 t 1  a W

(10)
1

, see reference [1]. Failure occurs

when the stress intensity factor, K II , reaches the critical value, K IIC . Consequently, we have
12

W

0.141 A Ht

W

0.1406 A Ht

W

0.872 A Ht

, 6 d 1.88

12

12

,

1.88  6  6.25

(11)

, 6 t 6.25

Regime III: The crack is much smaller than the height and width of the sandwich panel.
The K-calibration for an orthotropic panel containing a short central crack of length 2a is
approximately
K II

Wf Sa
1 a W

as reported in [1]. Upon equating K II to K IIC we obtain
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12

W

0.248 A a

W

0.1326 A a

W

0.872 A a

, 6 d 1.88

12

,

12

1.88  6  6.25

(13)

, 6 t 6.25

The boundaries of the map follow immediately from equating W in neighbouring regimes.
Boundary between Regimes I / II:
A Ht
A Ht
A Ht

,

6 d 1.88

,
,

1.88  6  6.25
6 t 6.25

(14)

,

for all 6

(15)

14.61
51.38 6
1.32

2

Boundary between Regimes II / III:
A tH

0.90 A a

A physical constraint on the minimum crack length is also imposed on the map: the
2 . The resulting universal fracture map is
minimum crack length in the lattice is a A
shown in Fig. 5. Contours of W could be added, but their precise value is dependent on the
choice of 6 .
We emphasise that W 1 in Regime I, while in Regime II the values of W are given by Eq.
(11), and in Regime III by Eq. (13). A similar map has been constructed for tensile loading of
the cracked sandwich panel [1]. Again, three regimes exist, and the failure map has been
validated by extensive FE simulations of specific cracked geometries. Studies were
undertaken over a wide range of t , A a . Good agreement between analytical formulae and
numerical predictions has been noted for all regimes of behaviour, with a marked transition
between regimes. These results give confidence in the fracture map presented here for remote
shear loading.
4.1

Application to Engineering Materials

Recall that the competition between cell wall buckling and local tensile failure is dictated
by the value of 6 , as summarised in Table 2. 6 scales with the material index V t Es and
with 1 t 2 . Thus, the value of 6 is dependent upon material choice, for any given t .
A chart of the tensile strength V t plotted against the Young’s modulus Es has been
generated for engineering materials using the commercial package CES [7], see Fig. 6. We
limit materials to those which are elastic-brittle, with zero tensile ductility H f 0 . Data for a
given class of materials (e.g. technical ceramics) are enclosed in property-envelopes.
Lines of constant 6 have been added to Fig. 6 for t 0.01 and 0.1 . For stocky lattices
with t 0.1 , almost all materials possess a value of 6 which is much less than 1.88;
consequently, the unnotched strength and the fracture toughness are governed by local tensile
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failure. In contrast, for the more slender lattice, t 0.01 , the lines 6 1.88 and 6.25 cut
through much of the data. Therefore, there is a close competition between buckling and local
tensile failure of the cell walls, and the active failure mechanism is material dependent.
t = 0.1
Σ = 6.25 1.88

Strength - Modulus
1000

εf =0

t = 0.01
Σ = 6.25 1.88

Cast Iron

Composites
Natural
materials

Tensile strength (MPa)

100

10

Ceramic
Foams
Technical ceramics
and Glasses

1

Non-technical ceramics

0.1

0.01
1e-3

0.01

0.1

1

10

100

1000

10000

Young's modulus (GPa)

Fig. 6. Tensile strength versus Young’s modulus. Materials with no tensile ductility, H f

0.

The fracture map presented in this study (Fig. 5) also describes the fatigue strength of
lattice materials, with the following slight modification. Replace the tensile strength V t by the
amplitude of fatigue loading V e of the solid at the endurance limit (107 cycles). Also, replace

W f by the amplitude of fatigue loading W a at the endurance limit for the cracked sandwich
panel. Then, the unnotched fatigue strength of the lattice is given by Eq. (2), and the mode II
fatigue threshold is given by

'K II

th

0.88V e t A

(16)

via Eq. (6). Buckling remains a possibility under cyclic loading and Eqs. (5) and (7) still hold.
The expressions (8)-(15) apply, but with the substitution V t ,W f o V e ,W a for cyclic
loading.
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It is straightforward to also generate a fatigue chart of engineering materials using CES,
with the endurance limit V e as the y -axis and the Young’s modulus Es as the x -axis (Fig.
7). Lines of 6 1.88 and 6.25 are again included in Fig. 7 for t 0.01 and 0.1 .
t = 0.1
Σ = 6.25 1.88

t = 0.01
Σ = 6.25 1.88
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Polymers
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Endurance Limit (MPa)

100

Technical
ceramics

10

All Foams
1
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1e-5
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1e-3
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0.1
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100

1000

10000
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Fig. 7. Endurance limit versus Young’s modulus. Note that 6 { V t Es t 2 .
The ratio of endurance strength to tensile strength, V e V t , is termed the fatigue ratio. It is
of the order of 0.35  0.5 for metallic alloys, and of the order of unity for ceramics. We note
that the value of 6 is reduced by the fatigue ratio under cyclic loading.
We have included all engineering materials in the fatigue property chart of Fig. 7 in view
of the fact that the cyclic stress state is given by the elastic solution at the endurance limit.
Thus, in the fatigue case, our elastic-brittle analysis is not restricted to solids of low ductility.
It is clear from Fig. 7 that materials exist which undergo cell wall buckling at the endurance
limit for both small t 0.01 and large t 0.1 . These materials include elastomers, polymers
and foams. Most metallic alloys undergo fatigue failure at the cell-wall level for t 0.1 , but
buckle at t 0.01 .
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5

CONCLUDING REMARKS

We have investigated the damage tolerance of a sandwich panel containing a centrally
cracked diamond-celled honeycomb core. Expressions for unnotched shear strength and mode
II fracture toughness are obtained by finite element calculations. A fracture map has been
constructed with axes given by the sandwich geometry. It is a useful guide for calculating the
strength of the damaged sandwich structure. The dominant local failure mechanism depends
upon the tensile failure strain V t Es of the solid and upon the strut stockiness t .
It is recognised that brittle solids exhibit a scatter of failure strength: variable flaw sizes
and a random orientation within the brittle cell walls lead to variations in the tensile strength
of the solid material V t . Statistical variations in the cell wall strength are usually quantified
by assuming a Weibull distribution. The effect of specimen geometry and Weibull modulus
m upon the fracture map can then be explored. It is expected that the larger the sandwich
panel the more likely it is to be strength-controlled, for a given cell size of the honeycomb.
Also, the domains of toughness-controlled fracture will shrink as the Weibull modulus is
decreased. This is not explored further here, but is discussed for the tensile loading of a
cracked sandwich panel in [1].
Microstructural imperfections such as wavy struts and displaced joints are expected to have
a knock-down effect upon the fracture properties of elastic-brittle honeycombs. The
sensitivity of fracture toughness to imperfections in the form of displaced joints has been
explored by Romijn and Fleck [4]. Their analysis indicates that the fracture toughness of the
diamond-celled topology is imperfection-sensitive. Their results can be used to modify the
strength predictions of the cracked sandwich panel with imperfections present at the cell wall
level.

REFERENCES
[1] I. Quintana Alonso and N.A. Fleck, “The Damage Tolerance of a Sandwich Panel
Containing a Cracked Honeycomb Core,” J. Appl. Mech. In print.
[2] S.P. Timoshenko and J.M. Gere, Theory of Elastic Stability, 2nd ed. McGraw-Hill,
New York (1961).
[3] N.M. Newmark, “A Simple Approximate Formula for Effective End-Fixity of
Columns,” J. Aero. Sci., 16, 116 (1949).
[4] N.E.R. Romijn and N.A. Fleck, “The Fracture Toughness of Planar Lattices:
Imperfection Sensitivity,” J. Mech. Phys. Solids, 55(12), 2538-2564 (2007).
[5] G.C. Sih, P.C. Paris and G.R. Irwin, “On Cracks in Rectilinearly Anisotropic Bodies,”
Int. J. Fract. Mech. 1(3), 189-203 (1965).
[6] N.A. Fleck and X. Qiu, “The Damage Tolerance of Elastic-Brittle, Two-Dimensional
Isotropic Lattices,” J. Mech. Phys. Solids, 55(3), 562-588 (2007).
[7] CES EduPack 2007, The Cambridge Engineering Selector, Granta Design, Rustat
House, 62 Clifton Road, Cambridge CB1 7EG, UK.

353

IMPACT

8th International Conference on Sandwich Structures
ICSS 8
A. J. M. Ferreira (Editor)
 FEUP, Porto, 2008

BARELY VISIBLE IMPACT DAMAGE DETECTION BY
DISTRIBUTED STRAIN MEASUREMENT ALONG
EMBEDDED OPTICAL FIBER WITH 10 CM SPATIAL RESOLUTION
Shu Minakuchi*, Tadahito Mizutani*, Yoji Okabe† and Nobuo Takeda*
*

Dept. of Advanced Energy, Graduated School of Frontier Sciences
The University of Tokyo
5-1-5 Kashiwanoha, Kashiwa-shi, Chiba 277-8561, Japan
e-mail: shu@smart.k.u-tokyo.ac.jp, mizu@smart.k.u-tokyo.ac.jp, takeda@smart.k.u-tokyo.ac.jp
web page: http://www.smart.k.u-tokyo.ac.jp/index.html
†

Institute of Industrial Science
The University of Tokyo
4-6-1 Komaba, Meguro-ku, Tokyo 153-8505, Japan
e-mail: okabey@iis.u-tokyo.ac.jp, web page: http://www.okabeylab.iis.u-tokyo.ac.jp/

Key words: Impact damage, Residual dent, Modeling, Health monitoring, Optical fiber.
Summary. Impact damage detection system for sandwich structures was developed by using
a specific response of pre-pump pulse Brillouin optical time domain analysis (PPP-BOTDA)
sensing system to non-uniform strain distribution along an optical fiber. The innovative PPPBOTDA sensing system employs stimulated Brillouin scattering in the optical fiber and
realizes distributed strain measurement with spatial resolution of 10 cm, sampling interval of
5 cm and sensing range of more than 1 km. In our previous study, it was revealed that strain
gradient broadens a width of a Brillouin gain spectrum, which is a respondency of the PPPBOTDA. The specific response of the PPP-BOTDA was employed to detect non-uniform
strain distribution along a residual facesheet dent in a damaged area. First, the response
simulation of the optical fiber sensor network formed in the adhesive layer was conducted to
clarify the effectiveness and limitation of the proposed damage detection technique. Then the
system was validated by an experiment. As the damage became larger, the width of the
Brillouin gain spectra became broader. Consequently, location and size of barely visible
damage could be estimated. The developed system is quite useful in a first inspection of largescaled sandwich structures in aerospace applications.
1 INTRODUCTION
Composite sandwich structures are attracting considerable attention as a way to maximize
the potentials of advanced composite materials [1,2]. The composite sandwich structures are
integral constructions consisting of two composite facesheets and a lightweight core. The
facesheets primarily resist in-plane and lateral (bending) loads, and the core maintains the
distance between two facesheets and carries transverse forces. Since the composite sandwich
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Figure 1: Cross-sectional view of impact damage

structures have extremely high specific stiffness and inherent multifunctionality, they are
expected to be applied to primary structures in aerospace applications [3-5]. However, since
the composite facesheet is very thin and the lightweight core is weak, they can be easily
damaged when an impact or indentation load is applied [6]. The core under the loading point
crushes and a dent in the facesheet remains, as presented in Figure 1. The dent significantly
degrades the stiffness and strength of the sandwich structures, even when it is small and
barely visible (BVID). The perturbed geometry of the facesheet and the deteriorated
mechanical property of the damaged core alters the stress field in the structures, and, as a
result, damages in the facesheet and the core initiate under rather low loading condition [7,8].
In order to quantitatively determine the damage growth mechanism under the transverse
localized loading, the present authors developed a "segment-wise model" and conducted
theoretical simulation of the indentation response of honeycomb sandwich beams [9,10]. The
beam was divided into many segments based on the periodic shape of the honeycomb and the
complete crushing-stretching characteristics of the core were integrated in each segment,
resulting in the superiority of the new model over the conventional elastic-perfectly plastic
model. It was revealed that the facesheet dent is introduced by the severely damaged core near
the loading point and the dent generates significantly high residual stress field in an
undamaged part of the core, which might be a source of further damage growth. It was also
confirmed that relatively high non-uniform strain is induced along the convex and concave
parts of the facesheet corresponding to the damage size. Residual strain of more than 1000 PH
remains on the dented facesheet even in the case of barely visible damage [10].
In this study, impact damage is detected by measuring the residual strain along the dent
using a specific response of the PPP-BOTDA sensing system. The developed system
effectively realizes barely visible impact damage monitoring of large-scaled structures with a
very limited number of the optical fiber sensors. First, the measurement principle and the
specific response of the PPP-BOTDA to the non-uniform strain are briefly introduced. Then
the damage detection system using a sensor network formed in the adhesive layer is proposed
and, further, the effectiveness and limitation of the system is clarified through response
simulation of the sensor network using non-uniform strain distribution calculated from an
extended segment-wise model. Finally the validity of the proposed system is confirmed
through a quasi-static indentation damage detection test using a honeycomb sandwich panel,
where a single optical fiber is embedded in the adhesive layer at even intervals of 5 cm.
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2 IMPACT DAMAGE DETECTION SYSTEM USING OPTICAL FIBER SENSOR
2.1 PPP-BOTDA sensing system and its specific response to non-uniform strain
A schematic of the PPP-BOTDA sensing system (Neubrescope, Neubrex Co., Ltd) is
illustrated in Figure 2. The PPP-BOTDA sensing system employs a stimulated Brillouin
scattering (SBS) technique [11]. Two laser beams, a pump pulse having unique wave profile
and a continuous wave (CW) probe light, are injected into an optical fiber from its both ends.
The interaction of these two laser beams excites acoustic waves, due to their different
frequencies. The pump pulse is backscattered by the phonons, and part of its energy is
transferred to the CW. The power gain of the CW, which is called the Brillouin gain spectrum
(BGS), as a function of frequency difference between the two laser beams, is measured at the
output end of the probe light while the frequency of the probe light is scanned. The value of
the strain can be estimated by measuring the peak frequency of BGS (Brillouin frequency),
while its position along the fiber is calculated from the light round-trip time. This measuring
system realizes spatial resolution of 10 cm, sampling interval of 5 cm, and sensing range of
more than 1 km with ±0.0025% strain measurement accuracy. The PPP-BOTDA sensing
system has been successfully utilized for distributed strain measurement of large-scaled
structures [12].
The authors recently investigated effects of the strain profile within the spatial resolution
on the response of the PPP-BOTDA sensing system [13]. It was revealed that BGS becomes
broader due to non-uniform strain along the optical fiber. The phenomenon was theoretically
supported by simulating the change of the spectra using developed software. The effect of the
strain profile on the shape of the BGS can be interpreted as below (Figure 3). When the
uniform strain is applied to the optical fiber, the Brillouin frequency is also uniform, and thus
the BGS has only one sharp narrow peak (Figure 3 (a)). When the non-uniform strain is
introduced, on the other hand, the Brillouin frequency also becomes non-uniform, since the
Brillouin frequency at each point on the optical fiber is determined by the strain at the point.
As a result, the BGS consisting of the entire Brillouin scattering within the spatial resolution

Figure 2: Schematic of PPP-BOTDA sensing system
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(a) Uniform strain
(b) Non-uniform strain
Figure 3: Response of PPP-BOTDA depending on strain profiles

Figure 4: Schematic of impact damage detection system for large-scaled sandwich structure

becomes broad (Figure 3 (b)). Moreover, the width of the BGS changes corresponding to the
non-uniformity of the strain distribution.
2.2 Damage detection technique using optical fiber sensor network
The PPP-BOTDA sensing system not only realizes distributed strain measurement along
the optical fiber of 1 km in length, but also responds to the non-uniform strain within the
spatial resolution of 10 cm. In this study, the specific response of the PPP-BOTDA is
employed to detect non-uniform strain distribution along the residual facesheet dent in the
impact damaged area. A schematic of the proposed system is illustrated in Figure 4. The
optical fibers are embedded in the adhesive layer between the facesheet and the core in a
reticular pattern [14]. The interval of the sensing network is determined by unacceptable
impact damage size. Since the PPP-BOTDA has very long sensing range (> 1 km), a limited
number of the optical fibers are sufficient to cover the whole structure. There are two key
points to understand the effectiveness of the proposed system. First, the facesheet dent
induces tensile and compressive strain along the optical fiber at its concave and convex parts.
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This non-uniform strain changes the response of the PPP-BOTDA sensing system, as
explained above, and thus the impact damage can be detected. Second, the residual dent in the
facesheet after impact loading is relatively large, even when the dent depth is small and the
damage is barely visible. So we can considerably reduce sensor density. The optical fibers are
embedded in the adhesive layer to detect internal cracks [14,15], and the impact damage
detection is also realized with the sensing network bonded on the surface of the structures.
3 RESPONSE SIMULATION OF OPTICAL FIBER SENSOR NETWORK
In this section, the effectiveness and limitation of the impact damage detection system is
illustrated by simulating the response of the sensor network to the impact damage. First, the
segment-wise model, which addressed only the sandwich beams, is extended to the more
practical plate problem and the non-uniform strain distribution along the residual facesheet
dent is calculated. Then the strain is used to simulate the change in the shape of the BGS
depending on the damage size and location. Finally, the practical damage detection procedure
is proposed.
3.1 Extension of segment-wise model for indentation simulation of sandwich plate
The segment-wise model assumed that through-thickness stress field of the core with a
small cell size is governed by the transformation of adjacent intersection lines, defined as line
joints between honeycomb cell walls. And the sandwich beam was divided into many
segments centering around the intersection lines and each segment had uniform material
property determined from the through-thickness deformation of the intersection lines [9]. In
the sandwich plate problem, an axisymmetric formulation was applied, since the hexagonal
honeycomb is rotationally-symmetric. The sandwich plate was divided into circular stripshaped segments of a constant length asegp as depicted in Figure 5 (a). Although the location
of the intersection lines in the segments may significantly change depending on the positional
relation between the loading point and the honeycomb geometry, the extended model assumed
that the intersection lines are uniformly distributed in each segment and the representative
intersection line, whose deformation determines the material property, is located at the center
of each segment. A schematic of the model is presented in Figure 5 (b). The upper facesheet,

(a) Segmentation of sandwich plate
(b) Upper facesheet modeled as a series of plates
Figure 5: Schematic of segment-wise model extended to plate problem
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to which the indentation load P is applied, is modeled as a series of plates of bending rigidity
Dfp. The equilibrium of the plate in segment j (rj-1 < r < rj) is governed by the following
equation
§ d 2 1 d ·§ d 2 w(r ) 1 dw(r ) · k j w(r )  q j
¸¸ 
¸¸¨¨
¨¨ 2 
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r
dr
r
dr
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d
r
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where w(r) is a transverse deflection of the facesheet, kj is the stiffness of the core and qj is the
constant stress supplied from the core. The values of the foundation parameters kj and qj are
determined from modified flatwise compression tests of the core and change corresponding to
the deformation of the intersection line. The indentation response for a given indentation
displacement D can be calculated by determining P and all the integral constants included in
general solutions obtained from Eq. (1), using boundary conditions. And we can conduct
damage growth simulation by renewing the foundation parameters as D increases. The
detailed procedure of the theoretical simulation is presented in Ref. [9].
The extended model was validated through an experiment. The specimen consisted of
carbon fiber reinforced plastic (CFRP) facesheets (UT500/#135, Toho Tenax Co.,Ltd.,
[(0,90)3], Dfp = 9580 N-mm, 100 × 100 × 1.38mm3), the aluminum honeycomb core (AL 3/165052-.001, Showa Aircraft Industry Co., thickness : 20 mm), and thermoplastic adhesive
films (AF-163-2K, 3M Co.). The specimen was bonded on a flat steel plate with an adhesive
to eliminate the overall bending. A steel flat-bottom cylinder of 5 mm in diameter was
attached to a material testing system (AG-50kNI, Shimazu Co.), and an indentation load was
applied to the center of the specimen with a constant displacement rate of 0.5 mm/min. The
specimen was unloaded after a maximum indentation displacement of 0.5 or 1.0 mm was
reached. Four electric-resistance strain gages (KFG-1N-120-C1-11L1M2R, Kyowa Electronic
Instruments Co., Ltd.) were bonded on the surface of the upper facesheet in both of 0º and 45º
fiber directions in order to monitor the non-uniform strain distribution along the dent. The
load-displacement curves and the strain distributions are compared between the experiment

(a) Load-displacement curves
(b) Non-uniform strain distributions along dent
Figure 6: Comparisons of indentation responses
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and the analysis in the Figure 6. Although the segment-wise model tends to slightly
overestimate the indentation load, the softening phenomenon in the loading process and the
residual dent formation in the unloading one were well reproduced. The calculated strain
distributions also fit well with the measured one, confirming the validity of the extended
model. In the next session, the responses of the sensor network to the small (0.5 mm) and
large (1.0 mm) damage are simulated using the calculated strain distributions.
3.2 Response of sensor networks depending on impact damage size and location
First, the impact damage was introduced right above the embedded optical fiber. The strain
distribution along the optical fiber was estimated by reversing the sign of the strain
distribution along the upper surface of the facesheets, and the BGS obtained from each
measure point in the damaged area was calculated. Figure 7 presents the calculated spectra.
The intensity of each spectrum is normalized by the intensity of the highest component. The
spectrum at strain-free state is also shown as a reference. As the measure point gets closer to
the damaged area, the spectra starts to become broader because of the non-uniform strain
along the dent in the facesheet (Figure 7 (b)). Then the width of the spectrum broadens

(a) -200 ~ -100 mm

(b) -100 ~ 0 mm

(c) -50 ~ 50 mm

(d) 50 ~ 150 mm

Figure 7: BGS obtained from each measurement point
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corresponding to the damage size (Figure 7 (c)), since the larger damage generates higher and
wider non-uniform strain distribution along the residual dent. Finally, the spectrum recovers
its original shape in the undamaged area (Figure 7 (d)), confirming that the proposed system
is quite sensitive to both of the damage location and size.
In practical applications, however, the impact damage is randomly induced to the sensor
network position, not right above the optical fiber. Hence, when we built the sensor network
in the sandwich structures, we need to decide the sensor density to robustly detect the damage
occurrence with no effect of its location. Now, we take Figure 8 (a) as an analogy. One grid of
the sensor network formed at even interval of 30 mm is presented and the small or large
impact damage is introduced at the center of the grid. Since the optical fibers are the farthest
from the damage in this case, the strain along the optical fiber induced by the damage is the
smallest, reducing the response of the sensor network. Figure 8 (b) presents the BGS obtained
from the measurement area depicted in Figure 8 (a). Even though the BGS changed in the
case of the large damage, the sensor network did not respond to the small damage. This means
that the sensor network cannot robustly detect the small damage, and thus the structure needs
to be designed to tolerate the small damage. From a viewpoint of building the sensor network,
on the other hand, we need to determine the minimum sensor density by considering the
unacceptable damage size depending on the structural site.
Damage detection procedure is specifically presented in Figure 9. First, the Brillouin gain
spectra are measured throughout the optical fiber embedded in the whole structure or the area
where the impact damage is suspected to be induced. This is conducted before or after the
operation of the structure. Second, the width of each spectrum is automatically calculated. A
full width at -1 dB from maximum F-1dB (illustrated in Figure 9) is selected as a representative
value for the width of the BGS. When the impact damage is introduced, only the damaged
area has unusually large value of F-1dB, depending on the extent of the damage. Hence, the
damage location and size can be roughly estimated from the distribution of F-1dB along a
single optical fiber. This intuitive system is quite useful in first inspection of impact damage
in large-scaled sandwich structures. In the next section, the validity of the proposed system is
confirmed by detecting barely visible damage in a honeycomb sandwich panel.

(a) Top view of positional relation
(b) BGS obtained in each case of damage size
Figure 8: Response simulation in the most difficult case for damage detection
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Figure 9: Damage detection procedure using distribution of BGS width

4 VERIFICATION TEST
4.1 Experimental set-up
Figure 10 (a) depicts a schematic of the specimen. The sandwich panel consisted of CFRP
facesheets (T700S/2500, Toray Industry, Inc., [0/90]3S, thickness of 1.5 mm), an aluminum
honeycomb core (AL 1/4-5052-.001, Showa Aircraft Industry Co.) and thermoplastic
adhesive films (AF-163-2K, 3M Co.). A single optical fiber was embedded between the
preliminary molded upper facesheet and the adhesive layer. The upper facesheet was
manufactured a little larger than the core and the lower facesheet for handling the optical fiber.
Figure 10 (b) presents the experimental setup. A hemispherical steel indenter (diameter: 12.7
mm) was attached to a material testing system (AG-50kNI, Shimazu Co.) and a quasi-static
indentation loadings were applied in order to introduce simulated low velocity impact damage.
The loading point was set a little bit away from the center of the specimen to investigate the
sensitivity to the damage location. After a predetermined maximum indentation displacement
was reached, the crosshead reversely moved up. The tests of five kinds of the maximum
displacement 1, 2, 3, 4, and 6.5 mm were conducted. After each test, the Brillouin gain spectra
were measured throughout the specimen using the PPP-BOTDA sensing system
(Neubrescope) connected to both ends of the optical fiber. By comparing the width of the
spectra obtained in each test, the response of the proposed damage detection system
depending on the damage size was investigated in detail. Additionally, damaged area was
checked and recorded after each test by visual inspection and by using electric-resistance
strain gages bonded at some points on the surface of the upper facesheet.
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(a) Schematic of specimen

(b) Experimental setup

Figure 10: Indentation damage detection test for system verification

4.2 Results
As the maximum indentation displacement increased, the residual dent became deeper and
wider and, finally, a residual dent depth of 2.5 mm remained on the upper facesheet after the
test of the maximum displacement 6.5 mm. Before the test, the BGS had almost uniform
value of F-1dB of 80 MHz in the whole specimen. However, after the damage was introduced,
the non-uniform strain was generated along the facesheet dent and thus BGS began to broaden
from the vicinity of the loading point. Figure 11 gives the spectra obtained at the nearest
measurement point to the loading point. The intensity of each spectrum is normalized by the
intensity of the highest component. As the damage became larger, the width of the BGS
gradually increased and finally became more than half time of that before the test. The
distributions of F-1dB after each test are presented in Figure 12. Each line presents the F-1dB
distribution along each line of the embedded optical fiber. Only the vicinity of the loading
point is shown, since the other area did not mark significant changes in the width of the BGS.
After the test of maximum indentation displacement of 1 mm (residual dent depth: 0.3 mm,
Figure 12 (a)), only a line III of the optical fiber, which was the nearest to the loading point,
responded and F-1dB increased near the damaged area due to the non-uniform strain along the
dent in the facesheet. As the damage became large, both of a number of the responding lines
and value of F-1dB near the damaged area increased. After the test of maximum indentation
displacement of 3 mm (residual dent depth: 1.1 mm, Figure 12 (b)), two lines, i.e. III and VI,
reacted significantly and one line of VII responded slightly. It is interesting to note that VI
and VII were 20 and 30 mm away from the loading point, respectively. Even though a
difference between the values of the distance from each line to the loading point was only 10
mm, the responses of both lines differed vastly, confirming quite high sensitivity and
resolution of the proposed damage detection system. After the test of maximum indentation
displacement of 6.5 mm (residual dent depth: 2.5 mm, Figure 12 (c)), all the four lines
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Figure 11: BGS measured at the nearest measure point to loading point after each test

(a) 1.0 mm

(b) 3.0 mm

(d) 6.5 mm

Figure 12: Distribution of F-1dB in the vicinity of loading point after each test

surrounding the loading point, i.e. II, III, VI, and VII, pronouncedly responded.
It was clearly demonstrated that the proposed damage detection system using the width of
the BGS can detect an occurrence of the BVID with a high sensitivity and, moreover, roughly
estimate damage location and size. In the near future, by addressing an optimum sensor
network form and a proper damage detection algorithm, more effective and robust
quantitative impact damage detection system will be developed. Extension of the system to
impact damage detection in foam cored sandwich structures is also planned.
5 CONCLUSIONS
Impact damage detection system using the PPP-BOTDA sensing system was proposed and
validated. The specific response of the PPP-BOTDA to the non-uniform strain along the
optical fiber was employed to detect non-uniform strain distribution along the residual
facesheet dent induced in the damaged area. The proposed system could detect BVID with a
high sensitivity and, moreover, roughly estimate the damage location and size.
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Summary. Folded structures made of composite materials have gained interest in the
aerospace industry as a promising sandwich core structure. In this paper the mechanical
behaviour of such a sandwich structure with a folded core made of carbon fibre-reinforced
plastic under low velocity impact loads is investigated experimentally and numerically. At
first the core properties under compressive and transverse shear loads are characterised
building a basis for the validation of the simulation models. Low velocity impact tests under
various energy levels are described with respect to the evaluated damage of face and core
and are finally simulated with LS-DYNA. These simulations were used to investigate the
influence of different parameters on the impact behaviour numerically.
1 INTRODUCTION
Sandwich structures with composite faces and a cellular core are known for their
outstanding weight-specific stiffness and strength properties and have therefore been used in
aircraft structures for many decades. Examples are aerodynamic fairings (belly fairing,
leading and trailing edge fairings) or control surfaces (rudders, ailerons) [1]. Since weight
reduction is a main driver in aircraft design, the application of sandwich structures is
constantly increasing. Even concepts for the utilisation of sandwich structures in the primary
structure, i.e. the aircraft fuselage, have been developed in the past for large airliners [2]-[4]
and have already been realised in smaller business jets [5]-[8]. One main issue is to identify
an adequate sandwich core material for these purposes. Nowadays, Nomex® honeycomb cores
are prevalently used in aircraft sandwich structures because of their favourable mechanical
and fire safety properties. But these closed honeycomb cells can lead to an inclusion and
accumulation of condensation water, which increases weight and reduces the properties [8][10]. Therefore, folded sandwich core structures have gained interest of the aerospace
industry in the past years as an alternative allowing for a ventilation through drainage
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channels and also for efficient fabrication processes [11]-[14]. Such folded core structures can
be manufactured from a variety of materials and in unlimited geometries and can therefore be
tailored for a specific application.
One known shortcoming of sandwich structures is their low resistance against impact loads
acting normal to the sandwich plane, which is a result of the typically very thin faces and the
low resistance of the core against local compressive loads. Impact scenarios affecting aircraft
structures range from low velocity impacts (e.g. tool drop, hail on ground) over intermediate
velocity impacts (e.g. runway debris, tire fragments) to high velocity impacts (e.g. bird strike,
hail in flight, engine parts).
This paper presents an experimental and numerical investigation of the low velocity impact
behaviour of a composite sandwich structure with a folded core made of carbon fibrereinforced plastic (CFRP). First the core and sandwich structure are characterised by their
material, geometry and manufacturing process. Then the experimental test series for the
determination of the mechanical properties of the core and the impact behaviour under various
energy levels is presented. Based on these data numerical simulation models of the sandwich
structure were generated and dynamic impact simulations with LS-DYNA were conducted to
gain further insights into the stress states during impact and to perform various parameter
studies.

2 MATERIALS AND MANUFACTURING
The focus of this paper is a composite sandwich structure made of the following
constituents:
The faces were fabricated from the aerospace grade carbon fibre/epoxy (CF/EP) prepreg
Cytec 977-2/HTS in a 16-ply quasi-isotropic lay-up of [45°/90°/-45°/0°/45°/90°/-45°/0°]S and
were cured in an autoclave. The resulting face thickness was 2 mm.
The folded core structure is also made of CF/EP and was manufactured by the Kazan State
Technical University/Russia (Figure 1).

Figure 1: CFRP folded core structure
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0°
90°

t=0.35 mm

In this case a 3-ply [0°/90°/0°] lay-up of unidirectional prepreg layers was used as the cell
wall material of the folded core (Figure 2). The manufacturing process is based on the
forming of the flat laminate between two matrices [15]. But in contrast to deep drawing, the
matrices are transformable so that the prepreg material is folded without being elongated.
After folding it is cured in an autoclave. The folding pattern is a simple zigzag shape, based
on the unit cell geometry in Figure 3. The top folding edge consists more of a plateau than a
sharp edge resulting from the matrices, which reduces the curvature and the extent of
potentially broken fibres. The total density of the CFRP folded core was 102 kg/m³.

0°

Figure 2: Micrographs of top folding edge and CFRP cell wall laminate
1,5
20

28

20
29

Figure 3: Unit cell of CFRP folded core with measures in mm

The faces were bonded onto the folded core using the epoxy-based structural adhesive
Epibond 1590 A/B. In this manner the sandwich structure was fabricated on a hot press during
4 h at 75°C and 3 bar.

3 EXPERIMENTS
The experimental part is divided into the characterisation of the CFRP folded core’s
mechanical properties under compressive and transverse shear loads, which gives important
data for the validation of the numerical model, and the low velocity impact testing.
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3.1 Mechanical properties
Both for the compression tests according to DIN 53291 and the transverse shear tests according to DIN 53294 sandwich specimens of 150 mm x 150 mm and an Instron universal testing
machine with a laser-controlled displacement measurement system were used (Figure 4).
a

b

Figure 4: Compression (a) and transverse shear testing (b) of CFRP folded core

compressive stress [MPa]

The compressive behaviour was dominated by a cell wall fracture in the middle of the
specimens after initial buckling. The angular geometry leads to a loss of contact and load
transfer between the upper and lower side resulting in a drop of the stress level to low values.
As the compression continues more cell walls come into contact and are crushed at the
opposite side leading to the progressive curve up to the densification region (Figure 5).
In addition to quasi-static testing, dynamic compression tests at 300 s-1 and 500 s-1 were
conducted on a drop tower facility to investigate the rate-dependency of the compressive
behaviour [16]. However, no strain rate effect occurred, i.e. the stress level was not influenced
by the loading rate. This could be expected since the crushing stress of CFRP at these strain
rates is regarded as not or at most marginally rate-dependent [17].
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Figure 5: Compressive stress diagram and cell wall behaviour of CFRP folded core (with percentage strain)
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The shear testing turned out to be limited by the high strength of the CFRP structure
leading to a debonding between core and loading plates at some point of the experiment.
However, besides the shear stiffness the results of these tests give additional information on
the bonding quality. A closer look at the surface shows that the separation is driven by a
delamination of the outer CFRP layer of the folded core (Figure 6). Local cohesive failure of
the bonding material can be found as well, but no adhesive failure occurred.

Figure 6: Surface of the debonded sandwich specimen

The CFRP laminate for the face layers is a well-known aerospace standard material and
experimentally determined mechanical properties were available. Therefore, no additional
testing on the face material was performed in the framework of this study.
3.2 Low velocity impact tests
The low velocity impact tests were performed on a Dynatup 8250 drop tower with a
spherical impactor of 1 in. (25.4 mm) diameter and a mass of 1.15 kg. The sandwich plate of
300 mm x 300 mm used for the impact testing was fixed on a solid support (Figure 7). With
the zigzag pattern marked on the top surface a specific impact location on the folded core cell
walls or in-between could be targeted. In this study all impacts were uniformly located in the
middle of a cell wall edge. Impact energies of 5 J, 10 J, 20 J, 30 J, 50 J and 75 J were tested
by increasing the drop height, respectively.

Figure 7: Impact testing on a drop tower facility
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The impact damage caused in the upper CFRP face was evaluated using ultrasonic C-scan
inspection as a non-destructive testing method. The core failure was analysed by cutting
cross-sections through the impact point.
Figure 8 gives an overview of these results. The C-scan inspection proved delaminations
between multiple layers of the upper face laminate to occur already for the lowest energy
level tested. The failure mechanism known from impact studies on thin monolithic laminates,
where matrix cracks are initiated at the back side of the laminate due to bending and progress
through delaminations to the upper layers [18], seems to be valid for this case as well.
Interestingly, the propagation of these delaminations is limited by the neighbouring cell edge
attachments leading to rectangular delamination patterns for higher energies and a very
localised damage.
Also a damage of the folded core can be figured out for the lowest energy level of 5 J. The
cell directly under the impact point is crushed in the upper part, while the neighbouring cells
seem to be undamaged. At 50 J about one third of the cell is crushed, at 75 J the cell is
crushed almost completely.
The corresponding impact force plots are shown in Figure 9. The drops in the curve
indicate intra- and interlaminar failure taking place inside the laminates. It can be seen that the
maximum load level for energies higher than 10 J is almost the same and does not exceed 8
kN. The elastic energy of the system, leading to a rebound of the impactor, was almost
constant with approx. 5 J for all energy levels (3 J for the 5 J impact). The rest of the initial
kinetic energy was absorbed by the sandwich panel by creating fracture surfaces.
5J

10 J

20 J

30 J

50 J

Top view:

Ultrasonic C-scan (face damage):

Cross-sectional view (core damage):

Figure 8: Damage evaluation results of low velocity impact tests
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Figure 9: Impact force results of low velocity impact tests

4 NUMERICAL SIMULATION
Although various data can be recorded during an experiment and afterwards by destructive
or non-destructive damage evaluation methods, finite element (FE) simulations offer the
opportunity of more detailed analyses of failure initiation and propagation or stress levels
during loading. Furthermore, parameter studies can be performed numerically allowing for an
efficient investigation of different factors influencing the structural behaviour. Therefore, a
numerical analysis of the low velocity impact tests using the commercial explicit FE- software
LS-DYNA was conducted.
4.1 Model development
The model generation was done on a parametric basis reducing the pre-processing work
and offering an efficient way of investigating different folded core geometries [19]. Both for
the faces and the folded core’s cell walls bilinear shell elements with uniformly reduced
integration and the composite material model MAT54 in LS-DYNA were used. This
constitutive law is based on orthotropic linear elastic behaviour and brittle failure with failure
criteria by Chang/Chang. The connection of face and core elements was done by a tied
contact formulation without failure. The impactor was modelled as a spherical rigid body.
In order to separately validate the folded core model, simulations of the compression and
shear tests were performed (Figure 10). In this study the influence of mesh size was also
investigated and found out to be significant. Furthermore, the compressive stiffness was overpredicted in the FE-model, which could be explained by a visible distortion of the laminate’s
fibre orientation resulting from the manufacturing process, i.e. the 0°-layers were not oriented
in parallel to the cell wall edges but distorted about 7°. Such and other imperfections, which
normally occur in all cellular structures, influence the mechanical behaviour and have to be
accounted for in a meso-scale FE-model [19]. The model was calibrated accordingly.
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Figure 10: Model validation of folded core structure by compression test simulation

Shell elements were used for the 16-ply sandwich face laminates. However, these 2Delements are not able to represent delaminations as an interlaminar failure mode, although the
experiments showed that these delaminations play a predominant role for the energy
absorption. One solution is the utilisation of a number of separate shell elements in thickness
direction connected by delamination contact laws in-between [20]. But to limit the modelling
and computational effort, in this study a simplification was investigated. The energy absorbed
by delamination was to be represented by an alternative mechanism in the model, as it was
done in previous studies before [21], [22]. In this case, instead of a brittle failure the stress
level of the face material was kept at a constant level for compression and tension in matrix
direction and compression in fibre direction. A complete failure could only occur under
tensile fibre rupture.
4.2 Impact simulations
The impact simulations were conducted for all tested energy levels and the results were
compared to the experimental data (Figure 11). In general, the force and energy curves
showed good consistency (Figure 12) and the local core failure was comparable to the crosssectional views in Figure 8. However, the faces in the models turned out to be slightly too
stiff, which led to an under-prediction of the indentation depth, especially for higher energies.
This is ascribed to the lack of delamination modelling, since the interlaminar failure reduces
significantly the transverse shear strength of the laminate and allows for larger deformations
under transverse loads in reality.
The evaluation of the simulation results approved the theory that the impact loading is
limited to a very local area of the sandwich structure. The impacted folded core cell as well as
the neighbouring cells on both sides are stressed, any further core cells and the respective face
areas are unstressed, even for the highest energies (Figure 11). This is the result of the very
stiff structure. The core inhibits bending deformations of the upper face and only crushes
locally. Only at these areas of lost support the face is bended and damaged consequentially.
The predominant failure mode of the upper face laminate is matrix tensile failure initiated
in and propagating from the bottom ply, which is the tensile side under bending load. When
reducing the impact velocity in the model, i.e. the corresponding energy level, to evaluate the
energy at damage initiation, it was found out that damage in the face laminate is initiated at a
much lower energy level as it is in the core structure.
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Figure 11: Impact simulation (left) and cross-sectional view of effective stresses (right)
(here: 30 J impact, moment of maximum indentation)
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Figure 12: Force and energy plots of experiment and simulation (here: 30 J impact)

4.3 Parameter studies
The simulation model was used - in consideration of its known simplifications - for several
parameter studies to investigate e.g. the influence of the clamping conditions, the influence of
the impact location and the influence of the folded core geometry.
When the sandwich plate is supported only at the edges instead of the whole surface of the
lower face, a larger bending deformation of the complete structure under impact load is
permitted. On the one hand, the sum of elastic deformation of the structure is higher, and
therefore the transformation of the kinetic energy into internal fracture is lower. On the other
hand, in this case not only the upper but also the lower face laminate is damaged.
The impact location only has a minor influence on the simulation results. Besides
impacting the middle of the folded core cell edges as before, the corner of two cell edges as
well as the space between two cell walls were impacted (Figure 13a). In the latter case the
indentation depth was marginally higher because less support of the core against local
bending is present.
In the third study the folded core geometry was modified in the model by changing the
zigzag measures while maintaining the same global density of the core structure. The cell
space between two cells was lower for the modified geometry (Figure 13b). Therefore, the
stressed area was even more localised than in the former case.
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a

b

Figure 13: Parameter studies: Influence of impact location (a) and folded core geometry (b)
(here: 20 J impact, cross-sectional view of effective stresses, moment of maximum indentation)

5 CONCLUSIONS
The mechanical behaviour of CFRP sandwich structures with folded core under low
velocity impact loads was analysed experimentally and numerically. Preliminary compression
and shear tests showed high stiffness and strength values leading to a very localised failure
under impact loads, since a global bending deformation of the impacted upper face layer is
inhibited. Additionally, the delamination propagation in the face laminate is limited by the
adjacent core cell connections. Simulation models of the sandwich structure with folded core
based on the composite material model in LS-DYNA were generated and calibrated. Despite
the simplification with respect to the treatment of delaminations, simulation results with an
acceptable consistency could be obtained permitting the utilisation of these models for
subsequent numerical parameter studies regarding impact location, boundary conditions or
folded core geometry. While such composite sandwich structures are characterised by a very
complex failure behaviour, numerical simulations showed the ability to be a useful tool to get
a deeper insight into the stress distribution in the structure and the damage initiation. Such
simulations can also be used for an enhancement of the sandwich structure’s impact behaviour
with respect to core geometry or material.
Potential of improvement for further studies is seen in the incorporation of delamination
contacts or cohesive interface elements to better cover the energy absorption of interlaminar
failure. Furthermore, the extension of experimental test series will allow for a comparison
with other folded core materials or other established sandwich core structures also with
respect to their residual strength.
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Summary. Fiber–Metal Laminates (FMLs) are high-performance hybrid structures based on
alternating stacked arrangements of fiber-reinforced polymer-matrix composite plies and
metal alloy layers. In this paper, the effect of material and thickness of FMLs face-sheets and
the core density on low-velocity impact response of composite sandwich panels are
investigated. Impacts are assumed to occur normally over the top face sheet in arbitrary
location. The FMLs face sheets are considered as ordinary thin or thick plates. The staking
sequences of laminate in the top and the bottom face sheets are assumed symmetric or
antisymmetric. The core is assumed to behave in a linear elastic manner with small
deformations, although its height may change and its transverse plane takes a nonlinear
shape after deformation. The interaction between the impactor and the panel is modeled with
the help of a new system having three degree of freedom consisting of spring-mass-damperdashpot (SMDD).The dynamic response of the panel is based on improved higher order
sandwich plate theory (IHSAPT). Numerical impact results on sandwich panels with Fiber–
Metal Laminated face sheets that hitherto not reported in the literature have been presented
in this paper. Effect of the aluminum 2024-T3 alloy layers on dynamic response of composite
sandwich panel is studied.
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1 INTRODUCTION
About 18 years ago a new class of materials, made of alternating metallic and fiberreinforced plastic (FRP) layers, generally known as 'Fiber-Metal Laminates' (FMLs) was
proposed [1]. The basic scope in developing FMLs was to combine the good fatigue behavior
of FRPs with the excellent impact resistance of matals. The variant with aramid fibres is
usually called ARALL, while GLARE incorporates glass fibres. Although extensive research
has been dedicated to the impact behavior of composite laminates in general [2, 3], the work
on sandwich structures is somewhat limited. Anderson [4] describes an investigation of
single-degrees-of-freedom models for large mass impact on composite sandwich laminates.
Malekzadeh et al. [5] proposed a new equivalent three-degree-of-freedom (TDOF) springmass-damper-dashpot (SMDD) model to predict the low-velocity impact response of
composite sandwich panels with transversely flexible core. In this paper, an improved higherorder sandwich plate theory (IHSAPT) [6] has been used only for modeling the sandwich
panel (without the impactor), whereas the analytical force function [5] can be implemented to
handle the contact force between the impactor and the panel.
2 FORMULATION OF PROBLEM
The rectangular sandwich flat panel studied in this paper is composed of two FMLs
composite laminated and symmetric face sheets and a core of thickness hc . The panel is
assumed to have a length a , width b and a total thickness h, as shown in Figure 1 (Ref. [6]),
where coordinates and sign conventions are also shown. The assumptions used in the present
analysis are those encountered in linear elastic small deformation theories [5]. The contact
loads qi (i = t , b) are assumed to be represented by a double Fourier series expansion and are
separable into functions of time and position.
The improved high order sandwich plate theory was presented by Malekzadeh et al. [6] using
the principle of virtual work. Then the governing equations and the boundary conditions are
derived using Hamilton’s principle which requires that:
δ ³ [U e + Ve + W nc − Te ]dt = 0
t2

(1)

t1

where Te ,U e , Ve and W nc are respectively, the kinetic, internal potential, external energies and
the structural damped energy and δ is the variational operator. The variable t represents time
and the limit of variation is taken over the time interval t 2 − t1 .
The impact solution for a rectangular plate with simply-supported boundary conditions at the
top and bottom face sheets is assumed to be in the following form:
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ªu0 j ( x, y, t ) º
ªu0 jmn (t ). cos(α m x). sin(β n y) º
«
»
«
»
«v0 j ( x, y, t ) »
«v0 jmn (t ). sin(α m x). cos(β n y ) »
« w ( x, y , t ) »
«w (t ). sin(α x). sin(β y ) »
m
n
« 0j
» ∞ ∞ « 0 jmn
»
«ψ xj ( x, y, t ) » = ¦ ¦ « A0 jmn (t ). cos(α m x). sin(β n y )»
«
» m =1 n =1 «
»
«ψ yj ( x, y, t ) »
« B0 jmn (t ). sin(α m x). cos(β n y )»
« c
»
«T (t ). cos(α x). sin(β y ) »
m
n
«τ xz ( x, y, t ) »
« cxmn
»
«τ c yz ( x, y, t )»
«¬Tcymn (t ). sin(α m x). cos(β n y ) »¼
¬
¼

(2)

The above double Fourier series functions can satisfy some boundary conditions for a plate
i.e., simply-supported on all edges. In equation (2) u 0 jmn , v 0 jmn , w 0 jmn , A0 jmn , B 0 jmn , Tcxmn and Tcymn
are time dependent unknown Fourier coefficients, m and n are respectively the half wave
numbers in x and y directions. By applying the Galerkin's method, the governing equations
are reduced to the following system of ordinary differential equations:
[ M ]{χ} + [Ce ]{χ } + [ K ]{χ } = {Q}

(3)

Therefore, the problem of impact on sandwich panel is reduces to the standard structural
response equation. [M ] is the (10 mn ) × (10 mn ) square symmetric mass matrix, [K ] is the
(10 mn ) × (10 mn ) square symmetric stiffness matrix and {Q} is the (10 mn ) × 1 vector of impact forces
[6]. The interaction between the impactor and the panel is modeled with the help of a new
system having three degree of freedom consisting of spring-mass-damper-dashpot (SMDD)
(see Ref. [5]). Using an improved higher-order sandwich plate theory (IHSAPT) and a new
equivalent three-degree-of-freedom (TDOF) spring-mass-damper-dashpot (SMDD) model,
the problem of simultaneous double sides transverse low-velocity impacts on a composite
sandwich panel have been studied in this paper.
The system damping is simulated by proportional viscous damping terms. Equation (3) can
be readily solved with a suitable numerical integration procedure [6]. For the case of general
dynamic analysis, the vector {χ (t )}[(10×m×n),1] contains ten sets of time dependent unknowns: u 0t
and v 0t , the in-plane deformations of the mid-plane of the top face sheet respectively in x and
y directions; u 0b and v0b , the in-plane deformations of the mid-plane of the bottom face sheet
respectively in x and y directions; w0t and w0b , the vertical deflections of the top and the
bottom face sheet respectively; ψ x and ψ y , the rotations of the normal section respectively
about the y and x axes of each face sheet; andτ c xz and τ c yz , the shear stresses in the core in the
vertical direction.
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3 VERIFICATION AND DISCUSSIONS OF THE RESULTS
In order to validate the formulation of the problem, the results obtained from the present
method are compared with those already reported by other authors in the literature.
3.1 Numerical accuracy of the solution procedure for sandwich panels subjected to lowvelocity impact
Material data of the face sheets and the core, geometrical properties and types of the panels
used for the large mass impact are shown in Table 1, 2 and 3. To validate the proposed TDOF
model, the results are compared with experimental and numerical force histories of large mass
impact obtained by Anderson [4] on sandwich panels with edge support to verify the accuracy
of the procedure. The work described in Ref. [4] consists of an investigation of simplified
dynamic models (SDOF) incorporating energy dissipation for the impact behavior of the foam
and honeycomb sandwich laminates. The dynamic impact modeles examined consist of
nonlinear spring elements in parallel or series with energy dissipating elements [4].
In the first four panels of Table 1, the face sheets were comprised of either [0 / 90 / 0] or
[0 2 / 90 2 / 0 2 ] configurations, and are denoted throughout this study as 'thin' (three plies) and
'thick' (six plies) face sheets respectively. Also, for the rest four hybrid panels of Table 1, the
top and bottom face sheets were comprised of [ A2 / 90 2 / A2 ] , [ A / 90 / A] , [ A / 0 / 90 2 / 0 / A] ,
[ A / − 30 / 30 2 / − 30 / A] and [ A / − 45 / 45 2 / − 45 / A] . 'A' is denoted for 2024-T3 aluminum
alloy lamina with thickness of 0.264 mm. All specimens incorporated a core of 12.7 mm
thickness and overall dimensions of 76.2 × 76.2 mm. In this paper, the composite sandwich
panels are simple supported (SSSS B.C.) around all four edges of the top and the bottom face
sheets. The boundary conditions of the top and the bottom face sheets are independent. The
mass of the impactor is 1.8 Kg and three different initial potential energy levels of impactor:
3.58J, 8.07J and 12.55J are considered. The tip of impacting mass had a diameter of 25.4 mm.
Thickness of all layers in the face sheets of the panels are assumed identical and 0.264 mm.
Figure 2 shows the predicted and the experimental contact force histories of the panel at the center of
top face sheet of the panel (panel type: 2 of Table 1) for the impact energy levels of 3.58J, 8.07J, and
12.55J. The contact force histories are compared with the numerical and experimental results of Ref.
[4]. There are only small differences in the phase and the magnitude of contact force results obtained
from the present analysis and the experimental results of Ref. [4]. Contact force history for simply
supported panel obtained from the present method is in good agreement with that obtained from the
experimental tests [4], while, the accuracy of numerical results of Ref. [4] based on single-degree-offreedom spring mass model (SDOF) is smaller than the accuracy of the present analytical results. The
theoretical predictions based on the proposed SM model, shown in Figure 2 indicate that the largest
error in the maximum contact force obtained from the present analysis vis-a-vis the measured
experimental values [4] correspond to the impactor energy (E=12.55J) is about 4.5%.

3.1.1 Effect of aluminum 2024-T3 alloy laminas in the face sheets on dynamic response
of simply supported square symmetric/anti-symmetric sandwich panels with hybrid face
sheets and high density foam core
Figure 3 shows that the aluminum 2024-T3 alloy laminas decrease the maximum contact
force and increase the contact duration slightly. The thickness of panels 2, 5, 7, 8 are the
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same and the face sheets of these panels are thick while, the face sheets of panel 6 are thin
(see Table 1, 2 and 3). The panels 7 and 8 are anti-symmetric. The maximum contact force of
the panel 6 is less than the maximum contact forces of the other panels. Because the face
sheets of panel 2 do not have aluminum 2024-T3 alloy laminas and therefore, the face sheets
are not hybrid laminate, the maximum contact force of panel 2 is more than the maximum
contact force of other hybrid panels.
Figure 4 shows the effect of aluminum 2024-T3 alloy laminas in face sheets on central
transverse deflection histories of top face sheets of the hybrid panels. Figure 4 shows that the
aluminum 2024-T3 alloy laminas decrease the maximum central transverse deflection of the
top face sheet and increase the contact duration. The maximum central transverse deflection
of the panel 6 is more than the maximum central transverse deflection of the other panels. The
face sheets of panel 6 are thin. Because the top face sheets of the anti-symmetric panels 7 and
8 are identical hybrid laminate, the maximum central transverse deflection of panels 7 and 8
are almost the same. Therefore, the effect of ply sequence and fiber orientation in the bottom
face sheet of the panel on the maximum central transverse deflection of the top face sheet is
small.
3.1.2 Effect of density of the core layer and thickness of face sheets on dynamic response
of simply supported square sandwich panel
Figure 5 shows the effect of core density and thickness of the face sheets on contact force
histories of the panels (Types 1 to 4) at the center of top face sheets of the panels. Figure
shows that for panels of types 2 and 4 (see Table 1 and 2) in which the cores are high density
but with different material and the face sheets are thick with identical material and thickness,
the contact force histories are almost the same. Because the transverse stiffness of high
density honeycomb core is more than the transverse stiffness of high density foam core, the
maximum contact force for panel 4 is slightly more than for panel 2 while, the contact
duration for panel 4 is slightly less than for the panel 2. Figure shows that with replacing of
thick face-sheets with thin face-sheets of panel 2 (creating panel 1), the maximum contact
force decreases, while the contact duration increases. Also, when both the thick face sheets
and high density foam core of panel 2 are replaced with thin face sheets and low density
honeycomb core respectively, (creating panel 3), the maximum contact force decreases very
much, while the contact duration increases. Figure 5 shows increasing in contact force and
decreasing in contact duration with increasing in density of the core layer of the panel. As can
be seen in Figure 5, for the panels with identical geometrical properties (see Table 3), the
effect of density of the core is more than the effect of thickness of the face sheets on the
contact force and the contact duration.
Conclusions
A new equivalent three degrees-of-freedom (TDOF) spring-mass-damper (SMD) model
and a new procedure in impact analysis had presented and used to predict the low-velocity
impact response of composite sandwich panels with soft/stiff flexible core. The present results
are in excellent agreement with the exact solutions and experimental test results. Since the
impact occurs within a very short period of time, damping of the structure is usually neglected
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in the low-velocity impact analysis and has small effects on impact response of sandwich
panel. With increasing the impactor potential energy, vertical deflection of the panel are
increased. The applicability of the present approach covers a wide range of impact problems,
with varying material combinations, geometric features, side and site of the impact and
boundary conditions. The effect of core density and face sheets thickness as well as the effect
of aluminum 2024-T3 alloy layers on dynamic response of composite sandwich panel is
studied.
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Panel
type
1
2
3
4
5
(Hybrid)
6
(Hybrid)
7
(Hybrid)
8(Hybrid)

Face sheets
types
Thin (top and
bottom)
Thick (top and
bottom)
Thin (top and
bottom)
Thick (top and
bottom)
Thick (top)Thick (bottom)
Thin(top and
bottom)
Thick (top)Thick (bottom)
Thick (top)Thick (bottom)

Sandwich core
types
Foam (high
density)
Foam (high
density)
Honeycomb (low
density)
Honeycomb
(high density)
Foam (high
density)
Foam (high
density)
Foam (high
density)
Foam (high
density)

Lay ups of the panels

[0 / 90 / 0 / core / 0 / 90 / 0]

[0 2 / 90 2 / 0 2 / core / 0 2 / 90 2 / 0 2 ]
[0 / 90 / 0 / core / 0 / 90 / 0]
[0 2 / 90 2 / 0 2 / core / 0 2 / 90 2 / 0 2 ]
[ A2 / 90 2 / A2 / core / A2 / 90 2 / A2 ]
[ A / 90 / A / core / A / 90 / A]

[ A / 0 / 90 2 / 0 / A / core / A / − 30 / 30 2 / − 30 / A]
[ A / 0 / 90 2 / 0 / A / core / A / − 45 / 452 / − 45 / A]

Table 1: Types of sandwich panels

Properties

Face sheet

Foam
core(high
density)

Honeycomb
core(high
density)

Honeycomb
core(low
density)

Aluminum
layer
2024-T3

E11 (Gpa)

54

0.18

0.000703

0.000352

71

E22 (Gpa)

54

0.18

0.000359

0.000179

71

E33 (Gpa)

4.84

0.18

0.4137

0.1379

71

G12 (Gpa)

3.16

0.07

0.000883

0.000441

26.2

G13 (Gpa)

1.87

0.07

0.08963

0.04482

26.2

G23 (Gpa)

1.87

0.07

0.04481

0.02413

26.2

ν12
ν13

0.06

0.286

0.333

0.333

0.29

0.313

0.286

0.0

0.0

0.29

ν 23

0.313

0.286

0.0

0.0

0.29

ρ ( kg / m 3 )

1511

110

96

48

2710

hc (mm)

-

12.7

12.7

12.7

-

t f (mm)

0.264

-

-

-

0.264

a(mm)
b(mm)
Material

76.2
76.2
LTM45ELCF0111
Carbon
fiber

76.2
76.2
110WF
Polymethacryimide
foam

76.2
76.2
HRH-10-1/86.0

76.2
76.2
HRH-10-1/83.0

Table 2: Material constitutive properties of the sandwich panels [4]
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Panel type

a/b

a/h

hc / h

1
2
3
4
5 (Hybrid)
6 (Hybrid)
7 (Hybrid)
8(Hybrid)

1
1
1
1
1
1
1
1

5.3346
4.8021
5.3346
4.8021
4.8021
5.3346
4.8021
4.8021

0.8891
0.8004
0.8891
0.8004
0.8004
0.8891
0.8004
0.8004

Assumed
loss factor
of the core
layer
0.47
0.47 [4]
0.20
0.25
0.47
0.47
0.47
0.47

Table 3: Geometrical and loss factor properties of sandwich panels

Figure 1: Sandwich composite plate with laminated face sheets.
Plate coordinates and plate dimensions are also shown.
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Figure 2: Predicted and experimental contact force histories of the panel at the center of top face sheet of the
panel (panel type: 2) for the impact energy levels: 3.58j, 8.07j, and 12.55j

Figure 3: Effect of aluminum 2024-T3 alloy laminas in face sheets on contact force histories at the center of top
face sheet of the hybrid panels (Types 2,5,6,7 and 8) .
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Figure 4: Effect of aluminum 2024-T3 alloy laminas in face sheets on central transverse deflection histories of
top face sheets of the hybrid panels.

Figure 5: Effect of the core density and face-sheet thickness on contact force histories of the panels at the center
of top face sheet of the panel (Types 1 to 4).
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Summary. The inﬂuence of triggering topologies on the energy absorption of in-plane compressed sandwich panels is investigated. Sandwich panels with different geometrical triggering
features are manufactured and tested experimentally. As expected the investigated triggering
features reduce the extreme load peaks. Another, less expected result is that the subsequent
plateau load tends to be higher for panels with triggering features. Both results are favourable
for the crash performance of panels in vehicle applications.
1

INTRODUCTION

Sandwich panels can with advantage be used in vehicle structures due to their relatively high
bending stiffness and strength, compared to weight. If they are to be used in load bearing vehicle
structures, their energy absorbing capability must however be comparable with corresponding
metal structures and, above all, their absorption needs to be predictable. Even though the energy
absorbing capability of composite materials can exceed that of metallic structures [1, 2] they are
rarely used in mass produced vehicles. One reason for this is the complex damage propagation
in composite structures, which makes it difﬁcult to predict the energy absorption. This means
that expensive experimental work is needed to determine the behaviour of such structures during
crash events. In this study the behaviour of in-plane compression loaded sandwich panels are
investigated and some means to controll their crushing behaviour are presented and compared.
During quasi-static in-plane loading of sandwich structures their structural behaviour is linear elastic until initiation of damage in the structure. This initial damage can be global buckling,
local buckling (wrinkling) or face-sheet failure [3]. Another possible initial damage is core failure, but for most structural sandwich panels the ultimate strain of the core material exceeds that
of the face-sheets. When the structure is compressed beyond failure initiation damage will propagate in the structure. Mamalis et. al [4] identiﬁed three types of post-initiation collapse modes;
global buckling, unstable sandwich disintegration and progressive end-crushing. Face-sheet
damage can initiate delaminations in the face-sheets and debonds in the face-core interface. If
the fracture toughness of the interface is low the debonds may grow uncontrollable, resulting
in momentaneous and complete disintegration of the face-sheets from the core. If the fracture
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toughness of the face-core interface is sufﬁciently high in relation to the bending stiffness and
strength of the face-sheets, the structure will not be as prone to fail catastrophically [5]. This
leads to a more stable end-crushing collapse mode which promotes a higher energy absorption.
Even if high compressive load bearing capacity is favourable for energy absorption of a panel,
high peak loads are generally unwanted in automotive applications. This is due to associated
high acceleration pulses for neighbouring structures as well as for passengers in the vehicle.
1.1

TRIGGERING

Different kinds of triggering means, in the following referred to as triggers, can be used to
initiate damage at lower peak loads and to ensure more repeatable damage propagation in structures. The triggers can either be in the form of geometrical features or dyes that introduce stress
concentrations into the structure, which in turn reduce peak loads and ensure more favourable
collapse behaviour. The details of the mechanisms behind the improved collapse behaviour of
sandwich structures are not yet entirely understood and one of the long-term goals of this work
is to explore this behaviour further.
Structural components designed for efﬁcient energy absorption have been used in automotive
industry for several decades. These components are mostly different kinds of tubes, frusta and
struts [6]. In primary structure such components have almost exclusively been made of steel. In
recent years, and predominantly in more extreme cars, composite and even sandwich components have been introduced. The failure mechanisms of metal and composite structures during
compression are different. Metal structures which are ductile mainly deform through plastic
deformation, whereas composite materials in general deform in a more brittle manner [7]. Different triggers are used for different material concepts. In metallic tubes, imperfections can be
used to ensure stable progressive plastic folding of the structure. Dyes are other commonly
used triggers for metal tubes, where the tubes for example can be forced to invert or split [6]. In
brittle composite tubes different geometrical features as chamfered or tulip shaped edges [8, 9]
are used to trigger progressive crushing. Previous studies on sandwich structures include both
metallic triggers and edges of different shape [10, 11]. Velecela et al. [11] investigated the inﬂuence of face-sheet thickness, length/width aspect ratio and different triggering features on the
speciﬁc energy absorption of both monolithic laminates and sandwich panels. Three types of
triggering features on the plate edges were investigated; chamfered, pyramidal and triangular.
A triangular triggering shape gave the best results, promoting stable progressive end crushing.
In this study two conceptually different triggering features were investigated. The ﬁrst was
chamfering of the face-sheets of sandwich panels and the second was grooves at the loaded
edges, as illustrated in ﬁgure 1. By chamfering the face-sheets the initial failure load is lowered. The effective stiffness and strength of the structure are also expected to be reduced. The
grooves reduce the effective load carrying area and thereby reduce the effective stiffness and
initial failure load in a similar way as chamfering. Failure is expected to initiate in or at the
crests between the sawed grooves. The grooves also prohibit the damage to grow in-plane, perpendicular to the direction of the applied load as such damage propagation is interrupted at the
grooves.
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(a) Panel with chamfered face-sheets

(b) Panel with grooves

Figure 1: Triggering topologies

2

EXPERIMENTS

The investigated sandwich panels consisted of sheet molding compound (SMC) glass ﬁbre
face-sheets and a balsa wood core. This is the same material concept as in the study by Lindström and Hallström [12], but from another manufacturing batch. Panels with dimensions of
approximately 100x100x15.5 mm were manufactured. Special care was taken to ensure that
the loaded edges were plane and mutually parallel. Sandwich panels without triggering features
were used as reference. Samples with chamfered face-sheets or 4, 9 or 19 sawed grooves were
manufactured. The width of the grooves wg was 1.7 mm.
The sandwich panels were compressed in an Instron 4505 universal testing machine between two horizontal metal plates, without additional boundary support, using a 100 kN load
cell. During the experiments the cross-head motion of the machine was 5 mm/min. A Redlake
MotionPro X-3 Plus high speed camera was used to record the failure progression in sandwich
panels with different triggering features. The pictures were recorded with a rate of 50 fps continuously during 120 s, which corresponds to 10 mm deformation of the panels. The relatively
high recording rate ensured capture of the failure initiation.
3

NUMERICAL ANALYSIS

The inﬂuence of grooves on the failure initiation in sandwich panels was investigated through
ﬁnite element (FE) analysis, using the software ABAQUS [13]. Face-sheets with either 4 or 19
grooves were modelled. The face-sheet was modelled using shell elements of the type S4R,
which is a four noded element with reduced integration [13]. The material was considered to
be isotropic and linear elastic. The model was loaded by applying a predeﬁned compressive
vertical displacement. Two cases were studied and compared. Apart from the applied vertical displacement the loaded edges were either simply supported or pinned. The simply supported constraints implied that only rigid body motions were prevented, representing absence
of friction. The pinned constraints implied that all horizontal displacements were prevented,
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representing inﬁnite friction.
4

RESULTS

4.1

RESULTS FROM EXPERIMENTS

The results from the experiments are illustrated in ﬁgure 2 and in table 1, where the load
values are presented together with standard deviations, per unit width. The different load and
Panel

Peak load
P̂

[kN/m]
Reference 397.5 ± 16.6
Chamfered 184.3 ± 6.4
4 grooves 395.3 ± 86.6
9 grooves
382 ± 17.9
19 grooves 288.5 ± 22.7

Average Plateau Total speciﬁc energy
load Pp
absorption Ws
[kN/m]
71.4 ± 3
96.9 ± 4.9
109.2 ± 9.8
120.5 ± 14.7
124.8 ± 2.5

[kJ/kg]
2.11 ± 0.05
2.36 ± 0.13
2.86 ± 0.12
2.91 ± 0.37
2.93 ± 0.07

Speciﬁc energy
absorption during
plateau region Wps
[kJ/kg]
1.65 ± 0.06
2.27 ± 0.14
2.56 ± 0.26
2.71 ± 0.4
2.9 ± 0.04

Table 1: Results from experiments

energy variables are deﬁned by studying the structural response of the reference panel illustrated
in ﬁgure 2(a). The structural response was linear until the peak load P̂ was reached and during
the following compression the load was at a fairly constant plateau load. The average plateau
load Pp is deﬁned as the average load in the region illustrated in ﬁgure 2(a), where the maximum
displacement is limited to 10 mm due to the gauge length of the deformation measurements. The
total work W of the force P acting on the sandwich panel during a compression is here deﬁned
as
W =

δ

0

P dδ.

(1)

When comparing the results from different panels it can be better to use the absorbed energy
per unit weight deformed material, often referred to as speciﬁc energy absorption [8]. The total
speciﬁc energy absorption Ws is deﬁned as
Ws =

W
,
Aρδ

(2)

where A is the cross section area and ρ is the density of the panels. As the pre-failure energy
absorption only is a small share of the total energy absorption during extensive crushing of
structures, it is interesting to compare the resulting speciﬁc energy absorption Wps during the
plateau load. This speciﬁc energy absorption is deﬁned as
Wps =

Pp
.
Aρ
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(a) Load and energy deﬁnitions

(b) Reference panels

(c) Chamfered panels

(d) Panels with 4 grooves

(e) Panels with 9 grooves

(f) Panels with 19 grooves

Figure 2: Load-displacement curves from experiments

The damage progression in panels with the different triggering features are presented in
ﬁgures 3-6. Delamination cracks initiate at relatively low displacements during the compression of the sandwich panels with chamfered face-sheets. When the peak load is reached (δ =
1.745mm) a delamination crack is clearly visible in both face-sheets, as shown in ﬁgure 3(c).
During the following compression, the face-sheets delaminate and split further giving a broomlike structure. The panels with grooves showed no damage in the face-sheets prior to the peak
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load. During the following compression delaminations and/or debonds are formed.

(a) δ=0.6 mm

(b) δ=1 mm

(c) δ=1.8 mm

(e) δ=6.1 mm

(d) δ=3.5 mm

(f) δ=9.4 mm

(g) Load displacement curve, with a-f marking the corresponding photo of damage progression
Figure 3: Failure progression in panel with chamfered face-sheets
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(a) δ=1.2 mm

(b) δ=1.3 mm

(c) δ=2.3 mm

(e) δ=7.7 mm

(d) δ=4.8 mm

(f) δ=9.8 mm

(g) Load displacement curve, with a-f marking the corresponding photo of damage progression
Figure 4: Failure progression in panel with 4 grooves
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(a) δ=1.2 mm

(d) δ=4.9 mm

(b) δ=1.25 mm

(c) δ=3.2 mm

(e) δ=8.1 mm

(g) Load displacement curve, with a-f marking the corresponding photo of damage progression
Figure 5: Failure progression in panel with 9 grooves
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(a) δ=1 mm

(b) δ=1.03 mm

(c) δ=2.3 mm

(e) δ=8.1 mm

(d) δ=4.8 mm

(f) δ=9.8 mm

(g) Load displacement curve, with a-f marking the corresponding photo of damage progression
Figure 6: Failure progression in panel with 19 grooves
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4.2

RESULTS FROM NUMERICAL ANALYSIS

The stress distributions in the horizontal and vertical direction in a panel with 4 grooves
are illustrated in ﬁgure 7. Figure 8 illustrates the stress in the vertical direction on the upper
and lower edge for panels with 4 and 19 grooves with either simply supported edges or pinned
edges.

(a) Stress in horizontal direction for panel (b) Stress in horizontal direction for panel
with pinned edges
with simply supported edges

(c) Stress in vertical direction for panel (d) Stress in vertical direction for panel
with pinned edges
with simply supported edges
Figure 7: Stress distribution on panel with 4 grooves

5

DISCUSSION

It is clearly shown in ﬁgure 2 that the load reduction from peak to plateau load levels was
lower and more gradual for the panels with chamfered face-sheets than for the reference and
grooved panels. This can be beneﬁcial for vehicle applications, where resulting acceleration
pulses then are likely to be reduced correspondingly. The resulting plateau load of the panels
with chamfered face-sheets was however lower than for panels with grooves. It can further be
noted from ﬁgure 2 that the plateau load is rising for panels with 4 and 9 grooves, but dropping
for panels with 19 grooves and chamfered face-sheets. The reason for this is however yet
unknown.
The peak loads of the panels with grooves were not reduced in proportion to the area reduction. The area reduction of the panels with 4, 9 and 19 grooves were approximately 7%,
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(a) Stress in vertical direction for panel (b) Stress in vertical direction for panel
with 4 grooves
with 19 grooves
Figure 8: Stress distribution on upper and lower edges for panels with 4 and 19 grooves

15% and 32%, respectively. The peak load reduction, however, was only 0.5%, 4% and 27%,
respectively. It should be noted that the scatter in peak load of the panels with four grooves was
relatively high. Two panels had peak loads higher than the reference panels, whereas the peak
loads of the other two panels were lower than expected. One of the panels failed at the edge
without grooves, which indicates that four grooves was insufﬁcient to ensure triggering. The
other tested conﬁgurations showed surprisingly low scatter for the type of sandwich material.
By studying ﬁgures 3-6 it can be noted that the initial delaminations are more concentrated to
the upper edge of the panel with 19 grooves compared to panels with other triggering features.
This is believed to contribute to the more stable progressive end-crushing and higher plateau
load observed for those panels.
The inﬂuence of the two different boundary conditions used in the FE analysis is clearly
shown in ﬁgures 7-8. The boundary effects are more dominant for panels with more grooves.
The stress levels at the lower edge is naturally independent of the number of grooves, whereas
the stress levels increase at the upper edge with increasing number of grooves. It must however
be noted that the stress levels at the edges are mesh dependent due to the singular stress ﬁelds
at the corners.
6

CONCLUSIONS

There is a clear trend that the speciﬁc energy absorption of panels with triggering features
is increased in comparison to that of the reference panels. Four grooves do not ensure that
damage is initiated where intended and the panels with 19 grooves have the highest average
speciﬁc energy absorption. The difference between the panels with 9 and 19 grooves is however
relatively small and not statistically certain.
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Abstract Sandwich structures with various typical core materials as well as monolithic
composite materials have been tested dynamically under perpendicular and in-plane impact
conditions. Load-time and load-displacement diagrams were synchronized with high speed
movies to analyze failure mechanisms and performance under dynamic conditions. The
BALTEK® balsa core material showed the most constant and highest amount of impact
energy absorption. The new type of monolithic composite material, AIREX® PX, performed
superior in comparison with tests performed on common plywood panels.
1 INTRODUCTION
Nowadays, still most of the sandwich parts are designed according to design rules which
apply for quasi-static loads. But in reality, e.g. in a crash, structural parts are subjected to load
rates exceeding the static design loads. Therefore, impact testing of samples or parts produced
using approved processes and materials, is a routine process in the aerospace industry for
components made of advanced composites. In contrast, other industries such as the
automotive lack such procedures, because of big quantities and expected costs. The
fundamental parameters for optimizing the crash performance of a composite part are:
constant absorption of the impact energy, non-catastrophic failure and appropriate methods of
construction and manufacturing. Furthermore, understanding the dynamic behavior of
composite materials is crucial, because in many cases the load rates cannot be considered as
quasi-static anymore.
The impact tester H+ (patent pending) developed for the present study allows impact
testing of panels. The force of the impact is determined indirectly via oscillation
measurements at the test anvil table. In that way, the loads as well as the displacement during
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the entire load process, i.e. also beyond the linear load force/deformation limit, are measured
more accurately, than in conventional instrumented drop weight impact tests [1], [2].
2 EXPERIMENTAL
To obtain comparable results of various core materials and identical skins, impact tests
with the new type of impact tester H+ were performed. In the initial tests presented in the
following only three panels per core material, were tested. Load- and displacement-time
diagrams were measured dynamically during each test and evaluated further.
2.1 Sample Preparation
The sandwich test panels only differed in the type of core material, all the skin laminates
were of identical configuration. The layer composition was as follows: alternating layers of
600 g/m2 woven rowing (WR) and 300 g/m2 chopped strand mat (CSM). The core thickness
in all the panels was 10 mm. A view of the sandwich assembly of a test panel before vacuum
bagging is shown in figure 1. The final test specimens were cut from about 1x1 m2 panels
produced by vacuum infusion using the epoxy resin system: Araldite® LY564 with Aradur®
22962 hardener, both obtained from Huntsman Advanced Materials.

Fig. 1: View of the layer configuration of the sandwich test panels

Sandwich panels with a size of 300 mm x 300 mm were tested perpendicular to the surface
of the panel. Test panels with a size of 300 mm x 100 mm were tested in in-plane condition.
In table 1 the different types of core materials and their typical mechanical properties are
summarized.
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Core Material

BALTEK® SB.150

AIREX® T91.100

AIREX® C70.75

Density [kg/m3]

247

110

80

Compr. Modulus [N/mm2]

7982

65

97

Compr. Strength [N/mm2]

26.3

1.2

1.3

Shear Modulus [N/mm2]

309

18

30

Shear Strength [N/mm2]

4.9

0.75

1.2
®

Table 1: Core materials and their mechanical properties (AIREX datasheet values)

Additional tests were performed on monolithic panels with identical dimensions cut from
the following monolithic materials: Plywood (Okoume Marine Grade), AIREX® PXc.245 and
AIREX® PXw.320 (mechanical properties see table 2). The AIREX® PX family is based on
foamed polyurethane (PUR) reinforced with continuous fibers (AIREX® PXc.245) or with
continuous fibers combined with woven roving reinforcements (AIREX® PXw.320).
Plywood

AIREX® PXc.245*

AIREX® PXw.320*

470

240

320

Compr. Modulus [N/mm ]

-

56

72

Compr. Strength [N/mm2]

-

2.6

1.5

Shear Modulus [N/mm2]

-

63

44

Shear Strength [N/mm2]

-

2.1

Monolithic Materials
Density [kg/m3]
2

0.9
®

Table 2: Monolithic panels and their mechanical properties (* preliminary AIREX datasheet values)

2.2 The Impact Test Equipment
For dynamical investigation of the behavior of different sandwich panels loaded on impact,
the impact tester H+ was designed to the requirements of the Institute of Polymer Technology
and produced at the University of Applied Sciences in Windisch, Switzerland. Monolithic or
sandwich specimens can be tested in perpendicular and in-plane loading. The impact tester
and its detailed configuration are shown in figure 2. A more detailed description of the impact
tester H+ and detailed testing instructions can be found in [3].
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Fig. 2: The impact tester H+ (left) and a detailed view of the testing equipment only (right)

The complete installation is about 4 m in height. The test equipment consisting of the
impactor and its mechanics is carried by two vertical steel girders. A lower crossbeam carries
a steel anvil with a specimen frame fixture for the two load cases to maintain the test panel in
position during loading. The impactor is accelerated by pneumatic pressure, which allows
various loading rates. Thus, the impactor hits the specimen panel with a well-defined kinetic
energy. The acceleration during impact is measured as a function of time via the oscillations
of the testing anvil by the attached sensors. The seismic mass of the whole setup is high,
hence its elevated own frequency avoids interference with the oscillations of the specimen.
After the measurement the harmonics from the anvil and the fixed sample support are
removed from the signal by a Butterworth lowpass filter [4]. The data is converted into a loadtime and further into a load-displacement diagram. Finally, the total energy of the impact is
calculated by integration of the load-time plot. In addition, all the tests are recorded with a
high-speed camera at a frame-rate of 10 kHz and a resolution of 512 x 512 pixels. In all the
tests the impactor was accelerated to a constant speed of 18.45 m/s (66.6 km/h respectively),
which equals a typical average speed in transportation.
2.3 Perpendicular Impact Tests
For the perpendicular impact tests a spherical impactor with a diameter of 57 mm and a
weight of 7.99 kg was used. During the tests, the panels with a size of 300 x 300 mm are
restrained using a fixed support (see figure 3). The impactor penetrates the panels in the
direction perpendicular to the core material plane. The maximum energy absorption occurs,
when maximum damage is caused. Thus, for representative results in terms of the energy
absorption of a sandwich, a complete penetration of the test panels is essential.
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Fig. 3: Fixed support and the corresponding impactor for the perpendicular impact tests

2.4 In-plane Impact Tests
For the in-plane tests, an impactor with a cylindrical shape (diameter 22 mm, axis
perpendicular to the panel plane) and a weight of 7.7 kg had to be used, to avoid delamination
between the core and skins related to the shape of the impactor. In addition, a special kind of
fixed support had to be designed to keep the panels in position and prevent lateral slip during
testing (see figure 4).

Fig. 4: Fixed support and impactor as used for the in-plane tests
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3 RESULTS
The perpendicular and in-plane impact tests were evaluated as described below. In a first
step the high-speed movies were synchronized with the load-time and the load-displacement
diagrams, respectively. On the basis of the synchronization the diagrams were analyzed and
interpreted. The following characteristic values were determined for each test: the maximum
load Fmax during impact, the total displacement q and the overall absorbed energy W. Mean
values were determined of three impact tests for each type of core and monolithic material.
The duration of a perpendicular test was in the range of 5 ms, an in-plane test toke about 8-9
ms.
3.1 Perpendicular Impact
Figure 5 shows the comparison between representative load-displacement diagrams, one
for each of the core materials tested. In figure 6, the same comparison for the monolithic
materials is shown. Compared to the polymer core materials, the balsawood core material
(BALTEK® SB.150) performed best. Both of the synthetic foam cores (AIREX® T91.100 and
C70.75) show a distinct drop in the load after the initial linear-elastic behavior.

BALTEK SB.150
AIREX T91.100
AIREX C70.75

35000

30000

Load [N]

25000

20000

15000

10000

5000

0
0

0.01

0.02

0.03

0.04

0.05

0.06

Displacement [m]

Fig. 5: Comparison of representative load-displacement curves, one for each type of the core material tested
perpendicularly
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Plywood
AIREX PXc.245
AIREX PXw.320

35000

30000

Load [N]

25000

20000

15000

10000

5000

0
0

0.01

0.02

0.03

0.04

0.05

0.06

0.07

0.08

Displacement [m]

Fig. 6: Comparison of representative load-displacement curves for the monolithic panels

The monolithic material AIREX® PXw.320 clearly outperforms the plywood and the
AIREX® PXc.245 core. In table 3, the average characteristic values for the perpendicular
impact of the different sandwich types are summarized.

Core Material
BALTEK® SB.150
AIREX® T91.100
AIREX® C70.75
Monolithic Panels
Plywood
AIREX® PXc.245
AIREX® PXw.320

Fmax
[N]

q
[mm]

W
[J]

33242 ± 2277
34983 ± 2330
34549 ± 2848

63 ± 13
62 ± 6
60 ± 7

1049 ± 107
868 ± 14
906 ± 54

-

37 ± 1
46 ± 3
79 ± 9

194 ± 19
321 ± 27
913 ± 47

Table 3: Average characteristic values for the perpendicular impact test

Comparing the total absorbed energies of the systems, the sandwich with the balsa
BALTEK® SB.150 core is superior. The maximum force during its impact test is less than for
the other systems. The woven fabric reinforced polyurethane PXw.320 shows properties,
which are comparable to the PET (AIREX® T91.100) and PVC (AIREX® C70.75) cores.
Figure 7, shows a BALTEK® SB.150 cored test panel after testing.
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Fig. 7: A BALTEK® SB.150 test panel after the perpendicular impact test (left to right: overview front, close-up
entry- and exit-side)

3.2 In-plane Impact
In figures 8 and 9, a representative load-displacement curve for each of the tested core
materials and the monolithic panels are shown, respectively. In general, the PET core
(AIREX® T91.100) performed worst, while the results for balsa (BALTEK® SB.150) and the
cross-linked PVC (AIREX® C70.75) core are comparable. It has to be stated that in the case
of the PVC core folding of the skins and slip-out from the frame fixation occurred during the
tests. This effect results in additional energy consumption and therefore distorts the results. In
fact, energy absorption only related to the deformation and damage to the structure, is
expected to be less for the AIREX® C70.75 core.
BALTEK SB.150
AIREX T91.100
AIREX C70.75

35000

30000

Load [N]

25000

20000

15000

10000

5000

0
0

0.02

0.04

0.06

0.08

0.1

Displacement [m]

Fig. 8: Comparison of representative load-displacement curves for the core materials for in-plane impact
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For the monolithic panels, the in-plane behavior of plywood and the continuous and woven
roving reinforced polyurethane (AIREX® PXw.320.) in the elastic part is similar. But in all,
the most energy is absorbed by the AIREX® PXw material.
Plywood
AIREX PXc.245
AIREX PXw.320

35000

30000

Load [N]

25000

20000

15000

10000

5000

0
0

0.02

0.04

0.06

0.08

0.1

0.12

Displacement [m]

Fig. 9: Representative load-displacement curves for each of the monolithic panels, in-plane tested

Table 4 summarizes the average characteristic values for the in-plane impact tests of the
different materials.

Core Material
BALTEK® SB.150
AIREX® T91.100
AIREX® C70.75
Monolithic Panels
Plywood
AIREX® PXc.245
AIREX® PXw.320

Fmax
[N]

q
[mm]

W
[J]

14666 ± 248
12696 ± 337
14939 ± 1069

103 ± 5
105 ± 1
114 ± 22*

1109 ± 50
808 ± 6
1070 ± 31

-

136 ± 20
113 ± 12
111 ± 3

845 ± 61
782 ± 21
1342 ± 6

Table 4: Average characteristic values for the in-plane impact tests (* folding of the skins during all the tests)
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4 DISCUSSION
Dependant on the load rate during the impact, its energy is dissipated through different
mechanisms taking place in the composite. Below a certain energy level, only reversible
elastic deformation occurs, which does not cause any permanent damage. With increasing
magnitude of the impact, not all the energy can be absorbed elastically, hence as a result
permanent plastic deformation occurs. Finally, the remaining energy is absorbed by structural
damage and ultimately its complete failure.
4.1 CoreMaterials - Perpendicular
In the tests of the present work, the impact energy was chosen in order to achieve
catastrophic failure, i.e. complete penetration of the specimen. The images (figure 10. a – d)
below show the different stages of a perpendicular impact test of a sandwich with a PET
(AIREX® T91.100) core. Their connection to the load-time and load-displacement diagrams
is shown and discussed, as are the energy absorption mechanisms in the composite.
a)

b)

c)

d)

Fig. 10: Different stages of damage propagation during a perpendicular impact test and the corresponding
load-time and load-displacement diagrams

In an initial phase, shown in figure 10.a) a nearly linear-elastic behavior is found, followed
by plastic deformation of the core and finally a load drop, due to crack initiation (first peak
maxima) in the top skin (figure 10.b)), occurs. In figure 10.c) the crack appears on the surface
of the top skin followed by further energy consumption through linear-elastic deformation of
the second skin, until at the second maxima, at which this skin fails too. Finally, the impactor
penetrates the second skin (figure 10.d)) and the oscillations of the panel come to a halt. As
can be seen from the load-displacement curves shown in figure 5, the balsa BALTEK®
SB.150 core absorbs the most energy with a maximum load peak in the range of the two
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synthetic foam cores. This effect is related to the by magnitudes higher compressive and shear
strength/modulus of the balsa core, which allows a more efficient load transfer from the top to
the lower skin laminate. The PET (AIREX® T91.100) and the cross-linked PVC (AIREX®
C70.75) cores show a more distinct drop in the load after the initial linear-elastic slope,
related to the cracking of the top skins and deformation of the core.
4.2 Core Materials – In-plane
In the in-plane tests a quite different behavior was found. Figure 11.a), the impactor enters
the sample, the core is deformed and the skins fail, which results in a linear-like slope.
Delamination of the core and the skins is initiated at the site of the impact (figure 11.b), the
skins are torn apart further. Finally, the core is torn apart in the plane parallel to the surface
(figure 11.c). The combination of cracking and shear of the core, propagates further (figure
11.d) until the impactor exits the sample.
a)

b)

c)

d)

Fig. 11: Synchronized pictures from a high speed camera and the corresponding load-time and loaddisplacement diagrams

The balsa (BALTEK® SB.150) and PVC (AIREX® C70.75) cores consume about the same
amount of energy. The PET (AIREX® T91.100) core consumes less, which could be related
its more brittle behavior.
4.2 Monolithic Materials
In general, the energy absorption of the monolithic specimens is less constant than for the
sandwich panels and the difference between perpendicular and in-plane impact is much more
significant. The load is transmitted more or less directly from the beginning of the impact,
after the maximum load, a constant drop occurs until penetration of the panel.
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5 CONCLUSIONS
Sandwich and monolithic panels have been dynamically tested in perpendicular and inplane loading with respect to impact behavior. By means of load-time and load-displacement
diagrams synchronized with high speed movies, the mechanisms of damage propagation
could be identified and analyzed.
With respect to energy absorption, the balsa (BALTEK® SB.150) core clearly
outperformed the other materials, but not as clearly as could be expected on the basis of its
shear strength/modulus. In applications requiring high weight to stiffness ratios, the AIREX®
C70.75 and the AIREX® T91.100 gain in attractiveness. For the monolithic panel of
polyurethane (AIREX® PXw.320) continuous fiber combined with woven roving
reinforcements, impact energy absorption comparable to the foam cores was found. As a
matter of fact, this material could be used as a substitute for plywood or even for some
sandwich parts, where the weight to stiffness ratio is not crucial.
For a more thorough investigation and validation of the impact test equipment, the test
procedure and the different types of core materials, a statistically more relevant number of
panels made from different core materials, should be tested.
As a further consequence from the above results on energy absorption, tests should be
performed to further investigate the influence of the strength, stiffness and stress-strain
behavior of the skin laminate, which might dominate the results obtained in the present work.
6 REFERENCES
[1] L. Berger, R. Stadelmann, C. Dransfeld, K. Loiselet, S. Derler and R. Stämpfli, in Proc.
22nd SAMPE Europe Conference, Paris, SAMPE Europe, Aalsmer 2001, pp. 549-560
[2] M. Morgenthaler, L. Berger, P. Fritzsche, I. Wyss, J. Müller, S. Derler and R. Stämpfli, in
Proc. 24th SAMPE Europe Conference, Paris, SAMPE Europe, Aalsmer 2003, pp. 213-220
[3] F. Dürig und I. Lüthi, Impactverhalten von Faser-Kunstoff-Verbunden für die
Transportindustrie, Diplomarbeit, Fachhochschule Nordwestschweiz (2007)
[4] MATLAB User’s Guide
[5] J. Müller, P. Fritzsche, W. Berchthold, Ch. Kissling, C. Dransfeld and R. Stadelmann, in
Proc. 5th Int. Conf. Sandwich Constr., Zurich, EMAS, Solihull, UK, 2000, pp. 719-726

414

TESTING

8th International Conference on Sandwich Structures
ICSS 8
A. J. M. Ferreira (Editor)
FEUP, Porto, 2008

ADVANCED MECHANICAL TESTING OF SANDWICH MATERIALS
Brian Hayman*, Christian Berggreen†, Claus Jenstrup† and Kasper Karlsen†
*

Section for Structural Integrity and Laboratories, Det Norske Veritas AS, N-1322 Høvik, Norway
and
Department of Mathematics, University of Oslo, PO Box 1053, Blindern, N-0316 Oslo, Norway
e-mail: brian.hayman@dnv.com, web page: http://www.dnv.com and http://www.math.uio.no
†

Department of Mechanical Engineering
Technical University of Denmark
Nils Koppels Allé, Building 403, DK-2800 Kgs. Lyngby, Denmark
e-mail: cbe@mek.dtu.dk, web page: http://www.mek.dtu.dk

Key words: Sandwich structures, Experimental mechanics, PVC cores, Face laminates,
Digital Image Correlation, DIC.
Summary. An advanced digital optical system has been used to measure surface strains on
sandwich face and core specimens tested in a project concerned with improved criteria for
designing sandwich X-joints. The face sheet specimens were of glass reinforced polyester and
were tested in tension. The core specimens were of PVC foam and were tested in
compression. The tests were performed in order to validate the use of the measurement system
on these materials and to obtain material data for use in numerical simulations. While some
limitations were identified, the optical system performed well and appears suitable for use in
such a context.

1 INTRODUCTION
The advent of advanced digital optical equipment for measuring and recording the
deformation of materials and structures under mechanical loadings is providing a vast range
of new capabilities in laboratory testing. Such a Digital Image Correlation (DIC) system
(ARAMIS 4M), based on photo-grammetric and speckle interferometric principles with the
use of two digital cameras, has been used to measure surface strain fields on sandwich face
and core material specimens and on structural specimens representing an X-joint at a typical
bulkhead-deck junction in a composite sandwich ship [1]. The structural sandwich specimens
consisted of full X-joint specimens tested under compressive loading and beam specimens
subjected to face pull-off loading. The results of these beam and X-joint tests have been
presented, and compared with numerical simulations, in previous publications [2,3,4]. The
current paper describes the face and core material tests, which were performed in order to
validate the use of the measurement system on these materials and to obtain material data for
use in the numerical simulations. A further objective was to compare measured elastic
properties for foam cores with previously unpublished results from earlier studies.
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2 FACE LAMINATE TESTS
2.1 Purpose
The sandwich face sheet material is a quasi-isotropic laminate consisting of a polyester
matrix with four non-crimp E-glass reinforcement mats of type Devold DBLT 850-E10-1.
Linear-elastic properties and the ultimate strength were required for use in finite element
modelling studies on the X-joints using ABAQUS. The objectives of the tests were to obtain
the required material properties in tension, to verify the accuracy of the DIC system, and to
check for non-uniformity of the stress distribution in a way that is not possible using
conventional instrumentation systems.
2.2 Laminate test specimens and test procedure
Face laminate tensile tests were performed in accordance with ISO 527-1 [5], using four
parallel-sided specimens of type 3 according to ISO 527-4 [6]. These specimens, referred to
here as type L, were 25 mm wide by approximately 3 mm thick and fitted with bonded
aluminium tabs 150 mm apart. Three additional specimens of “dog-bone” shape, type 1
according to ISO 527-4, were also tested. These are designated here as type TL specimens.
The testing was performed in two stages. A speckle pattern was applied to one face of each
specimen for use with the DIC system. In the first stage a conventional extensometer was also
attached to the middle region of the specimen. The Young’s modulus E and Poisson’s ratio Ȟ
were estimated from the measurements. In the second stage the extensometer was removed
and the test continued to failure.
2.3 Elastic modulus
The tensile stress was calculated by dividing the load applied by the test machine by the
mean cross-sectional area of the specimen in the central region. In the linear-elastic range the
longitudinal strain was obtained by three methods:
x
x
x

Directly from the extensometer
Indirectly from the DIC system by taking the change in distance between two fixed points
(stage points) P1 and P2 approximately 25 mm apart on the longitudinal axis of the
specimen and dividing by the original distance between them.
Directly from the DIC system for a point P0 close to the centre of the specimen

The stress-strain relations obtained for the four L-type specimens based on strains
established by the first and second methods showed very close agreement. There was some
variation between the four specimens, but this was extremely small in the initial, linear region.
The results obtained by the third method showed some oscillation but otherwise agreed well
with the first and second methods. Each digital image is divided into a number of small facets
used for strain/displacement calculation and position identification in the two digital images
for each load stage [7]. The oscillation in the direct DIC strain results is believed to have been
caused by the selection of a smaller than optimal facet size. Figure 1 shows the results from
each of the three methods, averaged for the four type L specimens. It also shows the averaged
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results for the type L specimens tested in the elastic regime, for the type L specimens in the
initial part of the ultimate strength test, and for the type TL specimens. From the right-hand
plot a value 14.5 GPa is concluded for the elastic modulus in the longitudinal direction of the
specimens.

Figure 1: (Left) Plot of average results from all four L-type laminate specimens in tension. The results are from
the point strain, point-point distance and extensometer measurements, respectively. (Right) Averaged stressstrain relations in the elastic regime for the different specimen types.

2.4 Poisson’s ratio
From the DIC measurements it was possible to obtain the transverse strain İx as well as the
longitudinal strain İy, thus enabling a direct estimation of Poisson’s ratio for the laminate.
Figure 2 shows the İx-İy plot obtained from three different sets of measurement data:
x
x
x

The average strain readings from the tests on the four parallel-sided type L specimens in
the linear-elastic range
The average strain readings from the ultimate strength tests on the four type L specimens
The average strain readings from the ultimate strength tests on the three dog-bone type TL
specimens

Figure 2: Plot of transverse strain against longitudinal strain for laminates, averaged for each test/specimen type,
with trendline.
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Also shown in Figure 2 is the straight line given by İx/İy = 0.33, which gives a very good
fit to all the test data. Thus it is concluded that Poisson’s ratio Ȟxy may be taken as 0.33 for this
laminate material.
2.5 Ultimate strength
Figure 3 (left) shows the DIC images for the longitudinal strain İy in the four type L
specimens at approximately the same load level, close to the ultimate strength. These
demonstrate that there are strain concentrations in the regions adjacent to the aluminium tabs,
but these concentrations decay over a distance less than 15 mm. Otherwise the strain levels
are quite uniform over the specimen surfaces. In these specimens fracture was initiated in the
regions close to the tabs, while in the dog-bone specimens fracture occurred close to the end
of the region with reduced width (Figure 3, right).

Figure 3: (Left) Longitudinal tensile strains in four face laminate specimens at approximately equal load levels
approaching failure, from DIC measurements. (Right) Laminate specimens after testing to failure.

Specimen
L1
L2
L3
L4
TL1
TL2
TL3
Mean
Std. deviation
COV

Strain (%)
2.13
2.44
2.60
2.85
2.02
3.21
2.48
2.53
0.41
0.16

Stress (MPa)
277
253
251
259
275
270
276
266
11
0.04

Table 1: Ultimate strains and stresses for laminate specimens
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Table 1 shows the stress and strain at failure for each of the specimens tested. The stresses
are obtained by dividing the maximum load recorded by the test machine by the area of crosssection of the specimen. The strains are those indicated by the DIC system at distances greater
than 15 mm from the end tabs. Note that the scatter in strain values is much greater than the
scatter in stress values.
3 FOAM CORE COMPRESSION TESTS
3.1 Background and purpose of tests
The sandwich core material studied is Divinycell H200, a structural closed-cell PVC foam
of nominal density 200 kg/m2. Material properties for this material were required for use in
modelling studies on the sandwich X-joints. The main focus was on obtaining properties for
use with the non-linear crushable foam material model in ABAQUS, but the elastic properties
were also studied.
The establishment of linear and non-linear properties for foam core materials presents
special challenges because the material is in practice neither homogeneous nor isotropic. It is
common practice in modelling of sandwich structures to neglect these effects, however, at
least as far as the linear-elastic properties are concerned. Thus linear FE modelling requires
the selection of a Young’s modulus value E and a Poisson’s ratio value Ȟ that give the best
representation of the response. Given these properties, and assuming isotropic behaviour, the
shear modulus G is given by the well-known relationship

G

E
2 1 Q

(1)

A further elastic modulus that is sometimes of interest for sandwich structures is the
effective modulus E' for deformation in the thickness direction when the sandwich face
sheets, which are much stiffer than the foam core, inhibit in-plane deformation. This modulus
is needed, for example, when calculating the natural frequency for through-the-thickness
vibrations. For the limiting case when in-plane strains are totally prevented, it can be shown
from the three-dimensional Hooke’s law relationships that
Ec

E 1 Q
1  Q 1  2Q

(2)

Note that, for Ȟ = 0.3, E'/E = 1.35 whilst for Ȟ = 0.4, E'/E = 2.14. During tensile or
compressive testing of foam core specimens there is often some uncertainty about the extent
to which strains perpendicular to the loading direction are restricted by the conditions at the
interface between the test specimen and the test fittings. If the test specimen is bonded at its
ends these strains are clearly inhibited at the ends but the effect of the restraint will decay as
the distance from the ends increases. In a compression test without bonding there may be
significant frictional stresses at the specimen ends that produce a similar effect. This throws
some doubt on the accuracy of measurements of both E and Ȟ when carried out on specimens
whose length in the load direction is not significantly greater than the transverse dimension.
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In the late 1980’s some limited tests (hitherto unpublished) were carried out at Det Norske
Veritas to find the effective E and Ȟ values for a Divinycell H200 foam by a novel method.
Firstly the shear modulus G for out-of-plane shear deformation was measured by a
conventional block shear test in accordance with ISO 1922 [7]. Then a test was performed to
measure E' directly. This was performed by bonding a disc of core material 30 mm thick and
280 mm in diameter between two thick, steel discs of slightly larger diameter. This was then
tested in compression and the relative movement of the two steel discs was measured using
LVDTs at opposite ends of a diameter. Two such specimens were tested and the mean of the
two results taken. The test results indicated G = 89 MPa (which agrees well with the value
90 MPa stated in the manufacturer’s data sheet at that time) and E' = 466 MPa. The elastic
properties back-calculated from these results using equations (1) and (2) were E = 246 MPa
and Ȟ = 0.38, which are quite different from those being quoted by the manufacturer and
others at the time. The elastic modulus being quoted by the manufacturer for compression was
390 MPa, which lies between the E and E' values obtained from the DNV tests. The value of
Poisson’s ratio being quoted by the manufacturer was 0.32.
In 1996, tensile tests on the H200 material were carried out at the Norwegian Defence
Research Institute as part of the project EUCLID RTP3.8 [9]. These tests, whose results have
not been previously published, used a fairly long, cylindrical specimen with conical ends.
Extensometers were fitted to measure both longitudinal and transverse strains. Similar tests
were performed in compression but using cube-shaped specimens. The tests confirmed the
value of Poisson’s ratio found previously by DNV: a value of 0.37 was found from the tensile
tests and a value of 0.39 from the compressive tests. The measured mean tensile modulus in
the thickness direction was 256 MPa, just 4% higher than DNV’s value, the values agreeing
within the experimental scatter. The measured mean compressive modulus was 319 MPa, but,
as mentioned above, this was from cube-shaped specimens in which there may well have been
some restraint of transverse deformation. For limitingly small stress levels one would expect
the tensile and compressive moduli to be equal. Modulus values were also obtained for
specimens cut from material in such a way that they were loaded in the in-plane direction of
the core sheet. These showed somewhat lower modulus values in both tension and
compression, confirming that the material is not isotropic.
Branner [10] made a detailed study of predictions of elastic properties of structural foams
and showed that values of Poisson’s ratio between 0.35 and 0.4 could be expected from
theoretical considerations for a typical PVC foam in this density range. However, like the
manufacturers, he quoted 0.32 as a most typical value.
The availability of the DIC measurement system opened up for a more thorough study of
elastic properties, including Poisson’s ratio, as it makes possible the direct simultaneous
measurement of longitudinal and transverse strains and captures the variation of these strains
over the surface of a specimen.
3.2 Foam core test specimens and procedure

Four different specimen types were used for testing the foam core material (Figure 4):
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x
x
x
x

Square cross-section specimens with tapered ends, as specified in ISO 844 [11]; the
prismatic part is a 50 x 50 x 50 mm cube. These specimens are designated type Q.
Circular cross-section specimens with tapered ends, as specified in ISO 844 [11]; the
prismatic part is 50 mm high with 50 mm diameter. Designated type C.
Rectangular block specimens, 70 x 70 x 50 mm without tapered ends, designated cube.
Circular cylindrical specimens 50 mm high with 50 mm diameter, without tapered ends,
designated cyl.

Figure 4: The four types of foam core specimens for compression testing (Q, C, cube and cyl), with approximate
indications of stage point locations

For each Q type specimen the test was performed in two stages, the first being within the
elastic range and the second proceeding well into the crushing and densification ranges. One
face of each specimen was prepared with a speckle pattern for the DIC system. This enabled
surface displacements and strains to be determined in both stages of the tests. A conventional
extensometer with gauge length 25 mm was used in addition to measure axial strains in the
first (elastic) stage. For all other specimen types the specimen was subjected to a single test
covering the elastic, crushing and densification ranges, with the DIC system in operation but
without the use of an extensometer. In the elastic range the results were used to obtain values
of Young’s modulus and Poisson’s ratio, in addition to displaying information about variation
of strain levels over the specimen surface. This is particularly interesting for the material in
question in view of the comments made in Section 3.1. In the non-linear range the results
were used to establish the full stress-strain curve for use with the foam crushing material
model.
3.3 Elastic modulus

In the elastic range the responses were processed for the five Q-type specimens in the same
three ways as described for the corresponding laminate tests (Section 2.3). The three strain
measurement methods were found to be consistent. Figure 5 shows the point strain pictures
for strains in the loading direction for three of these specimens when subject to approximately
the same load level. In each specimen some strain concentration is observed at the transition
to the tapered part. Otherwise the strains are fairly uniform over the face, though there is some
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evidence of slightly increased strain in the central region of the right-hand specimen; this is
probably be due to a slightly lower density in this region, which is quite common in sheets of
foam material.
Figure 6 (left) shows the results from each of the three methods, averaged for the five type
Q specimens. Figure 6 (right) shows the averaged results for the Q, C and “cyl” type
specimens obtained directly from the DIC system for the centre stage points, and taken
somewhat beyond the elastic range. For the Q type specimens the figure includes both the
initial test confined to the elastic range and the second test (denoted Qu) carried on into the
non-linear range. In the elastic range the plots are compared with the line representing E =
250 MPa. This value agrees very closely with the results reported from previous studies in
Section 3.1.

Figure 5: DIC images of longitudinal strain in foam core specimens Q3, Q4 and Q5 exposed to approximately
the same magnitude of compressive loading.

Figure 6: Stress-strain curves for foam core specimens (left) averaged values for Q-type specimens for each
measurement method, and (right) averaged values for each specimen/test type obtained from point strain
measurements at centre of specimen face..
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Figure 7: Transverse strain İx plotted against the longitudinal strain İy, for foam core, averaged results for each
specimen type/test, showing also the line implied by Poisson’s ratio = 0.32.

3.4 Poisson’s ratio

Figure 7 shows the transverse strain İx plotted against the longitudinal strain İy, as was
done with the laminate test results. These results are based on the average figures for each of
the four specimen types, using the DIC point strain measurements. It is seen that, at low strain
levels, the Q type specimens give highly irregular results, most likely due to a small
misalignment of the loaded specimen surfaces, which introduce a slightly uneven initial strain
distribution in the specimens. The results are otherwise reasonably compatible with a
Poisson’s ratio of 0.32, the data sheet value. However, an adequate fit is also obtained with Ȟ
= 0.35. Although inconclusive, these results do not appear to support the values of about 0.38
reported from earlier tests in Section 3.1.
3.5 Non-linear response

In the inelastic range the DIC system was found to be able to cope with compressive
strains up to about 20%; beyond this the surface became too distorted for the software to
continue recognising the speckle pattern, so that the only way of estimating strains was to use
the test machine cross-head displacement. While this can be expected to introduce some error,
it is considered acceptable at such large strains as were achieved in the tests and in view of the
low stiffness of the specimen to that of the loading arrangement in the test machine. Figure 8
shows vertical compressive strains from the DIC system at two load levels in the crushing
regime. The deformation is seen to be somewhat concentrated in the central part of the
specimen, where the density is lowest.
Figure 9 shows stress-strain relations derived for the “cyl” and “cube” type specimens. The
left-hand graph shows nominal engineering strains while the right-hand graph shows “true”
logarithmic strains. Following the initial, linear-elastic regime, a crushing regime is seen,
during which the stress increases more slowly with increasing strain. The strain at crushing
initiation was found to be in the region of 2% for all the specimens tested. Finally, for strains
above about 44% densification of the foam occurs. Both graphs show in addition two straight
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lines that can be used to approximate the material response by means of two stiffnesses
representing the crushing and densification regimes.

Figure 8: Compressive strains in a rectangular foam core specimen at two load levels in the crushing regime,
showing concentration of deformation in the central region at which the density is lower.

Figure 9: Stress-strain relationships for the foam material with nominal engineering strain (left) and “true”
logarithmic strain (right)

CONCLUSIONS

Material properties for use in finite element analysis of sandwich structures have been
obtained from tests on Divinycell H200 core with the assistance of an advanced optical strain
measurement DIC system. In the linear-elastic regime measurements by the DIC system
showed good consistency with traditional extensometer measurements and good agreement
was achieved when comparing with earlier measurements of both E-modulus and Poisson’s
ratio. In the non-linear regime, where conventional extensometer measurements are difficult
to perform without damage to the extensometer, the DIC system continued to perform well; in
the case of the foam core it could measure strains up to about 20%. Stress-strain relations
were measured successfully clearly indicating both crushing initiation and densification. The
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test method demonstrated here makes it possible to acquire in a simple and uncomplicated
way advanced stress-strain material data for foam materials.
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Summary: This research show, how 3D FE-Tools can be effectively used in forcing
conventional test specimen to fail predominantly under shear. Changing the dimension of the
test specimen by attaching simple geometrical shapes is one way to achieve this. Guidelines
for the determination of shear strength of PUR-Foam core by using standard 4-Point bending
tests are given. These guidelines are based on numerical prediction using finite element
analysis and experimental verification. The approach provided here can be carried out for
both static and dynamic characterization of shear strength of sandwich materials.
1 INTRODUCTION
Typically, cores are the weakest part of sandwich structures and they fail due to shear.
Therefore, understanding the shear strength properties of sandwich core plays an important
role in the design of sandwich structures subjected to flexural loading. Bending tests are often
performed in understanding the flexural behavior of sandwich structures. In theory, this
testing procedure could also be employed to determine the shear strength of the core material.
But in practice, failure modes such as face wrinkling, local indentation or a combination of
both occurs beforehand especially for low density PUR-foam materials. Zones prone to such a
failure in a four point bending test bench are shown in Fig. 1. Because of these unwanted
premature failure modes, core shear failure may not be realized easily in practice.

Figure 1: Local failure
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The aim of this paper is to provide a guideline with the help of which, sandwich beams
with low density foam core materials can be forced to fail predominantly under shear stresses.
Hence shear strength of the sandwich core can be determined. Some advantages of
determining shear strength using four point bending test by avoiding conventional shear
testing standards such as DIN 53 294 [1] or ASTM 273 00 [2] include:
- No additional acquisition or production costs and reduced time consumption in
preparing additional test specimens.
- The specimens undergo rather in-service testing conditions.
- The determined strength value strongly considers uncertainties in manufacturing,
for instance the material in-homogeneity within the core. During testing, the
sandwich beam undertakes shear loadings along two different regions that lie
between the inner and outer support of the test bench. With similar testing
conditions, the weaker region is the one to fail first under shear. Hence
overestimating the shear strength of sandwich core can be effectively avoided.
The failure mode of sandwich structure depends on the loading configuration of the
structure, its material properties and the geometry of the structure [3]. Hence by modifying
the geometry of the structure, the desired failure mode (core shear failure) could be achieved.
Fig. 2a shows the core shear failure of the sandwich beam with PUR-foam core under a 4point bending test done at the institute. In this case, the geometry of the beam is modified by
gluing thin metal plates with a thickness of about 1.5 mm to the sandwich beam. These plates
are placed above the lines of force transmission of the sandwich beam to overcome the face
wrinkling failure mode of the structure. The region in between outer and inner roller supports
of the sandwich beam (Fig. 2b) is defined in this paper as shear zone.

Figure 2: a) core shear failure; b) shear zones

Although pure shear conditions cannot be achieved in a 4-point bending test bench, the
dimensions and the shape of the modifying element can be varied in such a way that the
secondary stresses i.e., compressive and tensile stresses at the failure region are negligible.
Analytical calculations to determine local stress distribution or failure modes for such a

429

Jörg Feldhusen, Sivakumara K. Krishnamoorthy and Martin J. Benders

geometrically modified beam are quite difficult to obtain. Therefore, 3D finite-element
analysis is used to understand the mechanical behavior of modified beam structures. The
shape and the dimensions of the modifying element are varied systematically using FEM until
the structure fails predominantly under shear.
2 MODIFYING ELEMENT- A SYSTEMATIC APPROACH
The modifying element shall enable smooth force transmission from the bending text
fixture to the sandwich beam by maximizing shear stresses and minimizing localized
compressive stresses at the shear zones. Hence the dimensions are to be carefully chosen so
that important parameters are not neglected. Systematic variation of working surfaces of the
modifying element is one way to avoid the negligence of important parameters. In the
Table 1, few possible variants are shown. Finding the appropriate shape and topology of the
variants 2 and 3 in Table 1 by using commercial topology or shape optimization software’s
could be useful in an academic point. But in a practice, this idea could not be quite
satisfactory because it incorporates additional manufacturing effort, cost and time. Hence in
this work, the shape variants 2 and 3 are not investigated using numerical simulation.
Variants

1

2

3

Shape and
Topology

Position

Variables: a, b

Size
Variable thickness t

Variable angle ĳ

Number

Table 1 : Variants of the modifying elements
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3 NUMERICAL SIMULATION AND THEORY
The FEM-Software ALGORTM is used for the simulation of sandwich structures. The
structure is appropriately modeled and discretized to achieve solution convergence. Detailed
approach of 3D-modeling and simulation of sandwich structures using commercial FESoftwares is provided in literature [4]. The results obtained from simulations are used to
understand
the
distribution
of
3-dimensional
tensor
stress
components
V XX , V YY , V ZZ , V XY , V YZ , and V XZ of sandwich core. The coordinate system and the beam
dimensions are shown in Figure 3. These dimensions are chosen in accordance with DIN
53293 [5]. Previous investigations with simple modifying elements have shown that the
consideration of the stress components V XX , V ZZ , V XZ and V XY at the shear zones is trivial,
because the magnitudes of these components are negligible in comparison with the
magnitudes of the compressive ( V YY ) and shear ( V YZ ) components. Hence the aim of
numerical simulation is to provide guidelines with which V YZ components are maximized and
V YY components are minimized, resulting in an almost pure shear failure at the shear zones.
The shape of the modifying elements is kept as simple as possible, but its influence in
minimizing V YY components by variation of its position, size and number is investigated
further.

Figure 3: Beam dimensions in millimeters

The material parameters Young’s modulus (E), Shear modulus (G) and the density ( U ) of
the sandwich beam considered here is presented in Table 2.
Sandwich material
Face (Steel)
Core (PUR)

E [MPa]
200,000
14

G [MPa]
75,500
5.93

Table 2 : Material Properties
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3.1 Position study
The aim of this study is to generalize the influence of position of simple modifying
elements (metals plates) in reducing compressive stresses in shear zone. The variables a and b
specified here are defined in Table 1. Four metal plates with a thickness of 10 mm are
attached along the line of transmission of forces. Three different scenarios are simulated in
which the variable a is kept constant as 50 mm and the variable b is varied as follows;
i) 70 mm, ii) 130 mm and iii) 220 mm. Where the variable a lis positioned outside shear zones
and hence its variation is considered trivial. The beam is loaded with a force of 4 kN in a fourpoint bending simulation. Results of the simulations at shear zones can be seen in Figure 5.
Here, only the tensor stress components V YY that cause unwanted compressive stresses are
shown. It can be clearly seen that the variant iii) allows smooth transmission of compressive
forces, whereas variants i) and ii) have strong stiffness incompatibilities. Hence for sandwich
beams having relatively thin face sheets, following conclusion can be met. The variable b of
the modifying element shall be so chosen, that they overlap each along the shear zones to
minimize compressive stress components.

Figure 4: Compressive tensor stress components

3.2 Thickness study
To understand the influence of thickness of the modifying elements, several simulations
have been carried out with varying thicknesses. The dimensions a and b are chosen based on
the previous study i.e. variant iii, where stiffness incompatibilities are relatively low. Table 3
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shows the influence of thickness in determining the maximum compressive and shear stresses
at shear zones for a load of 6 kN. These values are normalized stress components that are
taken directly from the results of simulations. For illustration, the distribution of compressive
stresses ( V YY ) and shear stresses ( V YZ ) in the core with modifying plates having a thickness
of 1 mm is shown in figure 5. Here, attention shall be paid to the maximum values in the
respective stress tensor scales.
V YZ [MPa]
V YY [MPa]
Plate thickness (mm)
1
0.29
0.37
2
0.27
0.25
4
0.24
0.13
10
0.125
0.08
Table 3 : Maximal shear and compressive tensor components in shear zones

Figure 5: a) compressive stresses at a shear zone; b) shear stresses at shear zones

Based on these results, three important conclusions can be met:
3.2.1

Firstly, both compressive and shear stresses in the shear zone reduces as the
thickness of modifying plates increases. This idea can be used to improve the load
carrying capacity of sandwich structures in practical applications.
3.2.2 Secondly, shear failure may not be realized at all by using modifying elements
having thickness that are over-dimensioned due to probable occurrence of other
failure modes outside shear zones. Hence thickness of the modifying plate shall be
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3.2.3

carefully chosen by understanding the bending behavior of sandwich beam by
considering its material and geometric properties.
Thirdly, it is obvious from the Table 3, that the thickness of the plate should be
large enough at the line of transmission of forces to minimize compressive stresses
and small enough at the shear critical zones to maximize shear stresses. This can
be achieved by adding additional plate elements along the line of transmission of
forces. For illustration, a simulation is carried out by changing the model shown in
Figure 5, by adding additional plate elements with a thickness of 1 mm and a
length 30 mm (Figure 6a). With this simple dimensional change, the maximum
compressive stresses occurring at shear zones can be reduced approximately by
78% (Figure 6b). Here the maximum obtained values of the tensor components
V YZ and V YY are 0.28 MPa and 0.08 MPa respectively. But unfortunately in this
case, it can also be seen that the compressive stresses, in close vicinity to the shear
zones is getting significant. This may lead to shear and local failure, if the
compressive strength is weaker at this region. Hence in such situations the length
of the additional plate element can be adjusted or the thickness of the modifying
element can be enlarged (say 1.5 mm) to allow smooth transmission of forces.

Figure 6: a) CAD Model; b) Compressive stresses with additional plate elements

3.3 Theoretical predictions – a comparison
Though for complex geometries, one cannot directly compare the maximum stress
components of FEM-Simulations with simple sandwich beam theories, there are few
advantages in doing so:
x Under circumstances where FE-Programs are not available, such comparisons would
allow to choose an appropriate theory with which the shear strength of sandwich
structures can be analytically determined.
x In all the above mentioned FE-Simulations, it is assumed that the properties of the core
material are homogeneous throughout the structure. But in practice, due to the
inconsistency in manufacturing, the strength properties of sandwich core materials
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often vary from region to region. This may lead to strong deviations in experimental
results. Here, it would be difficult to say if the deviation occurs due to modeling error
or due to the manufacturing inconsistency. In such cases, the comparison of FEMresults with established theories would ensure the correctness of the FE-Modeling to a
certain extent.
In this part of this paper, the shear stress calculation based on DIN 53293 [5] and
Zenkert [3] in a bending test is compared with FE-simulations. According to DIN 53293, the
shear stress ( V shear1 ) of a sandwich beam in a four-point bending is given by;

V shear1 =

(1)

F
2bd

Where, b and d are respectively the breadth and thickness of the sandwich beam. In this
formula, the material properties of the neither the core nor the face sheet is taken in to
account. On contrary, the sandwich theory proposed in Zenkert considers both geometrical as
well as material properties in calculating maximum shear stress ( V shear 2 ) in sandwich core and
can be written as follows:
(2)

2
F §¨ E f t f (d  t f ) Ec t c ·¸
V shear 2 =

2bD ¨©
2
8 ¸¹

D

3
E f t f (d  t f ) 2 E f t f
Ec t c


12
2
6

(3)

3

Where, E f and Ec are the elastic moduli of the face and core materials respectively. The
thicknesses of the face and core materials are given as t f and t c respectively. The variable D
represents the flexural rigidity of the sandwich beam. It shall be noted that the Formula 2 and
3 slightly differs from the one mentioned in Zenkert because of differences in the definition of
variables in this paper. In Table 4, FE-Results are compared with theoretical predictions. The
thickness d for these calculations is taken from the cross-section that results in maximum
shear stresses. FE-Results have a very good correlation with theoretical predictions according
to Zenkert for modifying plates having relatively small thickness, in this case up to say 4 mm.
Plate thickness (mm)

Max. V YZ [MPa]

1
2
4
10

0.29
0.27
0.24
0.125

Max. V shear 2 [MPa]
0.29
0.27
0.25
0.22

Table 4 : Comparison of maximum shear stresses
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4 EXPERIMENTAL VERIFICATION
4.1 Influence of thickness

Experimental results agree excellent with the numerical simulations. As suggested before,
the load carrying capacity of the sandwich structure increases with the increasing thickness of
modifying plates. Three different experiments have been carried out with modifying plates
having thicknesses of 2 mm, 1.5 mm and 1 mm and the load at which the failure occurs is
approx. 6.4 kN, 5.5 kN and 5.2 kN respectively. To reduce local compressive stresses by
using 1 mm plate (see Fig. 5 a), additional plate elements are bonded as exactly as suggested
in section 3.2.3. As predicted in this section, shear crack starts to propagate in the weaker
shear zone (Fig 7a), but the failure occurs due to local compressive stresses at the vicinity of
the shear zone. For the other two cases; plates with 2 mm and 1.5 mm thicknesses, the
structure has failed predominatly under shear. Figure 7b shows shear failure with plate
elements of 2 mm thickness.

Figure 7: a) Local failure with shear crack propagation b) Predominant Shear failure

4.2 Influence of position

Three different experiments are carried out by varying the position of modifying elements
as suggested in section 3.1, with plates having a thickness of 2 mm. The predominant mode of
failure in all of these experiments is shear failure. However, the results are not consistent with
the predictions using numerical simulation. It is expected that the plates that overlap each
other at shear zones are the ones to have the largest load carrying capacity due to smooth
transmission of compressive forces. But experiments show that the load carrying capacity
varies randomly from ca. 6.4 kN up to ca. 6.7 kN without conforming to the predicted pattern.
This non-conformity is only marginal and can be attributed to the manufacturing defects such
as cavities in the core material (Figure 7a and Figure 8).
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Figure 8: Inherent manufacturing defects in the core material

5 CONCLUSION

The thickness of plate elements has a determining role in finding the shear strength of
sandwich core materials. Experimental results agree very well with FE- Simulations in this
aspect. An almost pure shear failure can be obtained by using plates that have a varying
thickness along the shear zone. One way to realize this in practice is by gluing additional plate
elements. The length of such elements shall be determined beforehand using FE-Analysis to
avoid stiffness discontinuities. Here the knowledge of the compressive strength of the core
material would be helpful to avoid compressive failure in the vicinity of shear zones. Though
the effect of the position of the plate element cannot be experimentally verified due to
inherent manufacturing defects in the core material, the deviations of the failure loads are only
marginal.
Based on this research, a guideline is given below to determine the shear strength of weak
core materials. Although a predominant shear failure cannot be always guaranteed due to
uncertainties in testing conditions, manufacturing etc., this guideline can still be used as a
foundation based on which shear strength can be characterized in a 4-point bending test.
x The necessary linear-elastic parameters for numerical simulation shall be obtained
from 4-point bending tests and compressive tests, if the test data are not available.
The four-point bending test shall be performed until failure to understand the mode
of failure. Furthermore, the compressive strength of the sandwich material shall be
determined to avoid pre-mature failures outside shear zones.
x FE-Modeling and simulation of a four-point bending test shall be carried out to
identify hotspots that cause failure in the above test. In case of low density foam
core materials, these hotspots are typically the compressive stresses at the line of
transmission of forces.
x Based on these results, the dimensions of the modifying elements have to be chosen
(thickness, number and position) so that compressive stresses are minimized and
shear stresses are maximized at shear zones. Performing hand calculations at first,
as given in section 3.3 would give a rough estimate about the dimensions, rather
than directly performing time-consuming simulations. Then FE-Simulations can be
performed to quantify the dimensions of modifying elements.
x Sandwich beam with modifying elements and additional elements shall be tested in
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x
x

a 4-point bending. If there is no predominant shear failure, FE-Modeling shall be
revisited to identify the possible cause.
In case of shear failure, few more specimens have to be tested to avoid overestimations. All the load-values at which the structures fail shall be noted.
Of all the measured failure loads, the least load-value shall be used for the
estimation of shear strength of the sandwich core. In case of FE-Calculations, the
shear value V YZ at the failure load can be taken as the shear strength of the core
material. In case of hand calculations the least of V shear1 and V shear 2 at the failure
load shall be taken.
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Summary
The indentation behavior of aircraft floor panel (honeycomb sandwich structures) was
investigated from the viewpoints of test methodology, effects of panel layout, and failure
mechanisms. The aim was to achieve a design procedure for aircraft floor panels. Due to
their high stiffness and strength to weight ratios, composite sandwich structures have proven
their usefulness in a large number of applications in various technical fields, especially in
aeronautics, automotive and civil engineering. One of the main drawbacks of sandwich
structures is the loss of load carrying capacity due to indentation damages.
An indentation test method using a simply-supported plate was developed which can more
accurately replicate observed in-use failure modes. The localization and type of damage
induced with this test method correlated well with damage present in panels returned from
airline. Such damages in real conditions are mainly due to highly concentrated loads from
heels.
Indentation tests using various skin and core constructions demonstrated the influence of
changing core density, core material, and skin construction on indentation damage
resistance.
This paper presents the results of experimental investigation on civil Aircraft floor panels
with sandwich composite construction. First, the BOEING Company procedure for
indentation testing of floor panels is explained. Next, a new procedure will be presented, and
the obtained results will be compared with those reported by Boeing procedure. The effects
of varying parameters such as core material and density, and skin layer quantity on
indentation test results were also investigated.
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1 Introduction
Aircraft flooring applications use honeycomb sandwich panels such that the primary
loading is normal to the panel top surface such as from passengers, beverage carts, or other
equipment. Gross behavior of the panels (bending and shear) as a result of such loading can
be usually accounted for based on known design principles. However, localized deformation
and damage in the panels resulting from surface loads in or around the immediate load contact
areas have not been well understood. Several test methods exist for measuring properties
related to localize loading of this nature, such as stabilized core compression, roller-cart
testing and impact strength. These tests in one way or another often do not accurately
represent the loading conditions of the panels in the aircraft.
Aircraft floor panels are often subjected to loading conditions close to static loads in
addition to impact [1]. For example, passenger foot traffic alone could introduce substantial
damage to the floor panels during service, especially in the under seat areas that usually have
panels of lower core density than the aisleway area. Such damage is especially likely to be the
result of concentrated loads such as from high-heel loadings that have a small contact area and
thus impart large normal indentation pressures to the panel. The resistance of floor panel to
this kind of damage and its accumulation often determines the usable life, or durability of the
panels. Therefore, for panel performance assessment as well as for product development,
damage resistance from concentrated loads on the upper panel surface is a crucial parameter
to consider.
Figure 1 shows a general description of the damaged location in honeycomb sandwich
flooring as it occurs due to in-service usage in aircraft [2]. Two types of panels are depicted.
At the top of Figure 1 “dual-density” panel is shown. This panel is made of one skin, but with
different cores; low density core for the underseat area, and higher density for the
aisleways.The figures at the bottom of Figure 1 show low-density underseat panels in which
the damage is created either directly in front of a seat in a narrow through (as shown on the
left) or randomly distributed (as shown on the right). In general, where passenger movement
on airplanes is restricted such as between seat rows or aisleways, damage tends to concentrate
in areas as can be seen in Figure 1. Since passengers walk and stand up between the seat rows
and because these areas are of lower density than the aisleways, these areas develop damage
first when viewed visually, these damaged areas appear as dents or, when large, as
depressions in the surface of panel.
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80 kg m 3

144 kg m

3

80 kg m 3

aisle
Seat
mark
Soft spots

Bulkhead
soft spots

aisle

seat mark
Low density ( 80 kg cu.m ) core
Figure 1: Depiction of damage patterns observed in unidirectional cross-ply fiberglass-skinned,aramid core
(80 kg/m3) floor panels after removal from servic from an aircraft.

Previous usage of indentation testing to characterize aircraft floor panels has defined
failure as being the existence of skin, adhesive, or core damage. Typically, the definitions
have been related to visible damage phenomena such as a deformation, skin cracks,
delimitation, and skin puncture. For example, permanent deformation may be used as a failure
criterion by defining the first point at which a large increase in deflection occurs without a
correspondingly large increase in load to be the failure load [2].
This paper reports a study on the indentation behavior of floor panels from the viewpoints
of tests methodology, effects of panel constructions, and failure mechanisms. An indentation
test method using a simply-supported plate is described to replicate observed in-use failure
modes. Differences in the influence of varying panel constructions such as changing core
density or skin weight are presented for stabilized core compression versus indentation.
Additionally, the effects of changing indentation tup diameter have also been investigated.
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2 INDENTATION TEST

In this section, two test procedures were compared with each other, namely the Boeing
procedure with our proposed procedure.
2.1 Indentation test according to Boeing procedure

Indentation tests performed in Boeing procedure used a cylindrical steel indenter with a
flat bottom face and chamfered edges with a diameter of either 6.35 mm(1/4 inch) or 12.7
mm(1/2inch). The indenter was used atop a 3.18-mm (1/8-in.) thick piece silicone rubber (to
simulate aircraft carpeting) to compress the top surface of the panel. Test panels measuring
305 by 305 mm (12 by 12 in.) were simply supported along the edges (Figure 2).

11.00 in
D

2 in
11.00 in
A

A

D is either (1/4)
or (1/2) in

0.125 in
0.375 in

A-A
Figure 2: Schematic of indentation test fixture and indentation tup according to Boeing procedure [2]

2.2 Indentation test according to our proposed procedure

Indentation tests performed in our study used a cylindrical steel indenter with a flat bottom
face and chamfered edges with a diameter of 12mm .The indenter was used atop a 2mm
(0.08-in.) silicone rubber (to simulate aircraft carpeting) to compress the top surface of the
panel. Test panels measuring 150 by 150 mm were simply supported along the edges (Figure
3).
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150 mm
D

50
150 mm

D = 12 mm
A Chamfer dim= 1*1

A

12mm
48 mm

A-A
Figure 3: Schematic of indentation test fixture and indentation tup according to our proposed procedure

Damage determined by monitoring load versus displacement and noting points at which a
distinct load drop or slop changed occurred. Figure 4 shows schematic of load-displacement
responses observed in indentation testing shown in Figure 3.
Point
Point

L
o
d
e

Point

Point 4

Point
A

B

Displacement
Figure 4: Schematic of indentation test fixture and indentation tup
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From the figure, the four distinguishable points are:
Point 1: This point indicates the onset of damage (primary mode of damage) and corresponds
to formation of resin cracks in the core, adhesive fillet, or skin.
Point 2: This point corresponds to breaking of top skin (top skin failure). In this point, the
load drops suddenly and then increases again. From point 2 to point A, the top skin destroys
completely and afterwards the load will be tolerated by the core. From A to B the core
crashing occurred and was completed at point B. From this point as the load applies on the
bottom skin and there will be an increase in load-displacement curve.
Point 3: This point corresponds to crack in bottom skin (bottom skin failure). However, the
panel can still tolerate extra displacement because of presences of residual strength of
structure.
Point 4: This point corresponds to failure of panel (bottom skin puncture) which in this point
indenter runs through the panel without any resistance.

Since core damage is the primary mode of failure observed (point 1) as shown in Figure 4,
the use of the flat indenter allowed the observation of load drops or slope changes indicative
of (point 1) incipient core damage. In the case of nonflat indenters, damage onset cannot be
observed because the continuously increasing contact area and corresponding load increase
smear damage onset in the load-displacement response top skin failure (point 2). This gross
damage is not indicative of in-service damage modes. The damage modes produced by the flat
indenter match those observed on panels damaged in-service (point 1).
The current indentation test differs from other tests due to fully-supported panels. The
latter test will tend to give artificially high values for indentation strength by preventing panel
bending. A flat indenter was used in the current test method because it provided a constant
contact area during loading. This is due to the panels fail (are as defined in this paper) at loads
far below these to cause large overall bending of the panel that would cause uneven contact
between the indenter and panel. This is in contrast to hemispherical indenters in which the
contact area continuously changes as the panel surface begins to deflect. With a hemispherical
tup, onset loads cannot be meaningfully compared between different panels because of the
different deformation characteristics of varying panel constructions.
3 RESULTS AND DISCUSSION

Several different panel construction types were tested and studied as follow:
•
•

Panel were manufactured from glass fabric 7781/epoxy skins with nomex core with
density 48, 96,123 kg m 3 (HRH 10-3-48, HRH 10-3-96, HRH 10-3-123) [4, 5].
Ready-panel Fibrelam grade1were from HEXCEL Company manufactured from 2
cross ply of unidirectional S-glass/epoxy skins with nomex core density 144
kg m 3 (HRH 10-3-144) [6].
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•

•

•

Ready-panel Fibrelam 2100 grade 2 were from HEXCEL Company manufactured
from 2 cross ply of undirectional glass/carbon skins with nomex core density 64
kg m 3 [7].
Ready-panel Fibrelam 2100 grade 3 were from HEXCEL Company manufactured
from 2 cross ply of undirectional glass/carbon skins with nomex core
density123 kg m 3 [7].
Panel was manufactured from kevlar/glass fabric T-42-1-76 and core PSP-1-2.5100 (this core material was manufactured from BFSK paper in Russia which has
5mm cell size) with 100 kg m 3 density [8, 9].

Boeing procedure only measures point 1 which is the onset of damage and then uses this as
a criterion for design of the panel (Figure 4). But, our test procedure performs the
measurement on peak loads at points 1, 2, 3 (Figure 4) and then applied our design procedure
on indentation load at these points for each panel. Our design criteria for the proper panel at
different places in the aircraft were base on the maximum loading in points 2 and 3. These
maximum loadings are listed in table 1 below.
Load

Point 2
kgf
180
120

Aisle panel
Under seat

Point 3
kgf
300
-----

Table 1 : maximum loading in points 2 and 3

3.1 Effect of skin layer quantity

Figures 5, 6 and 7 depict the effect of number of layers on panels with different core
density. It can be seen from the figures that changes in skin layer quantity (two, three or four
layers), do not have a large effect on the onset of damage (point 1).
It is noteworthy that adding an extra layer to the panel will increase the panel weight per
square meter. For example, for preprag 7781, by adding one layer to the panel (due to
symmetry one layer to the top skin and one layer to the bottom skin) an additional weight of
( 2 × 0.55 = 1.1 Kg / m 2 ) adds up to the panel specific weight. Since the weight is a very
important factor in aircraft industry, it can be concluded that effect of adding a layer is small
in compare to changing the core density. This is presented in more details in the next section.
3.2 Effect of core density

By comparing Figures 5, 6 and 7, one can see that the indentation strength is almost
completely dependent on the core density. For example, by changing the core density from 48
kg m 3 to 96 kg m 3 with similar skin lay-up, the required force for onset of the damage will
be increased approximately by 400 N.
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Core 3-48( 2,3 & 4 Layers of 7781)
4000
3500

Load(N)

3000
2500

2 layers
3 layers

2000

4 layers

1500
1000
500
0
0

5

10

15

20

25

Deflection(mm)

Figure 5:Effect of layers quantity on panel with core density 48 kg m 3

Core 3-96 (2 & 3 layers of 7781)

3000

2500

Load(N)

2000

2 layer

1500

3 layer

1000

500

0
0

5

10
15
Deflection(mm)

20

25

Figure 6: Effect of layers quantity on panel with core density 96 kg m 3
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Core 3-123( 2 & 3 layers of 7781)

3500
3000

Load( N)

2500
2000
2 layer(7781)

1500

3 layer(7781)

1000
500

8.
5
9.
5
10
.5
11
.5
12
.5
13
.5
14
.5
15
.5
16
.5
17
.5
18
.5

5

7

1

3

0

Deslection(mm)

Figure 7: Effect of layers quantity on panel with core density 123 kg m 3

Table 2 tabulates the measured loads at points 1, 2 and 3 for different types of panels.
Load (N)

Load (N)

Load (N)

point 1

point 2

point 3

Core
Compression
Strength (Mpa)

360

2150

2980

2.4

410

2550

3150

2.4

700

3050

3500

2.4

715

2390

2130

7.7

810

2590

2610

7.7

1150

2860

2350

11.5

1200

2990

2490

11.5

1350

2100

2700

15

420

1590

1780

3.9

1200

1780

2400

11.5

1357

3635

3405

5

panel
HRH10- 3-48
(2 Layers of 7781)
HRH10- 3-48
(3 Layers of 7781)
HRH10- 3-48
(4 Layers of 7781)
HRH10- 3-96
(2 Layers of 7781)
HRH10- 3-96
(3 Layers of 7781)
HRH10-3-123
(2 Layers of 7781)
HRH10- 3-123
(3 Layers of 7781)
Fiberlam Grade 1
Fiberlam 2100
Grade 2
Fiberlam 2100
Grade 3
PSP 1-2.5-100
(3 Layers of T42-1-76)

Table 2 : Measured load at points 1, 2 and 3 fof load-displacement curve for diffferent panel types
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3.3 Effect of rubber

By using rubber seal under the indenter, it was observed that it does not have great
influence on the onset of damage load. However, it influences the behavior of the panel after
primary damage and causes increasing the load at points2 and 3 (Figure 8). This figure is for
panel Fibrelam Grade 1. Similar results were obtained for other types of panels which are not
reported here for the sake of brevity.
BOEING Panel
3500

3000

2500

Load(N)

2000
With rubber
Without rubber

1500

1000

500

0
0

5

10

15

20

25

Deflection(mm)

Figure 8:Effect of rubber seal on load-deflection curve (Fibrelam Grade 1)

3.4 Effect of indenter diameter

Because the test was performed on panels with different core density and skins, it was not
possible to compare all our results with the Boeing tests, and therefore only the results for
panel made of Fiberlam Grad 1 has been compared. But influence of indenter diameter
compared based on Boeing test on Figures 9 and 10.
From the results shown in Figure 9, it can be seen that, despite a fourfold increase in
indenter area, indentation loads for the 12.7-mm indenter are only about twice those for the
6.35-mm indenter. The principal reasons for this are: (1) the non continuous contact surface
presented by the honeycomb geometry; and (2) the indenter contact areas are slightly different
from the actual indenter size due to the presence of silicone rubber. Of these two, the former
plays a larger role.
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2000

2-ply skins
3-ply skins
4-ply skins
woven carbon skins

INDENTATION LOAD (N)

1750
1500
1250

Aramid-cored panels
(Fiberglass/epoxy skins)

1000
750
500
250
0
0

25

50

75
100
125
150
CO RE DENSITY (kg/m3)

175

200

Figure 9:Identation failure load versus core density
Open symbols (identor dia. 12.7mm)[2], Dark symbols (identor dia. 6.35mm)[2], Red symbols (identor dia. 12
mm)

INDENTATION LOAD (N)

1500

2-ply skin (7781 aramid core)
3-ply skin (7781 aramid core)
4-ply skin (7781 aramid core)
Fiberlam 2100 (GD 2,GD 3)
Fiberlam Grade 1
3-ply skin (T 42-1-76)

1250
1000
750
500
250
0
0

25

50

75

100

125

150

CORE DENSITY (Kg/m3)

Figure 10: Identation failure load versus core density (Identor dia. 12 mm)

4 CONCLUSIONS

In this study, the indentation behavior of floor panels was investigated from the viewpoint
of test methodology, effects of panel construction, and failure mechanisms. An indentation
test method using a simply-supported plate is described that replicates observed in-use failure
modes. Tests show that primary failures occurred just below the resin fillet on the top skin.
Furthermore, damage growth appears to be due to accumulation of multiple indentation
events more so that due to the propagation of individual indentation damages.
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Indentation tests on panels with various combinations of skin and core construction
showed indentation strengths to be highly dependent on the core density, as expected.
Additionally, an increase in the number of plies in the top (loaded) skin also gave rise to a
marked increase in indention resistance. These results strongly indicate that the near-surface
properties dominate indentation behavior in contrast to the core-dominated stabilized core
compression test.
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Summary. Cork is a material of great value to the Portuguese economy. Unfortunately, its
application is still restricted to the traditional areas, having yet to achieve its full potential
field of application, especially in the agglomerate form. It is the purpose of this project the
viability study of applying cork based material in aeronautical and aerospace applications as
core materials in sandwich structures. It is intended to introduce such materials for its
isolation properties (both thermal and acoustic), without significant performance loss when
compared to the current used materials (namely Rohacell® and honeycomb). It presents other
advantages as well, such as, less energy waste in manufacturing and a better environmental
integration, both in the transformation stage and in the end of life recycling stage. The
objective of this study is to test different kinds of sandwich specimens, with carbon/epoxy
faces, and cores of different kinds of cork agglomerates, in 3 and 4 point bending tests, using
the standard test method ASTM C393, and its comparison with the results obtained with
similar specimens using current material cores, for the same application. The results obtained
show that there still exists significant room for improvement, in order for the cork
agglomerates are able to compete with the leading materials. Calculations are presented to
support these claims as well as a main avenue of investigation show by the failure modes of
the cores, in order to improve the cork based cores competitiveness with the current core
materials.

1 INTRODUCTION
Although of great value to the Portuguese economy, cork is still restricted to the traditional
clusters having yet to achieve its full potential field of applications, especially in the
agglomerate form. The purpose of this work is to study the applicability of cork based cores
in sandwich structures, since sandwich structures, with its high stiffness and strength to
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weight ratio, are quickly becoming the main structural components in many state of the art
constructions, and require high performance cork materials. The cork agglomerate cores are
studied using the standard test method ASTM C 393-00, in 3 and 4 point bending, and
compared to Rohacell® and Honeycomb based cores, in regards to maximum applied load to
failure, maximum beam deflection, core shear stress and core shear modulus. The results
show that cork based cores in sandwich application still have significant room for
improvement, if the cork based cores are to compete with leading materials. The failure
occurs in the material used to bind the cork grains in the cork agglomerates, which signifies
that it is possible, by developing new bonding techniques and materials, to improve the cork
based cores behavior under flexural loads.
2 SPECIMENS, EQUIPMENT AND TEST PROCEDURE
All of the specimens tested were sandwich structures with carbon fiber-epoxy multiaxial
0º/90º laminate Vicotex 6376/40%/G803 faces and five core materials, three cork
agglomerates references 8303, 8123 and 8810, presented in Fig. 1, Rohacell® and
Honeycomb, presented in Fig. 2.

Figure 1: Cork agglomerate specimens

Figure 2: Rohacell and Honeycomb specimens
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All the tests were performed considering the ASTM C 393 standard test method in 3 point
bending, Fig. 3 a), and 4 point bending in quarter point loading, Fig. 3 b).

a)
b)
Figure 3: ASTM C 393 loading methods: a) Three point bending; b) Quarter-point four point bending

The 3 point bending tests were performed in a servo-hydraulic Instron 8502 universal test
machine with a 30 kN loading cell and all of the 4 point bending tests were performed in a
electro-mechanical Instron 3369 universal test machine with a 30 kN loading cell. All
specimens were tested at a loading rate of 6.0 mm/min until failure occurs in the specimens.
Load and correspondent deflection were taken from the test, and results were obtained by
application of the simplified beam theory, [1]. All of the test results were plotted in loaddisplacement graphs, with the tests which presented facing failures being discarded from the
calculations. The specimen dimensions and physical properties are shown in Tables 1 and 2.

Material
Rohacell
ECA
Honeycomb

Dimensions
[mm]

Density
[kg.m-3]

320x51x11

75

320x51x14

48

Table 1 : Dimensions and density of Rohacell and honeycomb specimens

Material

Cork
agglomerates

Reference

Dimensions
[mm]

Grain size
[mm]

Density [kg.m-3]

8303

320x50x11

1/2

224

8123

320x50x11

1/4

270

8810

320x50x9.5

2/3

137

Table 2 : Dimensions and physical properties of cork agglomerate specimens
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3 ANALYTICAL FORMULATION USED FOR THE CALCULATION OF THE
MECHANICAL PROPERTIES
This study calculated the mechanical properties using the simplified beam theory as
proposed by ALLEN [1], with the final result of the deductions reproduced in this paper.
Core Shear Stress (Single-Point Midspan load):

W

P
(d  c)b

(1)

Where W is the core shear stress, P is the load, d is the sandwich thickness, c is the core
thickness and b is the sandwich width.
Sandwich Beam Deflection (Midspan Load):
'

PL3 PL

48 D 4U

(2)

Where ǻ is the total beam midspan deflection, U is the Panel Shear Rigidity, D is the panel
bending stiffness and L is the span length.
Panel Bending Stiffness:
D

E f (d 3  c 3 )b
12

(3)

G (d  c) 2 b
4c

(4)

Where Hf is the facing modulus.
Panel Shear Rigidity:
U
Where G is the core shear modulus.

Sandwich panel deflection (two-point load, one-quarter span):
'

11PL3 PL

768D 8U
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4 RESULTS AND DISCUSSION
4.1 Load and displacement
Almost all of the tests performed ended with core failure in shear. The notable exceptions
were the 3 point bending tests of the Rohacell and Honeycomb cores, which failed by normal
compression stresses on the upper face.
All of the cork agglomerate cores showed similar crack appearance and progression, i.e., the
first macroscopic crack appearance occurs on maximum load for all agglomerates, and in all
of them it progressed to the specimen extremity. Figures 4 and 5 show that the cork
agglomerate 8123 obtained the best 3 and 4 point bending behavior, supporting the highest
loads with averages loads of 311N and 211N, respectively, although at a much higher
displacement in the 3 point bending tests.

Figure 4: Three point bending cork agglomerate cores comparison

Figure 5: Four point bending cork agglomerate cores comparison

The Rohacell and Honeycomb cores, as mentioned in the beginning of this section, failed by
normal compression stresses in the upper faces. This can be seen in Figures 6 and 7. The
Rohacell cores also exhibited debonding failure in two of the tests, attributed to poor
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fabrication. In four point bending, both core types failed in core shear, with the Rohacell cores
obtaining the highest average load at 1658 N, well ahead of the cork agglomerate cores. Table
3 presents the results obtained.

Figure 6: Three point bending comparison

Figure 7: Four point bending comparison

3 point bending
Honey
8303 8123 8810 comb Rohacell
Load Avg. [N] 173 311 181 1253
1224
Displacement
5,16 9,59 5,10 5,92
7,99
Avg. [mm]

4 point bending
Honey
8303 8123 8810 comb
180 211 167 1479
4,84

4,55

4,93

5,44

Rohacell
1658
7,48

Table 3 : Load and Displacement averages in 3 and 4 point bending
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4.2 Specimen behavior in bending
Figures 8 and 9 show the typical behavior of the cork agglomerates in the 3 and 4 point
bending tests. It can be summarized the bending specimen behavior in three stages: In Fig.(s)
8 and 9: a) test start; b) macroscopic crack appearance and progression; c) crack progression
to the specimen extremity.

Figure 8: Evolution of the load-displacement curve of the Cork agglomerate cores in bending

a)

b)

c)

Figure 9: Specimen progression in bending: a) test start; b) crack appearance and propagation; c) crack
propagation ends at the specimen extremity

As mentioned in section 4.1, all of the 3 point bending tests of Rohacell and Honeycomb
cores were discarded since the failure did not occur in the cores. Fig.(s) 10 and 11 show the
typical failure mode of the Honeycomb core specimens: a) Crushing of the facing in
compression, followed by b) core collapse. The Rohacell cores presented two different modes
of failure, as shown in Fig.(s) 12 and 13: a) core failure in the compression facing; b) facing
debonding.
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Figure 10: Three point bending behavior of honeycomb cores

a)

b)

Figure 11: Failure sequence of the Honeycomb core specimens: a) Crushing of the facing in compression; b)
core collapse

.
Figure 12: Three point bending behavior of Rohacell cores
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a)

b)

Figure 13: Rohacell modes of failure: a) core failure in the compression facing; b) facing debonding

4.3 Core shear stress
The average values obtained in the core shear failure, see Table 4, can be considered
constant for the cork agglomerate 8810 and 8303 specimens, which indicates that, for these
specimens, the compressive stresses and bending moments that may have appeared in the 3
point bending tests have a negligible effect on the core shear stress.
Three point bending

Avg. Core
Shear Stress
[MPa]

Four point bending

8303

8123

8810

Honey
comb

Rohacell

8303

8123

8810

Honey
Rohacell
comb

0,173

0,311

0,201

0,945

1,200

0,180

0,211

0,186

1,115

1,625

Table 4: Average core shear stress values
The cork agglomerates 8123 specimens show a very significant drop in the core shear
stress values from the 3 point bending test to the 4 point bending test, as had happened
with the average displacement and average loads with a 30% difference between values,
but maintaining the biggest core shear stress values of all the cork agglomerate specimens.
The Rohacell and Honeycomb specimens cannot be compared between test sets, since the
average core shear values in the 3 point bending tests are merely the core shear stress
value at the time of the facing failures. In fact, had the Honeycomb specimens possessed
the same thickness as the Rohacell specimens, the core shear stress values would have
fallen in the same range, as in the average load, in the 3 point bending test. In the 4 point
bending test, the Rohacell specimens, obtained the highest core shear stress average value,
1,625MPa, followed by the Honeycomb specimens with 1,115MPa.
4.4 Core shear modulus
Table 5 shows the average core shear modulus in the 3 and 4 point bending tests. As
explained in section 4.1, it is not possible to calculate the core shear modulus of the
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Rohacell and Honeycomb cores, since the failure occurred in the facings and not in the
core. In the 3 point bending tests, the cork agglomerate 8123 obtained the lowest value of
core shear modulus of all the cork agglomerate specimens, since the core shear modulus,
G, is inversely proportional to the displacement, or deflection, and the cork agglomerates
8123 present the highest average value of displacement of all cork agglomerate
specimens. However, by looking at Fig. 4, the specimens 8123 have a much higher load
applied at the displacement in which failure occurs in the 8810 and 8303 specimens. This
presents an interesting paradox, since by being able to withstand greater loads, cause
smaller values of G, due to the higher displacement failure. This paradox is explained in
section 4.5.
In the 4 point bending tests, the 8123 specimens obtain the highest average values of G
due to the highest average load values, as in the 3 point bending tests, but now with the
average displacement values closer to the other cork agglomerate specimens.
The Honeycomb and Rohacell specimens have a much higher average value of G than the
cork agglomerate specimens, with the Rohacell specimens achieving the highest core
shear modulus, G, of all the specimens with an average of 17,9 MPa.
The presented values serve only as comparison, since the facings influence cannot be
neglected, even though the formulation used to obtain the values of G tries to compensate
for this influence.

Three point bending

Four point bending

Material

8303

8123

8810

8303

8123

8810

Honey
comb

Rohacell

Core shear stress Avg.
[MPa]

4,789

4,618

5,374

2,619

3,318

2,502

14,845

17,913

Table 5: Average core shear modulus values
4.5 Core shear modulus variation in the 3 point bending tests
As referred in section 4.4, the cork agglomerate 8123 specimens obtained the lowest
values of Core shear modulus, G, even though it presented the highest load values at the
failure of the cork agglomerate cores 8810 and 8123.
This section tries to ascertain why this happened, by applying formulas (2) through (5) at
all of the load displacement pair of values obtained in the 3 point bending tests.
Fig. 14 shows the result of these calculations in a core shear modulus vs. displacement
graph. Analyzing Fig. 14, it can be observed that the value of G of the cork agglomerate
8123 is higher than the values of G of the cork agglomerate 8303 and 8810 specimens
when these cores fail. However, given the ability of the cork agglomerate 8123 cores to
withstand greater bending, the value of G continues to diminish until, at the displacement
when failure finally occurs, it is lower than the values of the cork agglomerates 8810 and
8303.
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Figure 14: Core Shear modulus variation vs. Displacement in 3 point bending

It can then be consider that the cork agglomerates 8123 specimens are better than the
other cork agglomerates due to the fact that, not only the 8123 specimens are able to
withstand greater loads and displacements, but they also provide constantly higher values
of G in all loading spectrum, until the failure of the other cork agglomerate cores.
4.6 Comparison with results obtained by Silva et tal. [3]
Table 6 shows the comparison between the study results and manufacturer’s data and
Table 7 shows the comparison between the study and the results obtained by Silva et al.
[3], that tested the same cork agglomerate specimens, but using the ASTM C 273 standard
test method.
The values of G obtained in the tests, Table 6, are about half of those provided by the
manufacturers, coinciding with what was pointed out by Nordstrand, [4].
As Table 7 shows, the results of the cork agglomerate specimens are different than those
obtained by Silva et al., in the 3 point bending tests with the best cork agglomerate
specimens being 8810 and the worst 8123 in this study, while the tests performed by Silva
et al. were the opposite.
In the 4 point bending tests the values of G are qualitatively the same, although with lower
average values of the core shear modulus.

Values of G
[MPa]
Rohacell
Honeycomb

Paper results
17,9
15,531

Manufacturer’s
data
42
38 (L) 24 (W)

Table 6: Comparison between paper results and manufacturer’s data
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Avg. values of G
8303
8123
8810

Paper results
3 point bending
4 point bending
4,789
2,619
4,618
3,318
5,374
2,502

Silva et al. results
4,38
4,86
2,46

Table 7: Comparison between paper´s results and results obtained by Silva et al. [3]
5 CONCLUSIONS
After reviewing the whole study it can be concluded that:
- The cork agglomerate specimens 8810 and 8303 present similar load-displacement
curves, indicating a common behavior under load.
- The cork agglomerate specimens 8123 present a completely different behavior between
the 3 and 4 point bending tests. It was concluded that the fact that the 3 point bending test
has roughly twice the volume being deformed, allow the specimens 8123 to withstand
higher loads.
- All of the cork agglomerate specimens have the same failure modes, with a crack with a
45º orientation appearing at maximum load, progressing the to the specimens extremity.
- In all the tests, the Honeycomb and the Rohacell cores obtained much higher values than
the cork agglomerate specimens, indication that there is still a long road ahead for the
cork agglomerate cores to become competitive in its mechanical properties.
-In all the results obtained, maximum loads, core shear stresses and core shear modulus,
there is a clear relation between grain size/ density and behavior of the cork agglomerate
specimens. The smaller the grain size and the higher the density, the better the results are
for the cork agglomerate specimens.
ACKNOWLEDGMENTS
The authors acknowledge the support from Corticeira Amorim Indústria, SA, for providing
the raw materials for testing, as well as all the technical details necessary to test and evaluate
the natural cork composites. Also, the support of OGMA, SA is greatly appreciated.
REFERENCES
[1] H. G. Allen, H. G., “Analysis and Design of Structural Sandwich Panels”. Oxford New
York, Pergamon, (1969).
[2] ASTM C 393; Standard Test Method for Flexural Properties of Sandwich Constructions.
American Society for Testing and Materials Annual Book of ASTM Standards, (2000).
[3] A. Silva, J. Lopes, P. Almeida, L. Reis and M Leite, “Experimental Testing of a Natural
Cork-Based Composite, (2006).
[4] T. M. Nordstrand and L. A. Carlsson, “Evaluation of transverse shear stiffness of
structural core sandwich plates”. Composite Structures 37(2),145-153 (1997).

462

8th International Conference on Sandwich Structures
ICSS 8
A. J. M. Ferreira (Editor)
© FEUP, Porto, 2008

METHODS OF EXPERIMENTAL DETERMINATION OF SOFT CORE
PARAMETERS IN SANDWICH PANELS
Monika Chuda-Kowalska, Andrzej Garstecki and Zbigniew Pozorski
Faculty of Civil Engineering
Poznan University of Technology
ul. Piotrowo 5, 60-965 Poznan, Poland
e-mail: monika.chuda.kowalska@ikb.poznan.pl

Key words: Sandwich structures, Shear modulus, Experimental mechanics, Numerical
modeling.
Summary. Experimental determination of shear stiffness parameters is discussed. New
method based on measurements of plate rotational angles was presented and used. Obtained
results were compared with results of classical methods basing on vertical displacement
measurements.

1 INTRODUCTION
Sandwich panels with flat or slightly profiled thin steel facings and a thick soft core are
considered in the paper. Static and dynamic response of such structures depends strongly on
mechanical parameters of the core. Therefore, it is very important to precisely monitor
experimentally mechanical parameters of the core in the production process. In the class of
panels under consideration the Young modulus of the core EC is 30÷40 times smaller than the
modulus EF of the steel cover sheets. Therefore, in engineering practice it is acceptable to
neglect the normal stress in the core. Hence, the critical parameter of the core is the Kirchhoff
modulus GC. Indeed, experiments and computer simulations prove that this coefficient
strongly influences the mechanical response of a panel. Proper assumption of GC is crucial in
design for both, serviceability and ultimate limit states.
This modulus can be determined in different tests proposed in the literature and in the code
[4]. Unfortunately, large scatter of results is observed when these methods are used in tests of
panels of variable dimensions. In this paper various testing methods are surveyed. A new
method for experimental determination of GC is proposed. A large number of tests carried out
by the authors using different methods is described. The values of coefficients GC determined
from these tests are studied in view of their applicability to numerical models, which should
correctly predict the response of a sandwich panel under different loading and support
conditions. The numerical models are based on Timoshenko beam and Reissner plate theories
generalized to sandwich structures [1, 6]. Advanced computer simulation [5, 2] using
ABAQUS system and employing shell finite elements for cover layers and 3-D elements for
the core is carried out, too.
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2 METHODS OF DETERMINATION OF SOFT CORE PARAMETERS
In practice, mechanical parameters of sandwich structures with soft core are determined by
the way of indirect methods recommended in the literature and in the code [4]. These methods
are based on bending and shear tests of panels with measurement of the transverse
displacement w. These experiments are much easier than direct methods carried out on
samples cut out of core. In the present paper another indirect method will be proposed and
studied, namely tests with the measurement of angles of rotation instead the transverse
displacement. We refer the considerations to sandwich panels, which consist of polyurethane
core and micro-profiled steel facings. Overall depth of the panels is 120 mm. The thickness of
the face sheet is 0.47 mm. In the analyzed class of panels we can assume that material of core
is isotropic and the elastic modulus of the core EC equals zero. The results obtained from
different methods will be compared and discussed.
2.1 Tests on short panels
In short panels we can observe that basic damage mechanism is shear failure of the core.
Hence, the limit shear strength and the shear modulus of elasticity can be determined
indirectly from the four-point test of bending of a short panel (Fig. 1b). The span L should be
sufficiently small to induce failure mechanism by shear of the core. Hence, usually
L = 1000 mm is used. Two types of samples are used: beam like strips with the width 100 mm
and panels of the actual width. The loads are increased and the deflection w in the middle
point of the span is recorded till the failure occurs. It is assumed, that the deflection can be
decomposed w = wB + wS in such a way, that wB and wS represent the deflections due to
bending and shear, respectively. Since the Young modulus EF of steel facing is known,
evaluation of wB is relatively easy and precise. Knowing wS = w − wB one can compute GC
from respective formulae basing on a chosen theoretical model of the sandwich panel. Fig. 1a
shows a typical load - displacement relation F – wS obtained in experiments carried out by the
authors. Note that the relation is non-linear. Softening in the range of higher stress is
observed. In fact softening in time appeared, too. Thus, the linear part of the function F(wS)
was used for the assessment of the modulus GC .

Figure 1: a) Typical load – displacement curve F/wS , b) 4-point bending test
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In case of a 4-point bending (Fig. 1b) of a panel with flat facing, the following formulae
follow from the Timoshenko theory generalized to sandwich beams:
23 ⋅ F ⋅ L3
,
1296 ⋅ BS

(1)

E F 1 ⋅ AF 1 ⋅ EF 2 ⋅ AF 2 2
⋅e ,
EF 1 ⋅ AF 1 + EF 2 ⋅ AF 2

(2)

wB =

BS =

where BS represents the flexural rigidity, AF1, AF2, and EF1, EF2 denote the area and the Young
modulus of facings, respectively. The distance between centers of facings is e. Next, the shear
modulus GC can be evaluated from

GC =

ΔF ⋅ L
,
6 ⋅ B ⋅ d C ⋅ ΔwS

(3)

where dC is depth of the core and B is width of the specimen.
2.2 Identification of core material by tests on long panels

Experiments carried out on the panels, in which the span L is relatively large, first of all is
used to determine the bending strength of panels. However, this test can also be used for
identification of the shear modulus of the core in a panel with flat or lightly profiled faces.
The length of span is definitely larger than in shear tests described in subsection 2.1. It
must guarantee that the failure in bending occurs starting from local buckling of the
compressed facing.
The method of identification of GC is similar as presented above. However, a larger span L
results in an increased role of bending in relation to the shear. Despite the reduced role of
shear, the identified value of GC well describes the mechanical response of panels with greater
span lengths.

L/8

L/4

L/4

L/4

L/8

L/2

L/2

L

Figure 2: Loading systems used in bending tests

The Authors used three loading systems shown in Fig. 2 and the displacement was always
considered in the middle point of the span The respective formulae referring to the loading
systems 2a and 2b are:
a) four line loads – Fig.2a:
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wB =

41 ⋅ F ⋅ L3
,
3072 ⋅ BS

GC =

F ⋅L
,
8 ⋅ B ⋅ d C ⋅ ( w − wB )

(4)

b) one line load – Fig. 2b:
wB =

F ⋅ L3
,
48 ⋅ BS

GC =

F ⋅L
,
4 ⋅ B ⋅ d C ⋅ ( w − wB )

(5)

where w denotes the measured displacement and w − wB = wS .
The methods described in section 2.1 and 2.2 were used for the comparison with the results
obtained from the measurements of angles of rotation, described in subsection 3.
3 MESUAREMENT OF ANGLES OF ROTATION
3.1 Assumptions

In classical theory of sandwich panels with a soft core [1] it is assumed that: the materials
of steel facings and foam core are isotropic, homogeneous and linearly elastic; the facings are
parallel; normal stress in the foam core is negligible (τxzC = 0); the shear stresses are constant
in transverse direction (τxzC = τyzC = const.) and the in-plane strains εx, εy and γxy are small
compared to unity. The considerations are limited to small strains and displacements (linear
geometric relations). Shear stresses and strains in the facings are neglected, hence, the
Bernoulli hypothesis can be applied independently for both facings. The shear deformation of
the core makes that normal element 1-4 before deformation becomes piecewise linear 1’-2’3’-4’ after deformation (cf. Figs. 3a and 3b). Similarly as in Timoshenko beam theory one can
distinguish between the angle of rotation α0 of the normal element 1-4 and the slope of the
facings represented by the angle γ0 = γ01 = γ02 . In our measurements a small difference
between angle γ01 and γ02 was observed, therefore we used γ0 = 0.5(γ01 + γ02). Note that the
formulae (1) to (5) have been derived using the similar assumptions as described above.

F1,

01

F1

0

02

F2,

F2

Figure 3: Cross sections of a panel a) before deformation, b) after deformation
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3.2 Assessment the shear modulus of the core

Following Timoshenko theory, the shear contributes to the slope by an angle γ

γ = γ 0 − α0

(6)

where γ0 is the total slope of deflection line and α0 is the angle of rotation of the normal
element. Note that in Fig. 3b the angle γ0 is denoted in clockwise direction, whereas α0 is
counter-clockwise oriented. In our experiments variable orientation of α0 was observed. In the
frame of the hitherto assumptions we can write
GC =

T
,
γ ⋅ B ⋅ dC

(7)

where T denotes the shear force and dC is depth of the core.
3.3 Testing stand and apparatus

The angles γ01, γ02 and α0 were measured using laser pointers attached to the panel in the
vicinity of the support and a precise leveling staff standing in a distance of 4 m from the
lasers. The diameter of the laser light beams was 2 mm. The accuracy of measurement the
angles was 0.0005 rad. The testing stand is shown on the Fig. 4a.

Figure 4:Testing stand a) the plate with laser modules, b) leveling staff with light points

3.3 Testing method

Three laser pointers were attached to the panel (Figs. 4a,b and 5b). Two of them are
attached to upper and lower facings. They indicate the angles γ01 and γ02 , respectively. The
middle one is attached to the section of a panel in such a way that it indicates the angle α0.
The positions of the laser light points at the leveling staff were recorded for increasing values
of the load. The displacements of these light points divided by the distance of the leveling
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staff L1 + L2 gave the rotation angle in radians. Simultaneously the deflection of the middle
point of the panel (Fig. 5a) was measured to compare the values of GC resulting from different
methods. The tests were carried out in normal temperature and humidity.

Figure 5:The testing stands for identification of GC a) Measurement of displacements, b) Measurement of
rotation angles

4 NUMERICAL ANALYSIS

Basing on experimental and theoretical results, numerical model of sandwich panel was
created. The numerical examples refer to structures investigated in real scale during
laboratory experiments. Numerical models were prepared in ABAQUS system environment.
The analysis was carried out for two various spans: L = 0.888 m (short panel) and L = 5.4 m
(long panel), overall depth D = 120 mm, depth of core dC = 119.53 mm, and width B = 1.1 m.
Steel facings were assumed as elastic material. Typical material parameters are: the Young
modulus EF = 210 GPa, the Poisson ratio νF = 0.3 and the yield stress fy = 270 MPa. Both
facings have the same thickness t = 0.47 mm.
Facings were modeled using four node, doubly curved, thin or thick shell, reduced
integration, hourglass control, finite membrane strains elements S4R. The core of the panel
was modeled using eight node linear brick elements C3D8R. Important point of the model is a
connection between facings and core elements. Interaction TIE was applied, which keeps all
active degrees of freedom equal at two nodes.
Support conditions refer to real structures. Therefore, it was assumed that a base plate
modeled as rigid body is lying at both support. Reference points describing respective
boundary conditions of the whole support are localized in the middle of contact surface
between lower face sheet and the supporting plate. For the left supporting base plate all three
translations and the rotations with respect to axes x and z are equal to zero. Unconstrained
rotation with respect to the axis y is assumed. The right base plate has additionally the
possibility of the translation in the direction x.
The numerical model developed in this paper and assumed material parameters were
validated by the way of experiments. Final numerical results were compared with
experimental and theoretical ones and presented in the section 5.
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Example 1 (L = 0.888 m)
At the beginning we considered simply supported plate, one span sandwich panel with the
length L = 0.888 m and width B = 1.1 m. The geometry of the structure is presented on the
Fig.6. Width of the support is b = 100 mm. The sandwich structure was subjected to two line
loads acting on the upper facing. Shell elements S4R has dimension 4 x 4 cm. Its thickness is
t = 0.47 mm. Brick element has dimension 4 x 4 x4 cm.

Figure 6:Geometry of sandwich panel

An example of behavior panels and its deformation under loads is presented on the Fig.7.

Figure 7: Deformation and displacement of short sandwich panel
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Example 2 (L = 5.4 m)
In this example we considered simply supported plate, one span sandwich panel with the
length L = 5.4 m and width B = 1.1 m. Width of the support is b = 100 mm. The sandwich
structure was subjected to one line load acting on the upper facing in the mid-span. Shell
elements S4R has dimension 5 x 5 cm. Its thickness is t = 0.47 mm. Brick element has
dimension 4 x 4 x 4 cm.

Figure 8: Deformation and displacement of long sandwich panel

5 VERIFICATION OF PROPOSED METHOD

Experiments carried out on the sandwich panels consist of two lightly profiled steel facings
(t1 = t2 = 0.47 mm) and polyurethane foam core (PUR). The density of the foam core is
40 kg/m3. The tests were executed on the short and long panels. The results of mentioned tests
are presented in subsection 5.1 and 5.2. The numerical 3-D models were validated and the
obtained results were compared and presented in Tabs. 2 and 4.
All symbols presented in the tables were explained on the Figs. 3 and 5 and described in
the Section 3.
5.1 Tests on short panels

The panels with the full width B and the span L = 888 mm were tested. Laser modules
were located in the distance L1 = 150 mm and leveling staff was situated L2 = 3000 mm from
the support.
In the experimental tests, displacements w, rotation angles of the facings γ and a rotation
of normal element α0 are measured. The shear modulus GC was calculated in two ways. In the
first case we used measured displacements w, equations (1-3) and procedure described in the
code [4]. The second way consists in measurement of rotation angles and application of
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equations (6) and (7). The results obtained in the tests are presented in the Table 1.
Unfortunately, the results received into these two methods differ more than 30%. The reasons
of such discrepancies are still investigated.

Figure 9: Scheme of loading system used to 4-point shear test

γ01
[rad]

γ02
[rad]

MEASUREMENT
OF ANGLES OF 0.006377
ROTATION
MEASUREMENT
OF
DISPLACEMENT

α0
[rad]

0.008149 -0.000498

-

-

w
[mm]

γ
[rad]

GC
[MPa]

-

0.0077601

6.60

3.98

-

4.06

Table 1 : Experimental results from short panel
At the next stage we would like to verify if the created numerical model corresponds to the
analytical one. Therefore, introducing GC = 4.06 MPa, the displacements γ and w were
calculated using theoretical model presented in [1] and numerical model 3-D. Please note that
in the analytical model, the values of Young modulus and Poisson ratio of the core are not
required.

ANALYTICAL
MODEL
NUMERICAL
MODEL

GC
[MPa]

EC
[MPa]

νC
[-]

γ
[rad]

w
[mm]

4.06

-

-

0.012611

3.95

4.06

8.50

0.05

0.011737

3.94

Table 2 : Theoretical results from short panel
The results presented in the Table 2 confirm that these models give similar results,
however, differences in γ are about 6.7%. It is caused by relatively large local deformations
in the vicinity of supports and applied loads. It can be observed on the Fig. 7. Similar effects
occur in the laboratory tests.
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5.2 Tests on long panels

The experiments for the panels with the span L = 5400 mm were carried out. In this case,
the leveling staff was located 2200 mm or 3800 mm from the middle of support. Laser
modules were located in the different distances L1 equal to: 300 mm, 1200 mm and 2300 mm.
The results obtained in the tests are presented in the Table 3.

Figure 10: Scheme of loading system used to bending test

MEASUREMENT
OF ANGLES OF
ROTATION
MEASUREMENT
OF
DISPLACEMENT

L1
[mm]
300
1200
2300

γ01
[rad]
0.005170
0.003477
0.000278

-

-

γ02
α0
w
[mm]
[rad]
[rad]
0.005168 0.003691
0.003671 0.001957
0.000277 -0.001361
-

-

γ
[rad]
0.001478
0.001617
0.001638

GC
[MPa]
5.20
4.76
4.70

-

3.83

14.10

Table 3 : Experimental results from long panel
GC
EC
[MPa] [MPa]
ANALYTICAL
MODEL
NUMERICAL
MODEL

3.80

3.80

-

7.98

νC
[-]

L1
[mm]

γ
[rad]

w
[mm]

-

-

0.002007

13.99

300

0.001968

1200

0.001973

2300

0.001971

0.05

13.83

Table 4 : Theoretical results from long panel
Similarity as in the tests described in the section 5.1, the two methods of identification of
the GC provide different results. We are not able to calibrate neither numerical nor analytical
models to simultaneously fulfill measured displacements w and γ. The real experiments were
carried out many times and the results are recurrent. It leads to the conclusion that the models
are not suitable or there are certain errors in the laboratory procedure or results interpretation.
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6 CONCLUDING REMARKS

The numerical analysis, theoretical study and experimental tests proved, that behavior of
sandwich panels is a complex problem, especially determination of shear modulus.
A group of methods proposed in [4] and in the literature is based on the bending tests of
panels and measurement of the transverse displacement w. In the method proposed by the
authors similar bending test is carried out, but instead of transverse displacement, two angles
of rotation are measured in the vicinity of a support, namely total rotation of cross section and
the slope of deflection line. In our method, GC is computed from the angle due to shear. The
authors used also the test of direct shear, where the shear stress τ is induced and the strain γ is
measured. Now, it follows directly GC = τ /γ . This test is the best from theoretical point of
view, however, the evaluation of GC from bending tests seems to be worth of interest. The
first reason is that the tests are simple. Moreover, since the coefficient GC is needed for
simulations of mechanical behavior of slabs in the state of bending and shear, therefore
determination of GC from tests of slabs in this state of stress seems to be reasonable. Hence,
the conclusion is that the discrepancies in GC determined from different bending tests do not
result from improper testing methods, but from the theory inadequately capturing shear effects
in simplified approaches to sandwich panels with a soft core.
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Summary. This paper is a summary of 15 years of research and development conducted by
the author’s group at Iowa State University for the nondestructive evaluation (NDE) of
sandwich structures in aviation, space, and marine applications. The targets of inspection
include manufacture defects, in-service damage due to human and natural causes, and the
inspection of repairs on sandwich structures. The emphases adopted in the development of
NDE techniques and instruments for sandwich structures are imaging capability, quantitative
inspection, and the ease of use in the field. This paper describes the various NDE methods
for sandwich structures, especially those techniques and instruments developed at Iowa State
University that had gone through the research, development, and field test stages.

1 INTRODUCTION
Adhesively bonded sandwich structures, with its advantages of light weight, design
flexibility, high specific-stiffness, and good specific-strength, is attractive structural material
and are therefore widely used in aviation, space, and marine applications. The facesheet
(skin) and core of sandwich structures can encompass a myriad of materials, both composite
and metallic. Composite sandwiches of carbon fiber reinforced plastic (CFRP) facesheet and
Nomex or fiberglass honeycomb core are ubiquitous on airplanes and are frequently used as
flight control surfaces, such as rudder skin panels, spoilers, elevator trims and for making
engine nacelles. Sandwiches of glass fiber composite (GFRP) facesheet and honeycomb core
are widely used as fairings, floor boards, and for making radomes. Metallic sandwich
structures, especially aluminum facesheet over aluminum honeycomb, are widely used as slat
wedge, trailing edge, ailerons on aircraft and in satellite structures. Mixed composite and
metallic sandwiches, including CFRP skin and aluminum honeycomb core, have found space
applications, and foam-cored sandwich structures are used in helicopter blades and in boat
building.
The nondestructive evaluation (NDE) of sandwich structures can be divided into two
categories: inspection of manufacturing defects for quality assurance purposes and in-service
inspection for damage originated from natural or human causes. Manufacturing defects of
concern include delamination in the composite facesheet, disbond between the facesheet and
the core, foreign object inclusions, and porosity in the composite skins. While in service,
sandwich structures can suffer damage or degradation that require periodic inspection or
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repair. The primary concern in composite sandwiches is damage caused by foreign object
impact, especially those caused by low velocity foreign objects that defy visual detection.
Other damage can be attributed to static overload, fatigue, and environmental factors such as
water ingression, heat, chemical, ultraviolet radiation, extreme temperature excursion, and
lightning strike. In composite sandwich structures with Nomex or fiberglass honeycomb core,
an impact can cause a fracture or buckle of the honeycomb cell walls, usually leading to a
crescent shaped damage profile (a “smiley face”) located below the skin-to-core adhesive
bondline. The lowest point of the fracture can be located well below the impacted facesheet,
sometimes at a depth of almost one half of the core thickness. Low velocity impact damage
rarely causes a disbond at the adhesive fillet between the facesheet and the core, but can lead
to delaminations in the facesheet if it is a multi-ply laminate. The damage morphology of
foam-cored composite sandwich with CFRP or GFRP facesheet resembles that of an impacted
honeycomb core. The impact can cause extensive cell breakage and lead to the formation of
fracture and large voids in the foam. Like honeycomb sandwiches with composite facesheet,
the foam-cored sandwich can also suffer substantial internal damage without leaving visible
indication on the surface [1].
The fractured and crushed honeycomb core in a sandwich are sources for nonlinear
mechanical response and energy dissipation. When a damaged sandwich is subjected to a
compressive static load, the load-displacement curve becomes nonlinear and the loading and
unloading curves combine to form a hysteresis loop. The area enclosed by the loop is a
measure of the energy dissipation or the severity of the damage. In contrast, an undamaged
sandwich would show a linear load-displacement curve, with little or no hysteresis, and a
higher slope or stiffness than the damaged case. The mechanical hysteretic behavior of
damaged sandwich structures can be exploited in the nondestructive evaluation of the degree
of internal damage in a sandwich [2].
For sandwiches with aluminum honeycomb core, the impact damage morphology is quite
different from that of brittle composite honeycomb cores [3]. The failure mode of the ductile
aluminum honeycomb core under impact or static loading is a buckling of the cell walls.
When the load exceeds the “bare compressive strength” of the honeycomb cells, the cell walls
fail suddenly by buckling and the load drops down to a constant “crush strength” of the cell
structure. The buckling initiates at the top where the load is applied and propagates
downward. For a CFRP sandwich with aluminum honeycomb core, the spring back of the
CFRP facesheet may cause a disbond with the buckled core. For a honeycomb sandwich with
aluminum skin and core, an impact causes a permanent dent of the skin and a buckled
honeycomb core that often remains bonded to the skin.
2. NONDESTRUCTIVE EVALUATION OF SANDWICH STRUCTURES
Sandwich structures in aviation, space, and marine applications generally have a good
safety record, although there were major events attributed to failures of sandwich structures.
For example, the loss of an F-15E fighter in the United States in 2002 was attributed to a
structural failure of the honeycomb material in a vertical stabilizer leading edge. In March
2005, the rudder on a (Canadian) Air Transat A310-300 separated in flight over the
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Caribbean, see photo in Fig. 1, but the plane managed to return and land in Cuba [4]. The
composite rudders on A300s and A310s are made of honeycomb sandwich panels. Structural
failures like these have affected the inspection and maintenance practice of critical, loadbearing sandwich structures on airplanes.

Figure 1. In-service failure of a critical composite sandwich structure in March, 2005.

A number of NDE modalities are available for inspecting sandwich structures [5]. Ultrasonic
inspection in the transmission mode, using waves in the megahertz range and facilitated with
water squirter scanners, is probably the most widely used inspection method by the
manufacturers of sandwich structures for airplanes. The unique feature of the honeycomb
core is that the cell walls serve as the path for the propagation of the sound energy from one
facesheet to the other. A through-transmission ultrasonic (TTU) scan of a honeycomb
sandwich will reveal a number of defects and damage, including foreign object inclusions in
the laminated composite facesheets or in the adhesive bond between a facesheet and the core,
delaminations of the facesheets, and the fracture, buckling, or crinkle of the cell walls caused
by impact damage. In recent years, the technology of non-contact, air-coupled ultrasonic
inspection has also gained maturity and began to find applications [6]. (Air-coupled
ultrasonic NDE will be discussed in greater detail in Section 4 below.) X-ray radiography and
thermography are effective methods for detecting water ingression in sandwich structures.
Thermography and thermal wave imaging are capable of detecting delaminations, disbond,
and impact damage [7]. Another non-contact NDE method, laser shearography has been
proven effective in the inspection of sandwich structures [8]. The application of shearography
requires the application of a stress disturbance to the structure, either by mechanical means
(such as a vacuum) or by thermal means (lamp, hot air). Electromagnetic methods of NDE
are applicable to metallic sandwich structures but are ineffective on CFRP or GFRP
composites. However, the impact damage of aluminum honeycomb core under a CFRP
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facesheet with no visual indication of damage can be detected and imaged using eddy current.
Finally sandwich structures have historically been inspected with simpler mechanical means
of inspection, including manual tap test and low frequency bond test techniques [9]. Bond
testing techniques generally include mechanical impedance analysis (MIA), low frequency
resonance method, and pitch-catch mode. The author’s group at Iowa State University has
devoted considerable effort on the development of an instrumented tap tester with quantitative
and imaging capability for inspecting sandwich structures. The instrumented tap tester will be
discussed in Section 3.2 below.
3. TAP TEST OF SANDWICH STRUCTURES
The practice of tapping a sandwich structure with a mass to detect defect or damage based
on the sound it makes is probably the most widely used nondestructive inspection in the field
over the years. This inexpensive technique, despite its qualitative and subjective nature, is
reasonably effective for thin-skinned sandwich structures. The tap test is a local test (as
opposed to a global test like a wheel tap), where the local stiffness of the structure determines
the contact time (Ĳ) between the mass and the surface [9]. Typical contact time for most
sandwich structures is of the order of several hundreds of microseconds. The contact time is
short for solid, undamaged area, whereas the contact time for a less stiff damaged region can
be substantially lengthened. One important characteristic about the tap test response is that,
for a given mass, the contact time Ĳ is largely independent of the force or the velocity of tap.
The test results in Fig. 2 obtained on a composite rudder skin panel using an accelerometer as
the tapping mass demonstrated this effect. The accelerometer was used to tap on a good
region and a damaged region of the rudder skin panel with increasingly greater force; the
figure shows that the voltage output of the accelerometer is greater for harder taps, but the
duration of the contact time remained roughly the same.

Figure 2. Voltage output of accelerometer versus time (horizontal axis, 100ȝs per division) for taps in a good
region (left) and in a damaged region (right) of a honeycomb rudder skin panel.

3.1 A Simple Model of Tap Test Response
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The physical basis of a tap test was analyzed and reported previously [10]. A simple
model captures the relationship between the contact time and the local stiffness of the
structure. Since the tap response, shown in Fig. 2, resembles one half a cycle of a sine wave,
one may model the vibrating surface as that of a grounded spring with a spring constant k,
upon which a mass m is dropped. Thus, Ĳ = 1/2f = ʌ/Ȧ = ʌ (m/k)1/2. This simple approximate
relationship shows that the contact time depends on the local stiffness k of the surface and on
the mass m. A greater stiffness corresponds to a shorter contact time. It also allows one to
deduce the local stiffness of the structure from the measured contact time Ĳ and the known
mass of the tapper m. We have compared the local stiffness at locations of different damage
severity on a number of composite honeycomb sandwich panels, deduced from tap test
contact time using the formula k = m (ʌ/Ĳ)2, with the stiffness measured experimentally at the
same locations in static compressive loading tests. The stiffness deduced from the tap test
contact time agreed quite well with the mechanically measured stiffness [11], as shown in Fig.
3. This indicated that quantitative information, namely the stiffness in units of Newtons per
meter, can be derived from a simple tap test. This has then become the impetus for developing
an instrumented tap tester with the capability of mapping out the location, size, shape, as well
as the severity (stiffness reduction) of damages on sandwich structures.
6

k from static test (MN/m)

k static= 1.03 k tap - 0.13
5

2

R = 0.92

4
3
2
1
0
0

1

2

3

4

5

6

k from tap test (MN/m)
Figure 3. Agreement of stiffness deduced from tap test and measured directly in static test for locations of
different damage severity on composite honeycomb sandwich panels.

3.2 Application of Instrumented Tap Tester
In order to elevate the tap test from a qualitative, operator-dependent manual check into an
instrumented, quantitative, field-usable tool with imaging capability, a system known as the
Computer Aided Tap Tester (CATT) was developed at Iowa State University [12]. The
system makes use of a piezoelectric accelerometer as the tapping mass and measures the
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contact time between the mass and the surface with an electronic timing circuit. To improve
the inspection speed and the consistency of the tapping, a semi-automated cart can be pushed
across the surface while the accelerometer taps on the surface in its up-and-down vibration
driven by the repulsive forces between magnets contained in the cart [13]. The contact time
data can be converted into the local stiffness of the surface and both may be displayed as an
image during the test. The CATT had been extensively tested in the field on a variety of
composite and aluminum sandwich structures [14]. It has been proven particularly effective
for mapping out disbond and impact damage in various flight control components and
helicopter rotor blades. The images produced by the CATT may be used in the planning of
repairs or for making accept/reject decisions. Figure 4 shows the CATT used in the
verification of the soundness of a repair made on a UH-60 Black Hawk helicopter blade. The
CATT scan image showed that the repair was good and there were no voids or disbonds.

Figure 4. Verification of a 13 cm (5”) diameter repair on a composite rotor blade of a Black Hawk helicopter
using the Computer Aided Tap Tester (CATT).

The CATT instrument was also used in the damage assessment of a large composite
sandwich structure. When the American Airlines flight 587, an Airbus A300, crashed in Belle
Harbor, New York in November 2001 [15], the damages on the recovered rudder were
mapped out with the CATT. The A300 rudder, measuring approximately 8.5 m (28 ft) tall, is
box-like composite structure with honeycomb-cored sandwich panels as its skins and front
spar. The CATT was used to scan 90 x 60 cm (3 x 2 ft) areas at a rate of approximately 12 to
15 minutes per scan. All the scan images, with a combined total area of nearly 40 square
meters (400 ft2) were assembled to form the image of the whole structure shown in Fig. 5. The
figure shows the scan images of the inner and outer surfaces of the left and right skins, as well
as the front spar of the rudder. The fracture pattern and failure conditions revealed by the
scan images served as part of the data gathered in the investigation.
3.3 Mechanical Hysteresis and Tap Test
The energy dissipative nature of internal damages caused by impact on a sandwich
structure leads to nonlinear load-displacement curves and mechanical hysteresis loops. As the
damage severity increases, the area enclosed by the hysteresis loop increases and the average
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Figure 5. CATT scan images of the composite rudder of the crashed flight AA587 in November, 2001.

slope (stiffness) decreases. Figure 6 shows the hysteresis loops obtained on a thin-walled
CFRP/Nomex honeycomb sandwich with damages induced by impact energies of 0.7, 1.3,
1.8, 3.4, 4.0, and 4.7 Joules respectively going from left to right.
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Figure 6. Mechanical hysteresis loops of damages on a CFRP/Nomex honeycomb sandwich caused by
increasing impact energies (from left to right).

Although the results in Fig. 6 suggest a means for evaluating the severity of internal
damage in sandwich structures, the compressive loading test requires two sided access and is
not conducive to applications in the field. We therefore explored the relationship between the
response to a quasi-static loading and the dynamic response to a tap test on the surface. In a
tap test using an accelerometer as the tapping mass, the voltage output as a function of time is
a bell shaped curve. Knowing the sensitivity of the accelerometer (e.g., 10 mV/g) and its
mass, one can convert the output to a force-time curve. To obtain the force-displacement
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curve, one needs the displacement-versus-time response of the tap test to convert the forcetime history into a hysteresis loop of a load-versus-displacement plot. To do so, one can
integrate the acceleration-versus-time curve twice to obtain the displacement-versus-time
curve. Upon combining this with the force-time curve, one arrives at the (dynamic) loaddisplacement curve. Figure 7 below shows the acceleration, velocity, and displacement, all as
a function of time, of a tap made by a 10.4 gram accelerometer on the surface of a composite
sandwich. Figure 8(a) shows a comparison of the hysteresis loop obtained from a quasi-static
load test and from a tap test of the same impact damage site caused by 4.04J of impact energy.
Figure 8(b) shows that, after normalizing both the force and the displacement axes, the static
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Figure 7. Dynamic response of a tap test: acceleration, velocity, and displacement as functions of time. Velocity
and displacement were obtained by consecutive integration of the acceleration data.
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Figure 8. (a) Hysteresis loops obtained in a static test and deduced from a tap test. Note that the peak loads were
different. (b) Normalized load-displacement curves showing good agreement between hysteresis loops obtained
statically and dynamically.

hysteresis loop and the dynamic hysteresis loop have the same shape and slope. This
demonstrated the feasibility of evaluating the damage-induced mechanical hysteresis with a
simple tap test on the outer surface of a composite sandwich. Work is underway in the
development of instrumental setup for performing consistent and controlled tap test and the
necessary data acquisition and processing software.
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4. NDE OF SANDWICH STRUCTURES WITH AIR-COUPLED ULTRASOUND
In the area of air-coupled ultrasound for nondestructive inspection of structures, there has
been considerable progress in the technology of transduction. The performance and
capabilities of air-coupled piezoceramic transducers, composite transducers, and electrostatic
capacitive transducers have all made significant advances in the last two decades [16]. Aircoupled ultrasonic inspection of sandwich structures is typically conducted in the 50 kHz to
400 kHz range. Air-coupled ultrasound has the obvious advantage that it is non-contact, noncontaminating, and free from liquid or gel couplants. However, the primary challenge in aircoupled ultrasonic NDE is the enormous acoustic impedance difference between that of air
and a solid. As a result, the energy transmission coefficient from air to a CFRP solid laminate
is only about 0.04%, as compared to 75% for the water-solid interface. To overcome this
extremely inefficient energy transfer between a gas and a solid, air-coupled ultrasonic
instruments must be operated at very high gain and often aided by external low noise preamplifiers. In addition, the transmitting transducer is driven with a high voltage long
toneburst in order to increase the energy content, and hence the penetrating power, of the
sound wave. A combination of the low transmission efficiency and the long pulse length has
so far prevented the usual pulse-echo mode of flaw detection from being achievable.
Nonetheless, air-coupled through transmission ultrasonic scans have proven quite valuable in
the NDE of sandwich structures, especially for components with perforated facesheets where
water-coupled ultrasound is difficult to apply.
4.1 Air-Coupled Ultrasonic Imaging of Honeycomb Sandwiches
Sandwich structures with honeycomb core are widely used as flight control surfaces on
airplanes, such as spoilers, flaps, rudders, slats, and trailing edge. Since these components do
have two-sided access, air-coupled ultrasonic transmission inspection is appropriate. Since
the transmission of airborne ultrasound through an empty cell of a honeycomb sandwich
would encounter four air-solid interfaces, the transmitted signal would not be detectable; the
transmission of the ultrasonic energy through the honeycomb core therefore takes place along
the cell walls. The usual construction of the honeycomb core is such that each hexagonal cell
is enclosed by two double-walls and four single-walls. A double-wall is where the adhesive
layer joins one cell to the next adjacent cell. It was also observed that, in honeycomb panels
containing large cells, the double-walls were the locations for the highest transmitted
amplitude, as shown in Fig. 9. Here the scan image revealed three flaws (skin-to-core
discontinuity) and a background of hexagonal honeycomb pattern. When the beam of the aircoupled ultrasound is unfocused and broad, and when the cells of the honeycomb are small,
the individual cells and the hexagon pattern of the honeycomb would not be discernable.
Furthermore, when a number of cells are illuminated by a broad beam, the periodicity of the
honeycomb core would sometimes behave like a two-dimensional diffraction grating and lead
to interference fringes in the image.
It should be pointed out that, due to the large ratio of the acoustic impedances of solid and
air, the transmission of air-coupled ultrasonic energy through a solid plate is dominated by
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resonance phenomenon. High transmissions occur at frequencies where the thickness of the
plate matches integral multiples of a half wavelength. Theoretically, the transmission of a
monochromatic plane wave is non-zero only at the resonance frequencies. In reality, the
finite bandwidth of the toneburst ultrasonic waves makes the contrast not as severe, but the

single
wall

Double
wall

Figure 9. Air-coupled ultrasonic transmission scan image of a large-celled honeycomb sandwich using focused
120 kHz transducers.

resonance effects still dominate the transmission through solid plates. Similar phenomenon
can also be observed in more complex structures. For example, when air-coupled ultrasonic
transmission scan was performed on a honeycomb sandwich containing embedded solid
cylindrical metallic inserts that served as attachment hard-points, extraordinarily high
transmission through the cylindrical insert was observed at certain frequencies. Finite
element modeling of the vibration modes of the metallic insert verified that the high
transmissions corresponded to the frequencies where the cylindrical metal insert exhibited a
strong resonance in its length mode [17].
4.2 Probability of Detection (POD) of Air-Coupled Ultrasonic NDE
In sandwich structures, air-coupled ultrasonic transmission scans can readily reveal the
presence of foreign object inclusions, disbonds between the facesheet and the core,
delaminations in the facesheet, and damages of the core caused by impact or static
overloading. The defects and damage usually appear as regions of reduced transmission
amplitude, as shown in Fig. 9. To assess the sensitivity of flaw detection by air-coupled
ultrasound, Iowa State University participated in a large scale study of nondestructive
inspection of flaws in composite sandwich structures organized by the Airworthiness
Validation Center (AANC) at the Sandia National Laboratory. In the round-robin study, we
performed flaw imaging scans for a large set of test panels that consisted of 42 GFRP and
CFRP honeycomb sandwiches measuring 46 cm x 46 cm (18 x 18 inches) and containing a
variety of engineered flaws and induced damage. The air-coupled ultrasonic transmission
scan images of all the panels were analyzed by AANC to determine the probability of
detection (POD) of the technique; the results are shown in Fig. 10. The results showed that 12
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mm (0.5”) diameter flaws can be detected in sandwich panels with 3-ply carbon skin with
90% POD. In 9-ply GFRP skinned honeycomb panels, 25 mm (1”) diameter flaws can be
detected with 90% POD. Air-coupled ultrasound transmission was found to have one of the
highest probabilities of detection among the NDE techniques evaluated in the study.

ISU's Air Coupled Ultrasonics (TTU Mode) All Panel Types
3 Ply Carbon

3 Ply Fiberglass

6 Ply Carbon

6 Ply Fiberglass

9 Ply Carbon

9 Ply Fiberglass

1
0.9

Probability of Detection

0.8
0.7
0.6
0.5
0.4
0.3
0.2
0.1
0
0

0.5

1

1.5

2

2.5

3

Flaw Size (Dia. in Inches)

Figure 10. Probability of detection (POD) curves of air-coupled ultrasonic transmission for defects of different
size in honeycomb sandwiches with carbon and fiberglass skins.

5. CONDUCTING IN-SITU NDE SCANS ON SANDWICH STRUCTURES
When inspecting a sandwich structure in the field, such as a flight control surface on an
airplane, the value of a “C-scan” image (a graphical display of the NDE data as a function of
the xy position) cannot be over-emphasized. The generation of a C-scan ensures full coverage
of the inspected area and aids the inspector in the visual interpretation of the test results. With
a visual image, flaws and damage may be differentiated from the normal substructures.
However, in order for a technique or instrument to be field-usable, it must be easily portable
and cannot be too complicated to operate. For example, motorized scan frames are usually
too bulky to be used on airplanes. The author’s group at Iowa State University has made a
sustained effort in developing field-usable NDE instruments such as the CATT described
above. An effort in recent years has been the development of a generic manual scanning
system (dubbed the “GenScan”) [18,19]. At the present stage, the GenScan makes use of low
cost position encoding devices, such as handwriting capturing devices used in classroom or in
conferences (the Mimio system [20] being one example), to track the position of the NDE
probe. The tracking of the probe position and orientation can also be accomplished by using a
magnetic tracker (the “Flock of Birds” [21]) designed for virtual reality and medical
applications. Interface software has been developed to merge the position data and the NDE
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data in order to generate the C-scan image. The system can be used with a number of NDE
modalities, including ultrasound, eddy current, and bond testing techniques such as
mechanical impedance analyzer (MIA). A GenScan system configured for detecting corrosion
behind aluminum skin using contact mode ultrasound is shown in Fig. 11.

Figure 11. The Generic Scanner (“GenScan”) designed for generating C-scan images in the field.

The GenScan system can be configured to generate C-scan images of air-coupled through
transmission ultrasonic scans of sandwich structures on aircraft. The transmitting and
receiving transducers are mounted on a yoke for inspecting flight control surfaces that afford
two-sided access. The position data of the aligned transducers are combined with the
transmitted signal amplitude data in the generation of the C-scan image. Figure 12 shows the

Figure 12. Inspecting helicopter rotor blade damage with air-coupled transmission ultrasonic C-scan.
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inspection of tree-strike damage sustained by a helicopter rotor blade using air-coupled
ultrasonic transmission and the Flock-of-Birds magnetic position tracker. In the scan image
to the right, the two horizontal bands are the tree-strike damage in the circumferential
direction of the blade.
6. CONCLUSION
Sandwich structures are an important class of engineering materials. New materials, new
combination of skin and core materials, and new ways of construction, such as “grid-lock,”
are continually being added to this class of structures. To ensure sound performance,
structural integrity, and safety operation of the diverse group of sandwich structures,
nondestructive inspection and testing methods will always be required. NDE results are
needed to manage the accept/reject decisions and are used in the planning for repair, overhaul
and refurbishment of in-service structures. The challenge on the NDE capability will continue
to be the ability to not only detect the presence of the defects and damage, but the
classification of the nature of the flaw and a quantitative evaluation of the severity of the
damage and its effects on the performance of the structure. For sandwich structures, this
would include the ability to differentiate between a skin-to-core disbond and a buckled core
with the adhesive bond in tact. With the recent dramatic increase of composite usage in the
aviation industry on primary, load-bearing structures, the demand on NDE capabilities will
expand from sandwich structures to thick solid laminates as well. The NDE approaches and
techniques described here represent only one facet of this evolving field of engineering.
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Summary. A new type of crack arrester was proposed for interfacial crack suppression.
Analytical predictions of its performance were validated by conducting experiments under
mode-I-type and mode-II-type loading conditions.
1 INTRODUCTION
The direct replacement of metal as an aircraft structural material is most commonly
carried out by applying composite materials. However, owing to the incumbent concept for
metal integral structures, the full potential of composite materials (i.e., weight and part count
reduction) has not been yet realized. A foam core sandwich panel structure is a promising
concept for integral structures [1-4]. However, an interfacial crack between the surface skin
and the core has a critical effect on the structural integrity of foam core sandwich panels by
degrading the static and fatigue strength [5]. The suppression of this interfacial crack is a
significant issue in applying foam core sandwich panels to aircraft structures. Although
various fundamental studies on the foam core sandwich panel have been conducted [6-9],
there has been little research on crack suppression methods [10]. The authors previously
proposed a new simple structural element to suppress interfacial crack propagation in the
foam core sandwich panel and evaluated it analytically [11]. In this paper, we mainly describe
the experimental validation of our analysis under mode I-type and mode II-type loading
conditions.
A new type of crack arrester was proposed to suppress interfacial crack propagation. It was
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considered that a different material on
the crack propagation path with higher
stiffness would suppress crack
propagation [12]. The concept of the
crack arrester is shown in Fig. 1. An
arrester with a semicylindrical shape
was selected to avoid the unfavorable
stress concentration on its periphery
and to achieve high manufacturing
efficiency.
2 ANALYTICAL ESTIMATION
Fig. 1: Concept of Crack arrester.

2.1 ANALYTICAL PROCEDURE

Two different FE models, with and
without the crack arrester, consisting
of 4 plies of surface skins and a foam
core were prepared. The material in
the surface skin was Toho Tenax
UT500/#135, the twill weave fabric
carbon fiber and toughened epoxy.
The core material was Rohacell
WF110, a PMI (Polymethacrylimide)
foam. The crack arrester was made of
Toho Tenax UT500/#135, the
unidirectional carbon fiber and
toughened epoxy, whose fiber
direction was perpendicular to the
longitudinal axis of the specimen. An
FEM code, ABAQUS version 6.4.1,
was used to obtain nodal forces and
nodal displacements. The energy
release rates at crack tip locations
0.085 mm, 0.17 mm, 1.19 mm, 2.38
mm, 5.1 mm, 10.2 mm, 14.98 mm
and 20.4 mm from the edge of the
arrester were calculated by the CCI
(crack closure integral) method [13]
and from FEM results. The mode-Itype and mode-II-type loading
conditions employed are shown in
Figs. 2 (a) and (b), respectively.

0.28 N (Per unit width)
Crack arrester

Surface skin

Crack

Resin-impregnated layer

Foam core

Surface skin
(a) Mode-I type loading.

Resin-impregnated layer
Surface skin
15 N (Per unit width)
Foam core
Crack arrester

Crack
50
Surface skin

100

100

50

(b) Mode-II type loading.

Unit :mm
L = 0.085 , 0.17 , 1.19 , 2.38 , 5.1 , 10.2 , 14.96 , 20.4
a = 100, b = 30 or 50

Fig. 2: Loading conditions.
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2.2 Analytical results
FEM analyses indicated that the energy release rate at the crack tip started to decrease at a
point 15 mm from the leading edge of the crack arrester under mode-I-type loading and 20
mm under mode-II-type loading, and rapidly decreased from a point 5 mm from the leading
edge of the crack arrester. The energy release rate converged to a value close to zero near the
leading edge of the arrester for both types of loading modes. These analyses were conducted

(a) Mode-I type loading.

(b) Mode-II type loading.

Fig. 3: Relationship between normalized energy release rate and distance L.

under constant loading conditions. The relationship between the normalized energy release
rate and the distance L from the leading edge of the crack arrester is shown in Fig. 3. The
normalized energy release rate was defined as the ratio of the energy release rate of the
specimen with the crack arrester to that of the specimen without the crack arrester at a given
crack length. The authors also obtained similar results for a specimen with a different surface
skin thickness of two plies and a core material of Airex R82.60 [11].
The analytical estimation revealed that the stress field near the crack tip was reduced
owing to the local load redistribution between the core material near the crack tip and the
crack arrester. The reduction of the stress field near the crack tip led to the decrease in the
energy release rate at the crack tip as it approached the leading edge of the crack arrester. The
relationships between the stress field and the distance L under mode-I-type and mode-II-type
loading are shown in Fig. 4.
2.3 Summary of analyses
The effect of the crack arrester on suppressing the crack propagation was analytically
estimated by the FE analyses and the CCI for the test specimen configuration under constant
loading. Similar results were also obtained for a different configuration of the sandwich panel
specimen. It was revealed by detailed analyses that the load redistribution between the core
material near the crack tip and the crack arrester led to the reduction of the energy release rate

490

Yasuo Hirose, Go Matsubara, Masaki Hojo and Hirokazu Matsuda

at the crack tip. Experimental fracture toughness tests are necessary to validate this concept as
a next step. In these tests, the critical loads of the test specimens are expected to increase
owing to the crack arrester.
Leading edge of
crack arrester
L
٤

Crack tip
Crack arrester
Crack tip
Crack tip

L = 15.0 mm

Crack tip

L = 5.1 mm

L = 0.09 mm

(a) VYY under mode-I-type loading (arrester radius: 5 mm).

Crack tip

L = 20.4 mm

Crack tip

L = 10.2 mm

Crack tip

L = 0.09 mm

(b)WXY under mode-II-type loading(arrester radius: 5 mm).
Fig. 4: Stress distribution near the arrester.
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3 EXPERIMENTAL VALIDATION
3.1 Experimental procedure
For the fracture toughness test, sandwich panel specimens were composed of a Toho Tenax
UT500/#135 carbon / epoxy surface skins and a WF110, a PMI foam core. The arrester had a
semicylindrical cross section with 10 mm radius and was made of unidirectional UT500/#135
with 90o ply orientation. The mechanical properties of these materials are shown in Table 1.
The mechanical properties of another core material, Airex R82.60, are also included in this
table for reference.
Table 1: Mechanical properties of materials used in fracture toughness test.
Surface plate
CFRP
(0,90)
Vf=46%

CFRP
(+45,-45)
Vf=46%

CFRP
(0,90)
Vf=56%

CFRP
(+45,-45)
Vf=56%

CFRP
UD 90
Vf=56%

EXX
[GPa]
EYY
[GPa]

54.9

12.6

66.3

15.1

8.61

8.61

8.61

8.61

8.61

8.61

EZZ
[GPa]
ǵXY
ǵYZ
ǵXZ
PXY
[GPa]

54.9

12.6

66.3

15.1

127

0.33
0.052
0.33
3.23

0.33
0.23
0.33
3.23

0.33
0.043
0.33
3.23

0.33
0.019
0.033
3.23

0.55
0.022
0.022
2.78

3.23

3.23

3.23

3.23

4.23

3.53

26.1

4.24

31.6

4.23

PYZ
[GPa]
PXZ
[GPa]

Y: Thickness direction

٤

Resin
layer
Neat
Resin

Foam core
Airex
R82.60

4.1

0.028

0.17

0.33

0.25

0.18

1.54

0.011

0.070

Eij: Young’s modulus
Pij: Shear modulus
Qij: Poisson’s ratio
X: In-plane longitudinal direction

Note: Z-axis is perpendicular to the X-Y plane
Prepreg layers Foam core
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The dimensions of the specimen
Kapton film
are shown in Fig. 5. Here the width
of the specimen, W, is 100 mm for
Crack arrester
mode-I-type loading and 50 mm for
mode-II-type loading. The ply
orientation of the surface skin was
[(+45,-45)/(0,90)/(0,90)/(+45,-45)]s
and a symmetric stacking sequence
was selected to avoid unfavorable
deformation during molding. A
DuPont-Toray Kapton film with 12.5
Pm thickness and 100 mm in length Note;
was installed from the end of the W = 100 mm for mode-I type loading.
specimen between the surface skin W = 50 mm for mode-II type loading.
and the core as a crack initiator. The
distance between the edge of the
Fig. 5: Dimensions of test specimen.
release film and the leading edge of
the arrester was 20
mm.
The
test
specimens
were
molded by onestage curing without
the use of an
adhesive using an
autoclave. The test
specifications
outlined in concept
of JIS K 7086 [14]
for CFRP solid
laminate specimens
were
applied
Fig. 6: Mode-I type test apparatus.
Fig. 7: Mode-II type test apparatus.
because these for
the
foam
core
sandwich panel have not been prepared yet. The cross-head speed was 2.0 mm/min. without a
precrack. An Instron 8500 servo hydraulic fatigue-testing machine and a 5 kN load cell were
used under the mode-I-type loading condition, and an Instron 8501 servo hydraulic fatiguetesting machine and a 100 kN load cell were used under the mode-II-type loading condition.
Crack tip locations were measured using a traveling microscope at 50x magnification. The
initial crack length under mode-I-type loading was 50 mm. For mode II-type loading, two
different initial crack lengths of 30 mm and 50 mm were selected. The test apparatus used for
mode-I-type and the mode-II-type loading are shown in Figs. 6 and 7, respectively.
The ABAQUS Version 6.4.1 FEM code was used in this calculation. The energy release
rate was obtained using equation (1) based on the CCI for the specimen.
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G

1 'a
1 'a
lim
³ V YY ( ' a  r ,0 ) v ( r , S )dr  lim
³ W XY ( ' a  r ,0 ) u ( r , S )dr
'
'
2
a
2
a
0
0
'a o 0
'a o 0

(1)

Here, G is the total energy release rate and VYY andWXY are the normal and shear stress
components near the crack tip, respectively. u and v are the in-plane shear and vertical
displacement between the upper and lower crack surfaces, respectively. 'a is the crack
extension. The values of VYY, WXY, u and v were calculated by FEM analyses using FE
models of the test specimen and critical loads obtained from the fracture toughness test. 'a
was also measured during the fracture toughness test. An apparent fracture toughness, G*,
was introduced to evaluate the inhibition of crack growth owing to the crack arrester. The
apparent fracture toughness was defined by the energy release rate obtained from equation (1)
using FEM results for the FE model without the crack arrester and the critical load of the test
specimen with the crack arrester. Using this parameter, the crack suppression effect of the
crack arrester could be evaluated appropriately.
3.2 Experimental results of fracture toughness test
3.2.1 Test results under mode-I-type loading

㪣㫆㪸㪻㩷㪧㩷㩿㪥㪀

A typical load㪈㪇㪇㪇
displacement
䌁㫉㫉㪼㫊㫋㪼㫉䇭㪪㪧㪅㪈㩷㩿㪘㪚㪄㪈㪀
㪭㫀㫊㫌㪸㫃㩷㫆㫅㫊㪼㫋
㫆㪽㩷㪺㫉㪸㪺㫂
diagram obtained
㪥㫆㪄䌁㫉㫉㪼㫊㫋㪼㫉䇭㪪㪧㪈㩷㩿㪚㪄㪈㪀㪅
L=
0
mm
㪏㪇㪇
under the mode-IL=3.2 mm
L=6.5 mm
type loading is
L =䋭10.4mm
L=12.7 mm
㪍㪇㪇
shown in Fig. 8.
L=䋭15.9 mm
L=20 mm
Four
specimens,
two with the crack
㪋㪇㪇
arrester and two
without the crack
㪉㪇㪇
arrester,
were
prepared for the
㪇
fracture toughness
㪇
㪌
㪈㪇
㪈㪌
㪉㪇
㪛㫀㫊㫇㩷㪻㩷㩿㫄㫄㪀
test under the
Displacement d (mm)
mode-I-type
Fig. 8: Typical load-displacement diagram under mode-I-type loading.
loading condition.
The locations of
the crack tip in the specimen with the crack arrester are shown in this figure as black arrows
and values of L. Under the mode-I-type loading condition, the critical load of the specimen
with the crack arrester increased as the crack approached the leading edge of the arrester. On
the other hand, for the specimen without the crack arrester the crack grew unstably in a stick-
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slip manner, similarly to results obtained from fracture toughness tests for CFRP laminates at
low temperatures [15]. Comparing these data in Fig. 8, the specimens with the crack arrester
have a 2.3 times larger critical loads than those of the specimens without the crack arrester.
Figure 8 indicated that the effect of the crack arrester on crack suppression was considerable
under mode-I-type loading.
3.2.2 Test results under mode-II-type loading

㪣㫆㪸㪻㩷㪧㩷㩿㫂㪥㪀

The load-displacement diagram
under mode-II-type loading is
㪇㪅㪌
shown in Fig. 9. Six specimens,
㪭㫀㫊㫌㪸㫃㩷㫆㫅㫊㪼㫋
㪭㫀㫊㫌㪸㫃㩷㫆㫅㫊㪼㫋
three with the crack arrester and
㫆㪽㩷㪺㫉㪸㪺㫂
㩷㩷㩷㩷㩷㫆㪽㩷㪺㫉㪸㪺㫂㩷㪸㫋㩷㪸
㪇㪅㪋
㫅㪼㪸㫉㩷㫋㪿㪼㩷㪸㫉㫉㪼㫊㫋㪼㫉
㪺㫉㪸㪺㫂㩷㫀㫅㫀㫋㫀㪸㫋㫆㫉
three without the crack arrester,
were prepared for the fracture
㪇㪅㪊
toughness test under the mode-IItype loading condition. For the
three specimens with the crack
㪇㪅㪉
arrester, two of them had an initial
crack length of 30 mm and the
㪇㪅㪈
䌁㫉㫉㪼㫊㫋㪼㫉䇭㪪㪧㪅㪈㩿㪉㪘㪚㪄㪈㪀
other had a length of 50 mm. For
㪥㫆㪄䌁㫉㫉㪼㫊㫋㪼㫉䇭㪪㪧㪅㪈㩿㪉㪚㪄㪉㪀
the specimen with the crack
㪇㪅㪇
arrester and the initial crack length
㪇
㪈
㪉
㪊
㪋
㪌
of 30 mm, the crack propagated
㪛㫀㫊㫇㫃㪸㪺㪼㫄㪼㫅㫋㩷㪻㩷㩿㫄㫄㪀
Fig. 9: Relationship between load and displacement
unstably from the edge of the crack
in mode-II-type test.
initiator. It was then stopped near
the leading edge of the arrester.
These specimens were fractured due to the shear failure of the core material without the crack
propagation in the second loading. Although this fact demonstrates the effect of the crack
arrester on crack suppression, only the load-displacement diagram of the specimen with the
initial crack of 50 mm is shown in Fig. 9. The crack propagation behavior in the first loading
for the specimen with the crack arrester and the initial crack length of 50 mm was similar to
those of specimens with the initial crack length of 30 mm. After unloading and reloading, the
crack was kinked into the core at a critical load that was almost equal to the initial critical
load in spite of the longer crack length. For the specimen without the arrester, the crack
propagated unstably to the central loading point for initial crack lengths of both 30 mm and 50
mm.
The apparent fracture toughness for the specimen with the crack arrester, G*, and the
interfacial fracture toughness for the specimen without the arrester, Gc, are shown in Fig. 10.
The apparent fracture toughness for the specimen with the arrester was calculated by the
procedure described in 3.1. This figure shows that an approximate twofold increase in
apparent fracture toughness is obtained owing to the crack arrester. This value would have
been larger if the crack kinking had been prevented.
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Leading edge of the arrester
Fracture toughness G* or Gc (N/m)

3.3 Summary of the experiments
The verification tests under mode-Itype and the mode-II-type loading
conditions were conducted using
sandwich panel specimens with and
without a crack arrester. The test
results indicated that the critical load
increased for the specimen with the
crack arrester under mode-I-type and
mode-II-type loadings. The apparent
fracture toughness was used as a
parameter to estimate the effect of the
crack
arrester.
A
quantitative
estimation of effect of the crack
arrester effect was possible using this
parameter.
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Fig. 10: Relationship between apparent / interfacial fracture
toughness and crack length in mode-II-type test.

4 CONCLUSIONS
The proposed crack arrester is expected to become a promising structural element for
suppressing crack initiation and propagation in foam core sandwich panels. The damage
tolerance of foam core sandwich panels can be improved by introducing the crack arrester.
Our study also revealed the reason why this simple structural element can effectively suppress
interfacial crack propagation in the foam core sandwich panel. The application of this concept
to various types of structural component should be possible [16]. As further studies,
inspection methods to detect the location of a suppressed crack near the arrester and the
development of the design criteria for the sandwich panel structure with the arrester are
necessary.
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Summary. The Mode I fracture characteristics of ROHACELL® polymethacrylimid foam
core were obtained using single edge notch bending specimens, with a pre-crack length-tospecimen depth ratio of 0.2, loaded in three-point bending. Three grades of ROHACELL®
foams: RIMA, RIST and WF, at densities from 51 to 110 kg/m3, were studied. A proper
procedure was established for cutting the pre-crack tip to ensure that the crack propagated in
a Mode I fashion. The Mode I critical stress intensity factor, KIc, of the foams was evaluated
from the experimental data using a semi-analytical solution and Linear Elastic Fracture
Mechanics Finite Element Analysis (LEFM-FEA). Values obtained by these two methods
agreed very well. The fracture toughness parameters, KIc, JIc, were discussed as a function of
foam density and cell structure. It was determined that the relationship between foam density,
cell size and cell wall thickness was different for each foam grade, and that this affected the
values of KIc and JIc. As a result, an empirical power law model was proposed to relate the
fracture toughness and the relative density, and its parameters determined for the PMI foams
investigated.
1 INTRODUCTION
Foam cored sandwich structures offer a light weight, cost effective design solution, not
only for aerospace but also for automotive, wind generation and naval applications. These
structures can be relatively susceptible to damage, particularly impact damage, which may
cause significant damage to the core without being easily detected. The damage can then act
as a stress concentrator, leading to fracture and eventual failure of the structure.
ROHACELL® foams are produced by thermal expansion of a co-polymer sheet of
methacrylic acid and methacrylonitrile. During the foaming process, the copolymer sheet is
converted to polymethacrylimid (PMI). Alcohol is used as a blowing agent, thus
ROHACELL® contains no fluorinated carbon hydrates and is halogen free. As a result of the
process, rigid closed-cell foam with a very homogeneous cell structure is obtained. Different
grades of ROHACELL® foams are commercially available (e.g. WF, RIST, RIMA), which
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are made with a similar raw material but different production processes are used to control the
cell dimensions. The cell size characteristics define the manufacturing process for which the
foams are suitable. For instance, WF foams are best suited for pre-impregnated composites
skins since these products have a larger cell size compared with RIST and RIMA. Since RIST
and RIMA foams have the smaller cell size, they are most appropriate for liquid moulding
processes such as the Vacuum Infusion Process (VIP) and Resin Transfer Moulding (RTM).
ROHACELL® is extensively used for structural sandwich applications offering the highest
strength-to-weight ratio when compared to other plastic foam cores [1]. Applications include
aerospace, train, automotive and marine structures, sport articles, electronics, radiation (X-ray
table) and acoustic technologies and tooling [1-3]. To further the use of ROHACELL® foam
sandwich structures in load-bearing elements, an understanding of the fracture behaviour is
required along with fracture toughness values, that until know are only available for few
ROHACELL® grades. Furthermore, in most published research [4-7], the mechanical
properties were studied for foams whose cell size decreased as the density increased, and little
has been reported for foams whose cell size increases as the density increases, such as RIMA.
The work presented in this paper focuses on the Mode I fracture behaviour of three grades of
ROHACELL® foams, RIMA, RIST and WF, at a range of densities and is part of a larger
study to establish a validated design methodology for the fracture of ROHACELL® foams.
2 MATERIAL
The ROHACELL® foam grades tested were RIMA, RIST and WF. The foams were
supplied by Evonik Röhm GmbH at densities from 51 to 110 kg/m3.
The density and cell dimensions of tested specimens are presented in Table 1. In general, a
low standard deviation was observed between specimens of the same density. The average
cell size and the cell wall thickness were determined from the fractured surfaces of tested
specimens using image analysis software.
ROHACELL® foam
grade
Foam density, ȡ (kg/m3)
(Standard deviation)
Average cell size, A (ȝm)
Cell wall thickness, t (ȝm)
t



middle/

2

A ( x10 ), ratio

51
54.1
(0.1)
714
2 to
17
1.33

WF
71
75.6
(1.8)
743
2 to
18
1.35

110
111.4
(0.4)
562
5 to
20
2.22

51
52.1
(0.2)
296
1.5 to
6.5
1.35

RIST
71
77.6
(0.5)
295
2 to 9
1.86

110
110.7
(0.1)
219
2 to
12.5
3.31

51
51.3
(0.4)
13
0.1 to
0.3
1.53

RIMA
71
72.2
(0.5)
21
0.1 to
0.5
1.43

110
90.1
(0.2)
49
0.3 to
3
3.36

Table 1: Density, cell wall thickness and average cell size of ROHACELL® foams
As expected, the foams had different cell structure characteristics. For WF and RIST, as
the density of the foam increased, the average cell size decreased and the cell wall thickness
increased. However, for RIMA, as the density increased, both the cell size and the cell wall
thickness increased. WF had the largest cell size and cell wall thickness whilst RIMA had the


tmiddle refers to the middle value for the given range on cell wall thickness.
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lowest, and their cell size differed by one order of magnitude. The cell size of RIST was
approximately half that of WF. Moreover, the cell wall thickness was not constant.
Mechanical properties of PMI raw material and of the foams used for the calculation and
FE modelling are summarised in Table 2, interpolated or extrapolated from data supplied by
Evonik Röhm GmbH for the same foam grades but of slightly different densities. The
Young’s modulus (E) used was taken as an average of the compression and tensile moduli
provided, which were obtained according to DIN 53421 [8] and ISO 527-2 [9] test standards,
respectively. The shear modulus (G) was obtained according to DIN 53294 [10] test standard.
The Poisson’s ratio (Ȟ) was evaluated by Equation (1).
ª E º
Q « » 1
(1)
¬ 2G ¼
PMI raw material
Density, ȡS (kg/m3)
Young’s modulus, ES (MPa)
Tensile strength, ıS (MPa)
ROHACELL® foam
grade
Foam density, ȡ (kg/m3)
Young’s modulus, E (MPa)
Shear modulus, G (MPa)
Poisson’s ratio, ȣ

51
54.1
77.4
32
0.209

1400
6479
112.7
WF
71
75.6
114.5
46.3
0.236

110
111.4
181.9
69.2
0.314

51
52.1
70.4
30
0.173

RIST
71
110
77.6 110.7
123.4 192.3
45.4
72.2
0.359 0.332

51
51.3
75.2
29.4
0.280

RIMA
71
72.2
117.0
43.3
0.351

110
90.1
152.9
55.2
0.384

Table 2: Mechanical properties of PMI, and ROHACELL® foams
3 EXPERIMENTAL PROCEDURE

To characterise the Mode I fracture behaviour, single edge-notched bending (SENB)
specimens loaded in three-point bending (TPB), with a support span (S) equal to four times
the specimen width2 (W), were used. The geometry of the specimen is shown in Figure 1
which followed that given in ASTM E1820 standard [11]. The ratio of pre-crack length (a) to
specimen width (parallel to the loading direction) was fixed at a/W=0.2.

W = 55 mm

B = 27.5 mm

a
W
a = 11 mm

S = 220 mm
L = 260 mm

11
55

0.2

W
B

55
27.5

S
W

220
55

2

4

Figure 1: Single-edge notched bending (SENB) specimen geometry.
2

The SENB specimen width coincides with the foam sheet thickness.
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3.1 Preparation of Specimens

An artificial pre-crack was introduced to the specimens using a two step process: a dry
diamond saw was used to create the first notch and a blade was used to create the pre-crack
tip.
During initial testing, it was observed that foam fracture morphology was sensitive to the
quality of the pre-crack tip, which was related to blade cutting edge. A study to investigate the
influence of blade quality on foam fracture toughness was performed. It was concluded that if
a blade with cutting edge defects, such as burrs or discontinuities, was used, small tears were
initiated, which at times led to out-of-plane fracture. The chance of such undesirable damage
increased if the same blade was used repeatedly without being ultrasonically cleaned, as
debris was found embedded within the blade defects. Similar tear damage was also observed
when scalpels were used because of the jagged cutting edge. The different cutting edge of
razor blades and scalpels are shown in Figure 2.

(a) Blade cutting edge without
defects

(b) Blade cutting edge with defects

(c) Scalpel cutting edge

Figure 2: Cutting edge characteristics of different blades.

The above effect of cutting defects was observed most obviously for RIMA specimens,
where a triangular pattern was produced (Figure 3(a)), or after the TPB test, where tears were
observed in the pre-crack tip surface (Figure 3(b)). The tear produced local load redistribution
around the pre-crack tip that reduced or eliminated the pre-crack tip stress concentration effect
such that the crack propagated around the tear (Figure 3(a)). Therefore, an out-of-plane
fracture was obtained (Figure 3(b)) as opposed to an in-plane fracture surface (Figure 3(c)).
This behaviour was less observed for WF and RIST specimens.
When out-of-plane failures were produced, higher peak load were recorded and hence
higher apparent Mode I critical stress intensity factor (KIc) values were obtained, as compared
to the specimens with in-plane failures. In some cases, an overestimation of more than 50%
was observed. The more severe the out-of-plane fracture, the higher the KIc value and its
standard deviation. Hence, careful initial pre-crack preparation was critical to obtaining an
accurate measure of the fracture parameters.
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Initial
notch
Pre-crack tip

Fracture
surface

Crack
propagation

(a)

(b)

(c)

Figure 3: (a) Out-of-plane crack propagation that started from a tear instead of pre-crack tip; (b) Out-of-plane
fracture surface; (c) In-plane fracture surface.

After reviewing the cutting edge of different blades (e.g. single and double edge razor
blades, snap blade cutter, scalpels, microtome knife, etc), it was observed that all had cutting
edge defects. Moreover, blade suppliers could not guarantee a product free of defects.
Nevertheless, it was decided to use single edge razor blades supplied by GEM®, covered with
Teflon to reduce friction during cutting.
Before the test specimens were prepared for the test, blades with minimal defects were
selected using an optical microscope at 520u magnification. Additionally, each blade was
used for not more than three cuts and was ultrasonically cleaned before each cut.
The specimens were prepared using the following procedure:
1. All specimens were dehumidified and sealed in special aluminium bags by Evonik
Röhm GmbH. The fracture test was conducted not more that five days after a bag was
opened in order to minimise moisture absorption.
2. After a specimen was taken out of the bag, its dimensions were measured using a
calliper and the weight was recorded using an analytical balance with 0.1 mg
resolution.
3. In the first step of the two-step procedure for introducing an artificial pre-crack to the
specimen, a 2 mm thick dry diamond saw was used to create the initial notch between
8 to 9 mm in depth.
4. A piece of Airtech Flashbreaker 1R tape was positioned at the end of the initial notch
on both specimen surfaces, to measure the pre-crack length.
5. A razor blade mounted to a lathe was used to obtain the pre-crack tip that was between
2 to 3 mm in depth, which ensured that at least two cells were clean cut.
6. The specimen was checked using a microscope at 50u magnification to make sure that
the nominal pre-crack length of 11 mm was achieved.
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3.2 Test Procedure

The TPB tests were run at a constant crosshead speed of 1 mm/min. The specimen mid-span
displacement was measured using an LVDT. At least six specimens were tested per foam
grade density. The KIc of the foams were calculated using Equation (2) [11].
ª PS º
KI c «
F (a / W )
(2)
3/ 2
¬ BW »¼

where: P is the peak load, S is support span, W is specimen width, B is specimen thickness
and F(a/W) is a geometric factor related to the ratio of a/W obtained by Equation (3).
F (a / w)

>

3(a / W )1 / 2 1.99  (a / W ) 1  a / W (2.15  3.93 (a / W )  2.7(a / W ) 2
2(1  2 a / W ) (1  a / W )3 / 2

@

(3)

Because visual crack extension was not observed during the test, the Mode I critical
J-integral, JIc, was determined by Equation (4) [11].
2

J Ic

K Ic 1  Q 2
E

(4)

4 FINITE ELEMENT MODELLING

The TPB testing of SENB specimens was modelled using MSC.Marc finite element (FE)
software. The foams were considered as isotropic in the model because they generally have
homogeneous cell structures. Since the studied foams had linear elastic behaviour up to
fracture, they were modelled using Linear Elastic Fracture Mechanics Finite Element
Analysis (LEFM-FEA), and mechanical properties listed in Table 1, were used. The
displacements predicted at the peak load, obtained from testing, were used to calculate KIc.
As per the derivation of the analytical solutions, the specimens were assumed to deform in
a plane-strain fashion under load. Due to symmetry, only half of the specimen geometry was
considered in the model. It was meshed using 2-D triangular plane strain elements.
As shown in Figure 4(a), a higher mesh density was used around the support and load
application points, and triangular crack tip elements were used around the crack tip (see
Figure 4(b)). The FE mesh used next to the crack tip elements consisted of 6-noded triangular
elements covering a small region around the crack. It was then transitioned to 3-noded
triangular elements for the rest of the geometry considered.
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P

W

S/2
(a)

(b)

Figure 4: (a) Finite element mesh for half of specimen geometry; (b) Crack tip elements

The displacement correlation method was used to calculate the Mode I stress intensity
factor from the nodal displacements predicted by FE analysis. As shown in Figure 4(b),
displacements at nodes “b” and “c” were used to calculate KI by Equation (5).
G 2S
KI
u xc  4u xb
(5)
2 1 Q L
where: L is the length of the crack tip element and ux are nodal displacements in x
direction.
5 RESULTS AND DISCUSSION
5.1 Foam Fracture Toughness

Typical load-displacement curves for RIMA are shown in Figure 5, where it was observed
that as the foam density increased, the peak load and the foam stiffness also increased while
the peak displacement had the opposite behaviour. All tested foams had an initial nonlinearity,
known as the toe region that does not represent a property of the material [12], and was not
considered in test results. This was followed by a linear region to failure, which occurred by
fast and unstable fracture without any visual crack extension. Similar behaviour was observed
with WF and RIST.
The FE predictions with the experimental results are compared in Table 3. Excellent
correlation was obtained between KIc fracture toughness values evaluated using the
semi-analytical solution of Equation (2) and the FE displacement correlation method.
However, the FE models predicted in general lower mid-span displacements compared to the
test results. This could be due to the initial looseness of the test set-up during each test and
local indentation of the foam specimen at the loading and supporting locations. Both the
looseness and local indentation resulted in rigid body movement of the specimen in the
loading direction, which was recorded by the LVDT sensor but was not considered by the FE
model.
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250
110 RIMA
200

Load (N)

71 RIMA
150

51 RIMA

100

50

0
0,00

0,50

1,00

1,50

2,00

2,50

Mid-span displacement (mm)

Figure 5: Typical load-displacement curves for RIMA for Mode I test (a/W=0.2)

ROHACELL®
foam grade
51WF
71WF
110WF
51RIST
71RIST
110RIST
51RIMA
71RIMA
110RIMA

Foam
density,
ȡ (kg/m3)
54.1
75.6
111.4
52.1
77.6
110.7
51.3
72.2
90.1

Fracture toughness,
KIc (MPa.m0.5)
LEFM-FEA
Test
0.087
0.087
0.131
0.130
0.225
0.223
0.071
0.070
0.143
0.144
0.183
0.183
0.097
0.097
0.124
0.124
0.153
0.153

Peak load
from test,
P (N)
119.6
180.3
309.7
96.8
196.9
252.9
133.6
171.7
212.4

Mid-span displacement
(mm)
LEFM-FEA
Test
1.42
1.72
1.43
1.60
1.48
1.55
1.28
1.54
1.34
2.06
1.13
1.24
1.58
2.01
1.24
1.70
1.14
1.32

Table 3: Comparison between average test results and LEFM-FEA results
The graphs that relate relative density to fracture toughness are shown in Figure 6 and
Figure 7, where the data points represent the test results. The graphs were fitted to power law
curves, by Equation (6), using a least-square fitting procedure.
y

cx

n

c(

U n
)
US

(6)

where: y is fracture toughness, c is equation factor, and n is power law equation exponent.
As observed in Figure 6, as the foam density increased, so did KIc for all studied foams.
When KIc was compared between the foams, WF values were higher than RIST, but these
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foams had similar equation factor (5.91 and 5.08) and exponent values (1.3 and 1.28). RIMA
however, at low density had the highest KIc. Its behaviour changed as the density increased,
having similar KIc to WF and RIST around the density of 70 kg/m3, and for higher densities
the tendency was that RIMA had the lowest KIc, resulting in a lower equation factor (1.36)
and lower exponent value (0.8) than WF and RIST.
0.25
ROHACELL WF

y = 5.91x1.30

ROHACELL RIST

y = 5.08x1.28

ROHACELL RIMA

y = 1.36x0.80

0.5

KIc (Mpa.m )

0.20

0.15

0.10

0.05

0.00
0.00

0.01

0.02

0.03

0.04

0.05

0.06

0.07

0.08

0.09

0.10

Relative density, U/US
ROHACELL WF

ROHACELL RIST

ROHACELL RIMA

Figure 6: Stress intensity, KIc, for ROHACELL® foams (a/W=0.2)

As shown in Figure 7, JIc behaviour was consistent with KIc: as the density increased, JIc
also increased, and WF had higher values than RIST. However the difference between WF
and RIST increased as the density increased resulting in different equation factor and
exponent value. RIMA, on the other hand, only had a small JIc increase with density (i.e. if
density increased 75%, from 51.3 to 90.1 kg/m3, JIc increased by only 12%) with the lowest
equation factor and exponent values.
0.30
ROHACELL WF

y = 7.25x1.35

ROHACELL RIST

y = 2.91x1.11

ROHACELL RIMA

y = 0.22x0.20

0.25

JIc (N/mm)

0.20

0.15

0.10

0.05

0.00
0.00

0.01

0.02

0.03

0.04

0.05

0.06

0.07

0.08

0.09

0.10

Relative Density, U/US
ROHACELL WF

ROHACELL RIST

ROHACELL RIMA
®

Figure 7: Fracture toughness, JIc, for ROHACELL foams (a/W=0.2)
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5.2 Effect of Density and Cell Dimensions

Ashby and Gibson [6] proposed that KIc can be obtained by Equation (7), where c1 is a
constant, ıf is the tensile fracture strength of the cell wall that can be approximated to the
tensile fracture of raw material ıS, and n=2 for closed-cell foams. According to this equation,
KIc depends strongly on foam density (macro level) and weakly on cell size (micro level).
K Ic

c1V f

§ U
SA ¨¨
© Us

·
¸¸
¹

n

(7)

For closed-cell foams the density is related to cell dimensions by Equation (8), where the
following cases can be generated and discussed based on Table 1:
x
Case 1, for ȡ to remain constant while A increases: then t will also have to increase
which was observed in all foam grades. Furthermore the ratio tmiddle/ A was
approximately constant for all studied foams at a particular density.
x
Case 2, as ȡ increased and A decreased: then t could be constant, could decrease, or
could increase, which was observed for WF and RIST. For instance, when the density
increased by a factor of two, from 54 to 110 kg/m3, A decreased by a factor of 0.7, and
t increased by a factor of 1.5.
x
Case 3, as ȡ increased and A remained constant or increased: then t increased at a
higher rate than in Case 2, as observed for RIMA. For instance, when the density
increased by a factor of two, from 47 to 90 kg/m3, A increased by a factor of 3.7, and t
increased by a factor of 8.

Uv

t
A

(8)

According to Figure 7, JIc seems to be much more sensitive to cell dimensions than KIc. For
foams that follow Case 2, when the cell size was reduced at a particular density, so did JIc; as
was observed for WF and RIST where RIST had lower JIc values than WF. Furthermore, the
JIc differences within foam grades increased as the density increased resulting in low
exponential values for RIST compared with WF. For foams that follow Case 3, JIc in general
was less sensitive to density variation, as was observed for RIMA.
From the above, it is evident that the relationship between cell dimensions and relative
density was different for the studied foams, and this strongly affected the fracture toughness
of the foams. Therefore a more empirical law equation, similar to Equation (6), might better
represent the relationship between fracture toughness and relative density, rather than
Equation (7). In the proposed power law model the constants c and n depend on the raw
material and on the manufacturing process, which determines the foam grade and the
relationship between cell characteristics and relative density. The empirical constants for the
studied ROHACELL® foams are presented in Table 4. Further tests on a wider range of foam
densities should be undertaken to confirm these findings.
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Fracture toughness
ROHACELL® foam grade
WF
RIST
RIMA

KIc (MPa.m0.5)
c
n
5.91
1.30
5.08
1.28
1.36
0.80

JIc (N/mm)
c
7.25
2.91
0.22

n
1.35
1.11
0.20

Table 4: Empirical constants for fracture toughness power law equation

6 CONCLUSIONS

The Mode I fracture characteristics of polymethacrylimid ROHACELL® RIMA, WF and
RIST foams were obtained by testing single edge-notched bending specimens loaded in threepoint bending. The fracture toughness, KIc, of the foams was obtained using a semi-analytical
solution and Linear Elastic Fracture Mechanics Finite Element Analysis (LEFM-FEA). The
fracture toughness values obtained by the two methods agreed very well.
For the studied foams, it was established that the relationship between cell dimensions and
relative density was different, and that this relationship strongly affected the fracture
toughness. Based on this behaviour, an empirical power law model was proposed, and its
parameters determined for each foam grade.
It was also found that the Mode I toughness of the foams was very sensitive to the
pre-crack tip, which was related to the blade cutting edge quality that was used for the
pre-crack generation. Hence, careful initial specimen preparation is critical to obtaining
accurate results. A procedure for ensuring accurate experimental results through careful
preparation of the specimen pre-crack was proposed.
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Summary. Continuous metallic lattice structures have been manufactured using a selective laser
melting (SLM) rapid prototyping technique. The lattices are assemblies of repeating unit-cells
and, unlike metal foams, exhibit a high level of homogeneity in terms of their mechanical
properties. A brief summary of the lattice structures manufactured, the mechanical properties of
the lattices, and the performance of a sandwich beam with a lattice core are reported here.

1. INTRODUCTION
There is considerable interest in the potential offered by metallic foams, such as those based
on aluminium and steel for use in a range of energy-absorbing structures. Extensive research has
shown that metal foams offer many advantages including electromagnetic wave shielding, low
thermal conductivity and excellent toughness. One of the principal limitations of these systems is
the irregularity of the cell structure within the metal foam, an effect that can result in overlyconservative design criteria.
Recently, a number of workers have shown that it is possible to design core architectures that
offer greater strength and stiffness to weight ratios than those offered by traditional foamed
materials [1-6]. The complex topology of the unit-cells in these cores can now be realized using
the selective laser melting (SLM) manufacturing process. A range of metals, including
aluminium, steel, titanium, and nickel-based super-alloys, can be processed using a high quality
fibre laser to selectively melt a bed of metal powder particles into solid material [7]. Hence, a
hierarchical structure of extreme complexity can be built up layer by layer. Initial studies have
shown that sandwich structures based on lattice architectures offer an excellent resistance to blast
loading such as that generated by a plastic explosive [8]. Further work is required, however, to
fully characterise and understand the response of those structures under both static and dynamic
loads.
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2. LATTICE TOPOLOGY
Lattice cuboids of equal edge lengths, 20 mm, see Figure 1 (a), were manufactured from
316L stainless steel powder for static and dynamic testing. The topologies of the unit-cells are
shown in Figure 1 (b), and are referred to as pillar-octahedral [0°, ±45°], or octahedral [±45°].
Each of them has a cubic unit-cell size of 2.5 mm, giving respective unit-cell relative densities
of approximately 3% and 4%.
The lattice structures in this study have strand densities that were determined to be ninetynine point nine percent dense and show evidence of the layered laser manufacturing technique
along their lengths, see Figure 1 (c). The cross-sections of the strands in the lattice structures
were circular in shape as shown in the scanning electron micrograph presented in Figure 1 (d).

(a) Lattice cuboids (20 × 20 × 20 mm)

(b) Pillar-octahedral and Octahedral unit-cells

(c) Unit-cell longitudinal cross-section

(d) Unit-cell strand cross-sections

Figure 1: Geometric details of the lattices.

2.1 Tensile Tests on 316L strands
Tensile tests were conducted on 316L strands which were built at angles of 45, 60, 70 and
90 degrees using a 1000 microseconds laser power of 5000 watts. This strands were produced
in order to investigate the effect of built angle on mechanical behaviour. The strands were
subjected to tensile loading at a crosshead displacement rate 0.5 mm/min.
Figure 2 (a) shows typical stress-strain traces for the 316L strands. The average elastic
modulus results obtained from the tensile tests on the 316L strands suggest a value of 50 GPa,
this being only 26% of the elastic modulus of the plain 316L steel. It is evident from Figure 2
(a) that the stress of the 316L strands built at 60, 75 and 90 degrees are similar with the
exception of the strands at 45 degrees. It is clear that the maximum stress reduced by
approximately 18% by changing the strand angle from 0 degrees to 45 degrees. Two SEM
photographs of 316L strands showing the broken ends following tension testing are shown in
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Figure 2 (b). It is clear that the strands were stretched until broken, and full density is
observed.
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(a) The stress-strain responses of the 316L strands

(b) Broken ends of a strand following a tension test

Figure 2: Tensile test results and micrographs

2.2 Quasi-static Compression on the Lattice Structures
Initial compression tests were conducted on lattice structures A to C and on sandwich
structure D. The [±45°] lattice geometry was incorporated into sandwich structure D, based
on plain weave carbon-fibre epoxy composite skins, using a hot-stamping manufacturing
technique [9]. The resulting sandwich blocks exhibited excellent bonding at the core-skin
interface [10]. The lattices were subjected to compression loading at displacement rates
ranging from quasi-static to approximately 3 m/s (average global strain-rates of 10-4 s-1 to
1.5×102 s-1). After testing, a number of the lattice structures were examined in a Hitachi S2460N scanning electron microscope.
Typical engineering stress-strain curves following compression tests on the lattice
structures following tests at a quasi-static strain-rate are shown in Figure 3. The trends are
typical of these displayed by cellular materials. Following the initial elastic region, the stress
reaches a plateau due to the initiation of plastic bending or buckling failure. The plateau
region, a result of progressive crushing of the cell layers, extends up to densification of the
cells. A relatively high degree of linearity in the elastic region suggests localized yielding of
the strands is not as significant as that observed in metal foams [11]. This is likely to be a
result of the presence of regular hierarchical structures in the repeating unit-cells of the
lattices.
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Figure 3: Typical Engineering stress-strain curves for
Lattices A to D.
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[0, ± 45]

[90,± 45]

[± 45] Sandwich
Structure

Figure 4: Summary of the collapse-stresses for
different lattice structures.

The transition from the elastic to the plastic region in the stress-strain curves involves
fundamentally different deformation mechanisms for the [±45°] and [0°, ±45°] lattices. The
[±45°] system exhibits a smooth stress-strain trace, with no discernable yield point and a
continuously increasing stress with increasing applied strain. In contrast, Lattice B has a welldefined yield point associated with plastic bending of the vertical strands, followed by global
shear failure, triggered by localised buckling instabilities in the 0° strands. The stress-strain
curve of the Lattice C presents a smooth plateau region and no recognizable yield point. The
struts were oriented along the horizontal edges of cubic unit-cell and there were no vertical
strands. Sandwich structure D displayed a similar stress-strain behaviour to Lattices A and C
in the beginning of the elastic and plastic regions, and then started to exhibit an uneven
plateau followed by a steep rise.
A summary of the compressive properties of structures A to D is shown in Figure 4. Here,
it is clear that the [0°, ±45°] lattice offers a significantly higher yield stress than the other
structures, this being due to the presence of 0° vertical pillars in the [0°, ±45°] structures.
The photographs in Figure 5 highlight the smooth stress-strain response of the [±45°]
lattice structure with no localised failure. The photo of the [0°, ±45°] lattice clearly shows that
localized buckling leads to shear banding. Localised deformations are observed in Figure 5 (c),
following global deformation, which exhibits similar progression to the [±45°] lattice. The
sandwich block exhibits two diagonal shear bands at a cross-head displacement of 2.5 mm;
following an increased stain, sandwich structure D exhibits a barrel shape due to the top and
bottom cells being bonded to the carbon-fibre composite skins. SEM photographs were taken
of the compressed lattice blocks and the deformation of individual unit-cells was examined. In
the photos taken from the top of the [90°, ±45°] lattice, Figure 6, diamond-shaped cells are
observed, caused by the 90° strands restricting the cells extending in the vertical direction,
rather than in the direction of the other diagonal.
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1 mm

3 mm
(a) Lattice A

6 mm

6 mm

10 mm
(b) Lattice B

12 mm

9 mm
(c) Lattice C

15 mm

7.5 mm
(d) Sandwich Structure D

13 mm

5 mm

2.5 mm

Figure 5: The deformation mechanisms for Lattices A to D, the dimensions correspond to the crosshead
displacement.

Figure 6: Photos taken from the top of the [90º, f45º] lattice structure.

Following the compression tests, the data were characterised in terms of the relative
density (ȡ/ȡs) using the equation
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where N and Ns are the modulus or yield strength of the lattice and parent material
respectively. The constants m and n were evaluated, by fitting curves to plots of relative
modulus (and yield) versus relative density. The constant m was approximately 1 for both the
relative modulus and the yield strength of the [0°, ±45°] and [±45°] lattices. The relative
modulus yielded values for n of 2.2 and 2.8 for the [0°, ±45°] and [±45°] lattices respectively.
The relative yield values for n were 1.5 and 1.9 for the [0°, ±45°] and [±45°] lattices
respectively. The results for the [0°, ±45°] lattice are comparable to an open-cell foam [11],
which is a bending-dominated structure in which the modulus increases as the square of the
relative density and yield stress increases with relative density to the power 1.5.
The compression tests were conducted at displacement rates up to 3 m/s. Figure 7 shows
that the compression strength increased steadily by approximately twenty-five percent over
the range of rates considered. It can be seen from Figure 8 that there is no significant
difference in the samples following compression test at 1mm/min and 3m/s.
2
ƽ

Yield stress (MPa)

1.6

ƻ

[0º, +/-45º]
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1.2

0.8

0.4

0
1.0E-06

1.0E-04
1.0E-02
Cross-head displacement (m/s)

1.0E+00

Figure 7: The variation of yield stress with
crosshead displacement rate

Figure 8: SEM photographs of the [0°, ±45] samples
following compression test at 1mm/min. and 3m/s

2.3 Three Point Bend Tests on the Sandwich Beams
The flexural response of the sandwich beams with the [±45°] lattice cores were
investigated under three-point bending. Loading rates from 0.25mm/min to 4m/s were
employed to investigate the flexural response of these sandwich structures.
Sandwich beams of mass 20 g, length 100 mm, width and depth 20 mm were manufactured
with [±45°] lattice cores and skins based on 4 plies of carbon-fibre reinforced plastic using a
hot compaction process. No adhesive was used at the skin-core bond interface, since the
controlled pressure applied during manufacture allowed the pre-preg resin to flow over the
strands at the lattice surfaces. No evidence of delamination was observed, when the beams
were subjected to quasi-static and impact loads under three-point bending, see Figure 9 (a).
Typical quasi-static lattice sandwich beam load-displacement curves are shown in Figure 9 (b)
with a peak load of around 1.1 kN and an initial stiffness 1.77 kN/mm.
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(b) Loading rate 0.25mm/min.

Figure 9: Three-point bend test on a lattice sandwich beam.

Previous work on sandwich beams based on a metal core has shown that such structures
fail in a number of modes: face yielding, face wrinkling, core yielding and indentation [11].
Similar failure modes were observed during this study, as shown in Figure 10. Failure of the
skin initiates at the initial peak load, followed by progressive crushing of the core. During
indentation, localised crushing of the core occurs by plastic bending of the strands, similar to
that seen in the compression tests. The indentation pressure on the foam core is only slightly
higher than the uniaxial compressive strength [11]. It can be seen in Figure 10 (c) that the
loading crushes the lattice, bending the face sheet to accommodate the lattice core
deformation. Ashby et al [11] identified two competing collapse mechanisms in sandwich
beams in three point bending: Mode A and Mode B. In this study, the lattice sandwich beam
sheared in the collapse Mode B. Here, a cylinder indenter was used here and no mid-span
plastic hinge was observed, only the existence of shearing at the outer supports, see Figure 10
(d). This was caused by a transverse shear force in core, and plastic collapse by core shear can
result.
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(a) face wrinkling

(b) Core yielding

(c) Indentation

(d) Collapse mechanism
Figure 10: Failure modes of sandwich beams

Drop-weight tests produced a linear response between the residual deflection and impact
energy, as shown in Figure 11. SEM photographs also showed that the energy absorbed by the
lattice core increases with deflection by cell collapsing, whilst the upper skin showed more
damage. Localised deformation of the lattice core below the indenter was investigated using a
SEM. Two regions were observed, as circled in Figure 12: cells underneath the indenter and
cells beside the indenter. In regionĉ, the cells underneath the skin buckled. This region is
clearly compression dominated. In contrast the cells in region Ċ,the strands were stretched.
This evidence suggests that the impact energy of the projectile was mainly absorbed by lattice
cell collapsing and stretching.
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Figure 11: Permanent deflection versus impact energy.
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Ċ
ĉ

ĉ

Figure 12: Localised failure of the lattice core

FE simulations also indicate that stretching of the strands occurred in the core-skin
interface regions either side of the indenter. This may explain why delamination does not
occur as the strain energy is transferred into the deformed strands.
2.4 Modified Three Point Bend Test
The modified three point bend specimen (MTPB) developed by Cantwell et al [12] was
used to characterise the interfacial fracture toughness of the sandwich structures. The Modeĉ
interlaminar fracture toughness GIC may be determined using the experimental compliance
method (Berry’s method) approach, based on the plot of the log compliance vs log crack
length. This can then be used to give GIC as follows [13]

C

Ka n

(2)

where n is the slope of this plot, so:

GIC

nPG
2ba

(3)

where P is the load, į is the indenter displacement, b is the specimen width and a is the crack
length.
Lattice sandwich beams of 25mm width, 150 mm length were prepared and the lower skin
and core was removed at one end, leaving a section of the upper face-sheet material
protruding from the remaining sandwich specimen. Since the MTPB specimen is used for
testing structures with very thick facings, 12 plies of carbon-fibre reinforced plastic were used
in upper skin with a thickness of 3 mm, Figure 13. Loading rates of 0.5mm/min and 3m/s
were employed.
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Figure 13: Schematic of the modified three point bend (MTPB) sandwich specimen.
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Figure 14: MTPB test results

A typical load versus crosshead-displacement record obtained from a quasi-static MTPB
test is showed in Figure 14 (a). Crack propagation was monitored optically and was unstable
as highlighted in the figure. An increasing load was applied to the MTPB sample, strands
attached to the upper skin started to stretch, a shear band occurred at fracture initiation, crack
propagation extended from the pre-crack resulting in a slight drop in load, afterwards, load
steady increased causing by skin bending and localised core crushing. A SEM photograph
showed strand failures similar to those observed in the tensile tests. The initial fracture
toughness GIC was used to characterise the delamination resistance of the lattice sandwich
structure since crack propagation in the MTPB test involved tearing of the core but no strand
extraction out of skin. Relatively high GIC values were obtained, which were approximately
5500J/m2 at quasi-static rates and 6500 J/m2 under low velocity impact loading. Figure 14 (b)
suggests that the GIC increased by approximately fifteen percent from 0.5mm/min to 3m/s.
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3. CONCLUSIONS
A series of quasi-static and low velocity impact tests have shown that the mechanical
propertis depend on the unit-cell geometry. This offers the possibility of using SLM metal
lattice structures in load-bearing applications, for which metal foams are not favoured due to
their in-homogeneity. The experimental data have shown that the 316L lattice structures
exhibit a moderate rate sensitivity. Sandwich structures have been manufactured using a
simple process without the need for a core-skin adhesive. These samples showed excellent
bonding at the interface with no delamination being observed when loaded statically a
dynamically in three-point bending. An analysis of the composite sandwich beams showed
that metal lattices can be used as cores with excellent delamination resistance. Optimisation of
the unit-cell could improve the specific mechanical properties leading to an increase in the
competitiveness of SLM metal lattices relative to open and closed cell metal foams.
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Summary. The aim of this study is to investigate how the sandwich properties in the webs in
a wind turbine blade influence the ultimate strength of the whole blade. A parameter study is
performed using a highly detailed finite element model. The numerical results are compared
with a full-scale test of the box girder from a 34m wind turbine blade using one particular
sandwich web design.
1 INTRODUCTION
We currently see a substantial growth in the wind energy sector world wide and this
growth is expected to be even faster in the coming years. By the end of 2006 almost 1% of the
world’s electricity generation was produced by wind turbines. According to BTM Consult [1]
the forecast for 2011 is 2% of world’s electricity generation and the estimation for 2016 is 4%
of world’s electricity generation. This means that a massive number of wind turbine blades
will be produced in the coming years and therefore there is a very large potential for saving
material in these structures. This work is a step in an ongoing effort to optimize the usage of
the materials in wind turbine blades.
Modern wind turbine blades are often constructed with a load-carrying box girder (main
spar) that supports the outer shell. The purpose of the box girder is to give the blade sufficient
strength and stiffness, both globally and locally. Globally, the blade should be sufficiently
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stiff in order not to collide with the tower under all types of loading. Locally, the webs,
together with the stiffness of the outer shell, ensure that the shape of the aerodynamic profile
is maintained. The materials used are highly advanced composites that have high strengthand stiffness-to-weight ratios. The webs usually extend from the root of the blade to a position
close to the tip, and the load carrying flange of the box girder is generally a single skin
construction. The webs are usually quite thin sandwich structures and the main purpose of
these is to take the shear loads on the blade. However, non-linear effects at high loading result
in higher loading of these webs and may result in lower ultimate strength of the whole blade
than expected when the design is based on linear calculations.
Earlier full-scale tests of wind turbine blades have shown substantial damage in the webs
after ultimate failure [2-4]. It is often difficult to make solid conclusions on the failure
sequence. However, there are indications that the ultimate failure in some cases is initiated by
collapse of the sandwich structure of the webs [3-5]. In another study, slices from the box
girder of a wind turbine blade were tested to failure under a type of 3-point bending. It was
found that the probable reason for ultimate failure was shear fracture of the core in the webs,
leading to debonding of the skins and then ultimate failure [6]. The applied load was not a
realistic blade loading but the study showed that it is important to take the non-linear
behaviour of the core material into account to explain the failure sequence. The focus of the
research presented in a partner paper [7], is the failures that can occur with sandwich
structures, and possible means of detecting damage inside the components by use of Digital
Image Correlation (DIC).
In this paper it is investigated how the sandwich properties of the webs influence the
ultimate strength of the box girder and therefore the ultimate strength of the whole blade. A
parameter study with different core densities is performed using a highly detailed finite
element (FE) model. The numerical results are compared with a full-scale test of the box
girder from a 34m wind turbine blade using one particular sandwich web design. This paper is
building on experimental and numerical work already published in [4,5] and is part of an
ongoing effort to understand the observed full-scale test results.
2 FULL-SCALE TEST
2.1 Box girder
The tested box girder is an essential part of a 34m blade designed for a 1,5MW wind
turbine and manufactured by SSP Technology A/S. The box girder is made of prepreg glass
fibre/epoxy and most of the fibres are orientated in the longitudinal direction to carry the
flapwise loads and limit tip deflection. The box girder is the load carrying part of the wind
turbine blade and is bonded between the aerodynamic shells during the manufacturing
process. The box girder was shortened to 25.4m before the test as failure in the tip is not
critical [8]. Test setup is shown in Figure 1.
A complete 34m wind turbine blade from SSP-Technology (box girder including the
aerodynamic shells) has previously been through full-scale testing. These tests have shown
that it was able to withstand the required loads for certification. After the box girder had
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passed all these required static and dynamic tests, it was tested to failure flapwise. This last
test showed that the shear webs were the most critical part of the blade and they have
therefore been reinforced in these new tests. These reinforcements are shown in Figure 2a.
Because of the reinforcements other failure mechanism can then be studied as described in
[3]. Tophat reinforcement is also introduced in the root section to avoid unwanted buckling
failure in this region, see Figure 2b. Failure in the root section is unrealistic since the
aerodynamic shell on the real blade will prevent buckling here (see also [4]).

Figure 1: Full-scale test of load carrying box (box girder) from a 34m wind turbine blade

Reinforced
web

Figure 2: a) 2D sketch of the box girder with reinforcement. b) Tophat reinforcement on compression side.
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2.2 Loads and supports
Since the tip was cut off, the moment transferred from the tip is compensated at distance of
25m. The loads were applied at 13.2m, 19m and 25m from the root as shown in Figure 3.

Figure 3: Sketch of box girder with applied forces.

The percentage of load used in this paper refers to the ultimate failure load of the complete
original wind turbine blade.
Three simple supports mounted with roller-skates were used to eliminate twisting and
distortion of the box girder during the flapwise tests, see Figure 4. They were placed at
distance of 9m, 13.2m and 19m from the root.

Figure 4: a) Sketch of roller-skate support. b) Roller-skate support at 13.2m

2.3 Ultimate failure
The box girder was tested until failure and it seems that the ultimate failure is initiated by
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failure in the sandwich webs. Figure 5a shows a frozen frame picture from the test video
immediately before ultimate failure. It seems to show initial face debonding of the outer skin
on the shear web’s sandwich section, leading to ultimate collapse of the box girder.
a)

b)

Skin debonding from the core
in the sandwich shear web
Figure 5: a) Frozen frame picture immediately before ultimate failure. b) Skin debonding of the sandwich web
towards leading edge.

While other blades may have stronger (or weaker) webs, the FE-study and full-scale tests
have shown that it is generally important to consider the Brazier loads (crushing pressure) in
the design process. Brazier loads are non-linear in nature, so only geometrically non-linear,
FE-analyses will take this phenomenon into account. It is also important to note that even
when non-linear effects are included in the FE analysis, it can still be difficult to estimate the
failure load. This is because strain based failure criteria often cannot predict phenomena like
the skin debonding and elastic instabilities.
The debonding of the skins may arise from shear fracture in the core, which then spread to
the skin-core interface and grow in delamination causing skin debonding. This was the
concluded sequence of failure found in [6], when slices from the box girder of a different
wind turbine blade were tested. This hypothesis is initially studied in this paper by performing
a parameter study with different core densities in the webs.
3 COMPARISON WITH NUMERICAL MODEL
3.1 Finite element model
A large finite element model of the load carrying box girder, which carries up to 90% of
the flapwise loads in the wind turbine blade structure, was analyzed during this work using
MSC-Patran and MSC-Marc.
The cross section of the box girder can be divided into two main groups:
x Caps (flanges)
x Shear webs
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The caps/flanges are thick laminates, with most of the fibres in the longitudinal direction
to limit tip deflection. These caps are modelled with 8-noded layered shell elements (Quad8),
using a thick shell formulation (takes shear deformation into account). The elements are
located at the mid-thickness of the caps and shell offsets are therefore not needed.
The shear webs are sandwich structures, which main purpose is to transfer the flapwise
shear forces. The webs are modelled with a combination of shell and solid elements. The thin
skins on each side of the webs consisted mainly of biax lamina and are modelled with 8noded layered shell elements placed in the mid-thickness of the material. The core material in
the shear webs are modelled with one 20-noded orthotropic solid brick elements (Hex20)
though the thickness. Furthermore, the reinforcement of the webs (see Figure 2a) consists of
adhesive and is modelled with 20-noded solid brick elements (Hex20).
The corner stiffness of the FE-model is adjusted by a shell element so the deformation
measured during the experimental testing fits the numerical results. For a more detailed
description of this adjustment see [3].
A relative coarse mesh density is furthermore applied at the first 6 meter and the last 5
meter of the box girder to minimize the degrees of freedom. From 6 to 21 meter the FE-model
consists of a mesh with 128 elements circumferentially and an element aspect ratio no bigger
than 2. The entire model has 480000 nodes. The analyses are done through a computer cluster
with up to 240 nodes (one processor machines). In this particular case, 26 nodes are used. A
part of the model is shown in Figure 6.

Figure 6: Section of finite element model from 9.5m to 12.3m from root.
Strain in global x-axis (transverse) is shown.
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3.2 Comparison
During the full-scale test of the box girder, strain has been measured at different locations.
Figure 7 shows strain gauge locations at 10m from the root. Also in Figure 7, the
experimental transverse (vertical or 90º) strains for both faces of the sandwich web are
compared with both linear and non-linear FEA. The strains presented in Figure 7 are
measured on the upper part of the web towards the leading edge, where the failure was
observed (see Figure 5).
The longitudinal strains caused by bending of the box girder, leads to associated strains in
the transverse direction due to the Poisson’s ratio effect. The transverse strains are positive
(tension) in the shear webs of the upper half part of the box girder where the bending cause
compression and the transverse strains are negative (compression) in the lower half part.
Initially Poisson’s ratio results in linearly increasing transverse strain with load as observed
in Figure 7. However, as the load increases, the strains become non-linear with respect to
applied load and it is noted that the graphs deflect towards compressive strains.
90 deg Strain Gauges on shear w eb tow ards leading edge

900
FEM NL-Outer surface

800

FEM NL-Inner surface
Exp.-Outer surface

700

Exp.-Inner surface
FEM Lin.-Outer surface

600
Microstrain

FEM Lin.-Inner surface

500
400
300
200
100
0
0%

20%

40%

60%

80%

100%

% of ultim ate load of the blade including skin

Figure 7: a) Strain gauge locations at 10m from root. b) Back to back strain gauges on upper web part. The load
scales refer to a previous full-scale test where the aerodynamic shell was included

The difference between the linear and the non-linear results is, at least in part, caused by
the Brazier effect. The crushing pressure is flattening the cross-section and introduces
compressive strains into the shear webs. However, this crushing pressure varies with the
square of the applied load, resulting in the noted deviation from linear responses. The
flattening of the cross-section will probably initiate buckling, that then accelerate the failure
as observed. Other non-linear phenomena, such as changes in geometry and loading
configuration (which follows the geometry in the non-linear analysis), will also contribute to
the observed non-linearities. For further discussion of this see [5].
The non-linear FE-analysis is in good agreement with the measured results, except that the
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strains reach their maximum at 75% of the ultimate failure load of the complete original wind
turbine blade, rather than at the measured 65%.
4 PARAMETER STUDY
A parameter study is performed, where the core properties in the webs are varied by
choosing different core densities between 45 kg/m3 and 250 kg/m3 from Divinycell H Grade
[9].
The tested box girder is quite flexible in the corners as the connection between the thick
flanges and the webs are thin laminates compared with the other structural parts of the cross
section (see Figure 2a). This means that when the flanges are flattened by the crushing
pressure from the Brazier effect, the resulting bending moments are not transferred into the
webs, but almost solely taken by the corners (see Figure 8a). Therefore, the webs are taking
little part in the overall deformation of the cross section. A first series of analyses in the
parameter study also show that the core properties have minor influence on the overall nonlinear behaviour of the box girder and little influence on the strains in the webs (see Figure 9).
It is found that the core density have almost no influence on when the vertical strains drop. It
is found that the box girder section loses it stiffness at approximately 86% loading for all core
densities.
The shear strain in the core is found to be small and there is no indication that debonding
of the skins may arise from shear fracture in the core. It is rather caused by local instability of
the skin.

Figure 8: Cross section at 10m from root, H80 core. The deformed section is scaled with 2 and the fringe is
transverse deformation (x-axis). a) Soft corners at 85% loading. b) Stiff corners at 95% loading.
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90 deg Strain in upper part of shear w eb tow ards leading edge

900
H45-Outer surface
H45-Inner surface
H80-Outer surface
H80-Inner surface
H200-Outer surface
H200-Inner surface
H250-Outer surface
H250-Inner surface

800
700

Microstrain

600
500
400
300
200
100
0
0%

20%

40%

60%

80%

100%

% of ultim ate load of the blade including skin

Figure 9: Vertical strain at upper web part 10m from root for soft corners and different core densities. The load
scales refer to a previous full-scale test where the aerodynamic shell was included.

Other wind turbine designs have much stiffer corners and in a second series of analyses the
bending stiffness of the corners were increased approximately 25 times. In this case the
flattening of the flanges by the crushing pressure will result in bending that is transferred into
the webs as shown in Figure 8b. At lower load the transverse deflection (x-axis) of the webs is
more or less symmetric about the midplane between the flanges. As the load increases the
maximum transverse deflection move towards the upper flange (the one in compression) and
the highest rotation is seen at the upper corners.
The webs are now taking much more part in the overall deformation of the cross section
and large bending strains are seen in the upper part of the webs (see Figure 10). Again it is
found that the core properties have small influence on the overall non-linear behaviour of the
box girder and little influence on the strains in the webs (see Figure 10). However, it is seen in
Figure 10 that the core density have somewhat influence on when the inner vertical strain
drop. It is found that the box girder section loses it stiffness at approximately 92% loading for
H45 and approximately 97% loading for H250.
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Figure 10: Vertical strain at upper web part 10m from root for stiff corners and different core densities. The load
scales refer to a previous full-scale test where the aerodynamic shell was included.

5 CONCLUSIONS
The aim of the study presented is this paper is to investigate how the sandwich properties
in the webs of the box girder from a wind turbine blade influence the ultimate strength of the
whole blade. A parameter study is performed, where the core properties in the webs are varied
by varying the core densities between 45 kg/m3 and 250 kg/m3. The influence of the corner
stiffness is also studied as both soft and stiff corners have been analysed.
A soft corner FE-model is compared with full-scale test of a box girder from a 34m blade
designed for a 1,5MW wind turbine. It is found that the non-linear FE-analysis is in good
agreement with the measured results. The box girder was tested until failure and it seems that
the ultimate failure is initiated by failure in the sandwich webs causing skin debonding. The
FE-analysis showed that the shear strain in the core is small and there is no indication that
debonding of the skins may arise from shear fracture in the core. It is rather caused by local
instability of the skin.
From the soft corner models it is found that the core density has almost no influence on the
ultimate strength. It is found that the box girder section loses it stiffness at approximately 86%
loading for all core densities.
It is found that the corner stiffness greatly influence the overall non-linear behaviour of the
box girder as the webs are taking much more part in the overall deformation of the cross
section when the corners are stiff. From the stiff corner models it is seen that the core density
have somewhat influence on the ultimate strength. It is found that the box girder section loses
it stiffness at approximately 92% loading for the 45 kg/m3 core and approximately 97%
loading for the 250 kg/m3 core.
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Summary. A combination of experimental data and modeling is being used to investigate the
effects of changing the connector diameter on the composite behaviour of Concrete
Sandwiched Panels (CSP). The composite behaviour with different diameters of connectors
has been studied numerically, including the overall lateral load capacity of the CSP, the
relative flexural contribution of the reinforced concrete (RC) leaves, the connector as a shear
transferring mechanism and the failure modes. Existing experimental data from literature[1]
were used to develop and validate a finite element model for these panels, with shell elements
simulating the RC leaves and beam elements the connectors; the flexural behaviour of the
model is described.
1

INTRODUCTION

A schematic of a typical CSP is given in Figure 1. The sandwiched panel is made up of
EPS (Expanded Polystyrene) foam surrounded by a steel mesh and spray-coated with a
concrete skin on both sides. The bending action due to eccentric load or lateral load is resisted
as tensile and compressive stresses developed in the RC leaves while the out-of-plane shear
forces are resisted by the shear connectors.
The performance studies[1] has revealed that these panels are light weight and quickly
constructable with inexpensive material in variety of ways. They are able to resist heavy
gravity loads beside earthquake, fire and cyclone (heavy winds).
More economical and effective design of such sandwich panels may be possible, if the
composite behavior and the failure mechanism are better understood.
In previous work[2], a two-dimensional finite element mesh using four-node quadrilateral
elements for RC leaves and two-node truss elements pinned to the center of each layer was
used to model the sandwich panel and compared to analytical results for mid span deflection.
Also two-dimensional vierndeel truss model[3] was used for the analysis and design of
partially composite sandwiched panels. This paper reports the failure mechanism and
composite behavior under lateral flexural loads of the sandwiched panel, including a
comparison of numerical and experimental results.
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Steel wire mesh

Steel connector

CONCRETE
LEAF
EPS
Polystyrene Foam

Figure 1 : A typical concrete sandwiched panel (CSP).

2

METHOD

A numerical study investigating the role of connectors in developing the composite action
between the two RC leaves, including the effects on flexural capacity of the panel is reported
herein. The experimental results available for validation are based on four-point bending[1],
hence the model was also based on the similar loading arrangement. Shell elements were used
to model the leaves, with fifteen integration points defined through the thickness of RC leaf.
2.1 Experimental
A schematic for the flexure test used by M2 Emmedue[1] is given in Figure 2. Three
identical panels were tested, each with a core thickness of 60mm. Tests are also conducted on
panels with 80mm core.

Figure 2 : Schematic of four point flexure test.

The load P was applied by means of a hydraulic jack with load capacity of 60000 pounds.
The total load P transmitted to two loading points were placed at L/4 from the centerline at
each side of the panel. Two deflection gauges, one on each face, were placed at the centre of
the panel. Finally, the average mid-span deflection was plotted against the total load, as
shown in Figure 3.
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Figure 3: Load deflection curves for four point flexure test with φ3mm connector with 60mm core thickness.

The panel reinforcement consist of two electro-welded steel meshes of 2.5mm diameter
steel wires with horizontal spacing of 62mm and vertical spacing of 67mm.
The light weight concrete had an average cube strength of 51.0MPa after 28 days. The
steel mesh used had average tensile yield strength of 700MPa.
The effect of change in diameter of the connector was not investigated experimentally,
hence a numerical model of the panel simulating the experimental setup was developed. The
diameter of the connectors in the panel was varied to investigate its influence on the structural
behavior of the panels.
2.2 Modeling
The bending behavior of the sandwich panel involves stiffness contribution of steel
connectors (~100connectors/m2) along with the two concrete leaves being connected. The
analysis of such complex system requires a finite element approach. In this paper,
development of a model for composite behavior using the commercial finite element software
ABAQUS[7] is described. The joint between the connectors and leaves was considered to be
fixed and the length of connector is considered to be between inner faces of leaves (Figure 4).
To eliminate local failure at the support and the point of application of load, the sharp edge
load was modeled as uniform pressure on a thin strip and the edge support was taken as roller
while the mid-span was considered as a horizontally immovable symmetric boundary. The
solution convergence of the finite element analysis, to match the experimental results, was
controlled by working out different tension stiffness properties or RC leaves.
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including 2 reinforcement layers

connector
length

Rigid beam element
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Rigid beam element

Actual panel

ABAQUS model

Figure 4 : ABAQUS FEM model of sandwich panel, showing the boundary condition, load and meshing,
element detail is shown in top right.

The half model of the 1100x1100mm2 sandwich plate is shown in Figure 4. Two layers of
shell elements were defined with 15 layers including two reinforcement layers (transverse and
longitudinal), the layer has been meshed as 27x27, where top layer has a denser mesh at the
point of application of load (loaded area= 40x1100mm). Research[6] shows that in ABAQUS,
unlike the general layered shell element, the shell element designed for reinforced concrete
can better predict the behavior for RC slabs, especially for lightly reinforced.
The modulus of elasticity and poisson ratio are the two basic quantities required to define
elastic material for static analysis. The material properties used are the test values used in
experiment, shown in Table 1. The FAILURE RATIO option in ABAQUS was used to define
the concrete failure behavior and tension stiffening was considered for simulating
reinforcement-concrete interaction. The assumed tension stiffening and compression
hardening are shown in Figure 5. The parameters of concrete damage plasticity model used
are given in Table 2.
Material property
Modulus of Elasticity, Ec= 4000
Poisson ratio
Density

f c'

Value used in
ABAQUS
28500 MPa
0.2
2.3x10-6 kg/mm3

Table 1. Elastic properties of concrete defined for the model.
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Concrete Damage Ratio used in analysis

60
1.0

50
E= 28500 MPa
ν = 0.2

0.8

Damage ratio (0-100%)

30

20

10

0.6

0.4
Compression
Tension
0.2

0.00135

0
0.0001

Stress (MPa)

40

-10
-0.004

-0.002

0.000

0.002

0.004

0.006

0.008

0.0
0.000

0.010

0.002

0.004

0.006

0.008

Strain

Strain

Figure 5. Nonlinear properties of concrete defined for the FEM model.

Material property

Value used in Abaqus

Dilation angle, ψ

56o

Flow potential eccentricity, ε

0.1

σ initial equibiaxial compressive yield stress
σinitial uniaxial compressive yield stress
*Kc ratio
Viscosity parameter, μ
*

1.16
0.667
0

is the ratio of the second stress invariant on the tensile meridian, q(TM), to that on the compressive meridian, q(CM).
This defines the behaviour of concrete in 3D loading.

Table 2. Parameters of CONCRETE DAMAGE PLASTICITY model used in ABAQUS.

The reinforcement was defined as the shell element REBAR property within a 35 mm thick
25MPa concrete Rebar Longitudinal and Transverse of 2.5mm φ (4.9x10-6m2) 0.07m c/c.
The connectors were defined by wire elements of 3mm φ (7.068x10-6m2) Truss Element (i.e.
no bending stiffness).
The Arc length or modified Riks procedure in ABAQUS was used for the analysis. The
distributed load defined in the Riks step of analysis was ramped from the initial (zero) value
to the specified.
Geometric nonlinearity is considered using the Nlgeom property of the analysis step.
Fifteen simpson integration points through both of the concrete leaf’s thickness was used
instead of the default five points of Simpson's rule to obtain smooth stress and strain profiles
through the depth, as shown in Figure 7. A linear search algorithm has been employed that
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uses a line search scale factor to scale the correction to the solution to prevent possible
divergence in the iteration steps. Research[4] showed that these techniques better capture both
the concrete crushing and concrete cracking with strain softening as well as increase the speed
of convergence.
In Bi-Steel panels[5] the connectors were assumed to be rigidly connected with steel plates
and the plate was considered to resist torsion. This rigid connection was modeled with spring
system that can resist moment as well as torsion. In our case the concrete leaves provide rigid
support to the connectors. The embedded ends of the connectors were modeled as rigid beam
elements as shown in Figure 4, which is provided by increasing the diameter to 20mm. As the
concrete leaves were rigid enough for torsion, no torsion springs are provided.
To compare with the experimental results, load and displacement data from the analysis
were extracted for several increments of load. A node in the middle of the mid section of
bottom face were selected at a distance of L/4 from the support. In the analysis procedure
selected, the displacement were recorded at this node with gradual statically increasing load.
Von Meises stress, stress tensor and plastic strains (logarithmic strains) and rebar forces were
also selected as output parameters. The stress-strain variations at selected increments are
shown in Figure 7.

3

RESULTS

3.1 Experimental
Figure 3 illustrates the variation of mid span deflection of the bottom leaf in three similar
panels namely PANEL1, 2 and 3 tested experimentally, plotted against gradually increasing
load “P” shown in Figure 2. The test results have variations due to some unidentified reasons,
but they depict the overall behavior like point of failure, peak load and deflection. The
average ultimate failure tensile load was recorded as 32000 N (7000 Pounds), but the figure
only shows the results till maximum deflection of 22mm has reached and the panel did not
remain stable afterwards. All panels showed drop in stiffness after deformation of 2.5mm then
regain of stiffness after the deformation of 7.5mm and the drop in stiffness after the
deformation of 9mm following gradual increase till failure. As observed, this initial drop is
due to the cracks at points of bearings (support and loading) and the regain is due to
redistribution of load in concrete leaves and reinforcement. Major failure is the development
of typical flexural cracks at L/4 from the support.

3.2 Modeling
To match the flexural behavior of the FE model with the experimental one, a sensitivity
study was conducted to determine the best solution parameters. This involved trying different
boundary conditions, properties of concrete and mesh size to test their influence on the
behavior of the model. Finally the properties of the most suitable model (detailed above) were
adopted for the rest of the analysis with variation of the stiffness of the connectors only.
Figure 3 compares the load-deflection interaction of the selected model with the experimental
ones. The failure pattern agrees well with that observed in the experiment. Similarity in the
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load-deflection pattern of the model is found with the least stiff of the three panels (Panel 2).
Figure 6 shows the load-deflection curves from the analyses for different diameter
connectors. After the initial drop in stiffness, the bottom leaf base is cracked and the upper
leaf only serves as a structural (load carrying) member.
60000
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50000

Load (P) N

40000

30000

20000
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50

60

Deflection (u) mm

Figure 6. Load-deflection curve from analysis result of sandwich panel.

3.3 Overall stiffness behavior for different connector diameter
The variations of stress during the loading history (points a-f) in Figure 6 are shown in
Figure 7. It shows that initially, there is no composite interaction between the two leaves, as
both leaves have separate tension and compression zones, showing the bending behavior of
concrete leaves with variation of the connector stiffness (diameter), each graph displays
depth-wise stress and strain distribution at notable load increments. It is obvious from Figure
6 that with all diameters of connector the panel has behaved linear load-displacement pattern
up to the displacement of 5mm, after which its stiffness drops. For the less stiffer connectors
the failure mode is ductile while for much stiffer connectors as for 15 and 10 mm connectors
as the panel shows brittle failure.
The effect of increasing the diameter of the connector on the initial stiffness “K” of the
whole panel is shown in Figure 8. This graph is based on a constant core thickness “s” (length
of connector).
Here it is clear that the overall stiffness of the panel does not change much for the smaller
diameters and marginal increase in overall stiffness is observed for the larger diameter. This is
due to the development of the composite action with stiffer connectors, where composite
behavior is seen in strain distribution for panels with connector diameter larger than 6mm.
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Figure 8. Effect of increase in diameter of connector on the linear stiffness of panel (load/mid-span deflection).
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3.4 Flexure stiffness variation of concrete leaves with changing connector diameter
Figure 9 plots the contribution of the top and the bottom leaves (for section at L/4) in
resisting the bending moment with the variation of load for different diameter of connectors.
The moment ratios shown here is the ratio of the bending moment resisted by the leaf to the
total bending moment at that section. For all diameters of connector, initially the moment is
distributed almost equally between the two leaves. Afterwards, cracking at the bottom face of
the bottom leaf causes exponential decrease in the bending stiffness of the bottom leaf. The
reason for this is that the bottom leaf reinforcement is initially in compression, hence, and top
leaf has to resist much of the bending moment. As the neutral axis in the bottom leaf shifts to
the level of reinforcement, the stresses in the bottom leaf reinforcement reverses and it start
contributing to take load until the reinforcement in top leaf start yielding.

3.5 Development of composite action
In Figure 9, the connectors with 6mm or higher diameter, the composite behavior is visible in
the form of negative moment contribution ratio. As the bottom leaf reinforcement comes in
tension, the whole bottom leaf section takes tensile stresses and the top leaf comes in
compression, demonstrating both leaves act together compositely.

3.6 Contribution of bending stiffness of connector to composite action
Figure 10 shows the change in bending moment “BM” to moment capacity “Mp” ratio for
connectors of different diameter with change in load. Here, the maximum bending moment is
monitored at its fixed/embedded end. The monitored connector is at the section where shear
force and overall bending moment are the maximum. The maximum bending moment is at the
ends where the connector is embedded in concrete leaves.
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3.7 Failure Mechanism
Figure 11 shows the final deflected shape of the panel with the 3mm connector. This
deflected shape shows that the connectors between the loading point and the supports failed in
shear between the two leaves. For the cases of connector with diameter larger than 6mm the,
concrete leaves at the critical section fails by cracking at their bottom faces prior to full
plastification of connector.
Also from Figure 10, the connectors with diameter below 8mm fully plastify at the point of
application of load, this fact is reflected in the figure where the graph extends beyond the line
marked by BM/Mp equal to 1. From the analysis with stepwise load increment, it was
observed that first the connectors point of application of load plastify and then with increase
in load this behavior propagates to the connectors towards the support. Finally the mechanism
observed is shown in Figure 11.

4

CONCLUSION

This paper emphasizes on the use of CSP as a flexure member or practically as a roof/floor
member with lateral loads, as the analysis work is based on flexural loads.
The contribution of connector in developing composite action can be understood much
better if the effect of change in length of connector (“s” length between the leaves) is also
studied.
Two modes of failure were obtained : cracking of the concrete leaves and yielding of the
connectors. It is observed that these failure modes largely depends upon the diameter of
connector.
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Future work will include finite element analysis of a shear load model to investigate what
behavior and mode of failure would these panels follow under in-plane shear load. Other
investigations that are possible using finite element software include the behavior of axial
loads and dynamic behavior as vertical wall/floor panel in different configurations of
building.

Point of maximum bending moment

Figure 11. Deflected shape of ABAQUS model at collapse load with 3mm connectors.
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Summary. The cork is a raw material of great value for the Portuguese economy. However,
its application is restricted to some traditional sectors, not having reached all of its potential
use, moreover by means of agglomerate. Cork agglomerates are known by its excellent
thermal and acoustic insulation properties allowing its use in structural appliances in
aeronautic and aerospace industry. The core of a sandwich beam at first instance fail due to
shear forces, in this perspective, the scope of this work is to study and characterize the
behavior of agglomerates NL10 and NL 30 when subjected to shear force. To address this,
experiments were developed for agglomerates with specimens of different sizes as well as
testing of the materials rohacell and honeycomb, according to ASTM C 273-00, whose
purpose is to compare its mechanical properties. The achieved results were satisfactory,
however there is still need for further investigation so that those agglomerates can be used for
the established purposes. The dimension of the grains of the agglomerates must be optimized,
since the agglomerate NL 30, because it has two types of grains, has showed a better
performance in comparison to NL 10. The great advantage of this material in comparison to
its direct competitors, namely rohacell and honeycomb, is the fact that it is a natural material.

1 INTRODUCTION
Nowadays since the development and technological innovation have environmental
concerns, it is now a crucial question and a condition in the majority of the technological
procedures. Having in mind this paradigm we must state that innovation must occur in a
ponderable way and preponderance in materials that allow development and at the same time
respecting the Nature. The cork is a natural material of great value for the Portuguese
economy; yet, its appliance is restricted to some traditional sectors, not having reached all of
its potential use, moreover by means of agglomerate. As a consequence, the scope of this
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investigation is to study the mechanical behavior of different types of cork agglomerates in
shear experimental tests and compare the results of the same test applied to materials like,
rohacell and honeycomb, i.e. materials normally used for core sandwich structures. On the
other hand, the use of these agglomerates in this work are justified by their thermal and
acoustic properties, without losing structural performance in relation to materials normally
identified and traditionally used in the aeronautic and aerospace industry, previously
identified (rohacell and honeycomb). It is achieved a greater integration of those structures
with the environment (raw material) and less waste of energy and environmental impact in the
end of the structures lifetime which contain cork. Since the sandwich core acts primarily in
shear, the current work presents an experimental study of a particular core of natural cork
agglomerates NL10 and NL30, tested in shear according to ASTM C 273-00. Composite
sandwich structures are finding increased use in engineering applications due to a large
number of advantages over traditional materials, including higher strength and flexural
rigidity to weight ratios, controlled thermal and electrical properties, enhanced corrosion
resistance and customized manufacture. Typically, two strong and stiff skins that carry most
of the in-plane and bending loads are adhesively bonded to a low-density core that will mainly
bear the transverse shear and normal loads. The sandwich core provides the structure with
high flexural stiffness and strength without an overly large weight penalty, [1].
2 MATERIAL DATA AND SPECIMEN SHAPE
Tests were performed using three types of different cores, respectively: Cork agglomerates,
Rohacell and ECA honeycomb. The last two did not produce valid results, since the adhesives
used were not suitable. To overcome this situation it was necessary to consult the catalogues
of the manufacturer. The specimen of cork agglomerates and the adhesives were provided by
the manufacturer Corticeira Amorim – Indústrias SA. Fig. 1 presents the specimens used in
the experimental work. Table 1 shows the properties of the agglomerates NL 10 and NL 30
and Table 2 shows the references to the adhesives used during the tests. Should be referred
that only with PM1 adhesive it was obtained valid results. From now on, the dimensions
144x55x12mm and 600x50x50mm are named Type 1 and Type 2.

Figure 1: Specimen NL10 e NL30 for different sizes
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Material

Ref.

Cork
Agglomerates

NL 10
NL 30
NL 10
NL 30

Dimensions
[mm]
144 x 55 x 12
144 x 55 x 12
600 x 50 x 50
600 x 50 x 50

Granule Average
Size [mm]
2/3
2/3 + 3/4
2/3
2/3 + 3/4

Density
[kg.m-3]
125
216
125
216

Table 1 : References of the cork agglomerates properties
Adhesives
Corticeira Amorim
Corticeira Amorim

Reference
PM1
G03

Table 2 : References of the adhesives used

3 TEST PROCEDURES
The test method used the guidelines of ASTM C 273-00, which allows the determination
of shear properties of sandwich constructions or cores, associated with shear distortion of
planes parallel to the facings. Test configuration does not produce a pure shear stress state in
the specimen, but the specimen geometry is prescribed so as to minimize secondary stresses,
[2]. The load is applied at the ends of the rigid plates so as to distribute the load uniformly
across the width of the specimen. Adam states in its article [3], the existence of local
variations of stress, due to lateral forces and/or bending moments occur at the edge of the
loaded plates and also due to the fact that the test ends in the edge zone free from the
specimen. It is also referred that, if the length of the specimen is sufficiently long relating to
thickness, it can achieve greater standardization of shear stress, therefore reducing its
influence in local concentrations of stress in the middle of the specimen where the resistance
to the shear is determined. According to the test protocol, the specimen should have a
thickness equal to the thickness of the sandwich and a width not less than 50 mm. The
requirement on the length in order to minimize secondary stresses is to be at least 12 times the
thickness and having the line of action of the direct tensile force passing through. Fig. 2
shows the test fixture used in the experimental tests. Since the first publication of the standard
in 1951, it has always been specified that the line of action force should pass through the
diagonal corners of the specimen as it is shown in Fig. 2, and it is stated that the line of action
force when passing through the diagonal provokes impact/bending in the free edge of the
specimen, [3]. Intuition says that it should be applied a parallel force to the faces, but a
parallel force to the faces provokes equally a lateral undesirable force. Both forces come to a
distribution and concentration of stresses on the free edge of the specimen. Due to this factor
of concentration of stresses the specimen may have a premature failure, [4]. Tests were
carried out using Instron 8502 testing machine – it is a servo-hydraulic testing machine with a
load cell of 30kN.
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Figure 2: Test fixture used in the experimental test.

In the experimental tests the load was applied at a constant rate of movement of the testing
machine cross-head at a rate of 1 mm/minute, so that the maximum load occurred between 3
and 6 minutes. The shear stress, W , and effective shear modulus, G, were calculated from
following formulas as recommended by ASTM C 273, [5]:

W

P
L.b

(1)

G

S .t
L.b

(2)

S

'P

(3)

'G

Where L, b, t are the specimen length, width and thickness, respectively, S is the slope of the
elastic portion of the load–deflection curve, P is the applied load and G is the relative
displacement of the steel plates. The average shear strain, J , was obtained from:

J

G

(4)

t
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4 RESULTS AND DISCUSSION

For all agglomerated, even those of different sizes, the same behavior was observed during
the three phases. In the initial phase, from Fig. 3 to Fig. 10, represented by (a), the regime is
predominantly elastic. It was observed that in the beginning of the curve of strengthdisplacement there was an inflection at the entrance of the elastic regime, most likely
influenced by the visco-elastic property of cork or due to the auto alignment of the load line.
The first phase ends when the first failure occurs, on the free edge of the specimen, from Fig.
3 to Fig. 10, represented by (b). With observation and some calculation it was concluded that
those first failures occurred when it was reached the shear yield strength at 2% of distortion.
During the second phase, after being reached the shear yield strength, from Fig. 3 to Fig. 10
represented by (c), begins a visco-plastic deformation, giving place to a greater progression of
failures contributing to a maximum tension, as the failure of greater size is placed in central
area of specimen, and along the force line other failures arise that constitute together with that
line angles of 45º. During the third phase, after break, the load goes to zero which leads to the
test conclusion, from Fig. 3 to Fig. 10 represented by (d). For a better understanding, figures
taken from experimental tests are also presented, Fig.(s) 4, 6, 8 and 10.
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Figure 3: Evolution of the behavior of agglomerate NL10 type 1

Figure 4: Evolution of the behavior of agglomerate NL10 type 1: (a) beginning of the test, (b) visco-plastic
deformation, (c) rupture and (d) end of the test
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Figure 5: Evolution of the behavior of agglomerate NL10 type 2

Figure 6: Evolution of the behavior of agglomerate NL10 type 2: (a) beginning of the test, (b) beginning of
visco-plastic deformation, (c) rupture and (d) end of the test
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Figure 7: Evolution of the behavior of agglomerate NL30 type 1
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Figure 8: Evolution of the behavior of agglomerate NL30 type 1: (a) beginning of visco-plastic deformation, (c)
rupture and (d) end of the test
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Figure 9: Evolution of the behavior of agglomerate NL30 type 2

Figure 10: Evolution of the behavior of agglomerate NL30 type 2: (a) beginning of the test, (b) beginning of
visco-plastic deformation, (c) rupture and (d) end of the test
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Concerning the mechanical behavior of the agglomerate and for a better illustration of their
behavior’s evolution the results are grouped, in a graphic form, by dimension of the
specimens. Three tests were conducted using agglomerates NL10 (type 1). The curves
strength-displacement, Fig. 11, and shear stress- shear strain, Fig. 12, present an identical
shape in the three tests, except on the 2nd test where the strength value was very high in
relation to the other two. This situation may be due to the heterogeneity of the agglomerate, or
it may be due to non-uniformity in the distribution of the adhesive in the agglomerated grains.
Three tests were also performed using agglomerated NL30 (type 1). The curves forcedisplacement present an identical shapes in the three tests, despite the maximum force being
different, the initial declivity is very similar between the three tests.

8000
NL10_PM1_1_Test

7000

NL10_PM1_2_Test

6000

NL10_PM1_3_Test

Force [N]

5000

NL30_PM1_1_Test

4000

NL30_PM1_2_Test

3000

NL30_PM1_3_Test

2000
1000
0
0

2

4

6

8

10

12

Displacement [mm]

Figure 11: Evolution of behavior of agglomerate NL10 e NL30 type 1
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Figure 12: Shear Stress-Shear Strain evolution for agglomerates NL10 and NL30 type 1
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The same number of tests were carried out using agglomerates NL10 (type 2). The curves
force-displacement, Fig. 13, and shear stress-shear strain, Fig. 14, present an identical shape,
both in the three tests, despite that in the first test a major visco-plastic deformation have
occurred. In the tests executed with these agglomerated there were minor variations in the
results. Five tests were conducted using agglomerate NL30 (type 2). The reason behind higher
number of tests is due to the fact that greater discrepancy in the results has been observed
between the first and the two following tests. Such situation was clarified with two more tests
whose results approach the values of the first. The curves force-displacement presents an
identical shape in the five tests, but only with a variation of the maximum force, second and
third test. Despite this difference, the maximum force occurred almost of the same
displacement, except in test 1.
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Figure 13: Evolution of behavior of agglomerate NL10 e NL30 type 2

0,8
NL10_PM1_1_Test
NL10_PM1_2_Test
NL10_PM1_3_Test
NL30_PM1_1_Test
NL30_PM1_2_Test
NL30_PM1_3_Test
NL30_PM1_4_Test
NL30_PM1_5_Test

Shear Stress [MPa]

0,7
0,6
0,5
0,4
0,3
0,2
0,1
0
0

0,05

0,1

0,15

0,2

0,25

0,3

0,35

0,4

0,45

Shear Strain

Figure 14: Shear Stress-Shear Strain curve for agglomerates NL10 and NL30 type 2
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Concerning to the scale factor it is visible that is more accentuated in agglomerate NL30
compared to agglomerate NL10. This is possibly due to the non uniformity of the grains
proportion that constitutes the agglomerate during the manufacturing process, since the
agglomerate has more than one type of grain. This irregularly may be explained by the initial
different behaviors in the elastic zone, Fig. 15, by contrast with agglomerate NL10 in which
that irregularly is not so visible, Fig. 16. In Table 3 is showed that the shear modulus for
agglomerate NL10 type 1 (minor dimension) is 3.70 MPa and the type 2 (greater dimension)
is 3,32 MPa, for agglomerate NL30 of type 1, the shear modulus is 4.40 MPa and for type 2 is
5,42 MPa. Table 4 shows the values for Rohacell and Honeycomb obtained from the
manufactures.
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Figure 15: Evolution of behavior of agglomerate NL10 type 1 and type 2
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Figure 16: Evolution of behavior of agglomerate NL30 type 1 and type 2
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Aglomerate
NL10 - Type 1
Aglomerate
NL30 - Type 1
Aglomerate
NL10 - Type 2
Aglomerate
NL30 - Type 2

Ultimate Strength
[MPa]

Shear Modulus
[MPa]

Shear Yield Strength
2% [MPa]

0,532

3,70

0,482

0,841

4,40

0,600

0,282

3,32

0,232

0,612

5,42

0,457

Table 3 : Results obtained from experimental tests

Rohacell
PMI Foam
ECA
Honeycomb

Density
[kg.m-3]

Shear Modulus
[MPa]

Shear Yield Strength
2% [MPa]

75

42

1,3

48

38 (L), 24 (W)

1,16 (L), 0,62 (W)

Table 4 : Manufacturer values

5 CONCLUSIONS

It can be assumed that the grain’s dimension that constitutes an agglomerate influence the
obtained results. The agglomerate NL30 consists of two different sizes of grains while
agglomerate NL10 only one size of grain. The results show that agglomerate NL30 has better
shear mechanical properties for both types of tested specimen.
In agglomerate NL10 for the two types of size of the specimen it was observed that the
specimen of smaller size presents better mechanical properties in comparison to the bigger
size, for agglomerate NL30 it was the opposite. This may be due to variation in the proportion
of the agglutination system, direction of compression, ….. The scale effect is more evident in
agglomerate NL30, possible due to the non-uniformity of the proportions of grains that
constitute the agglomerate upon the manufacturing process.
After the separation of load plates, all surfaces of the specimen presented shape type with
direction at 45º caused by the shear efforts. The agglomerates NL30 for different tests have
obtained elastic and visco-plastic behaviors more extensive than agglomerate NL10.
For every type of agglomerates the shear yield strength occurs for a distortion of 2%.
Comparing these results with the results obtained by Silva et. al. [6] for different types of
agglomerates, the agglomerate NL30 has a shear modulus superior to agglomerate 8123,
which had obtained the better mechanical properties.
In relation to density and despite that agglomerate 8123 presents a minor granule average size
(0,25mm – a grain), it is higher than that of agglomerate NL30 (0,67 and 0,75 mm – two
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grains).
In comparison to other materials, namely rohacell and honeycomb, considering only
manufacturer catalogues for these materials, it was verified that these have minor density and
greater mechanical capacity in relation to tested agglomerates.
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Summary. Bonded inserts are commonly used to introduce localized loads into sandwich
panels. The high variability in the strength of such inserts seen in experimental studies is not
recognized in current design methods. This paper investigates sources of variability in the
pull-out strength of metallic inserts in aramid honeycomb sandwich panels. A finite element
model is used to investigate the sensitivity of core stresses to potting depth in partially potted
inserts, which is found to be significant. Experimental specimens showed large variations in
potting radii and cell wall dimensions, both critical parameters since the failure mode is
predominantly core shear adjacent to the potting. Foam core specimens with rotationally
symmetric and consistent potting volumes were also tested. The foam core specimens show
significantly lower variability in pull-out strength than honeycomb specimens.
1 INTRODUCTION
Sandwich panels are widely used in commercial aircraft, particularly in secondary
structures and cabin interiors to achieve lightweight components with high strength and
stiffness to weight ratios. However, the low strength of the core materials can cause
difficulties with localized loads, such as fasteners. Inserts of higher density materials can be
used to transfer loads into the sandwich. In commercial aircraft interiors, the typical approach
is to machine a hole in the sandwich, place a metal insert into the hole and surround it with a
suitable potting compound, such as an epoxy resin. Typical sectioned components with inserts
can be seen in Figure 1.

Figure 1. Through, fully potted and partially potted blind inserts in sandwich panels
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When subjected to an out-of-plane tensile load, these types of inserts typically fail in the
core material adjacent to the potting or in the potting surrounding the insert. Industry design
procedures (such as [1]) have been developed based on analytical solutions [2] and empirical
data. However these design methods do not usually recognize the high level of variability
observed in test data. Currently, aviation authorities and aircraft manufacturers require large
numbers of specimens to be tested for every specific configuration of panel, potting
compound and insert type – an expensive and time-consuming procedure. A description of the
specific insert/sandwich configuration investigated in this paper is outlined in Table 1.
Initial experimental results for failure load of through and blind inserts show significantly
higher variability in the batch of samples that contained specimens only partially filled with
potting compound [3]. Box and whisker plots in Figure 2 show the differences in statistical
parameters. Partial depth filling of the potting compound (where the compound is not bonded
to the bottom face) can occur due to a number of material and manufacturing parameters,
especially the flow characteristics of the potting, panel thickness, and the depth that the
honeycomb is machined to. It was hypothesized that partial potting of inserts would result in
variations in core shear stress due to there being a less rigid connection between the insert and
the face sheet.
Load (Normalised to
Through Insert)

1.40
1.20
1.00
0.80
0.60
0.40
0.20
0.00
Through Insert

Blind Insert
Insert Type

Blind (Partial Potting)

Figure 2 Failure load of inserts in 1” honeycomb panels. The upper and lower points of the bold vertical lines
show the maximum and minimum loads, with the mean represented as the bold middle line. The edges of the box
represent the coefficient of variance.

Insert
Potting

Material
Blind, Aluminium
3M EC-2216TM B/A Epoxy

Face Sheets
Core

2 plies 7781 style E-glass/Phenolic
Hexcel® HRH-10-1/8"-3.0

Radius
7.125
10
Thickness
0.508
25.4

Height
9.52

Table 1 Parameters of insert/sandwich configuration investigated in this paper, dimensions in millimetres.
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The shear resultant in a centrally loaded circular plate decays hyperbolically as the distance
from the load increases. The pull-out strength of an insert failing by core shear would
therefore be sensitive to any variations in potting radius. Moreover, in the case of honeycomb
cores, the discrete cellular nature results in varying potting filling shapes and therefore potting
radii, as shown in Figure 3.
For low density honeycomb materials, failure typically initiates in the core by the shear
buckling of a single-thickness cell wall connected to the potting. While current design
methods utilize global (continuum) properties for the core, the initiation of failure in inserts is
of a much more localized nature and is affected predominantly by the buckling strength, and
therefore the relevant properties of the cell wall.
This paper investigates the effect of varying potting depths on the stress distributions
within the core material, and the inherent variability in potting radii and cell wall dimensions.
Foam core panels are also tested in order to compare the effect of much more consistent
potting shapes, radii and material properties.

Figure 3 Images of fully potted insert specimens with top face sheet removed.

2 NUMERICAL MODELS
An important requirement in constructing FE models for this research was the ability to
quickly and easily change parameters of interest. These potentially included all dimensional
parameters, material properties, loads and constraint conditions. The linear-elastic models
were developed using the ANSYS V10 Classic Finite Element environment. Commands for
generating, solving and post-processing are scripted as input files using the ANSYS
Parametric Data Language (APDL).
Rotational symmetry enables the problem to be reduced to an axi-symmetric FE model,
using PLANE183 8-node plane elements, resulting in the displacement at any point consisting
of only radial and axial components. Figure 4 shows an image of the meshed model.
Pressure was applied to the top surface of the insert to generate an 850N load, which
corresponds to the end of the linear region of the experimental loading curve. In-plane and
out-of-plane displacements were restrained at the symmetry axis and panel support area
respectively. The key results of interest are the in-plane stresses in the face sheets and at their
interfaces with the core, and the distribution of transverse shear and normal stresses in the
core and potting.
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Top Face Sheet

r, Radial
Co-ordinate
z, Thickness
Co-ordinate

Insert

Potting

Core

Bottom Face Sheet
Figure 4 Meshed model of partially potted insert, with co-ordinate system definitions.

Successfully converged solutions using these elements to model inserts have been obtained
by Bozhevolnaya et al [4] using element sizes in the order of 0.1-0.3mm near the material
interface. The configurations of interest typically show decay lengths that are the same as the
panel radius. Therefore, a mapped mesh of a constant nominal element size was used.
A global element size of 0.25mm and 15 elements across the faces resulted in converged
solutions for radial stresses in the outer surfaces of the face sheets, and for transverse stress
through the depth of the core. This size still resulted in quick computation times and the
mapped mesh results in a much cleaner consistent element shape. An important measure for
convergence is the percentage error in strain energy norm, which, for this element size is
approximately 2.5% in the core material. As expected, the stresses near the tri-material
junctions result in a singularity, so maximum stresses reported at the core/face sheet interfaces
are not relevant. However, the stresses of interest in this research are mainly those in the core,
and the outer surfaces of the face sheets. The results for transverse core shear stress and panel
deflection correlated well with those predicted by classical anti-plane sandwich theory as
shown in Figures 5 and 6. While classical sandwich theory can predict the average stresses
well in this case, it cannot capture the non-uniformity in stress distribution through the
thickness of the core caused by partial potting of inserts.
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Figure 5 FE results and theoretical values
of panel deflection (mid-thickness)

Figure 6 FE and theoretical values of shear
stress in the core.

3 PARTIALLY POTTED INSERTS
Partially potted inserts are more typical in thicker sandwich panels (1.00”) and above,
where the insert height is smaller than the height of the core. The depth to which the potting
fills the panel is primarily dictated by the relative bore-hole depth and the viscosity of the
potting compound [1]. For typical potting compounds used, the cavity under the insert does
not fill completely if the volume around the sides of the insert is smaller than the volume
under it. This difference in volume can result in the potting filling the sides quicker and
blocking the vent hole at the top of the insert before the cavity is completely filled. In nonperforated honeycomb cores (such as Nomex®), remaining air cannot be displaced, causing
partial filling.
Two different guidelines exist in industry for a minimum required depth of filling under
the insert. In aircraft panels, typical manufacturer and in-house procedures recommend that
the potting fill to a minimum depth of 0.04” (1.02mm) below the insert [5]. While standards
set by the European Space Agency for spacecraft specify a minimum depth of 7mm below the
insert [1]. Minimum requirements for bore-hole depth are also specified, as the small cell wall
sizes can obstruct the flow of potting and effective venting of air.
Theoretical models exist to predict the stress state around through-thickness and full-potted
inserts [1, 2]. However there is a lack of work done investigating the effect of partial filling on
the distribution of stresses in the sandwich constituents. This section discusses the influence
of potting height on the stress states in a panel with a partially potted insert.
Blind inserts in a typical sandwich panel with varying potting heights were investigated
using the linear elastic axi-symmetric finite element model. Five potting heights were
investigated, varying from 10.5mm (the minimum aircraft standard) to 22mm.
Contour plots of transverse shear stresses in the panel (Figure 7) show the change in stress
distributions in the potting and core. Transverse distributions of out-of-plane shear stresses in
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the core were recorded at a radius of 10.5mm. These distributions, graphed in Figure 8, show
significant increases in maximum stress with smaller potting heights. Inserts with a potting
height meeting the minimum standard (10.5mm) show a 26% larger transverse core shear
stress than fully-potted inserts. The shape of the stress distributions shows that the stresses are
concentrated adjacent to the potting boundary. Therefore, a smaller potting height, which
results in a smaller potting/core interface area demonstrates an increase in the shear stress in
this vicinity. The shear stress then decreases rapidly in depths where there is no potting. This
suggests that the relatively flexible honeycomb core material directly underneath the potting
does not apply the same levels of shear stress to the adjacent core as the potting. Figure 8 also
shows the average stress through the core which is almost identical for all potting heights.
Partial potting has the effect of changing the position and magnitude (Figure 9) of the
maximum shear stress.

Figure 7 Contour plots of transverse shear stress for three different potting heights.

Transverse Shear Stress (MPa)

Depth Co-ordinate (mm)

Out-of-Plane Shear Stress (MPa)
0
0.2
0.4
0.6
0.8
0
5
10

10.5mm
13.5mm
16.5mm
19.5mm
Mean Stress
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20
25

1.4
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1.2

Core
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Figure 8 Distribution of shear stress through the
thickness of the core material.

Figure 9 Maximum shear stresses in the potting
and core 0.5mm from the material junction.
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Tensile out-of-plane loading of an insert generates a transverse normal stress in the core
underneath the potting. Figure 10 shows the radial distributions of transverse normal stress in
the core at a depth of 0.5mm below the potting/core intersection. The peak stresses are
generated in the vicinity of the corner of the potting compound. It is interesting to note that
these normal stresses decay rapidly towards zero at a radius of about 15mm, just 5mm larger
than the potting radius.
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18

24
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Figure 10 Radial distribution of normal stress in
the core below the potting

Figure 11 Core normal stress directly below the
centre of the potting.

Maximum transverse normal stresses are presented in Figure 11 to show the trend in
significant changes in the potting and core for various potting heights. The trends show a
small amount of non-linearity in the relationship to potting height. The normal stress in the
potting is slightly more sensitive than the core.
The increase in normal stresses in the core and potting underneath the insert for smaller
potting heights fits in well with the trends seen with core shear stress. The normal stresses
increase due to the flexibility of the core material underneath the potting. The lower shear
modulus of the honeycomb core results in an inability for the load to be transferred into the
adjacent cells as shear. A higher proportion of the load is therefore carried as a tensile stress
in the core underneath the potting.
The transverse stresses in the core surrounding a partially potted insert are significantly
affected by the potting depth. The manufacturing process for these inserts is such that the
filling depth cannot be controlled, resulting in variability in potting depth. This variability will
in turn affect the variability of pull-out strength seen in experiments.
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4 VARIABILITY IN POTTING RADIUS
Potting radius has been identified as a significant factor influencing the failure load of an
insert [1]. The discrete cellular nature of honeycomb cores can result in different numbers and
locations of opened cells during drilling. This depends on the location of the bore-hole
relative to the repeating pattern of cells. For example, Figure 12 illustrates how two different
drilling co-ordinates can result in significantly different potting shapes. The research
discussed in this section investigates the inherent variability in potting radius due to this
phenomenon.

Figure 12 Computer generated images for determining random distribution of potting radii.

In order to obtain a truly random distribution of potting radius, a theoretical approach was
used. This involved generating random sets of drilling co-ordinates to create bore-hole
locations within a unit cell. The bore-hole diameter was then plotted on a honeycomb core
pattern representing the nominal cell size and shape for Nomex HRH-10-1/8-3.0. All cell
walls within the boundary of the bore-hole diameter of 9/16” were considered to be removed,
and the corresponding opened cell was assumed to fill with potting. The resulting potting
shapes were then processed using UTHSCSA ImageTool© software to measure the effective
potting radii. A sample size of ten randomly generated co-ordinates was selected to give
statistically significant values of mean and more importantly, standard deviation.
Effective Potting Radii from Random Bore
Hole Locations (mm)
Mean (ȝ)
9.86
Standard Deviation (ı)
0.264
Minimum
9.28
Maximum
10.22
Coefficient of Variance (ı/ȝ)
2.7%
Table 2 Statistics of effective potting radii for randomly generated bore-hole locations
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Table 2 shows the statistical parameters of effective potting radii. The mean effective
potting radius for Nomex HRH-10-1/8-3.0 is 9.86mm. This is slightly below mean
experimental values of 10.33mm measured from sectioned specimens. This discrepancy could
be attributed to the idealisation of cell dimensions with the computer generated images or also
possible tearing of adjacent cell walls that may occur in practice. The coefficient of variance
is 2.7%, which agrees well to 2.5% observed in experimental values [3]. According to
existing predictive models based on shear failure of the core, this would result in the same
variance in insert failure load assuming all other influential parameters are constant. This
theoretical variability fits well with the relatively small standard deviations seen in
experimental results for through-thickness inserts.
5 VARIABILITY IN HONEYCOMB CELL WALL GEOMETRY
The global properties of honeycomb cores are influenced primarily by the cell wall
material and geometry. Moreover, in the case of loaded inserts, the shear resultant distribution
is such that preliminary failure occurs in the cell wall immediately adjacent to the potting
interface. Figure 13 shows buckled cell walls adjacent to the potting compound within a
typical failed specimen. With typically used Nomex honeycombs such as HRH-10-1/8-3.0,
this preliminary failure is documented by Zhang and Ashby [6] to occur due to cell buckling
of the cell wall. The critical buckling load for a thin plate is related to the length, width and
curvature of the plate, and is extremely sensitive to the thickness of the plate.

Figure 13 Image of insert specimen tested to failure with top face sheet removed. Buckled cells (encircled)
surround the potting.

The sensitivity of local properties to cell wall geometry requires investigation of the
statistical distribution of these parameters to determine the variance that can be expected in
critical buckling load. Random sections of core were set in epoxy resin to create microscope
specimens. The specimen surfaces were ground flat and polished to allow the determination
of cell wall length and thicknesses. Measurements were taken in ImageTool© software after
capturing photos of the specimens at 33x magnification on an optical microscope equipped
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with a digital SLR camera. The measurements were calibrated by taking an initial image of a
0.01mm division stage micrometer, with the same image resolution as that of the specimens.
A total of fifteen individual cell wall images were taken from two separate sections of core
cut from a larger panel, and from five different core ribbon layers to get statistically
representative values. Figure 14 shows the definitions of measured cell wall lengths and wall
thicknesses. The wall length was measured between the corner glue fillets, and the wall
thicknesses were measured at 5 equidistant locations along the wall. The statistical values
from this experiment are presented in Table 3 below.

Wall Length

Wall Thickness

Figure 14 Microscope images of honeycomb specimens showing definition of dimensions.
Cell Wall Lengths and Thicknesses
Parameter
Wall Length (mm)
Wall Thickness (ȝm)
Mean (ȝ)
1.64
46.1
Standard Deviation (ı)
0.05
5.4
Minimum
1.59
38.8
Maximum
1.76
57.6
Coefficient of Variance (ı/ȝ)
2.8%
11.8%
Table 3 Statistics of cell wall lengths and thicknesses from image measurements

The measured values for wall length show a reasonably small coefficient of variance
(2.8%), which compares reasonably well with that seen in experimental failure loads for
through inserts (4.7%). This would result in a similar variance in critical buckling shear stress
as it is linearly proportional to this dimension. The most interesting result is the variance seen
in wall thickness (11.8%). The critical buckling shear stress of a plate is related to the cube of
the thickness, so this value would actually result in very high amounts of variability in critical
stress (40%).
The reasons for this variability not showing in insert tests may be that this is not
representative of the ultimate load carrying capability of an insert. Buckling of the first cell
wall represents the onset of failure, but the maximum load is not likely to occur until several
cell walls, or another sandwich constituent fails. Moreover, there will be a “smoothing” of the
variability due to the large number of cell walls.
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6 FOAM CORE PANELS
In order to explore whether this variability was confined to the nature of cell filling in
discrete honeycomb cores, foam core samples were manufactured and tested. It was
postulated that the foam core, more representative of a homogenous material with respect to
machining than honeycombs, would yield much more consistent geometries, and therefore
produce more consistent results. A total of two samples with two different inserts, each
consisting of five specimens were manufactured using an undercutting tool to ensure a
constant potting radius of 10mm.
A blind and a through insert were selected for the experiments. The panels consisted of
1.00” thick Rohacell R51A closed-cell foam core (polymethacrylimide), with a nominal
density of 51.3kg/m3 and nominal shear strength of 0.786MPa. The face sheets consisted of
two layers of 100gsm plain-weave E-glass and ADR243 epoxy resin supplied by Adhesive
Resin Technologies Ltd. The panels were fabricated using a hand-lay-up technique, with the
amount of resin calculated for a theoretical 50% volume fraction. The panel was placed under
vacuum to ensure good wetting and consolidation of the materials and then subjected to a
post-cure as per manufacturer recommendations. The potting compound used was again 3M®
EC2216B/A epoxy adhesive.
Out-of-plane tensile tests were conducted on all specimens, with the experimental results
presented below normalized to experimental values for honeycomb specimens. The through
thickness inserts displayed very good consistency in failure mode, strength and load-extension
curve shape. The coefficient of variance was remarkably low at less than 1% for the through
insert.

Sample Mean
Coefficient of Variance
Maximum
Minimum

Honeycomb
(Through)
1.000
0.047
1.070
0.920

Honeycomb
(Blind)
1.008
0.070
1.078
0.847

Foam
(Through)
0.911
0.009
0.921
0.900

Foam
(Blind )
0.902
0.016
0.917
0.886

Table 4 Statistical values of failure load of honeycomb and foam core insert samples, normalized to through
insert honeycomb sample.

7 CONCLUSIONS
Potential causes of variability in the pull-out strength of potted inserts in sandwich panels
have been investigated. Experimental results showed higher amounts of variability in samples
containing partially potted inserts. An axi-symmetric finite element model was developed and
used to investigate the effect of potting depth on stresses in the core material in the vicinity of
the potting. The shear stresses in the core show significant sensitivity to this parameter.
Variations in potting depth will therefore result in much more variation in strength of partially
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potted inserts than with fully potted or through insert configurations.
Significant variability is also seen in fully potted and through insert configurations,
possibly due to variability in potting shapes and radii, and also cell wall dimensions.
Randomly generated bore-holes on images of honeycomb core allowed the determination of
inherent variability in potting radius. This theoretical coefficient of variance (2.5%) fits well
with that found in experimental results for through-thickness inserts.
Cell wall dimensions, particularly length and thickness are critical parameters in
determining the buckling strength of the cell wall. Microscope images of honeycomb
specimens were used to determine the variability in these parameters. While the length
showed small levels of variability (2.8%), the thickness showed extremely high variation
(11%) which would be expected to result in a coefficient of variance of about 40% in critical
buckling load. This level of variability is not generally observed in failure loads, presumably
because the maximum load of an insert is related to progressive failure of multiple cell walls.
To further investigate whether the variability seen in honeycomb panels was confined to
the nature of cell filling, foam core samples were manufactured and tested. The foam
specimens allowed for a more consistent, axi-symmetric potting shape, radii and material
properties. The foam panels showed significantly lower coefficients of variance than
honeycomb panels for both through thickness and blind inserts. This suggests that variability
in pull-out strength seen in honeycomb panels is due to the discrete nature of the core
resulting in varying potting shape, radii and local cell wall properties.
The discrete nature of honeycomb core materials means that variability in the strength
carrying capability of inserts can be expected to be higher than for foam cores. The significant
sensitivity of core stresses to potting height suggests that suitable process controls should be
implemented to ensure that blind inserts are always fully potted. This will not only improve
the strength of the insert, but will also reduce variability.
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Summary. The mechanical characterization and the analytical procedures described in the
paper are aimed at the structural design for the roof of a train vehicle. Sandwich structure
was considered, made of glass fabric in phenolic resin with polymeric foam or Nomex
honeycomb core. Static tests were run on the face sheet material and on the sandwich panels.
Failure mode maps are created for the sandwich specimens to compare the analytical failure
prediction and experimental behavior. The analytical and experimental results are also
compared with a numerical analysis.
1 INTRODUCTION
Sandwich composite structures consist of two thin, stiff and strong fiber reinforced
composite face sheets (skins) separated by a thick layer of low density material (core) which
may be much less stiff and strong. The role of the face sheets, due to the higher elastic
properties, is to withstand bending and in-plane actions, while the transverse shear loads are
sustained by the core. The bending stiffness of this type of structural arrangement is much
larger than that of a single solid plate of same total weight made of the same materials as the
faces. For this reason, composite sandwich structures are widely used in high-performance
applications where weight must be kept to a minimum, for example aerospace structures,
high-speed marine craft and trains, and racing cars.
Common materials for the sandwich skins are composite or wood laminates and thin
aluminium sheets. Polymeric expanded foams are frequently used for the core which, for
more demanding applications, can alternatively be made of aluminium or aramid composite
honeycomb. It is quite difficult or impossible to generally define the best combination of
sandwich constituents because the choice of materials depends not only on strength and
stiffness requirements but also on process and cost considerations. Moreover, other interesting
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properties of the constituents can influence the design choices, such as fire and environmental
resistance, thermal and acoustic insulation, vibration damping and damage tolerance.
The peculiar morphology of a sandwich panel—the layered and multimaterial structure—
requires special attention during the design phase. Reliable stiffness and strength predictions
can be made only by using suitable, accurate methodologies accounting for the intrinsic
structural complexity and the several failure modes that a panel can experience. The
theoretical analysis of sandwich panels is summarized by Allen [1] and more recently by
Zenkert [2] and Vinson [3], including a systematic design strategy for stiffness and strength. It
has been recognised that sandwich beams could fail by a number of competing mechanisms.
Numerous investigators [4-6] have used the “failure mode map” concept for sandwich beams
in bending to show the dependence of failure mode upon the geometry and the relative
strength of both skins and core. While the skins can behave in a relatively simple manner, the
mechanical modelling of the core material, particulary for foams or hoeycombs, is less
straightforward. The response of the core to shear loading mainly depends on the material
used in the core and on the ratio of the core density to that of the solid material constituting
the core. Gibson and Ashby [7] give a thorough overview of the literature on cellular
materials, while Zhang and Ashby [8] model the elastic and collapse behaviour for
honeycomb materials.
In the present work, sandwich structures are considered for the structural design of the roof
of a train vehicle (Fig. 1). In particular, the face sheets are made of E-glass fabric reinforced
phenolic prepreg, while the core is made of either polymeric foam or aramid fiber reinforced
phenolic honeycomb (Nomex). In the following sections, the experimental mechanical
characterisation of sandwich beams and constituent materials is discussed. Afterwards, the
experimental results are compared with analytical and numerical analyses.

Figure 1: The train investigated into the study [9]

2 EXPERIMENTAL CHARACTERIZATION
2.1 Laminate tests
The selected face sheet laminates consist of glass fabric in a phenolic resin, chosen for its
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capacity to resist high temperatures. The experiments involved both tensile and three-point
bending tests to evaluate the in-plane tensile and shear properties and the short-beam strength.
Static tensile tests (Fig. 2a) were run on 1x15x250 mm coupons, tested in one series with
the warp fibers parallel to the load and in a second series with warp fibers perpendicular to the
load. These tests were performed in accordance with the ASTM D3039M standard [10]. Static
shear tests (Fig. 2b) were run on 2x25x250 mm tensile coupons with a [+45/-45]2s stacking
sequence in accordance with the ASTM D3518M standard [11]. Three strain gauges were
applied to each coupon. Short-beam tests in accordance with the ASTM D2344M standard
[12] were run on 6x12x36 mm specimens, made by parallel laminating of prepreg.

(a)

(b)

(c)

Figure 2: The testing fixtures used for laminate tests (a) tensile tests, (b) shear tests and (c) short beam tests.

All tests were run on a 10 kN universal test frame controlled by an electronic control unit
which allows monitoring the applied load and the stroke of the top cross head. Strain signals
were acquired by a digital data acquisition system. Tests were conducted at a constant cross
head velocity of 1 mm/min.
Table 1 reports elastic properties and strength values obtained in static tests of face sheet
material. Due to the nearly balanced nature of the fabrics, laminates with the warp fibers
perpendicular to the load are characterized by values close to those with warp fibers
perpendicular to the load.
Test
Tensile __ warp direction
Tensile A warp direction
Shear
Short-beam

E (GPa)
25.5
23.0
-

Vu(MPa)
288
326
-

Q (-)
0.15
0.13
-

G (GPa)
3410
-

Table 1: Results for face sheet laminate tests.
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2.2 Sandwich beam tests
The selected beams are sandwich panels with equal laminated E-glass/phenolic composite
face sheets consisting of four 0/90 woven plies stacked in the [0/90]s arrangement. The core
is either a 130 kg/m3 high-performance expanded polymer foam or a 48 kg/m3 aramid fiber
reinforced phenolic honeycomb (Nomex) with a nominal cell size of 3.18 mm.
Three point bending tests (Fig. 3) were run on 13x100x500 sandwich beams in accordance
with the ASTM C393M and D7250M standards [13-14]. Three electrical resistance strain
gauges were applied on specimens while the displacement of the midspan was monitored
using a LVDT. Each type of sandwich structure was tested with two different support spans:
L1=325 mm and L2=265 mm. All tests were run on a 10 kN universal test frame as described
in the previous section. Beam tests were conducted in stroke control with a cross head speed
of 6 mm/min. The load was applied by a 25 mm wide flat steel block.

(a)

(b)

Figure 3: Flexural testing fixtures (a) glass/Nomex sandwich, (b) glass/foam sandwich.

3 REVIEW OF BEAM THEORY FOR SANDWICH PANELS
This section deals with the elastic analysis of sandwich beams in three-point bending in
order to evaluate the stresses in the core or skin and hence the applied loads corresponding to
various failure mechanisms. Consider a simply supported sandwich beam (Fig. 4) of span L,
width b and central load W. Each skin has thickness t and the two skins are separated by a
relatively thick core of thickness c. It is assumed that all three layers are perfectly bonded
together and the face material is much stiffer than the core.

Figure 4: Simply supported sandwich beam and its cross section.
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The stresses and deflections in a beam of this type may be found, to a first approximation,
by the use of ordinary bending theory. This theory is based on these assumptions: the beam
bends in a cylindrical manner with no curvature in yz-plane; cross-sections which are plane
and perpendicular to the longitudinal axis of the beam remain so when the bending takes
place.
The sandwich structure is assumed to act compositely. Therefore, its flexural rigidity, D, is
the sum of the flexural rigidity of both skins and the core, measured about the centroidal axis
of the entire cross section:
D

Ef

bt 3
btd 2
bc 3
 Ef
 Ec
6
2
12

(1)

where Ef and Ec are the moduli of elasticity of face and core, respectively, and d is the
distance between the center lines of the upper and lower faces.
In real sandwich beams, the second term is invariably dominant. In fact, the first and the
third terms amount to less than 1% of the second term when
(2)

d
! 5.77
t
6

E f t § d ·2
¨ ¸ t 100 .
Ec c © c ¹

So, equation (1) becomes:
D | Ef

btd 2
2

(3)

In a simply-supported beam with a central load, the maximum bending moment M is at
midspan and the corresponding maximum stress Vf in the skins is given by:
Vf

r

M
d
Ef
D
2

WL
.
4dt

(4)

If the core is too weak to provide a significant contribution to the flexural rigidity of the
sandwich, the shear stress may be assumed constant over the depth of the core. The constant
shear stress in the core is then given by:
Wc |

Q
.
bd

(5)

The total deflection Gmax at midspan of a sandwich beam loaded in three-point bending is
the sum of the deflection due to the bending of the face sheets and the shear of the core:
G max

WL3
WL

48D 4 AG

(6)

3.1 Face sheet failure
The expression for the maximum stress (Eq. 4) in the face sheets can be used to predict the
beam failure due to the skin failure modes—i.e., face ultimate strength, face wrinkling and
intra-cellular buckling. In a symmetric beam, the stress is the same in the compression and
tension faces.
For composite faces, the critical face is generally the compressive. The failure occurs when
the axial stress in either of the skins, Vf, reaches the in-plane ultimate strength, Vf.
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Vf

V fu .

(7)

In the case of wrinkling of the compression face, the wavelength of the buckled face is of
the same order as the thickness of the core. This problem may be analyzed as the buckling of
a beam (the face sheet) supported transversely by an elastic foundation (the core). With threepoint bending, wrinkling of the top skin occurs in the vicinity of the central load. Allen [1]
gives the critical compressive stress Vfw that results in wrinkling:
1

V fw

2

(8a)

B1 E f 3 Ec 3 ,

where
B1

2

3 ª12 3 Q cz
¬

1  Q cz

2

º
¼



1
3

(8b)

and Qcz and Ec are respectively the out-of-plane Poisson’s ratio and Young’s modulus of the
core.
A sandwich with a honeycomb core may fail by buckling of the face in a small region
where it is unsupported by the walls of the honeycomb. The following expression has been
proposed [15] for the in-plane stress Vfi in the skin at which intra-cellular buckling occurs:
V fi

2

2E f
1 Q 2 f

§t ·
¨R¸ ,
© ¹

(9)

where R is the cell size of the honeycomb core.
3.2 Core failure
Sandwich structures loaded in bending can fail due to core failure. Pertinent modes are
shear failure or indentation by local crushing in the vicinity of the loads application.
Shear failure occurs when the applied shear stress, Wc, equals the shear strength, Wcu, of the
core:
Wc

W cu .

(10)

The honeycomb core showed two different values of the ultimate shear strength in the two inplane directions, depending on the direction of the honeycomb ribbon.
Indentation failure is predicted when the out-of-plane compressive stress, Vz, equals the
out-of-plane compressive strength, Vcc, of the core. Knowing the length of contact, G, between
the central loading bar and the top face sheet, it is assumed that the load is transferred
uniformly to the core over this contact length. The out-of-plane compressive stress in the core
is assumed to be given by:
Vz

W
.
bG

(11)

To evaluate the core failure mechanism, stiffness and strength properties for the Nomex
honeycomb and foam core are required. The out-of-plane Poisson’s ratio, required for the
failure analysis, can be taken, to a first approximation, as that of the solid materials Qs. The
out-of-plane Young’s modulus of the Nomex honeycomb is given by the rule of mixture
expression:

575

Alberto Zinno, Charles E. Bakis and Andrea Prota

Ec
Es

Uc
,
Us

(12)

where Uc and Es are the density and Young’s modulus of the solid honeycomb material,
respectively. For a honeycomb with regular hexagonal cells, Wierzbicki [16] gives the
following expression for the ultimate out-of-plane compressive strength:
5

§U · 3
3.25V sc ¨ c ¸ ,
© Us ¹

V cc

(13)

where Vsc is the compressive strength of the solid from which the core is made. Petras and
Sutcliffe [17] derive the following expressions for the out-of-plane shear strengths of regular
hexagonal honeycomb core:
Wc

31

Es

Wc

32

Es

3

§U ·
1.7 ¨ c ¸ ,
© Us ¹

(14a)

3

§U ·
2.6 ¨ c ¸ .
© Us ¹

(14b)

Based on a analysis of the manufacturer’s modulus and strength data, For the foam core
the following expressions are derived for the foam core:
1.28

Ec
Es

§U ·
1.16 ¨ c ¸
© Us ¹

V cc
V sc

§U ·
1.10 ¨ c ¸
© Us ¹

Wc
V sc

§U ·
0.78 ¨ c ¸
© Us ¹

,

(13)

,

(14)

.

(15)

1.63

1.28

4 CONSTRUCTION OF A FAILURE MODE MAP
Based on the summary given in the previous section, the failure loads depend on:
properties of the skin and solid core material (Table 2); relative density of the core; thickness
of both skins and core; beam span and loading details. Therefore W=f(t/l, t/G, Uc/Us). The
actual behavior is then governed by the mode with the minimum failure load.
Failure maps have been drawn, using the Matlab [18] programming language, for the two
types of tested sandwich structures. The failure modes and loads are plotted as a function of
core relative density and skin thickness to span ratio, at fixed core thickness to span ratio.
Nomex
Foam

Us (kg/m3)

Qs (-)

Uc (kg/m3)

724
1200

0.40
0.40

48.0
131

Ec (MPa)
138
86.0

Wc31 (MPa)

Wc32 (MPa)

Vc (MPa)

0.69
1.95

1.21
1.95

2.24
2.50

Table 2: Nomex and foam core properties.

Figures 5(a) and 5(b) show the failure load surfaces for glass/Nomex honeycomb and
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glass/foam sandwich beams, respectively.

(a)

(b)
Figure 5: Failure load surfaces: (a) glass/Nomex sandwich; (b) glass/foam sandwich.
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Figures 6(a) and 6(b) show the failure mode maps for glass/Nomex honeycomb and
glass/foam sandwich, respectively. When plotting two experimental measurements for each
type of core, it is observed that the experimental failure modes, as shown in Fig. 7, are
consistent with the analytical predictions in each case. It is interesting to observe that, for a
honeycomb core, the intra-cellular buckling mode represents less severe condition than the
wrinkling failure due to the small hexagonal cell size. However, the wrinkling surface
represents a small area of the failure mode map since the honeycomb sandwich has a high
modulus in the out-of plane direction, thus limiting the wrinkling phenomenon.

Relative Core Density

1

0.1

0.01
0.0001

0.001

0.01

0.1

Face Thickness/Span

(a)

Relative Core Density

1

0.1

0.01
0.0001

0.001

0.01

0.1

Face Thickness/Span

(b)
Figure 6: Failure mode maps: (a) glass/Nomex sandwich; (b) glass/foam sandwich. The Ÿ symbols identify
experimental measurements.
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(a)

(b)

Figure 7: Experimental failure modes: (a) glass/Nomex sandwich (core shear); (b) glass/foam sandwich (face
wrinkling).

5 FINITE ELEMENT ANALYSIS
The aim of finite element modeling is to perform reliable simulations of the static behavior
of composite sandwich panels to be compared with the experimental data for just one
sandwich configuration. The analysis were performed using the finite element code
ABAQUS®. The face sheet was meshed using 4-node shell elements, while the core was
meshed using 8-node solid elements. A 2D-orthotropic material was used to define the glass
fabric prepreg, and the composite function was used to create the stacking sequence of the
face sheets. Isotropic and 3D-orthotropic materials were used for foam and honeycomb core,
respectively. Skins and core material properties were defined only in the linear elastic range.
Due to the symmetry of the structure, a quarter of beam was modeled and symmetry
constraints were applied to the nodes on the plane of symmetry. Figures 8(a) and 8(b) show
the comparison between the experimental, numerical and analytical stiffness of the
glass/Nomex and glass/foam sandwich beams, respectively. The numerical stiffness are
perfectly matched with the experiments, while the analytical behavior is influenced by the
various assumptions and approximations.
6 CONCLUSION
A mechanical characterization activity documented in this paper was carried out for both
the face sheet materials, to asses the mechanical properties of the skin for which there is a
lack of reliable data on glass/phenolic, and to validate and calibrate analytical and numerical
models for the sandwich construction. The failure mode map is shown to be a good tool to
predict the failure loads and modes as functions of the geometry and materials of the
sandwich structure. Moreover, the study underlines the capacity of the numerical model to
simulate the elastic flexural stiffness of a sandwich beam. Ongoing work will apply this
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modeling capability to design problems involving phenolic sandwich composites for train
applications.
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Figure 8: Comparison of experimental load-displacement curves with analytical and numerical results:
(a) glass/Nomex sandwich; (b) glass/foam sandwich.
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Summary: This study provides a detailed consideration of five manufacturing options that
are used to produce aerospace sandwich panels used in secondary structure. The structural
performance of each of the manufacturing options is considered along with a cost analysis. A
means of using optical strain analysis techniques on full scale panels is devised through the
design of a test rig that is capable of applying uniform static and cyclic pressure to the
panels.

1 INTRODUCTION
Increasing environmental pressure on the aviation industry to reduce the ‘carbon footprint’
of aircraft has led to considerable research into the improvement of fuel efficiency. An
important factor in improving fuel efficiency is reducing the weight of the structure of the
airframe. To this end, composites are increasingly utilised in airframe manufacture. For
example, the Airbus A380 has upwards of 22% by weight made from composites [1], and the
new Boeing 787 is expected to be made from 50% composite structure [1]. The excellent
strength and stiffness to weight ratios of composites in comparison to traditional metallic
materials are well known, but these property improvements come at a cost premium. The
aerospace composite structure manufacturing industry is becoming more competitive. Even
small reductions in cost can be important in winning a contract for component manufacture,
as this reduces the final cost of the aircraft and makes it more attractive to airlines.
There has been extensive research regarding the optimisation of production methods for
the use of composites in primary aircraft structure, however little work has concentrated on
secondary structure. The overall aim of this project is to investigate methods for reducing the
cost of manufacturing carbon fibre sandwich panels for use in aircraft secondary structure,
concentrating primarily on ‘gap fillers’ on the wing leading and trailing edges. Such panels
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are currently manufactured as sandwich panels that use layers of pre-impregnated (pre-preg)
carbon fibres and Nomex Honeycomb that are laid-up on to a tool by hand before being
consolidated and cured in an autoclave.
The inherent disadvantages of the hand lay-up/autoclave process have been discussed in
the literature, e.g. [2] and [3]. The process is heavily dependent upon labour, and the
autoclave introduces large capital and running costs [4]. The present paper describes how the
cost of manufacture can be reduced by removing the autoclave cure from the process and
replacing it with oven cure and vacuum bag consolidation. Studies of the entire
manufacturing process from receipt of material to full assembly of components have
identified that the autoclave curing process introduces a significant ‘bottleneck’ in production
as shown in Figure 1. The bottleneck is caused primarily by the need to resort to batch
processing of components in the autoclave. This is because the number of autoclaves that a
company can purchase and install is restricted by high capital and running costs. To avoid
backlogs of components and increase efficiency batches are created that require the same
curing cycle. Therefore components often wait in the production line until there are sufficient
to fully occupy an autoclave. Another consideration is that the loading and unloading of the
autoclave can only be carried out at one end, which also slows the process. Furthermore the
tooling is such that it must withstand high pressures and is therefore heavy and difficult to
manoeuvre. Introducing an oven cure, would mean that components could be loaded at one
side and removed from the other creating better production flow, the cost of tooling would be
reduced and batch sizes could be smaller or larger, as appropriate because ovens are much
less costly to purchase and run than autoclaves. In replacing the autoclave with an oven cure
the production bottleneck would be changed as shown by the dotted lines in Figure 1 with layup being the main cause of a new but less severe bottleneck.
The aim of this study is to demonstrate that it is possible to change the manufacturing
process and hence material, so that an autoclave cure is not required. In doing this it is
essential that the mechanical performance of the end product is practically identical to the
autoclave cured product. In the work described in this paper, panels are manufactured from
five combinations of processing technique and face sheet materials, which are defined as the
manufacturing options. Each manufacturing option (MO) represents an incremental step in
taking the component from a fully autoclave cured product to a fully resin infused out-ofautoclave cured product. The panels are analysed for both cost and structural integrity. A
programme of tests on full-scale representative panels is planned, because of the
heterogeneous nature of composite material and its variability. The results will be used to
validate a Finite Element (FE) analysis of the panels. It is proposed that in future the
mechanical testing can be omitted, but at present this is an essential component in the
development of an analysis procedure for assessing the performance of components made
from the different MOs.
The proposed experimental analysis of the panels will employ two full-field optical
techniques, namely digital image correlation (DIC) [5] and thermoelastic stress analysis
(TSA) [6]. To apply these techniques it is necessary that the surface of the panels can be
viewed directly whilst under load with either two digital cameras for the DIC or with an infrared detector for the TSA. To do this a test rig has been designed that can apply a pressure load

583

Duncan A. Crump, Janice M. Dulieu-Barton and John Savage.

to the panels that is representative of the service load and allows optical viewing of the loaded
specimen without the detraction of loading shackles in the field of view.

Figure 1: Bottleneck caused by autoclave

The present paper describes the design of the five test panels, concentrating on a step-bystep description of the manufacturing process for each panel, so that the time savings in each
manufacturing option can be identified. The paper also describes mechanical characterisation
tests performed on tensile specimens manufactured from the five combinations of face sheet
material and process, so that an initial comparison can be made between the quality of the
material produced by each of the MOs. FE models of the full-scale test panels are developed,
using the material properties derived from the mechanical characterisation tests. A detailed
description of the design and commissioning of the custom designed test rig used for the
optical analysis is also provided in the paper.
2 TEST PANEL DEFINITION
This study investigates typical trailing edge access panels, which are classified as wing
secondary structure on a commercial passenger aircraft. These panels are bolted to the main
wing beam and ‘A-frames’ along three sides, allowing one of the longer edges to be free to
deflect under service load. The panels are subjected to aerodynamic out-of-plane loads across
their surface. For the purposes of this work, the loading configuration is represented by a
uniform pressure load applied across the surface of the panel, which is constrained by bolts on

584

Duncan A. Crump, Janice M. Dulieu-Barton and John Savage.

three edges. In order to compare the performance of the components made from different
manufacturing processes, a full-scale generic component representative of current industry
secondary structure wing trailing edge panels was designed.
A review of previous designs of CFRP face sheet/honeycomb core sandwich secondary
structure identified a number of ‘common’ features as follows:
x Face sheets are of quasi-isotropic lay-up with 12 plies at 0.125 mm per ply,
x Panels are long and narrow – between 700 and 1500 mm long by 300 wide,
x Cut-outs and notches are used to account for neighbouring structure,
x Inserts and solid pucks are used for attachments,
x Simplistic block-like core geometry.
Consideration of the above features allowed the development of the geometry of a generic
panel (Figure 2). Features such as inserts, attachments, cut-outs and notches have been setaside in the current study, as these would lead to stress concentrations that are dependent on
the ply lay-up and orientation and would detract from a straightforward evaluation of the
manufacturing processes. Taking into account the above considerations a generic panel was
defined as shown in Figure 2. The generic panel is flat and has a plan area of 0.9 m x 0.3 m.
The Nomex honeycomb core is 0.6 m x 0.2 m and 12.5 mm thick. A non-core stiffened flange
is included as this is a key feature in such panels and is essential for attachment purposes.
The flange has a total cured thickness of approximately 3 mm, half formed by the tool-side
face sheet, and half by the bag-side face sheet.

Figure 2: Generic Panel Design

3 MANUFACTURING OPTIONS
Five material and processing combinations (known as Manufacturing Options (MOs)) were
selected for the mechanical performance comparison. The five MOs are listed below:
1.
2.
3.
4.
5.

Unidirectional prepreg tape cured in an autoclave.
Woven prepreg cured in an autoclave.
Non-crimped fabric with separate resin film cured in an autoclave.
Woven side-preg and oven cured.
Non-crimped fabric with separate resin film using RFI process.
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3.1 Prepreg tape autoclave cured (MO1)
MO1 is based on the traditional approach for manufacturing aerospace components, which
makes use of unidirectional prepreg tape. The process involves hand lay-up of individual
plies that are spliced together from the tape, which provides a cured ply thickness of 0.125
mm. Therefore to make the generic component shown in Figure 2, 12 plies are required to
make the 1.5 mm face sheets. A lay-up was defined that would produce quasi-isotropic face
sheets. This choice was based on current design guidance outlined in [7]. Therefore a [0°,45°,45°,90°, 0°, 45°, -45°, 90°, 0°, 45°, -45°, 90°] lay-up was used for each face sheet. These were
constructed in a symmetrical configuration about a Nomex honeycomb core.
Prior to the laying-up process the Nomex core must undergo a stabilisation process so that
it does not deform or crush when the curing/vacuum pressure is applied. The stabilisation
process was identical to that used in production and used a foam adhesive to strengthen the
chamfered edges of the core and a film adhesive is applied to the flat faces to provide some
rigidity. The stabilisation requires that the core undergoes a separate cure before it can be
introduced into the sandwich panel lay-up.
Hexcel’s 914C-TS-5-34% prepreg tape was used to produce the face sheets. The
individual plies were laid-up by hand on a flat mould tool comprising a sheet of steel. As the
stack was constructed it was vacuum ‘debulked’ after each ply was introduced in an identical
fashion to the process used in production. The debulk process is essential in production as it
removes trapped air from the stack that could cause porosity during the curing process. To
perform the debulk, a vacuum bag was constructed on the mould tool that enclosed the stack
and a vacuum applied for approximately 20 minutes. When the tool side face sheet had been
laid-up the Nomex honeycomb core was positioned on the face sheet. The bag side face sheet
plies were then laid-up over the core material. A debulk was carried out as each of the 12
plies were added to the stack. The unidirectional tape was difficult to form over the shaped
core, and therefore the 12 bag side face sheet plies took longer to lay-up than the 12 tool side
plies. Once the component was fully laid up on to the tool, a final vacuum bag was then
formed around the component that was used during the curing process. The bagged tool and
stack was then placed into an autoclave for curing.
When the component was placed into the autoclave, a full vacuum was applied. Then the
autoclave curing pressure was applied. When the autoclave pressure reached approximately 1
bar the vacuum was reduced to a value of 0.2 bar to prevent void formation within the
component due to disparity in the vapour pressure. When the curing pressure of 3 bar gauge
was achieved, the temperature was increased. The component was heated to 120°C at a rate
of 2°C/minute. The ramp rate controls the viscosity of the resin, so that the resin can flow and
‘wet out’ occurs throughout the component before the resin starts to cure. Initially the
temperature in autoclave was held at 120°C for 60 minutes. The temperature was then
ramped at 2°C/minute to the final curing temperature of 175°C. The cure temperature was
held for 120 minutes. Once the cure cycle had been completed the autoclave was allowed to
cool at 3°C per minute, with the pressure held at 3 bar until the temperature was 60°C or
below ensuring the component was held in position as it cooled to below the gel temperature.
During the lay-up procedure the time spent on each step in the process was noted to allow
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an estimation of the number of labour hours spent to produce such a panel. It was estimated
that this component took approximately 14.6 hours to lay-up, with a further 5 hours to
perform the core stabilisation. These times do not include the length of the two cures. The
autoclave cure, including time for pressurisation, and depressurisation, took approximately
5.7 hours and the core stabilisation cure 3.5 hours. Therefore an estimate of the total time to
lay-up and cure a component using MO1 is 28.8 hours. This process is time consuming due
to the large number of individual plies and therefore the large number (23) of debulks that
must be manually set-up. The nature of the material also means it is not easily draped over
shaped objects, such as the core, and this also adds to the time it takes an operator to lay-up an
individual ply. The number of plies required to achieve the thickness leads to a large labour
input in the manufacturing process with the cost of the component reflecting this input. On the
positive side the large number of plies required to build the panel face sheets leads to
significant flexibility in defining the ply orientations. This has allowed designers to tailor the
material properties for the final laminate, but the time taken for lay-up and debulk is excessive
indicating that a material with fewer plies is more desirable.
3.2 Woven prepreg autoclave cured (MO2)
MO2 uses a woven prepreg that incorporates a predefined amount of fibres in both the
longitudinal and transverse directions in the same ply. Each ply is equivalent to two plies of
the UD tape, laid in a cross-ply (0°, 90°) configuration and has a cured ply thickness of 0.25
mm. This method reduces the number of plies required in MO1 and hence lay-up and debulk
time, with the 1.5 mm thick face sheets of the generic panel requiring 6 plies of this material.
The cross-ply nature of the woven prepreg leads to an alteration in the lay-up of the panels. A
[0°, 45, 0°, 45°, 0°, 45°] lay-up was used for each face sheet, orientated symmetrically about
the core material and was assumed to be comparable to the lay-up in MO1.
Hexcel’s 8552S/37%/AGP280C five harness satin weave prepreg was used to produce the
face sheets. The process for lay-up and cure described in section 3.1 was again used for panel
manufacture. As in MO1, the Nomex honeycomb core had to undergo the core stabilisation
process prior to its inclusion in the generic panel. The time spent on each step in the process
was, again, recorded to allow estimation of the labour hours to produce the panel using MO2.
It was estimated that components manufactured in this way took 8.9 hours, and not including
the 5 hours for the core stabilisation. These figures do not include the time for cure, but are
identical to MO1. Therefore an estimate of the total time for lay-up and cure of a component
manufactured using MO2 is 23.1 hours. The lay-up time represents a 19.8% reduction in the
number of labour hours, largely attributed to the reduction in plies and debulks. However the
woven prepreg was also easier to drape over the shape of the core, so the time to form the bag
side face sheet was reduced.
3.3 Non-crimp dry fabric with resin film autoclave cured (MO3)
MO3 combines dry non-crimp fabric and resin film materials proposed for the resin
infusion with a traditional autoclave cure. Hexcel’s NC2 dry fabric was used, which consists
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of 4 individual layers of UD material that are loosely stitched together to hold its form. Each
ply of the NC2 has a lay-up of [0°, 45°, -45°, 90°], with a total fibre weight of 560 gsm. The
resin is introduced as a layer of resin film between each ply. The resin is Hexcel’s DLS1726
(320 gsm). Because each ply of the NC2 consists of 4 layers of UD material, each 1.5 mm
thick face sheet only requires 3 plies of the NC2 fabric. These were laid up as follows [0°, 0°,
0°], i.e. equivalent to MO1.
The layer of resin film was adhered to the under side of the NC2 fabric, before they were
both laid up, resin side down, on to a flat mould tool. After each layer was laid-up, a vacuum
debulk was required. When the 3 plies that formed the tool side face sheet had been laid-up
the Nomex honeycomb core was positioned. The bag side plies could then be laid-up over the
core material, with a debulk after each layer. Once the component was fully laid-up on the
tool, a final vacuum bag was then formed around the component that was used during the cure
process. The bagged tool and component were placed into the autoclave. A similar cure
process as MO1 was used except the initial dwell temperature was increased from 120°C to
130°C, and the final post-cure temperature was increased from 175°C to 180°C as defined by
the resin manufacturers.
It was estimated that this process took approximately 6.7 hours to lay-up, with a further 5
hours for the core stabilisation. The time for cure was identical to MO1. Therefore an
estimation of the total time to lay-up and cure a component using MO3 is 20.9 hours. This
represents a further 9.5% reduction in manufacturing time from MO2. The reduction in
labour time is attributed to the reduction in the number of plies and debulks, as well as the
material being easy to drape over the shaped core, and because each ply was laid in the same
direction, there were no need for multi-directional alignment.
3.4 Woven side-preg oven cured (MO4)
MO4 removes the costly autoclave cure, by combining a woven side-preg with an oven
cure. Hexcel’s DLS1726/40%/285T2/AS4C-6K, a side-preg 2 x 2 twill woven fabric, uses a
similar fibre mat to that described in MO2, and the same resin system as that in MO3. This
resin system has been specifically formulated for use in vacuum only cure. The lay-up for
this component is identical to that in MO2, so 6 plies are required for each face sheet. The
lay-up procedure was identical to the method described in section 3.2, for MO2. When the
final vacuum bag had been made, the bagged tool and component were placed in an oven. In
the oven a full vacuum was applied to the component then the component was heated to
130°C at a rate of 2°C/minute. The oven was held at 130°C for 60 minutes, before a second
ramp at 2°C/minute up to 180°C was initiated. The oven was held at 180°C for 120°C, before
the component was allowed to cool at 3°C per minute.
Estimations of the time to lay-up showed it took approximately the same amount of time as
MO2, i.e. 8.9 hours to lay-up and 5 hours to core stabilise. The component cure time has,
however, been reduced from 5.7 hours to 5 hours, by replacing the autoclave with an oven
cure, and removing the pressurisation and depressurisation stages. An estimation of the total
time to lay-up and cure a component through MO4 is 22.4 hours, which represents a 3%
reduction in manufacturing time from MO2.
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3.5 Non-crimp dry fabric with resin film oven cured (MO5)
MO5 uses Hexcel’s NC2 dry fabric with DLS1726 resin film, i.e. as used in MO3. These
are laid-up in an identical approach to that described for MO3. Once the component had been
placed in the final vacuum bag, the bagged tool and component were put in the oven for cure.
The oven cure was identical to that for MO4,
Estimations of time for this component are, 6.7 hours for lay-up, 5 hours for core
stabilisation, 5 hours for component cure and 3.5 hours for core stabilisation cure. A total
manufacture time for this component of 20.2 hours, which represents a 12.6% reduction in
manufacturing time from MO2. MO5 benefits from significantly reduced lay-up and cure
times over the other manufacturing options. However, the performance of the material needs
to be assessed prior to making any claims that this approach is better than MO1 or MO2.
4 MECHANICAL PROPERTIES OF FACE SHEET MATERIALS
An initial comparison of the performance of the face sheet materials produced by the five
MOs was obtained from tensile tests. The test data also provided input into the FE models of
each panel. To ensure the tensile test specimens had experienced an identical cure cycle to the
generic panels, separate panels of the face sheet material were laid-up in an identical manner
to the generic panel and cured with the generic panels.
The test specimens were
manufactured from the panels and tested as specified in ASTM D3039 using an Instron 5569
servo-mechanical test machine. Five specimens of each orientation and MO were tested. The
specimens were orientated so that the longitudinal direction (L) was in the x-direction shown
in Figure 2 and the transverse (T) was in the y-direction. The mechanical properties of the
quasi-isotropic face sheets specimens can be seen in Table 1, enabling a direct comparison of
the MOs.
Table 1 : Mechanical properties of Quasi-Isotropic Laminates

MO

EL(GPa)

ET

ȞLT

ȞTL

ıFxL(MPa)

ıFT (MPa)

1

QI

48.7

50.4

0.086

0.149

565

597

2

QI

47.1

49.3

0.262

0.25

534

568

3

QI

44.5

44.3

0.317

0.274

595.

579

4

QI

42.2

41

0.241

0.248

532

549

5

QI

45.2

46.7

0.32

0.258

640

667

For the longitudinal modulus there is practically no difference between the two autoclaved,
prepreg products. Comparing the out-of-autoclave materials with MO1 shows a 7% reduction
in longitudinal modulus for MO5, an 8% reduction for MO3 and 13% reduction for MO4. A
similar pattern is observed for the transverse modulus. Although in a there is no difference in
materials between the autoclave cured NCF material in MO3 and the oven cured NCF
material in MO5, there appears to be a slight improvement in modulus. The resin system used
for MO3 and MO5 has been formulated for oven cure and will therefore wet-out the fibres
better during an oven cure; this can explain the improvement. The reduction in modulus for
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MO4, compared to MO2 can be attributed possibly to the poor wet out of the side-preg resin
through the woven material. It is interesting to note, the Poisson’s ratio values vary
enormously with MO1 being significantly different to MO3 and MO5 which are all made
from non crimp materials; at present there is no explanation for this. The material
manufactured using MO1 has a longitudinal failure stress of 565 MPa and transverse failure
stress of 597 MPa, while the material manufactured through MO5 shows an improved
longitudinal failure stress of 640 MPa and a transverse failure stress of 667 MPa. This
represents an increase in strength of approximately 12% through the use of the out-ofautoclave MO. This is an unexpected result as it is generally accepted that the autoclave will
produce a higher quality product. The increase in strength must be attributed to the resin used
and possible improved wet-out. This will be confirmed by microscopic investigation in future
work. From these results it can be concluded that the out of autoclave product shows no
significant changes in mechanical properties, although the differences in Poisson’s ratios will
have an effect on the behaviour of the generic panels when loaded in bending.
5 FEA OF PANELS
At this stage it was decided that a simple model was required to ascertain if the changes in
the face sheet materials could be incorporated into a model and also to inform the design of
the test rig. The model was constructed in ANSYS 11.0 using two basic shapes. The first was
the size and shape of the total plan area of the generic panel. The second, the size and shape
of the Nomex core, was extruded to form the volume of the core by a z-axis offset with taper
in x and y to produce the chamfer. The first area and those areas that bound the core volume
were the face sheets. The Nomex core was assumed to be a singular isotropic, solid volume
with the relevant associated properties [8]. The flange area contains all twenty four plies,
while the areas bounding the volume have sections of twelve plies thereby summing to twenty
four. The model comprised Solid185, an eight-noded brick element for the core and
Shell181, a four-noded element suitable for laminates, for the face sheets. The service
constraints were represented by holding the model on the three fixed sides, such no out-ofplane deflection was allowed. The in-plane constraints were achieved by selecting two points
on the perimeter of the panel at which deformation was prevented in any direction. The
fixing bolts have not been modelled as the current research is concerned with the panel
performance rather than the localised stresses around the bolt holes.
The correct fibre orientation was maintained on the chamfered edges of the core by locally
changing the element coordinate systems so that z was always normal to the surface of core.
It was considered that as the generic panel is only constrained on three edges the application
of the pressure load would result in a relatively large out-of-plane deflection. Therefore a
geometrically non-linear solver was used. The service load that the panel must withstand is a
pressure load of 0.0275 MPa, which was applied as a force of 9.03 N in the z-direction (see
Figure 2) on each of the 759 nodes of the mould side face sheet. The maximum out-of-plane
deflection (that occurred near the centre of the free edge) and the maximum principal stress
(located near the edge of the core on the outside of the bag side face sheet) were used as an
initial comparison; the results are provided in Table 2.

590

Duncan A. Crump, Janice M. Dulieu-Barton and John Savage.

The model shows that there is very little variation in the maximum deflection and the
maximum principal stress between the manufacturing options. Although it does appear that
MO5 produces a practically identical product to MO2, the model does not consider
manufacturing variations, resin infiltration and interlaminar shear strength; these can only be
investigated through experiment. In general, at this stage, the model shows that a maximum
deflection of the order of 40 mm can be expected, which was accommodated in the design of
the test rig described in the next section.
Table 2: Maximum out-of-plane deflections from FE model

MO

6

Max Deflection (mm)

Max Principal Stress (MPa)

1

QI

38.6

247

2

QI

37.2

211

3

QI

41.3

208

4

QI

42.1

200

5

QI

37.0

214

DESIGN OF TEST RIG

To make an experimental comparison of the mechanical performance of the panels made
for the five manufacturing options a test rig has been custom designed that can replicate the
in-service pressure loading conditions. In service the panels are subjected to a pressure load
across the mould side face sheet, which is constrained by bolts on three sides. To
experimentally model the pressure load a water filled cushion is used to impart the load into
the panel in a uniform fashion. This approach has been used successfully in the past, e.g. [9].
The design differs to those used previously, as to use TSA and DIC it is necessary to have
optical access to the surface of the bag side face sheet. The test rig was designed to be used
with a standard Instron 8802 servo-hydraulic test machine. The final design is shown in
Figure 3. The rig is formed from two main parts. The first part is a ‘table’ structure that
supports the pressurised water cushion. The water cushion is from Flexitec, and can withstand
0.345 MPa, i.e. much greater than the pressure required to model the service load. The
cushion is deformable, so is completely constrained by the rig. The second section is the
connection from the actuator of the test machine to the test panel. This is a box type structure
that fits over the water cushion table to which the panel is bolted. As the actuator moves
downwards the test panel is forced against the water cushion. The applied pressure is
developed by the force of the test panel against the incompressible water cushion, and
monitored by a pressure gauge.
At present the test rig is being commissioned. It is envisaged that future publications will
include results from the DIC and the TSA. Such techniques would offer a strain map of the
panel under load that could be directly compared to the FE models for validation. Significant
challenges in the application of these techniques to full scale structures need to be addresses.
Previous work by the authors [10] has shown that the techniques can be applied to sandwich
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structure. To apply DIC and to obtain a full field map of the structure it will be necessary to
apply a correlation device across the structure, current work is focusing on using the peel-ply
imprint in the surface of the face sheets for this [11]. A further complication for both TSA and
DIC is the repositioning of the equipment and the joining of images to obtain a full-field map.
Repositioning is more complex with DIC because of the need to collect data in the deformed
and undeformed states. The test rig is able to apply the cyclic load required for TSA, however
incremental readings will be required as the depth of focus of TSA lens systems could not
accommodate the 40 mm deflections predicted by the FE.
7 CONLUSIONS AND FUTURE WORK
This paper has presented a study of the possibility of reducing the manufacturing costs of
carbon fibre/ Nomex honeycomb sandwich aircraft secondary structure. An analysis of the
time taken to produce panels from five manufacturing options has shown that by removing the
autoclave cure and using RFI the number of labour hours required for lay-up can be reduced
by 55%. This is because the time in the oven cure is less, but more importantly the fibre mats
used in the RFI negate the number of lay-up and debulking operations required. The fibre
mats are much thicker that the prepreg and sufficient resin infiltration from film through the
thick mats was in question. Initial mechanical tests have shown that the in-plane properties of
material are equivalent to that produced in an autoclave. However, the resin infiltration will
affect the through thickness properties and more work is required to establish if the material
performance changes when loaded in transverse shear.
Initial FEA has shown that the deflection of the panels is similar regardless of the
manufacturing options. Clearly under in-service load this will not be the case as the FEA
does not model the variability of composite sandwich panels. The paper has described the
design of a test rig so that the mechanical performance of panels produced by the five
manufacturing options can be compared through a programme of full-scale tests. The rig
permits the application of optical strain measurement techniques such as TSA and DIC.
These techniques will provide full field data that will be used to validate the FE model and
also to study the behaviour of the panels under repeated load and evaluate the damage
tolerance of the different manufacturing options.
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Summary. This paper aims to investigate the deformation behaviour of a closed cell polymer
foam during forming at temperatures above the glass transition temperature of the foam.
Further, the residual compressive properties are measured and the results are correlated with
measurements on photographs showing the resulting core cell geometry. It is shown that
different mechanisms are active for thermoforming in the tensile and compressive directions,
but that the resulting mechanical properties seems to be predictable using established models
and geometrical expressions.
1 INTRODUCTION
Traditionally, manufacturing of structural sandwich components are limited to simple
geometrical shapes or to labour consuming and therefore costly manufacturing processes. For
very large structures, this may be difficult to change. However, considering the variety of
medium sized applications where structural sandwich components may find its place, from
automotive to aeronautical, a demand for more cost efficient production rises.
Thermoforming is one potential option.
Thermoforming has been shown to enable efficient manufacturing of complex shaped
sandwich structures [1] using polymer foam core. The process utilises that most polymer
foams are formable at temperatures above its glass transition temperature, enabling adoption
to double curved shapes with high draw ratio. The drawback with this method is however that
during forming, the initially isotropic core material changes through alignment with the strain
field. The result is a product with different core properties than the virgin core. Before
offering this technique to more advanced applications, it is consequently highly desirable to
be able to predict this change in core cell structure and the resulting mechanical properties of
the foam.
This study aims to investigate the residual compressive mechanical properties of a
thermoformed closed cell polymer foam core. Although most forming processes involve both
tensile and compressive deformation, these are herein studied separately in order to simplify
the evaluation. The change in core cell geometry following thermoforming during tensile and
compressive loading, respectively, is studied using microscopy. Finally, the residual
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compressive properties are measured and the results are compared to models on the
mechanical properties of anisotropic cores.
2 THEORETICAL BACKGROUND
The mechanical properties of polymer foams are largely determined by geometrical
features of the material and by the properties of the solid material [2]. Polymer foams are
geometrically distinguished as being either open or closed with isotropic or anisotropic
mechanical properties. However, considering single cells, their shape are generally not truly
spherical, but isotropic core properties are often a result of a randomised distribution of
anisotropic core cells. Anisotropy is thus both a matter of cell geometry and its distribution in
space inside the core.
In this work, the mechanical compressive properties following thermoforming will be
compared to model predictions based on the cubic array assumption, where the cells are
considered as cubic arrays of square transverse sections. Adjoining cells are staggered so that
their members meet at their midpoints, see eg [2]. The cell wall material is isotropic, so that
the anisotropy arises solely from the cell shape. Considering closed cell foams, these models
enables capturing deformation mechanisms as extension or compression and bending of the
cell walls, where the latter is more pronounced for low density materials [2]. Further, as the
cell membranes stretch, the contribution from the axial cell-wall stiffness to the elastic moduli
increases.
Based on these assumptions, it has been shown that for isotropic closed cell foam material
the following relation between foam compressive modulus, E, and the modulus of the solid
material, Es, can be derived from(neglecting the gas pressure contribution) [2]:

E
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, where U and Us are the density of the foam and of the solid material, respectively. I is the
fraction of material in the cell wall membrane. In the same way an expression for the
compressive strength, here defined as peak stress during compressive failure, V* can be
determined from the strength of the solid material, Vs* [2]:
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A comprehensive model describing the compressive behavior of anisotropic foam is
presented by Huber and Gibson [3] based on the previously described cubic array assumption.
The model shows that, given that the rise direction of the cell has dimension h and the square
transverse-section, l, the cell has anisotropy R=h/l and the compressive modulus ratio can be
written
E3
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,where E3 is the modulus in the core cell rise direction and E1 in the transverse direction. The
compressive modulus ratio thus strongly depends on the anisotropy. Since loading in the cell
rise direction deflects the shorter cell edges, the stiffness in the cell rise direction is greater
than in the plane normal to it.
During thermoforming, the core cells align with the direction of tensile deformation or the
direction perpendicular to the compressive deformation for tensile and compressive
thermoforming, respectively, see Figure 1. However, note that in this work the components
will be tested in the core cell rise direction or transverse direction, respectively, independently
of method of deformation.

Figure 1. Schematic figure showing how the cells deform during tensile and compressive
loading, respectively.

Considering thermoforming in the tensile direction, a model describing the foam
deformation and load response of the cubic array core have been developed by Akkerman and
Pronk [4]. Experiments have show that this model is applicable on the material and process
considered in this study if a second relaxation term is added [5]. During thermoforming the
load response is clearly viscoelastic showing rate dependence.
The herein presented mechanical models are based on simplified and idealised geometrical
models. Today, techniques for generation of more realistic geometries into finite element code
exists, which in the future enables more extended modelling, as e.g. [6].
It needs to be remarked that the herein presented models rely on the cell being “perfect”,
i.e, free of wrinkles and with even membrane thickness. A number of studies have indicated
that imperfections have a large influence on the mechanical properties, however that cell wall
wrinkling has the largest impact, e.g. [7], while the influence of thickness variations seems to
be significantly smaller. However, during thermoforming in the tensile direction the cell walls
and membranes are thinning and eventually yielding. Finding a maximum degree of
deformation before weakening the core is one of the aims of this study.
The geometry of cellular foams is commonly determined using Scanning Electron
Microscopy (SEM). The anisotropy of cellular foams has previously been determined
measuring the distance between core walls along several lines and at different angles [3]. The
measurements are then fitted to an elliptical form using least square method. The core
anisotropy is consequently equal to some average anisotropy. Since the test samples produced
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herein do not provide photographs on more than on average 10 core cells, a large statistical
base do not exist. In this study each core cell is instead measured and fitted to an ellipsoide.
The average core anisotropy is calculated as the average anisotropy in the core cell rise
direction and transverse direction, respectively. The modulus ratio is thereafter predicted
using Equation 3. In order to distinguish these results from compression test results, the
resulting modulus ratio will herein be named SEM.
Assuming that the volume is conserved and that all cells are initially spherical (R=1), a
theoretical anisotropy Rtheory can be calculated from the known degree of deformation during
thermoforming, ', according to

R theory

1 '

3

(4)

This value will be used for comparison for specimens showing no significant change in
density following thermoforming. Using this value for predicting the modulus ratio (Equation
4) a purely theoretical estimation is obtained, herein referred to as “theory”.
3 EXPERIMENTS
3.1 Materials
The material used in the study is a closed cell polymethacrylimide (PMI) foam core
Rohacell WF71 from Röhm Degussa GmbH with a specific density of 78 kg/m3. In model
predictions, the density of the solid material is set to 1200 kg/m3.
3.2 Preparation of thermoformed samples
Specimens prepared for thermoforming in the tensile direction had a dog bone like
geometry with outer dimensions 150*250 mm, thickness 20 mm, see [8] for further details.
This geometry was set as a compromise ensuring uniform heat and stress distribution, while
producing enough material for further tests.
In order to avoid global buckling, specimens prepared for thermoforming in the
compressive direction were cubic with height 30 mm and a transverse sectional area of 20*20
mm.
According to recommendations from the manufacturer [9], the samples should be dried for
at least 3h in 130°C prior to thermoforming. Although these recommendations are mainly to
avoid humidity in sandwich components in e.g. aeronautical applications, the procedure was
followed in order to resemble the real process.
Thermoforming was performed in an Instron 4505 from Instron GmbH, equipped with a
hot air heating chamber. The temperature was controlled using an in-built thermocouple
inside the oven and one either inside the sample (for tensile direction) or inside a dummy
placed close to the thermoformed sample (for the much smaller samples in compressive
direction).
When the thermocouple inside the specimen (or dummy) showed stable temperature (the
set temperature) thermoforming was performed to a predetermined degree of (tensile or
compression) deformation. Thereafter the oven was opened and the sample rapidly cooled off
at maintained deformation, thereby freezing the deformed structure. When the specimen was
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cold and thus thermally stable, the Instron was opened and the deformed sample could be
removed. Thermoforming was performed at different temperatures (200 and 220°C), to
different degrees of elongation/compression (0-55%) and at different deformation speeds (10300 mm/min). This paper, however, mainly focuses on the results from the base-line
deformation at 200°C and deformations speed 10 mm/min. It should be noted that
thermoforming in the compressive direction resulted in an even core compaction in the
compressive direction and corresponding swelling in the transverse direction without any
signs of local crushing of cell layers, as expected for cold compression. To ensure that the
thermal properties of the core were not changed by the heating and deformation, the most
severely heated samples was tested using Differential Scanning Calamity, DSC [8]. No
change or degradation of the polymer material could be detected following thermoforming.
3.3 Compression tests
From the thermoformed samples, specimens for compression test were cut in two
directions: the direction of tensile/compression thermoforming and the transverse direction,
respectively.
Due to limitations in geometry of thermoformed specimens, the samples from tensile
thermoforming were milled to cubes with side length 15 mm and samples from compressive
thermoforming to cubes with side length 10 mm. Since the nominal core cell size is small
(radius <0.5 mm), also this smaller test geometry was considered to include enough number
of cells to consider edge effects negiblible.
Compression test were performed in the Instron testing machine according to ASTM
standard D1621-00 at compressive strain rate 1.67*10-3 s-1, according to standard. Each
specific sample was measured prior to testing in order to enable calculating the true stress and
strain. Further, each sample was weighed and its density reported.
3.4 SEM
In order to provide specimens for SEM, transverse-sections (about 5*5 mm2), were cut
from the middle of the thermoformed specimens. In order to provide a smooth surface with
clean-cut cells, the thermoformed specimens were cooled with liquid nitrogen, and broken
along the direction of thermoforming or the transverse direction, respectively. The broken
surfaces were sputtered (coated) with Au/Pd to obtain the required conductivity using a
Denton Vacuum Desk II from Denton Vacuum, USA.
The SEM photographs were analysed using the image software ImageJ [10] from National
Institute of Health, USA. In order to determine the shape anisotropy of each cell, the
following procedure was undertaken: The cell diameter was measured at different angles with
approximately 15° interval, see Figure 2. The results were read into an in-house written
numerical code finding the ellipse that best fit the measurements (least square method). The
results are reported in terms of anisotropy (major/minor axis) and the in-plane rotation of the
ellipse. The average anisotropy was calculated according to the description in Chapter 2.
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Figure 2. The core cell measurements are fitted to an ellipsoid of anisotropy R=amax/bmax in the direction Dmax

4 RESULTS AND DISCUSSIONS
4.1 Specimens thermoformed in the tensile direction
Figure 3 shows how the foam compressive modulus and strength, respectively, depends on
the degree of tensile deformation during thermoforming. Both are normalised based on the
properties of the virgin core material in order to visualise the deviation. Following theory,
both stiffness and strength increases in the cell rise direction and decreases in the transverse
direction. Considering the modulus this change is more pronounced, with an
increase/reduction of up to 50%. The difference in strength is smaller, ±30%. The results
show clear trends, but the scatter is large. This is partly explained by the high sensitivity to
fluctuations in forming temperatures around the used thermoforming temperature 200 ºC. At
his temperature, the mechanical properties of the solid material reduce significantly for each
degree of increased thermoforming temperature [5].
For specimens thermoformed in the tensile direction, the density seem to remain constant
at the level of the virgin core material [8]. Figure 4 shows a comparison between measured
anisotropy and predicted values using Equation 4. As can be seen, theoretical prediction and
experimental measurements follow a very similar trend up to a deformation level of
approximately 40%. As expected, the core cells maintain their isotropic properties transverse
to the cell rise direction. Measurements from photographs taken in the transverse direction
showed an average anisotropy of R=1.05 ±0.05.
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Figure 3. Normalised compressive modulus and strength, respectively, as function of tensile deformation
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Figure 4. Comparison between measured core cell anisotropy and theoretical predictions

Figure 5a shows a SEM photograph of the virgin core material, while Figures 5b-5d show
samples thermoformed in the tensile direction, to 23%, 38% and 55% deformation,
respectively (please note that figure 4d is 90 degrees tilted).
Figure 6 shows the ratio between compressive modulus in the cell rise direction and
transverse direction. The experimental results are compared with estimations from
measurements on the cell foam geometry (SEM) as well as theoretical predictions based on
the conserved volume principle (theory), Equations 3 and 4. As can be seen, all results follow
the same trends. The deviation between the experimentally based values and the theoretical
estimation increases at higher degrees of thermoforming deformation.

a.

b.

c.

d.

Figure 5. Samples thermoformed to a. 0% elongation (virgin core), b. 23% elongation, c. 38%
deformation, d. 55% deformation (tilted)
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Figure 6. Comparison between measured modulus ratio, estimations from SEM photographs and
theory for sample thermoformed in tensile direction.

4.2 Specimens thermoformed in the compressive direction
Figure 7 shows how the foam compressive modulus and strength, respectively, depend on
the degree of compressive deformation during thermoforming (normalised based on the
properties of the virgin core material). As expected, the modulus and strength increases in the
core cell rise direction following thermoforming. Further, it is interesting to note that the
reduction in modulus in the transverse direction is significant, 80%, but that the compressive
strength is only slightly reduced. This is explained by the core densification occurring during
forming, see Figure 8. The densification is significant and indicates that the core swelling is
negligible compared to the core compaction: a reduction in height with 50% increases the
density with 100%. Since the core material is liquid like during thermoforming, it can be
argued that the structure maintains its strength in the transverse direction, but that the stiffness
is significantly reduced. In Figure 7, theoretical values for the normalised modulus and
compressive strength are given based on the measured density of thermoformed samples
(Equations 1 and 2). As can be seen, for these experiments the predicted values follow the
experimental data in the cell rise direction, 3. However, since the theoretical model considers
the material as isotropic (same properties in all directions), the thermoformed core materials
must be considered somewhat destroyed compared to a virgin core of higher density.
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Figure 7. Normalised compressive modulus and strength, respectively, as function of compressive
deformation during thermoforming
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Figure 8. Core densification as function of compressive deformation during thermoforming
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Figure 9 Samples thermoformed in the compressive direction to a 17% deformation, b. 27%
deformation, c. 50% deformation.

Figure 9 shows SEM photographs of samples thermoformed in the compressive direction.
The average cell anisotropy is measured to: compressive deformation 17% R=1.2,
deformation 27% R=1.3, deformation 40% R=1.9, deformation 50% R=1.9. In the
photographs, cell wall buckling can be detected already at 27% compression.
Figure 10 shows the ratio between compressive modulus in the cell rise and transverse
direction for samples thermoformed in the compressive direction. The experimental results
are compared with estimations from measurements on the cell foam geometry, as described in
Section 2. Since the density is changed following thermoforming, the theoretical
approximation, Equation 4, does not hold and is therefore not included in the comparison.
The results show poor agreement between measurements and predictions based on the core
cell geometry. This is probably due to the excessive reduction in modulus following
densification.
The temperature during thermoforming significantly influences the results. It has been
shown that when forming at 220ºC [11], the core densification after 25% compressive
deformation is almost halved compared to at 200ºC (i.e. 95 kg/m3 compared to 111 kg/m3).
Consequently, further experiments are needed investigating the mechanical properties
following thermoforming at higher temperatures.
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Figure 10. Comparison between measured modulus ratio and estimations from SEM
photographs for sample thermoformed in compressive direction

4 CONCLUSIONS

Thermoforming is a promising method for efficient production of polymer foam core
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sandwich structures with complex geometry. However, the presented work shows that the
compressive mechanical properties changes following thermoforming. Considering the
compressive modulus, the properties in the core cell rise direction (tensile direction) increases
with 50% for samples thermoformed to 40% elongation. In the transverse direction the trend
is opposite, with a reduction of 40%. Corresponding values for the compressive strength is
30% increase/reduction. For the considered thermoforming temperature, excessive elongation
(>40%) causes a reduction in the mechanical properties.
Thermoforming in the tensile direction occurs without significant change in density. The
study shows that up to the optimal level of maximum tensile deformation, the change in core
cell geometry and corresponding mechanical properties can be predicted. The results have
been verified by performing measurements from photographs showing the core cell geometry
of specimens thermoformed to different degrees of elongation.
For samples thermoformed in the compressive direction densification occurs. At almost
100% increase in density, the compressive modulus increases with 100% in the core cell rise
direction and reduces with 80% transversely. However, considering the compressive strength,
only a small reduction in the core cell transverse direction can be measured (compared to the
virgin core material) and an increase in strength in the core cell rise direction with up to
250%. It has been shown that the trends for the rise direction can be predicted from
established models taking the core cell densification into account.
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Summary. Infusion strategies for large, complex CFRP foam core sandwich panels with
closed cell foam cores were investigated for open mould liquid composite moulding (LCM)
technologies. For closed cell foam core no through the thickness resin flow is possible. If no
through the thickness channels in the foam core are being introduced (e.g. open holes, core
joints, pins, etc.) the infusion of the sandwich requires resin distribution media on both skins.
In a first approach standard distribution medium was used. In a second step a tool integrated
resin distribution system was developed for the infusion of the tool-sided skin. To demonstrate
that aerospace quality is achievable manufacturing trials with monolithic specimen and
complex sandwich panels including damage containment, load introduction and tool
integrated resin distribution technology were carried out in a laboratory environment. The
investigations show that aerospace quality can be achieved for large CFRP sandwich panels
in LCM technology. However the achievable quality depends heavily on the panel/component
materials, design details, geometry and the chosen technology approach and strategy for the
infusion. Besides the quality factors today’s composite aeronautical components have to meet
the demand of the market for low cost structures and high production rates. Therefore an
industrial concept approach for LCM of CFRP foam core sandwich panels was developed.
Conceptual approaches for the key factors of the automation - the automated handling and
preforming of the sandwich component – are shown in this paper as well as the results of
practical automation trials. Full automation of the manual sandwich lay up process for the
considered component complexity is possible. This automation technology has large
potentials to increase the profitability and the quality of the parts manufacturing.
1 INTRODUCTION
Advanced sandwich structures offer a wide range of potentials for the production of
commercial aviation’s structural applications. Reduced complexity of component surfaces
(e.g. no stringers), reduction of parts count and the possibility for tailored reinforcements and
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load introduction areas combined with liquid resin infusion technology (LRI) are only some
examples for cost and lead-time reduction potentials of sandwich structures [1,8]. However
sandwich structures are not yet state of the art for primary commercial aviation structures.
One development prerequisite that needs to be fulfilled in order to tap those potentials and
deliver a business case is the robust and economic manufacturing of sandwich panels with
representative complexity and size in an industrial, commercial aviation environment at high
production rates. Therefore this paper discusses different technology elements with respect to
feasibility and achievable quality for the advanced manufacturing of large, complex foam core
sandwich panels. These technology elements are then being integrated in one industrial
concept and results of practical trials for the automated sandwich preform lay-up are
presented.
In this context “advanced manufacturing” means that for primary structures of commercial
aviation airframe components a high level of quality, automation and process stability has to
be achieved for quantities well exceeding 400 airframes per year. “Large” means a typical
panel size in the order of magnitude of 6 by 2 meters (and larger) and overall panel thickness
in the range of 2 to 40mm (e.g. skin panels of box structures that can be found in vertical and
horizontal tail planes and wings). “Complex” means panels with monolithic areas, sandwich
areas and transition areas between both as well as local and/or global surface curvature.
Moreover complex can mean reinforcements and inserts integrated into the sandwich system.
The foam cores considered in this paper are closed cell Polymethacrylimide (PMI) foams.
Remark: The investigations and results presented in this paper are complementary to the
work presented during the ICSS 8 by Rinker et al. in the paper “Damage and failure
progression of CFRP foam-core sandwich structures“ [13].
2 LIQUID COMPOSITE MOULDING AND SANDWICH INFUSION
Today a large variety of open mould liquid composite moulding (LCM) technologies can
be found. Examples for today’s LCM technologies are the Seemann Composites Resin
Infusion Molding Process (SCRIMP™; [2,3]), different variants of the Vacuum Assisted
Resin Transfer Molding Process (VARTM; e.g. [4, 10]), the Double Bag Vacuum Infusion
Process [5], Vacuum Assisted Process (VAP) using semi-permeable membranes [6].
Summerscales and Searle give a detailed review of developments in resin infusion processes
[7]. Van Tooren et al. showed the feasibility of sandwich infusion with E-glass fibre and
closed cell PVC cores on a general aviation component for low production rates [12].
For a typical LCM build-up the textile, non impregnated, semi-finished products are placed
in the mould thus defining the surface shape of the component to-be by the mould surface.
The open surface (non mould side) of the semi-finished product stack is then prepared with
layers of different auxiliary materials for the infusion process (typically release film with pin
holes, peel ply, resin distribution media, resin and vacuum gating, membranes) and sealed by
the so called vacuum bagging against the environment. For the impregnation the air within the
build-up is being evacuated and the resin infusion is being performed. After full impregnation
and curing of the resin, the part can be de-moulded. LCM technologies offer the possibility of
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out of autoclave infusion and curing, achieving high fibre volume contents (~50% - ~60%)
without high differential pressures ('p < 105 Pa). Depending on the processing and curing
temperatures required by the resin system a chamber oven with atmospheric pressure or the
workshop floor at room temperature is used for the infusion in an out of autoclave scenario. If
the resin system can be processed at room temperature, the target material properties of the
component might also require a post cure after the room temperature curing to reach the
needed properties (e.g. Tg).
In order to apply LCM technology for the manufacturing of closed cell foam core
sandwich panels one has to provide special means of resin distribution on and/or resin
transportation to the mould sided skin. Otherwise a proper impregnation of both skins on
large sandwich panels is not possible as the mould sided skin is isolated from the resin
distribution on the non mould side of the sandwich panel by the resin tight foam core. Figure
1 shows different means for resin distribution and resin transportation in the sandwich panel.
In order to simplify the sketches no auxiliary materials, e.g. resin distribution medium or
vacuum bagging, is shown on the sandwich stack. In principle one can introduce holes or
channels through the thickness of the foam core as shown in I). Concept II) shows surface
grooves or channels in the foam core on the mould side. In III) channels in the tool surface are
shown (the so called “tool integrated resin distribution system”) and IV) depicts a layer of
resin distribution medium between the tool and the sandwich skin. There are already solution
approaches to this problem existing (e.g. [2, 14]).

I)

II)

III)

IV)

Figure 1: Examples of different concepts for resin distribution and transportation for the mould sided skin of the
sandwich panel

For the sandwich studies presented in this paper only concept III) and IV) have been
investigated. The vacuum build-up and infusion concept for concept IV) is shown in Figure 2.
The vacuum build-up for concept III) is basically identical to concept IV) if one replaces the
resin distribution medium by the tool integrated resin distribution system.
The non cured sandwich lay-up with the different auxiliary materials and gating on the tool
is being sealed with a vacuum foil against the environment. The resin gating is being
connected to the resin reservoir. The vacuum gating is being connected to the vacuum pump
via a resin trap. Resin trap and resin reservoir as well as the resin reservoir and the vacuum
build up are being connected via closed valves and the build up is being evacuated. Next
follows the heating up of the overall build up and of the resin in the resin reservoir to infusion
temperature. Because of the pressure difference between the resin reservoir (ambient
pressure) and the vacuum in the resin trap and the part the resin will flow via the resin gating
into the resin distribution medium. The skins of the sandwich lay-up are then being
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impregnated by the resin flow in the thickness direction out of the resin distribution medium.
When the part is fully impregnated the resin reservoir will be sealed against the environment
and the valve between resin reservoir and resin trap will be used for pressure compensation.
Then the component is being cured at curing temperature. Besides temperature and
differential pressure the shape and progression of the flow front in the component are
important processing parameters influencing the part quality [8].
Resin gating

Vacuum gating

Sandwich panel

Vacuum bag

Sealing tape

Resin distribution medium

Mould

Release film (with pin holes)
Peel ply

Resin
Resin gating

Resin reservoir

Impregnated
area

Counterbalance
valve
Connection to
vacuum pump
Resin trap

Flow front
Dry area
Vacuum gating

Figure 2: Vacuum build up and infusion concept

3 INFUSION INVESTIGATIONS
The previous chapter describes different means for resin distribution during the infusion of
LCM sandwich components. Only the concepts III) and IV) with resin distribution medium on
both sides of the sandwich lay-up are being discussed with respect to infusion strategies for
large and complex sandwich panels. For monolithic components one sided as well as two
sided resin distribution medium was investigated.
Figure 3 shows a large and complex sandwich panel schematically. Typical complexities
that have to be considered in order to assess manufacturing feasibility and quality are thick
monolithic laminates (A-A) in load introduction areas, sandwich areas (B-B), areas of
transition between monolithic laminates and sandwich (A-A) and reinforcing elements to be
integrated into the sandwich core for co-curing and/or co-bonding(C-C).
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A
A-A

B

B

A
B-B

C

C

C-C

Figure 3: Sketch of large and complex sandwich panel with typical complexities

In the following chapters each one of these complexities will be discussed in isolated
investigations looking at infusion behaviour and quality. These findings are then used to
develop an infusion strategy for a panel combining the different complexities (in principle as
shown in Figure 3) followed by the results of a large scale infusion demonstration test using the
proposed infusion strategy.
3.1 Thick monolithic laminates
In order to investigate infusion behaviour, fibre volume content (FVC), porosity and
thickness tolerances for thick laminates in LCM technology a stepped monolithic CFRP
wedge was manufactured (the non impregnated fibre lay-up is shown in Figure 4). The
amount of layers increases in four steps (13-, 26-, 52-, 105-layers) and the overall dimensions
are ~600mm by ~1140mm. The specimen was built up quasi isotropic out of triaxial noncrimped fabric (NCF) with an area weight of ~415g/m² and HTS fibres. The infusion strategy
was straight forward with gating along the complete width on both ends of the lay-up and the
infusion direction from the thick to the thin end. The gating system as well as the resin
distribution medium was only on the top side of the lay-up. The infusion was performed with
Hexcel RTM 6 resin in a chamber oven.

~6

00
mm

Position of
vacuum gating

Position of
resin gating

0°
45°

135°
90°

Infusiondirection
~ 1140mm

Figure 4: Dry NCF preform in position and ready for vacuum bagging

During the infusion a constant and straight flow front of the resin was observed. As
expected the propagation speed of the resin front slowed down at end of the infusion. Visual
inspection after demoulding didn’t reveal any significant flaws. Thickness measurement was
performed for 133 points in each area of constant thickness.

610

Pierre C. Zahlen, Martin Rinker and Clemens Heim

Amount of single layers [-]
Average thickness [mm]
Standard deviation [mm]

105
39,63
0,24

52
19,66
0,15

26
9,84
0,08

13
4,90
0,09

Table 1: Results of thickness measurements of monolithic CFRP wedge

Even for 105 layers a small standard deviation of 0,24mm can be observed.
Destructive testing and optical analysis revealed a porosity below 0,1%. In one area of the
panel the ultra sonic NDT showed increased damping. However even in this area the
destructive testing revealed a porosity below 0,6%. The fibre volume fraction in the overall
component was found to be between 58% and 59%.
With respect to the aerospace application for load introduction the measured thickness
tolerances can be handled when considered early in the development phase by design and
sizing (cheapest solution with respect to manufacturing). The tolerances could be further
reduced by the use of caul plates or a different mould concept for the infusion or by adjusting
them at the cured part (e.g. milling or shimming).
3.2 Sandwich areas
One major driver for the qualification of new manufacturing technologies in the aerospace
environment is the reproducibility of a constant manufacturing quality. This is fundamental
for the investigated infusion concept, because of the manufacturing of large complex
sandwich components in one step (one step value creation). A foam core sandwich panel was
manufactured according to the principle shown in Figure 2 (~1,2m by ~0,5m overall panel
size, 21,5mm overall thickness with a core thickness of 20mm and a [45°/0°/-45°]s laminate
stacking; infusion in the short direction). The investigated sandwich specimens were cut out
of this panel and had a final dimension of 550mm x 50mm. During the infusion the visible
flow front was very even and a visual inspection of the un-moulded component showed no
relevant flaws. To further check manufacturing quality several methods are possible, which
can be divided in two main groups: destructive and non destructive testing. Whereas in serial
production non destructive testing methods dominate because of lower costs, destructive
testing is necessary in research and development projects and finally for qualification.
Therefore mechanical tests are necessary to investigate the material and structural behavior
and also to validate the calculation method for dimensioning of the component.
For sandwich structures the 4-Point-Bending test is frequently used, because of the
complex load case which can be effectuated for the sandwich [8]. However this test is not
only useful for investigation of the material behavior of new sandwich components [13], but
also to check the manufacturing quality. A small standard deviation is an indication for good
quality during manufacturing. The standard derivation of 6 infusion sandwich specimens was
measured for the static breaking load and the associated bending stiffness. It must be declared,
that the bending stiffness stated in Table 2 is not the mechanical bending stiffness, but the
bending force relating to bending deflection The test parameters were oriented at the
international norm ASTM C 393.
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Specimen
Breaking Load Bending Stiffness*
Number
1
1333 N
153,20 N/mm
2
1494 N
161,33 N/mm
3
1324 N
157,43 N/mm
4
1351 N
156,03 N/mm
5
1329 N
146,17 N/mm
6
1320 N
156,03 N/mm
Average
1358 N
155,03 N/mm
Standard
4,97%
3,28%
Deviation
*relation of bending force to bending deflection

Table 2: Results of 4-Point-Bending Tests for representative sandwich area

Taking into account that only 6 specimens were tested and the wide range of possible
sources of error which can occur in the overall manufacturing process, the measured standard
deviation of both breaking load and bending stiffness are very satisfactory and correlate well
with the theoretical values.
3.3 Transition from monolithic to Sandwich
Several infusion trials were performed looking at transition areas from monolithic to
sandwich. These areas will have to fulfil geometrical requirements as well as load
introduction requirements The general design principle is shown in Figure 5. It can be said
that the quality of the components was good if the flow front progression during infusion was
uniform. In the monolithic areas of the test specimen resin poorness occurred where
irregularities during infusion had been observed. Based on the visual monitoring of the
infusion through the window of the chamber oven the reason for these irregularities was race
tracking and irregular flow patterns at the specimen boundaries. The boundaries are typical
areas, were the geometry and lay up usually didn’t fully represent the final component. This
can be a source for bagging errors (e.g. wrinkles) supporting race tracking during infusion.
Based on the gathered experience a large test specimen (~2,2m by ~1,2m) for shearcompression tests was manufactured. The geometry and lay up is very close to a final
application and hence the boundary conditions for the long sides of the panel were very
realistic. Figure 5 shows the manufacturing of this component. During the vacuum bagging
one has to be very careful when draping and sealing the open ends of the specimen in order to
prevent channels between the specimen and the vacuum bag (typical problem area as
described above as there is no smooth transition but rather a step between specimen and tool).
Areas like this could be avoided by introducing a smooth transition and trimming of the
specimen after curing to the 90° angle required for the test. The flow front during the infusion
was very constant. However the flow front on the tool side of the panel was a little faster than
the flow front on the visible side, due to the not complete synchronised two flow medium
systems. It is planned to investigate inner quality by destructive testing after the shear
compression test.
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Filler/load introduction
Infusion direction

Foam core

Core prepared for
removal after curing

Principle of transition
sandwich - monolithic

Typical problem area
for vacuum bagging

Specimen lay up
(without upper skin)

Infused and cured
sandwich panel

Figure 5: Design principle transition sandwich monolithic and test panel manufacturing

3.4 Sandwich Areas with Integrated Reinforcing Elements
The type of CFRP sandwich structures considered so far (without reinforcements in
thickness direction), are optimised for in-plane loads (compression, tension or shear loads),
but are not optimised for loads in thickness direction. This behaviour is due to the low foam
stiffness and strength compared to the CFRP skins. Reinforcing elements that are integrated
into the sandwich (see sketch in Figure 3 showing an integrated double T-beam in section C–
C) can increase the transverse stiffness and strength significantly [13]. Besides the potential
for load introduction improvement for the sandwich system they have the potential to act as
crack stoppers. The range of possibilities to reinforce a sandwich structure is wide, but for the
application in commercial aircraft a high ratio of stiffness and strength to weight as well as
economic and reproducible manufacturing are key drivers. CFRP reinforcement elements
qualify for use because of the demand of low weight. The integration of these elements into
the sandwich structure in a one shot infusion process has high cost saving potentials compared
to integration after the sandwich fabrication, because no additional manufacturing step on the
cured structure is needed. However reinforcing elements can have negative influence on the
infusion process. Therefore trials were performed to investigate possible impacts of different
integrated reinforcing elements on the infusion process and first results can be presented here.
It must be said that the first trials were aimed at a quick understanding of possible effects of
reinforcing elements on the sandwich infusion and that the components for these trials were
manufactured with very simple hand made methods. Hence large potential for improvement in
an industrial process for reinforcement elements manufacturing does exist. This needs to be
considered when looking at the presented numbers.
There are generally two basic principles for the integration of CFRP reinforcing elements
like pins, I-beams, double T-beams or box sections in the infusion process: If the reinforcing
elements are already cured before the assembly and infusion process of the sandwich, they
will be bonded (with the epoxy infusion resin as adhesive) to the surrounding core and the
textile during the infusion process. This principle is called co-bonding. The pre-cured
reinforcing CFRP elements are rigid and have their final dimensions before the infusion and
curing process for the sandwich panel. This can be a possible error source for minor
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manufacturing quality coming for example out of tolerance problems.
The second principle for integration is the co called co-curing process. Here the
reinforcing elements are preforms of dry carbon fibres. These preforms are assembled
together with the sandwich core and skins for a one shot infusion and curing. During this
process all CFRP members still have a certain “flexibility”, so less tolerance problems are
expected. However there is the danger of undulations and impregnation problems in the
reinforcing elements.
The test panels were infused using the same build up and concept as described in Figure 2
(~2,3m by ~0,6m overall panel size, 22,5mm overall thickness with a Rohacell 71 RIST core,
a core thickness of 20mm and a [45°/0°/135°/90°/135°/0°/45°] skin laminate stacking;
infusion in the short direction, the infusion direction was parallel to the linear reinforcing
elements). The reinforcing elements were co-cured as well as co-bonded. During the infusion
race tracking along the reinforcing elements was observed. The investigated sandwich
specimens were cut out of the panels and had a final dimension of 50mm x 50mm.
In Table 3 the experimental measured strengths of out of plane compression test with
reinforced and non-reinforced sandwiches are stated (test according to the German standard
DIN53 291). Firstly it must be declared, that the standard deviation of the not reinforced
sandwich is very small, which indicates both a high manufacturing quality and a good
conducted mechanical test. The manufacturing complexity increases from sandwich without
reinforcement to I-beam reinforcement significantly and so the possible sources of errors too.
Finally the manufacturing of the double T-beam reinforced sandwich is most complex.

Specimen
Number
C1
C2
C3
C4
C5
C6
Average
Standard
Deviation

Without
reinforcement
4,32 MPa
4,30 MPa
4,23 MPa
4,42 MPa
4,29 MPa
4,33 MPa
4,31 MPa

I-Beam
Co-bonding
30,02 MPa
28,77 MPa
29,66 MPa
27,24 MPa
27,85 MPa
27,99 MPa
28,59 MPa

1,46%

3,81%

I-Beam
Double T-Beam Double T-Beam
Co-curing
Co-bonding
Co-curing
42,79 MPa
39,14 MPa
49,93 MPa
42,92 MPa
41,67 MPa
45,97 MPa
46,52 MPa
48,18 MPa
49,35 MPa
44,65 MPa
41,19 MPa
48,95 MPa
45,23 MPa
42,42 MPa
49,04 MPa
45,89 MPa
43,79 MPa
42,68 MPa
44,67 MPa
42,73 MPa
47,65 MPa
3,45%

7,18%

5,88%

Table 3: Results of out of plane compression test for several reinforcment concepts

The experimental results support these assumptions: The standard deviations increase with
the increase of manufacturing complexity. Moreover the results support another assumption:
The difference between co-curing and co-bonding technology seems to influence the resulting
quality. The co-bonded reinforcements yield increased standard deviations. It is assumed that
the co-cured specimens have a higher level of structural integration in the final sandwich than
the co-bonded ones as textile reinforcements are permeable for the resin and therefore impose
less obstacles for a proper impregnation and bonding to surrounding textile and foam
structures. Whereas the pre-cured reinforcing elements are rigid, can block resin flow and
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hinder proper bonding of the inner flange and shear web surfaces to the surrounding core
structure. Non wetted areas and gaps between the pre-cured reinforcing elements and the core
were found in sections of the specimen. In addition the bonding of the cured double T-flange
to the textile skin is more critical for the pre-cured reinforcing elements. Basic investigations
of pin-reinforcements, followed by a down-selection of the required reinforcing elements as
well as further, detailed investigations will have to follow to finally proof these assumptions
and optimize the infusion on the overall component.
3.5 Infusion strategy for large sandwich component with combined complexities
The infusion strategy for components discussed in this paper (see Figure 3 and
Introduction) is driven by several requirements. Assuming a solid foam core without holes, no
through the thickness impregnation in the foam core areas is possible and hence a resin
gating/distribution on both sides of the panel is required. Thick monolithic areas require
provisions for increased resin feeding during the infusion in order to allow full impregnation.
Avoidance of too long impregnation ways and the location/configuration of reinforcements in
the part and their influence on the impregnation process will also impose requirements on the
layout of the infusion pipework. It is obvious that many influence factors have to be
considered in order to achieve an optimised infusion strategy. Figure 6 shows a basic concept
for the infusion strategy for the type of components discussed in this paper that is developed
with experience coming out of several infusion trials on components (monolithic and
sandwich) in the range of approximately 0,5m² to 2m² as described in previous chapters.
Sandwich area

Monolithic area

Resin gating
Vacuum gating
Resin flow indicator
Edge of coresystem

Inner skin resin gating
Outer skin resin gating
(Geometry identical to inner skin resin
gating. Gating concealed by component
not shown for clarity reasons)

Figure 6: Infusion strategy (mould not shown)

3.6 Large scale CFRP sandwich infusion demonstration
In order to get a first understanding of large scale CFRP sandwich infusion for complex
components a manufacturing trial was performed. The test component included thick
monolithic areas (~40mm thick), sandwich areas (skin thickness ~1,5mm to 3mm, core
thickness ~10mm to ~30mm), as well as transition areas between both. The core was divided
into several pieces. The skins were build up out of several triaxial NCF layers (~415g/m²
each) according to skin thickness requirements and the transition between monolithic and
sandwich areas was built up with woven fabric layers (~360g/m² each). The overall size of the
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component was ~6m by ~2m and the infusion strategy described above (see chapter 3.5) was
applied. A room temperature, two component resin system with a viscosity in the range of
RTM6 was used. With this arrangement it is possible to observe the flow front on the visible
(inner) surface of the component during the infusion. The flow front developed as expected
and was quite even during the infusion which took about 1,5 hours. Future manufacturing
trials will have to show the feasibility of this infusion strategy with the final materials, inserts
and reinforcements configuration.

Figure 7: Large scale sandwich infusion demonstration (manual lay-up and infusion)

4 TOOL INTEGRATED RESIN DISTRIBUTION SYSTEM
As already discussed it is necessary to provide a resin distribution system on both sides of
sandwich panels with closed cell foam core. The concepts I) and II) illustrated in Figure 1
(holes through the foam or grooves in the foam surface) will require machining of each foam
core before processing. Moreover there will be areas of pure resin in the finished components
which will lead to extra weight and probably crack initiation problems. The tool integrated
resin distribution system doesn’t have these disadvantages. However it needs to be
investigated if this technology is applicable to the LRI process in an industrial environment.
Therefore investigations with an integrated resin distribution system were performed. The
principle is based on resin distribution via small channels in the tool surface. During the lay
up peel ply is put onto the tool followed by the CFRP skins with the core material. Next
follows the usual vacuum bagging and gating system installation.
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Resin gating

A

Vacuum gating

Sandwich panel
Sealing tape
Mould

A

Channels in the mould surface

Vacuum bag
Resin distribution medium
Release film (with pin holes)

Section A - A
(only tool shown)

Peel ply

Figure 8: Infusion concept with tool integrated resin distribution system

The distribution of the channels over the tool is important, because depending on the shape
and arrangement (e.g., straight channels, diamonds, etc.) the flow front of the resin is affected.
For example, resin can specifically be directed at certain areas of the part. Also, the geometry
of the channels and the effective cross-section influences the distribution of the resin. Channel
size and geometry must be chosen in a way, that on one hand the channels are large enough to
distribute the resin as needed, but on the other hand they have to be small enough to avoid
imprints and fibre undulation in the part. It was found out, that the surface quality of
components manufactured in LRI with a tool integrated resin distribution system is
comparable to a component manufactured on a common steel tool without channels. The only
difference is the surface roughness because of the peel ply that is needed in order to remove
the resin channels from the component surface after curing and de-moulding.
Tool surface with resin
distribution channels

CFRP component with peel ply
and resin channel pattern
CFRP component
surface after peel
ply removal

Figure 9: Tool integrated resin distribution system and component surface
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The are large potentials in this technology, especially if one looks at the large structures
under discussion in this paper. In order to be able to exploit this technology in an industrial
environment further research is required in the area of resin flow behaviour and the
interaction between component design, thickness distribution and corresponding channel
distribution and channel geometry.
5 INDUSTRIAL CONCEPT
So far the investigation discussed the different manufacturing complexities for advanced
manufacturing of large, complex foam core sandwich panels in infusion technology.
Integration of the basic technologies (without core-integrated elements) was shown in a large
sandwich infusion demonstration. A concept for embedding these technologies in an
industrial concept is described in the following chapters. The proposed concept focuses on
automated processing of the build up and preparation for infusion.
5.5 Process chain overview
The basic process chain of the industrial concept is shown in Figure 10. The preparation of
the tool is followed by the lay-up of the semi-finished products and auxiliary materials inside
the tool. Next the sealing of the vacuum bagging and preparation for the infusion is done,
followed by the infusion and curing process in the oven.

Tool
preparation
Cleaning
release agent
Gating
Process control
Inspection

Lay up

Skin performs
Booster areas
Core system
Auxilliary Material
(incl. Gating)
Process control
Inspection

Bagging &
Infusion
preparation
Vaccum bags
Sealing tape
Connect resin
reservoir and
vacuum
Process control
Inspection

Infusion &
Curing
Heating
Infusion
Heating
Curing
Cool down
Process control
Inspection

Unpacking

Unpacking
Reference system
Demoulding
Cleaning of
component
Process control
Inspection

Figure 10: Basic process chain of the industrial concept

During the tool preparation resin residua have to be removed from the tool surface. An
automated approach could be surface blasting with carbon dioxide ice which disappears
without residua on it’s own [11] combined with rotating brushes. This cleaning process can be
highly automated. An optical control either by a worker or a digital camera-computer system
with optical recognition analysis ensures a properly cleaned tool. A good overview of
candidates for optical recognition technologies is given in Weimer et al. [9]. These optical
recognition technologies could be transferred to the requirements of a tool surface quality
control with respect to resin residua. After the cleaning the surface preparation of the tool
follows. The state of the art approach are release agents that are being applied to the surface in
liquid state manually or automated followed by a further optical control. Next follows the
preparation of the tool sided resin infusion gating and connection tubes. In the lay-up process
the different auxiliary materials, textiles and core elements are being positioned into the
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prepared tool. The last step is the lay-up and installation of the resin infusion and vacuum
gating. These lay-up activities can be done by hand or in an automated manner with
customised vacuum bagging and gating. However the fully automated lay-up of a textile
sandwich preform in the dimensions and complexity discussed here is not state of the art
therefore it will be discussed in more detail later on. During the bagging and infusion
preparation the sandwich lay-up will be sealed on the tool against the environment with
vacuum tight foils and sealing tape. The different gating systems are being connected to the
resin reservoir and the vacuum pump respectively. Alternatively they could be connected to a
quick coupling adapter on the tool that can be automatically or manually coupled to the resin
and vacuum supply in the oven. This quick coupling adapter could also be used as the
interface for process control sensors on the tool or in the sandwich lay-up (e.g. temperature
sensors). After a successful vacuum test follows the transfer of the prepared vacuum build up
on the tool into the oven for infusion and curing. Then the oven is heating up to infusion
temperature, the sandwich lay-up is being infused, cured and cooled down. After
disconnecting the supply and sensor connections the cured component in the tool will be
transferred to the unpacking station. Here the vacuum bagging and gating on top of the
component will be removed. Before de-moulding of the component the reference system has
to be transferred from the mould to the tool. Once de-moulded the component will be cleaned
and is now ready for follow on process steps.
If it is sensible, with respect to the business case, all the described processes have high
potential for automation and can be considered to be medium risk technologies with respect to
automation. However the lay-up of the textile sandwich preform is considered to be of high
risk with respect to full automation. Nevertheless it is very lucrative to look at the automation
of the sandwich lay-up from the value creation point of view. Design and Manufacturing trials
showed that for the type of components under investigation the amount of single textile layers
can easily go beyond 600 to 700 pieces, most of which are quite long and slender. In a manual
labour process this will result in a time consuming lay-up work including a high risk of
quality issues (e.g. lay-up accuracy and reproducibility, alignment and fibre orientation errors,
damaging and distortion of fibre layers). In a process optimised for an industrial environment
the amount of single layers needs to be reduced by bundling of single layers with adequate
performing concepts. Moreover one could think of skin layer preforms already including
auxiliary materials like peel ply, membranes or distribution media (e.g. connected to skin
layer by stitching or binder). However for the automation trials described in this paper the
worst case scenario was assumed: the lay-up of a large amount of single layers enclosing the
sandwich core without prior preforming.
5.6 Lay-up automation trials for CFRP sandwich preforms
Automation trials for fully automated sandwich preforming were performed with a KUKA
robot at the Composite Technology Center GmbH in Stade (CTC GmbH). With the given
equipment a full scale trial was not possible. For capability assessment it was decided to
choose the transition area between thick monolithic CFRP and the sandwich area as depicted
in Figure 3 cut A-A. This area contains a sandwich core with complex surfaces that is
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completely embedded in CFRP layers. The component size for these trials was ~1m by ~1,8m
with monolithic CFRP areas of up to ~37mm thickness and sandwich areas with ~30mm core
thickness and ~2,6mm skin thickness. An experimental vacuum gripping system was designed
and build for the robot head with a vacuum valve system that can be controlled by the robot’s
control unit. Only the reinforcement layers embedding the core and the core itself were
automatically laid up, the outer skins were laid up manually as the experimental gripping
system wasn’t large enough due to weight restrictions imposed by the robot.

Figure 11: Lay-up automation trials with robot at the CTC-GmbH in Stade

Figure 11 shows the robot with the experimental gripping system next to the CFRP cutter,
the experimental mould and the core system in the forefront of the main picture. The trials
showed that the planned automation is possible with commercial of the shelf components and
a simple custom made frame for the vacuum gripper field. Although only 8 control channels
for the 16 vacuum suction cups were available it was possible to handle all the complex single
layers of the component area under investigation. Travelling speeds of the gripping system on
the robot was up to approx. 1m/sec with higher speeds technically possible if more suction
cups and more vacuum capacity can be provided in order to avoid loosing of single layers
during the transition from the cutter to the lay-up area. The robot manual states a repeat
accuracy of +/- 0,15mm. This accuracy doesn’t include possible influences of the
experimental griping system (e.g. flexibility of the suction cups). Repeat accuracy trials
should be performed to quantify possible influences. However from the gathered experience
so far it is assumed that a repeat accuracy in the range of the robot can be achieved. If
improvement of overall lay up accuracy is necessary or if further sources of tolerances have to
be considered (e.g. positioning accuracy of the lay-up mould relative to the robot-cutter
system) a wide range of commercially available technologies could be utilised in order to
improve positioning accuracy (e.g. highly precise mechanical positioning aids, optical
systems for positioning adjustment).
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The lay-up test component was preformed after 50% of the lay-up work (i.e. half of the
panel including the foam core). A single bag vacuum build up was sealed over the component
in the mould and vacuum and heat was applied in an chamber oven. After the preforming the
foam core was removed for visual inspection of the preform. The obtained preform looked
very good and uniform with smooth and accurate thickness transitions. Further preforming
and infusion trials will have to be performed in order to quantify the achievable quality for
components manufactured in this automated way.

Figure 12: Automatic lay-up after preforming in a chamber oven

For a full scale application a larger cutter area and robot with greater range and larger
gripping system would be required to handle a bigger amount of larger, different single layers.
It was already mentioned that the situation investigated here is a worst case scenario. In a
mature concept the amount of layers can be reduced through proper preforming and the area
required for supplying the textile components to the robot can be reduced by a storage and
logistic centre.
9 CONCLUSIONS
Manufacturing trials and quality investigations for large, complex foam core sandwich
panels showed that high quality parts with a complexity going beyond flat and rectangular
sandwich panel is possible. The achievable quality depends heavily on the panel/component
materials, design details, geometry and the chosen technology approach and strategy for the
infusion. Although complex specimen were manufactured all of the presented investigations
are still simplified manufacturing trials. The geometrical boundary conditions and local
design resulting from these simplifications can have negative influence on the infusion
process. Unfortunately the optimisation of these boundary conditions with respect to the
manufacturing trial can increase the specimen complexity significantly. If the component
design requires the integration of core reinforcing elements there can be a major impact on
achievable part quality and economic manufacturing. In further investigations the detailed
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need for the design of reinforcing elements and their arrangement in the large component
needs to be further detailed to focus the investigations. Further test infusions of large and
complex components including final reinforcement element strategy and resin system need to
be conducted.
Tool integrated resin distribution system is an alternative to resin distribution media and
will increase part surface quality as well as the manufacturing economics. The lay-out and
feasibility is heavily depending o the final textile build up and geometry of the target
component as these inputs are required for the distribution grid optimisation. Further
investigations will have to follow.
The proposed concept for fully automated preforming of sandwich components showed
very promising results. Full automation of the manual sandwich lay up process for the
considered component complexity is possible. This technology has large potentials to increase
the profitability for the manufacturing. For infusion processes small differences in the
component lay up can have large negative impacts on the process. The proposed automation
will deliver a higher degree of accuracy and reproducibility compared to the manual lay up
and hence increase the quality of the parts.
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